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Preface to the second edition

It is now rather over a decade since much of the material was written for the first edition of this book. During that time
advances have been made in the understanding of several branches of the subject and it is now time to incorporate much
of that material into the text. These advances in understanding together with the natural progression of the subject relate
particularly to cavitation dynamics, theoretical methods including the growing development of computational fluid
dynamics in many parts of the subject and the use of carbon fibre materials for certain propeller types. Moreover, podded
propulsors have emerged in the intervening years since the first edition was written and have become a propulsion
option for certain types of ship, particularly cruise ships and ice breakers but with a potential to embrace other ship
types in the future.

Some other aspects of the subject were not included in the original publication for a number of reasons. In this
new edition I have attempted to rectify some of these omissions by the inclusion of material on high-speed propellers,
propeller–rudder interaction as well as a new chapter dealing with azimuthing and podded propulsors and a substantial
revision to the chapter on cavitation. These additions together with a reasonably extensive updating of the material and
the removal of the inevitable typographical errors in the first edition form the basis of this new addition. Furthermore,
experience in using the book over the last 10 years or so has shown that the arrangement of some of the material could
be improved. As a consequence it will be seen that a certain amount of re-grouping of the subject matter has taken
place in the hope that this will make the text easier to use.

Finally, thanks are once again due to many colleagues around the world who have made very valuable suggestions
and comments as well as providing me with further material for inclusion from their own libraries and achieves.
Furthermore, the normal day-to-day discussions that are held on various aspects of the subject frequently trigger
thought processes which have found their way into various parts of the narrative. In particular, my thanks are due to
Mrs W. Ball, Mr P.A. Fitzsimmons, Mr M. Johansen, Mr J. Th. Ligtelijn, Dr D. Radosavljevic , Prof. Dr T. van Terwisga
and Mr J. Wiltshire. Thanks are also due to Dr P. Helmore who, having read the book some 10 years ago, kindly
supplied me with a list of errata for this edition. Finally, thanks are also due to Jane, my wife, for her encouragement
and support in undertaking this revision to the book in a relatively short-time frame.

J.S. Carlton
Hythe, Kent

December 2006
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Preface to the first edition

Although the propeller normally lies well submerged out of sight and therefore, to some extent, also out of mind, it
is a deceptively complex component in both the hydrodynamic and the structural sense. The subject of propulsion
technology embraces many disciplines: for example, those of mathematics, physics, metallurgy, naval architecture and
mechanical and marine engineering. Clearly, the dependence of the subject on such a wide set of basic disciplines intro-
duces the possibility of conflicting requirements within the design process, necessitating some degree of compromise
between opposing constraints. It is the attainment of this compromise that typifies good propeller design.

The foundations of the subject were laid during the latter part of the last century and the early years of this century.
Since that time much has been written and published in the form of technical papers, but the number of books which
attempt to draw together all of these works on the subject from around the world is small. A brief study of the
bibliography shows that, with the exception of Gerr’s recent book dealing with the practical aspects of the design of
small craft propellers, little has been published dealing with the subject as an entity since the early 1960s. Over the
last 30 or so years an immense amount of work, both theoretical and empirical, has been undertaken and published,
probably more than in any preceding period. The principal aim, therefore, of this book is to collect together the work
that has been done in the field of propeller technology up to the present time in each of the areas of hydrodynamics,
strength, manufacture and design, so as to present an overall view of the subject and the current levels of knowledge.

The book is mainly directed towards practising marine engineers and naval architects, principally within the marine
industry but also in academic and research institutions. In particular when writing this book I have kept in mind the
range of questions about propeller technology that are frequently posed by designers, ship operators and surveyors and
I have attempted to provide answers to these questions. Furthermore, the book is based on the currently accepted body
of knowledge of use to practical design and analysis; current research issues are addressed in a less extensive manner.
For example, recent developments in surface panel techniques and Navier–Stokes solutions are dealt with in less detail
than the currently more widely used lifting line, lifting surface and vortex lattice techniques of propeller analysis. As
a consequence a knowledge of mathematics, fluid mechanics and engineering science is assumed commensurate with
these premises. Notwithstanding this, it is to be hoped that students at both undergraduate and post-graduate levels
will find the book of value to their studies.

The first two chapters of the book are essentially an introduction to the subject: first, a brief history of the early
development of propellers and, secondly, an introduction to the different propeller types that are either of topical interest
or, alternatively, will not be considered further in the book; for example, paddle wheels or superconducting electric
propulsion. Chapter 3 considers propeller geometry and, consequently, this chapter can be viewed as a foundation upon
which the rest of the book is built. Without a thorough knowledge of propeller geometry, the subject will not be fully
understood. Chapters 4 and 5 concern themselves with the environment in which the propeller operates and the wake
field in particular. The wake field and its various methods of prediction and transformation, particularly from nominal
to effective, are again fundamental to the understanding of the design and analysis of propellers.

Chapters 6–15 deal with propulsion hydrodynamics, first in the context of model results and theoretical methods
relating to propellers fixed to line shafting, then moving on to ship resistance and propulsion, including the important
subjects of propeller–hull interaction and thrust augmentation devices, and finally to consideration of the specific
aspects of fixed and rotable thrusters and waterjets. Chapter 16 addresses the all-important subject of sea trials in terms
of the conditions necessary for a valid trial, instrumentation and analysis.



xiv Preface to the first edition

Chapters 17–20 deal with the mechanical aspects of propellers. Materials, manufacture, blade strength and vibration
are the principal subjects of these four chapters, and the techniques discussed are generally applicable to all types of
propulsors. The final five chapters, 21–25, discuss various practical aspects of propeller technology, starting with
design, then continuing to operational problems, service performance and, finally, to propeller inspection, repair and
maintenance.

In each of the chapters of the book the attainment of a fair balance between theoretical and practical considerations
has been attempted, so that the information presented will be of value to the practitioner in marine science. For more
advanced studies, particularly of a theoretical nature, the data presented here will act as a starting point for further
research: in the case of the theoretical hydrodynamic aspects of the subjects, some of the references contained in the
bibliography will be found to be of value.

This book, representing as it does a gathering together of the subject of propulsion technology, is based upon the
research of many scientists and engineers throughout the world. Indeed, it must be remembered that without these
people, many of whom have devoted considerable portions of their lives to the development of the subject, this book
could not have been written and, indeed, in subject of propeller technology could not have developed so far. I hope
that I have done justice to their efforts in this book. At the end of each chapter a series of references is given so that,
if necessary, the reader may refer to the original work, which will contain full details of the specific research topic
under consideration. I am also considerably indebted to my colleagues, both within Lloyd’s Register and in the marine
industry, for many discussions on various aspects of the subject over the years, all of which have helped to provide
a greater insight into, and understanding of, the subject. Particularly, in this respect, thanks are given to Mr C.M.R.
Wills, Mr P.A. Fitzsimmons and Mr D.J. Howarth who, as specialists in particular branches of the subject, have also
read several of the chapters and made many useful comments concerning their content. I would also like to thank
Mr A.W.O. Webb who, as a specialist in propeller materials technology and colleague, has given much helpful advice
over the years in solving propeller problems and this together with his many technical papers has influenced much of
the text of Chapters 17 and 25. Also, I am particularly grateful to Mr J.Th. Ligtelijn of MARIN and to Dr G. Patience
of Stone Manganese Marine Ltd, who have supplied me with several photographs for inclusion in the text and with
whom many stimulating discussions on the subject have been had over the years. Thanks are also due to the many kind
ladies who have so painstakingly typed the text of this book over the years and without whom the book would not have
been produced.

J.S. Carlton
London

May 1993



General nomenclature

Upper case

A Cross-sectional area
AC Admiralty coefficient
AD Developed area
AE Expanded area
AM Mid-ship section area
AO Disc area
AP Projected area
AR Aspect ratio

B Moulded breadth of ship
BP Propeller power coefficient
BAR Blade area ratio

CA Correlation factor
Section area coefficient

Cb Ship block coefficient
CD Drag coefficient
CF Frictional resistance coefficient
CL Lift coefficient
CM Moment coefficient

Section modulus coefficient
CP Pressure coefficient

Ship prismatic coefficient
Propeller power coefficient

CT Thrust loading coefficient
Total resistance coefficient

CW Wavemaking resistance coefficient

D Drag force
Propeller diameter

Db Behind diameter
Do Diameter of slipstream far upstream
Ds Shaft diameter

F Force
Fetch of sea

FB Bollard pull
Fn Froude number



xvi General nomenclature

G Boundary layer unique shape function
Non-dimensional circulation coefficient

H Hydraulic head
Hp Pump head

I Dry inertia
Ie Polar entrained inertia
IVR Inlet velocity ratio

J Advance coefficient
Jp Ship polar moment of inertia

K Prandtl or Goldstein factor
Kn Knapp’s similarity parameter
Kp Pressure coefficient
KQ Propeller torque coefficient
KQS Spindle torque coefficient
KT Thrust coefficient
KTN, KTD Duct thrust coefficient
KTP Propeller thrust coefficient
KY Side force coefficient

L Length of ship or duct
Lift force
Section centrifugal bending moment arm

LP Sound pressure level
LPP Length of ship between perpendiculars
LR Length of run
LWL Length of ship along waterline

M Moment of force
Ma Mach number

N Rotational speed (RPM)
Number of cycles
Number of fatigue cycles

NS Specific speed

P Propeller pitch
PB Brake power
PD Delivered power
PE Effective power
PG Generator power
PS Shaft power

Q Flow quantity
Propeller torque

QPC Quasi-propulsive coefficient
QS Total spindle torque
QSC Centrifugal spindle torque
QSF Frictional spindle torque
QSH Hydrodynamic spindle torque

R Radius of propeller, paddle wheel or bubble
Specific gas constant

RAIR Air resistance of ship
RAPP Appendage resistance
Re Real part



General nomenclature xvii

RF Frictional resistance
Rn Reynolds number
RT Total resistance
RV Viscous resistance
RW Wavemaking resistance

S Surface tension
Ship wetted surface area

SA Additional load scale factor
Sa Apparent slip
SBF Solid boundary factor
SC Camber scale factor

T Temperature
Draught of ship
Propulsor thrust

TA Draught aft
TF Draught forward
TN, TD Duct thrust
Tp Propeller thrust

UT Propeller tip speed

V Volume
Velocity

Va Speed of advance
Vs Ship speed
X Distance along coordinate axis
Y Distance along coordinate axis

W Resultant velocity
Width of channel

We Weber number

Z Blade number
Distance along coordinate axis

Zm Section modulus

Lower case

a Propeller axial inflow factor
a1 Propeller tangential inflow factor
ac Crack length
ar Resistance augmentation factor

b Span of wing

c Wake contraction factor
Section chord length

cd Section drag coefficient
cl Section lift coefficient
cli Ideal section lift coefficient
cm Section moment coefficient
cmax Limiting chord length

f Frequency
Function of . . .

g Acceleration due to gravity
Function of . . .



xviii General nomenclature

h Fluid enthalpy
Height
Hydraulic head

hb Height of bulbous bow centroid from base line in transverse plane

i Counter
iG Section generator line rake
iP Propeller rake
iS Section skew-induced rake
iT Total rake of propeller section

j Counter

k Counter
kc Lifting surface camber correction factor
ks Mean apparent amplitude of surface roughness
kt Lifting surface thickness correction factor
kx Lifting surface ideal angle of attack correction factor
(1 + k) Frictional form factor

l Counter
Length

lcb Longitudinal centre of buoyancy

m Mass
Counter

ṁ Specific mass flow

n Rotational speed (rps)

p Section pitch
Pressure

pc Cavity variation-induced pressure
pH Propeller-induced pressure
po Reference pressure

Non-cavitating pressure
Pitch of reference section

pv Hull-induced vibratory pressure
Vapour pressure

p1 Apparent-induced pressure

q Dynamic flow pressure

r Radius of a propeller section
rh Hub or boss radius

s Length parameter

t Time
Thrust deduction factor
Section thickness

tF Thickness fraction
tmax Maximum thickness
to Notional blade thickness at shaft centre line

u Local velocity



General nomenclature xix

v Local velocity
va Axial velocity
vr Radial velocity
vt Tangential velocity
vT Tide speed

w Downwash velocity
Mean wake fraction

wF Froude wake fraction
wmax Maximum value of wake fraction in propeller disc
wn Nominal wake fraction
wp Potential wake fraction
wT Taylor wake fraction
wv Viscous wake fraction
ww Wave-induced wake fraction

x Distance along a coordinate axis
Non-dimensional radius (r/R)

xc Distance along chord
Radial position of centroid

xcp Centre of pressure measured along chord
xo Reference section

y Distance along coordinate axis
yc Camber ordinate
yL Section lower surface ordinate
yt Thickness ordinate
yU Section upper surface ordinate

z Distance along coordinate axis

Suffixes

m Model
s Ship
U Upper
L Lower
b Bound, behind
F Free
O Reference value
x Reference radius

Greek and other symbols

α Angle of attack
Gas content

αd Cavitation bucket width
αi Ideal angle of attack
αK Air content ratio
αo Zero lift angle
β Advance angle
βε Hydrodynamic pitch in the ultimate wake
βi Hydrodynamic pitch angle
Ŵ Circulation
γ Local vortex strength

Length parameter
Ratio of drag to lift coefficient (Cd/Ce)

γg Correction to angle of attack due to cascade effects



xx General nomenclature

� Change in parameter
Displacement of ship

δ Boundary layer thickness
Linear displacement
Propeller speed coefficient

ε Thrust eccentricity
Transformation parameter

ζ Bendemann static thrust factor
Damping factor
Transformation parameter

ηb Propeller behind hull efficiency
ηh Hull efficiency
ηi Ideal efficiency
ηm Mechanical efficiency
ηo Propeller open water efficiency
ηp Pump efficiency
ηr Relative rotative efficiency
θ Pitch angle

Transformation parameter
Momentum thickness of boundary layer

θfp Face pitch angle
θip Propeller rake angle
θnt Nose–tail pitch angle
θo Effective pitch angle
θs Section skew angle
θsp Propeller skew angle
θw Angular position of transition wake roll-up point
� Frequency reduction ratio
λ Wavelength

Source–sink strength
Ship–model scale factor

μ Coefficient of dynamic viscosity
̺ Density of water
ρa Density of air
̺L Leading edge radius
̺m Density of blade material
σ Cavitation number

Stress on section
σa Alternating stress
σF Corrosion fatigue strength
σi Inception cavitation number
σL Local cavitation number
σMD Mean design stress
σn Cavitation number based on rotational speed

Relative shaft angle
σo Free steam cavitation number
σR Residual stress
σs Blade solidity factor
σx Blade stress at location on blade
τ Shear stress
τC Thrust loading coefficient
υ Coefficient of kinematic viscosity
φ Angle of rotation in propeller plane

Hull-form parameter
Velocity potential
Angular displacement
Flow coefficient
Shaft alignment angle relative to flow
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ψ Transformation parameter
Gas content number
Energy transfer coefficient

� Angular velocity
ω Angular velocity
∇ Volumetric displacement

Abbreviations

AEW Admiralty Experiment Works, Haslar
AP After Perpendicular
ATTC American Towing Tank Conference
BHP Brake Horse Power
BS British Standard
CAD Computer Aided Design
CAM Computer Aided Manufacture
cwt Hundred weight

(1 cwt = 112 lbf = 50.8 kgf)
DES Design
DHP Delivered Horse Power
DTNSRDC David Taylor Naval Ship Research and Design Centre
EHP Effective Horse Power
ft Feet
HMS Her Majesty’s Ship
hp Horsepower
HSVA Hamburg Ship Model Basin
IMO International Maritime Organization
ISO International Standards Organization
ITTC International Towing Tank Conference
LE Leading edge
MARIN Maritime Research Institute of the Netherlands
MCR Maximum Continuous Rating
mph Miles per hour
NACA National Advisory Council for Aeronautics
NC Numerically Controlled
NCR Normal Continuous Rating
OD Oil Distribution
PHV Propulsor Hull Vortex
qrs Quarters (4 qrs = 1 cwt; 1 cwt = 50.8 kgf)
RANS Reynolds Averaged Navier Stokes
RH Right Handed
rpm Revolutions per minute
shp Shaft horse power
SM Simpson’s Multiplier
SSPA Statens Skeppsprovningsanstalt, Göteborg
TE Trailing Edge
THP Thrust Horse Power
VTOL Vertical Take-Off and Landing



This page intentionally left blank 



1 The early
development of
the screw propeller



This page intentionally left blank 



The early development of the screw propeller 3

Both Archimedes (c. 250 BC) and Leonardo da Vinci
(c. 1500) can be credited with having considered designs
and ideas which would subsequently be explored by ship
propulsion engineers many years later. In the case of
Archimedes, his thinking centred on the application of
the screw pump which bears his name and this provided
considerable inspiration to the nineteenth century engi-
neers involved in marine propulsion. Unfortunately,
however, it also gave rise to several subsequent mis-
conceptions about the basis of propeller action by
comparing it to that of a screw thread. In contrast
Leonardo da Vinci, in his sketchbooks which were pro-
duced some 1700 years after Archimedes, shows an
alternative form of screw propulsion based on the idea
of using fan blades having a similar appearance to those
used for cooling purposes today.

The development of screw propulsion as we recog-
nize it today can be traced back to the work of Robert
Hooke, who is perhaps better remembered for his work
on the elasticity of materials. Hooke in his Philosophi-
cal Collections, presented to the Royal Society in 1681,
explained the design of a horizontal watermill which
was remarkably similar in its principle of operation to
the Kirsten-Boeing vertical axis propeller developed
two and a half centuries later. Returning however to
Hooke’s watermill, it comprised six wooden vanes,
geared to a central shaft and pinned vertically to a hori-
zontal circular rotor. The gearing constrained the vanes
to rotate through 180◦ about their own spindle axes for
each complete revolution of the rotor.

During his life Hooke was also interested in the sub-
ject of metrology and in the course of his work he
developed an air flow meter based on the principle of
a windmill. He successfully modified this instrument
in 1683 to measure water currents and then foresaw
the potential of this invention to drive ships through
the water if provided with a suitable means of motive
power. As seen in Figure 1.1 the instrument comprises

Figure 1.1 Hooke’s screw propeller (1683)

Figure 1.2 Bernoulli’s propeller wheel (1752)

four, flat rectangular blades located on radial arms with
the blades inclined to the plane of rotation.

Some years later in 1752, the Académie des Sciences
in Paris offered a series of prizes for research into the-
oretical methods leading to significant developments in
naval architecture. As might be expected, the famous
mathematicians and scientists of Europe were attracted
by this offer and names such as d’Alembert, Euler and
Bernoulli appear in the contributions. Bernoulli’s con-
tribution, for which he won a prize, introduced the
propeller wheel, shown in Figure 1.2, which he intended
to be driven by a Newcomen steam engine. With this
arrangement he calculated that a particular ship could
be propelled at just under 2 1

2 knots by the applica-
tion of some 20 to 25 hp. Opinion, however, was still
divided as to the most suitable propulsor configura-
tion, as indeed it was to be for many years to come.
For example, the French mathematician Paucton, work-
ing at about the same time as Bernoulli, suggested a
different approach illustrated in Figure 1.3 which was
based on the Archimedean screw.

Thirty-three years after the Paris invitation Joseph
Bramah in England proposed an arrangement for a
screw propeller located at the stern of a vessel which,
as may be seen from Figure 1.4, contains most of the

Figure 1.3 Archimedean screw of Paucton



4 Marine propellers and propulsion

Figure 1.4 Bramah’s screw propeller design (1785)
(Reproduced with permission from Reference 3)

Figure 1.5 Shorter’s propulsion system (1802)
(Reproduced with permission from Reference 3)

features that we associate with screw propulsion today.
It comprises a propeller with a small number of blades
driven by a horizontal shaft which passes into the hull
below the waterline. There appears, however, to be no
evidence of any trials of a propeller of this kind being
fitted to a ship and driven by a steam engine. Sub-
sequently, in 1802 Edward Shorter used a variation
of Bramah’s idea to assist sailing vessels that were
becalmed to make some headway. In Shorter’s pro-
posal, Figure 1.5, the shaft was designed to pass into
the vessel’s hull above the waterline and consequently
eliminated the need for seals; the motive power for this
propulsion arrangement was provided by eight men at a
capstan. Using this technique Shorter managed to pro-
pel the transport ship Doncaster in Gibraltar and again
at Malta at a speed of 1.5 mph in calm conditions: per-
haps understandably, in view of the means of providing
power, no further application of Shorter’s propeller was
recorded but he recognized that this propulsion concept
could be driven by a steam engine. Nevertheless, it is
interesting to note the enthusiasm with which this pro-
peller was received fromAdmiral Sir Richard Rickerton
and his Captains (Figure 1.6).

Colonel John Stevens, who was a lawyer in the USA
and a man of substantial financial means, experimented
with screw propulsion in the year following Shorter’s
proposal. As a basis for his work he built a 25 ft long
boat into which he installed a rotary steam engine and
coupled this directly to a four-bladed propeller. The

blades of this propeller were flat iron plates riveted to
forgings which formed a ‘spider-like’ boss attachment
to the shaft. Stevens later replaced the rotary engine
with a steam engine of the Watt type and managed to
attain a steady cruising speed of four mph with some
occasional surges of up to eight mph. However, he was
not impressed with the overall performance of his craft
and decided to turn his attention and energies to other
means of marine propulsion.

In 1824 contra-rotating propellers made their appear-
ance in France in a design produced by Monsieur
Dollman. He used a two-bladed set of windmill type
propellers rotating in opposite directions on the same
shaft axis to propel a small craft. Following on from
this French development the scene turned once again to
England, where John Ericsson, a former Swedish army
officer residing at that time in London, designed and
patented in 1836 a propulsion system comprising two
contra-rotating propeller wheels. His design is shown in
Figure 1.7 from which it can be seen that the individual
wheels were not dissimilar in outline to Bernoulli’s earl-
ier proposal. Each wheel comprised eight short, wide
blades of a helical configuration mounted on a blade ring
with the blades tied at their tips by a peripheral strap. In
this arrangement the two wheels were allowed to rotate
at different speeds, probably to overcome the problem of
the different flow configurations induced in the forward
and after wheels. Ericsson conducted his early trials on
a 3 ft model, and the results proved successful enough
to encourage him to construct a 45 ft vessel which he
named the Francis B. Ogden. This vessel was fitted with
his propulsion system and had blade wheels with a diam-
eter of 5 ft 2 in. Trials were conducted on the Thames
in the presence of representatives from the Admiralty
and the vessel was observed to be capable of a speed
of some ten mph. However, in his first design Ericsson
placed the propeller astern of the rudder and this had
an adverse effect both on the steerability of the ship
and also on the flow into the propeller. The Admiralty
Board expressed disappointment with the trial although
the propulsion results were good when judged by the
standards of the day. However, it was said that one rea-
son was their concern over a vessel’s ability to steer
reliably when propelled from the stern. Following this
rebuff Ericsson left England for the USA and in 1843
designed the US Navy’s first screw propelled vessel,
the Princeton. It has been suggested that by around this
time the US merchant marine had some forty-one screw
propelled vessels in operation.

The development of the screw propeller depended not
only on technical development but also upon the avail-
ability of finance, politics and the likely return on the
investment made by the inventor or his backers. Smith
was rather more successful in these respects than his
contemporary Ericsson. Francis Petit Smith took out a
patent in which a different form of propeller was used,
more akin to an Archimedean screw, but, more impor-
tantly, based on a different location of the propeller
with respect to the rudder. This happened just a few
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CERTIFICATES
From

ADMIRAL SIR RICHARD RICKERTON
and the

CAPTAINS of His MAJESTY’S Ships DRAGON, SUPERB, &c.&c.&c.

GIBRALTER BAY, July 4, 1802
Sir,

I Arrived here on the 1st after a Passage of Ten Days from England, and at the Time of my Arrival had a
fresh breeze S.W. in consequence of which, had not an Opportunity of making use of the PROPELLER, but
Yesterday being Calm, I got the DONCASTER under-way by Desire of some Captains in the Navy and several
others when it was exhibited to the great Surprise and Satisfaction of every Spectator, at the same Time the Log
was hove, and found the Ship, although deep loaded, went one-Knot and a Half through the Water, entirely by
the Use of your new invented PROPELLER.

The inclosed Certificate I have received from the Captains of His Majesty’s Ships DRAGON, and SUPERB
in order that the Utility of the grand Machine may be made known to all Persons concerned in Shipping especially
Ships coming up the Mediterranean where we are so much subject to Calms.

I have received Orders to go to Malta, and shall sail this Afternoon, if Wind permits.
Your’s JOHN SHOUT,

Master of the DONCASTER Transport.
To Mr. SHORTER,
No.83, Wapping-Wall.

We, the under-mentioned Captains of His Majesty’s ships DRAGON and SUPERB, have seen the
DONCASTER moved in a Calm, the Distance of Two Miles, in GIBRALTER BAY, and with sufficient Velocity,
by the sole Use of Mr. SHORTER’s PROPELLER, to give her Steerage-way.

GIBRALTER BAY, July 4, 1902.
S. AYLMER, Captain of H.M.S. DRAGON
R. KEATS, Captain of H.M.S. SUPERB

Figure 1.6 Certificate of performance for Mr Shorter’s propeller arrangement (Courtesy: Mr J. Wiltshire, Qinetiq)

Figure 1.7 Ericsson’s contra-rotating screw propeller
(1836)

weeks prior to Ericsson establishing his patent and the
British Admiralty modified their view of screw propul-
sion shortly after Ericsson’s trials due to Smith’s work.
Smith, despite being frequently referred to as a farmer
had had a sound classical education, explored the con-
cepts of marine propulsion by making model boats and
testing them on a pond. From one such model which
was propelled by an Archimedean screw he was suf-
ficiently encouraged to build a six ton prototype boat,
the F P Smith, powered by a six hp steam engine to
which he fitted a wooden Archimedean screw of two
turns. The vessel underwent trials on the Paddington
Canal in 1837; however, by one of those fortunate acci-
dents which sometimes occur in the history of science
and technology, the propeller was damaged during the
trials and about half of it broke off, whereupon the vessel
immediately increased its speed. Smith recognized the
implications of this accident and modified the propeller
accordingly. After completing the calm water trials he
took the vessel on a voyage down the River Thames
from Blackwall in a series of stages to Folkestone and
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eventually on to Hythe on the Kentish coast between
these last two ports the vessel averaged a speed of some
seven mph. On the return voyage to London, Smith
encountered a storm in the Thames Estuary and the
little craft apparently performed excellently in these
adverse conditions. In March 1830 Smith and his back-
ers, Wright and the Rennie brothers, made an approach
to the Admiralty, who then requested a special trial for
their inspection. The Navy’s response to these trials
was sufficiently encouraging to motivate Smith and his
backers into constructing a larger ship of 237 tonnes
displacement which he called Archimedes. This ves-
sel which was laid down by Henry Wilmshurst and
engined by George Rennie was completed in 1839. It
had a length of 125 ft and was rigged as a three masted
schooner. The Archimedes was completed just as the
ill-fated Screw Propeller Company was incorporated as
a joint stock company whose objectives were to pur-
chase Smith’s patents, transfer the financial interest to
the company and sell licences to use the location for
the propeller within the deadwood of a ship as sug-
gested by Smith, but not the propeller design itself.
The Archimedes was powered by two 45 hp engines
and finally fitted with a single turn Archimedean screw
which had a diameter of 5 ft 9 in., a pitch of 10 ft and was
about 5 ft in length. This propeller was the last of a series
tried on the ship, the first having a diameter of 7 ft with a
pitch of 8 ft with a helix making one complete turn. This
propeller was subsequently replaced by a modification
in which double threaded screws each of half a turn were
employed in accordance with Smith’s amended patent
of 1839. The propeller is shown in Figure 1.8. After
undergoing a series of proving trials in which the speed
achieved was in excess of nine knots the ship arrived at
Dover in 1840 to undertake a series of races against the
cross-channel packets which at that time were operated
by the Royal Navy. The Admiralty was duly impressed
with the results of these races and agreed to the adop-
tion of screw propulsion in the Navy. In the meantime,
the Archimedes was lent to Brunel, who fitted her with
a series of propellers having different forms.

Figure 1.8 Propeller fitted to the Archimedes (1839)

Concurrent with these developments other inventors
had introduced novel features into propeller design.
Lowes in 1838 patented a propeller comprising one or
more blades where each blade was a portion of a curve
which if continued would produce a screw. The arrange-
ment was equivalent to a pair of tandem propellers on
a single shaft with each blade being mounted on a sep-
arate boss. Subsequently, the s.s. Novelty was built at
Blackwall by Mr Wilmshurst between 1839 and 1840
to test the principle of screw propulsion. Indeed, this
ship can be considered to be the first screw propelled
cargo ship. Also in 1839 Rennie patented a conoidal
design in which he proposed increases in pitch from
forward to aft of the blade; three-bladed helices and the
use of skewback in the design. Taylor and Napier, a
year later, experimented with tandem propellers, some
of which were partially submerged. Also by 1842 the
‘windmill’ propeller, as opposed to the Archimedean
screw, had developed to a fairly advanced state as wit-
nessed by Figure 1.9, which depicts the propeller fitted
to the Napoleon, a ship having a displacement of 376
tonnes. This propeller is particularly interesting since it
was developed to its final form from a series of model
tests in which diameter, pitch, blade area and blade num-
ber were all varied. The first propeller in the series was
designed with three blades each having a length of a
third of a turn of a screw thread thereby giving a high
blade area ratio. Nevertheless, as the design evolved
better results were achieved with shorter-length blades
of around 22 per cent of a full thread turn. The ship was
built by Augustin Normand at Havre and the propellers
were designed and manufactured in Manchester by John
Barnes who also built the engines. Although the ship
was originally destined for postal service duties in the
Mediterranean Sea, she was later acquired by the French
Navy and deployed as a dispatch boat. The eventual pro-
peller was manufactured from cast iron and rotated at
126 rpm giving the ship a speed of 10 to 12 knots.

Figure 1.9 Propeller of the Napoleon (1842)

The result of Brunel’s trials with the Archimedes
was that the design of the Great Britain, which is
now preserved at Bristol in England and was orig-
inally intended for paddle propulsion, was adapted
for screw propulsion. It is, however, interesting to
note that the general form of the propeller adopted by
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Brunel for the Great Britain did not follow the type of
propellers used by Smith but was similar to that pro-
posed by Ericsson, except that in the case of the Great
Britain the propeller was not of the contra-rotating type
(Figure 1.10). Indeed, the original propeller designed
by Brunel was subsequently modified since it had a
tendency to break in service. Nevertheless, the pitch
chosen was not dissimilar, in effective pitch terms, from
that which would have been chosen today. Although the
original propeller was 16 ft in diameter, had six blades
and was made from a single casting the propeller which
was finally adopted was a built-up wrought iron pro-
peller, also with six blades but having a diameter of
15.5 ft and a pitch of 25 ft.

Figure 1.10 Replica of Brunel’s propeller for the Great
Britain

As a direct result of the Royal Navy’s commitment to
screw propulsion HMS Rattler was laid down in 1841
at Sheerness Dockyard and underwent initial sea trials
in the latter part of 1843 when she achieved a speed of
some 8 3

4 knots. HMS Rattler was a sloop of approxi-
mately 800 tonnes and was powered by a steam engine of
about 200 hp. Subsequently, she ran a race against her
paddle half-sister, HMS Polyphemus. A design study
was commissioned in an attempt to study the vari-
ous facets of propeller design and also to optimize a
propeller design for Rattler; by January 1845 some
thirty-two different propeller designs had been tested.
The best of these propellers was designed by Smith
and propelled the ship at a speed of about nine knots.

This propeller was a two-bladed design with a diam-
eter of 10 ft 1 in., a pitch of 11 ft and weighed 26 cwt
2 qrs (1.68 tonnes). During the spring of 1845 the Rat-
tler ran a series of competitive trials against the paddle
steamerAlecto. These trials embraced both free running
and towing exercises and also a series of separate sail,
steam and combined sail and steam propulsion trials.
By March 1845 the Admiralty was so convinced of the
advantages of screw propulsion that they had ordered
seven screw propelled frigates together with a number
of lesser ships. In April 1845 the famous ‘tug of war’
between the Rattler and the Alecto was held, however,
this appears to have been more of a public relations
exercise than a scientific trial.

In 1846 Joseph Maudsley patented a two-bladed pro-
peller design in which the propeller could be lifted by
a rope and tackle connected to a cross-head and which
permitted the propeller to be raised to deck level. One
year later HMS Blenheim, which had been built in 1813,
was fitted with a similar arrangement to that proposed
by Maudsley when she was converted from sail to screw
propulsion. The following year, 1848, he patented a fur-
ther design in which the blades of a two-bladed propeller
when not working could be turned into the plane of the
shaft to reduce sailing resistance. This theme of raising
the propeller and thereby reducing the resistance of the
ship when under sail was continued by Seaward who
also in 1848 developed a folding propeller in which the
blades were cut into five radial segments which could
be folded so as to be contained within the projection
of the ship’s deadwood. Indeed, the configuration of
the propeller blades resembled, to some extent, a lady’s
fan in its form and operation. Later in 1865 the Rev.
P.A. Fothergill patented a self-feathering propeller
which removed the need to raise the propeller when
under sail. In this design the blades were so arranged as
to take up a position of least resistance when not being
rotated.

In 1853 John Fisher patented a two-bladed design
with perforated blades. These perforations were in the
form of slots to disperse any air that may have been
entrained on the blades. A year later Walduck patented
a design which was intended to attenuate the centrifugal
motion of water over the blade surfaces by introducing
a series of terraces, concentric with the shaft, but each
being greater in pitch than its inner neighbour. This
theme was returned to many times during the subse-
quent development of the propeller, one of the later
developments being in 1924 where chordal plates were
introduced into the blade design.

Peacock in 1855 patented an auxiliary propeller
in which each blade was built from iron plate and
supported by a stay rod projecting radially from the boss.
Interestingly each blade was shaped to correspond to the
general form of a bee’s wing and the working surfaces
of the blade given a parabolic form.

Although accepted by the Navy, screw propulsion
had not been universally accepted for seagoing ships
in preference to paddle propulsion as witnessed by the
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relatively late general introduction of screw propulsion
by the North Atlantic Steamship companies. However,
the latter part of the nineteenth century saw a consid-
erable amount of work being undertaken by a great
number of people to explore the effects of radial pitch
distribution, adjustable blades, blade arrangement and
outline and cavitation. For example, in 1860 Hirsch
patented a propeller having both variable chordal pitch,
which we know today as camber, and variable radial
pitch; as an additional feature this propeller also pos-
sessed a considerable amount of forward skew on the
blades.

A type of propeller known as the Common Screw
emerged and this was the most successful type of pro-
peller in use before 1860. The working surfaces of the
blades were portions of helices cut-off by parallel lines
about 1

8 th of the pitch apart together and located on a
small cylindrical boss. With these propellers the blade
chord lengths increase from root to tip, however, Robert
Griffiths modified a blade of this type to have rounded
tips and this was particularly successful. Indeed, the
Admiralty which had a number of Common Screws
reduced their broad tips by cutting away the leading
corners and this resulted in significant reductions in
vibration.

During this period of rapid development the compe-
tition between rival designers was great. In 1865 Hirsch
designed a four-bladed propeller for the s.s. Périere
which had originally been fitted with a Griffiths’ pro-
peller design. In this case a one knot improvement
was recorded on trial and similar results were noted
when Hirsch propellers replaced other designs. At the
same time a four bladed, 22.8 ft diameter, 21.37 ft pitch,
11.7 ft long propeller was constructed for HMS Lord
Warden. This propeller was a built-up design with the
blades bolted through slots to permit adjustments to the
blade pitch. The ship attained a speed of 13.5 knots dur-
ing trials. In the 1890s Hirsch also introduced the idea
of bolted-on blades, thereby providing another early
example of built-up propellers which achieved con-
siderable popularity in the first half of the twentieth
century.

Thornycroft in 1873 designed a propeller with
restricted camber in the mid-span regions of the blade
and also combined this with a backward curvature of the
blades in an attempt to suppress tangential flow. Zeise
carried the ideas of the development of the radial pitch
distribution a stage further in 1886 when he increased
the pitch of the inner sections of the blade in an attempt
to make better use of the inner part of the blades.

In parallel with the development of what might be
termed fixed pitch propeller designs in the period 1844
through to about 1911 a number of inventors turned
their attention to the potential for controllable pitch
propellers. In reality, however, a number of these
designs would be better termed adjustable rather than
controllable pitch propellers. Bennett Woodcroft in
1844 patented a design with adjustable blades and this
design had blades with increasing pitch from forward to

Figure 1.11 de Bay’s contra-rotating propeller design

the after edge in keeping with his earlier patent of 1832.
Later in 1844 he patented a further modification where
short links to the blade stems replaced his earlier idea
of grooves on a collar to actuate the blades. In order to
fix the blades in the desired position a similar collar was
provided aft with two wedge-shaped arms that acted on
small sliding pieces. In 1868 Mr H.B. Young patented
a method of altering pitch by which the shanks of two
blades are inserted in a hollow boss and extend through
it. These shanks were then retained in position by arms
projecting from them and the arms were controlled by
a nut on a screwed rod which extended through the main
boss and was turned by a key which was manipulated
from within the ship. In the same year R. Griffiths intro-
duced his concept of an adjustable pitch propeller. In
this design, within the boss the shank of a blade was
provided with an arm, connected to a link with a collar,
and screwed on a sleeve that was loose on the propeller
shaft. The after end of the sleeve turned in a groove
in which fitted a brake and could be tightened on a
collar by actuation from on deck of a tab on a screw.
The movement for this pitch actuation was achieved by
slowly rotating the propeller shaft thereby screwing the
collar along and in the process setting the blades to the
desired position or indeed feathering them. In a second
arrangement, patented in 1858, Young designed a sys-
tem with a cotter which passed through the stem of the
blades and rested in a sector-shaped recess in the boss.
The alteration of pitch was effected varying a number
of packing pieces. The Bevis–Gibson reversible pro-
peller was patented in 1911 and was a development of
an earlier feathering propeller patent in 1869 by Mr R.R.
Bevis which had been used extensively. This new patent
provided a means of reversing a small vessel driven by
an internal combustion engine. In this design the roots
of two blades were provided with toothed pinions which
mated with a rack. The racks were yoked together and
were actuated parallel to the shaft by means of a central
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Figure 1.12 Various early propeller developments (Reproduced with permission partly from References 2 and 3)
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rod which passed through a hollow propeller shaft. This
rod was then operated by a lever at the control position
in the craft so as to adjust the pitch into a forward, astern
or feathering position.

The contra-rotating propeller received further atten-
tion in 1876 when Mr C.S. de Bay designed a propulsion
system for the steam yacht Iolair, a 40.4 gross ton
schooner rigged vessel having a length of 81.5 ft. His
design, a model of which is located in The Science
Museum in London and is shown in Figure 1.11 (seen
on page no. 8), comprised two propellers of equal and
opposite pitch mounted on the same shaft but revolving
in opposite directions. The diameters of the propellers
differed slightly with the larger having three blades and
the smaller four blades. The blade shapes were of con-
siderable complexity with portions of the blades being
cut out so that the remainder of the blades could revolve
in an interlocking manner. This complexity was intro-
duced to try and prevent energy losses caused by the
centrifugal and other motions of the water. Compara-
tive trials in 1879 were made between this propeller and
a Griffiths’design, of a similar type to that used on HMS
Lord Warden, and it was stated that the de Bays design
achieved an efficiency at least 40 per cent greater than
that of the competing design which represented a speed
increase of around one knot.

In 1878 Col. W.H. Mallory in the USA introduced the
concept of the azimuthing propeller. In this design the
propeller was carried in a frame which rather resembled
a rudder and was rotated by a bevel gear driven by an
engine mounted on the deck.

Other developments worthy of note in the context of
this introductory review are those by Mangin, Zeise and
Taylor. Mangin in 1851 attempted to increase the thrust
of a propeller by dividing the blades radially into two
portions. Griffiths also used this idea in 1871 but he
used only a partial division of the blades in their centre
regions. Zeise in 1901 experimented with the idea of
flexible blades, in which the trailing part of the blade
was constructed from lamellae, and Taylor some six
years later introduced air injection on the blade suction
surface in order to control the erosive effects of cavi-
tation. Figure 1.12 (seen on page no. 9) shows a collage
of some of these propellers together with their novel
features during the period 1838 to 1907.

The latter part of the nineteenth century also saw the
introduction of theoretical methods which attempted to
explain the action of the screw propeller. Notable among
these theoretical treatments were the works of Rankin
and Froude; these, together with subsequent develop-
ments which occurred during the twentieth century,
will, however, be introduced in the appropriate later
chapters, notably Chapter 8.

These, therefore, were some of the activities and
developments in the early years of propeller application
which paved the way for the advancement of marine
propeller technology during the twentieth century and
the subject as we know it and practise it today. With the

exception of ducted propellers, propeller design after
the turn of the nineteenth century advanced principally
in matters of detail aimed at improving efficiency or
controlling cavitation in the context of either vibration
or erosion. For example, the steam turbine driven liner
Mauritania in 1907, just ten years after Sir Charles
Parsons had introduced the steam turbine into marine
practice in the fleet review on the 26 June 1897 with
the 2000 hp Turbinia, absorbed 70 000 shp on four pro-
pellers rotating 180 rpm and achieved a speed of 26.3
knots. These propellers, weighing 18.7 tonnes, had a
diameter of 16.75 ft, a pitch of 15.5 ft and a blade area
ratio of 0.467. This ship held the Blue Riband for the
North Atlantic from 1910 to 1929. Then some years
later the Queen Mary powered by four single reduction
geared turbine sets aggregating 160 000 shp on four pro-
pellers achieved speeds of 30 to 32 knots. In her case
the propeller blade area ratios had increased signifi-
cantly from those of the Mauritania and the propellers
weighed around 35 tonnes each. Her first series of pro-
pellers suffered from cavitation erosion and also the
cavitation excited vibration in the ship. This was cured
by a redesign of the propellers particularly with respect
to blade shape and section form. This again is in con-
trast to a 380 000 dwt VLCC in the early 1970s which
was propelled by a six bladed, single propeller which
required the casting of 93 tonnes of nickel–aluminium
bronze to yield a propeller of 70 tonnes finished weight.
Today some of the major propulsion challenges are con-
tainer ships and LNG ships. In the former case a 25 knot
12 500 teu container ship will absorb on a single, six-
bladed propeller some 67.3 MW at a rotational speed of
90 rpm. This propeller will have a diameter of 9600 mm,
a pitch ratio of 1.04, a blade area ratio of 0.85 and will
weigh around 128 tonnes.
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The previous chapter gave an outline of the early devel-
opment of the propeller up to around 1900 together
with a few insights into its subsequent progress. In
this chapter we move forward to the present day and
consider, again in outline, the range of propulsion sys-
tems that are either currently in use or have been under
development. The majority of the topical concepts and
systems discussed in this chapter are considered in
greater detail in later chapters; however, it is impor-
tant to gain an overview of the subject prior to dis-
cussing the various facets of propulsion technology in
more depth. Accordingly, the principal propeller types
are briefly reviewed by outlining their major features
and characteristics together with their general areas of
application.

2.1 Fixed pitch propellers

The fixed pitch propeller has traditionally formed the
basis of propeller production over the years in either its
mono-block or built-up forms. Whilst the mono-block
propeller is commonly used today the built-up propeller,
whose blades are cast separately from the boss and then
bolted to it after machining, is now rarely used. This
was not always the case since in the early years of this
century built-up propellers were very common, partly
due to the inability to achieve good quality large cast-
ings at that time and partly to difficulties in defining the
correct blade pitch. In both these respects the built-up
propeller has obvious advantages. Nevertheless, built-
up propellers generally have a larger boss radius than its
fixed pitch counterpart and this can cause difficulty with
cavitation problems in the blade root section regions in
some cases.

Mono-block propellers cover a broad spectrum of
design types and sizes, ranging from those weighing
only a few kilograms for use on small power-boats to
those, for example, destined for large container ships
which can weigh around 130 tonnes and require the
simultaneous casting of significantly more metal in
order to produce the casting. Figure 2.1 shows a collage
of various types of fixed pitch propeller in use today.
These types range from a large four-bladed propeller fit-
ted to a bulk carrier and is seen in the figure in contrast
to a man standing on the dock bottom, through highly
skewed propellers for merchant and naval applications,
to small high-speed patrol craft and surface piercing
propellers.

As might be expected, the materials of manufac-
ture vary considerably over such a wide range of
designs and sizes. For the larger propellers, over
300 mm in diameter, the non-ferrous materials pre-
dominate: high-tensile brass together with the man-
ganese and nickel–aluminium bronzes are the most
favoured types of materials. However, stainless steel
has also gained limited use as will be seen in Chap-
ter 18. Cast iron, once a favourite material for the

production of spare propellers, has now virtually dis-
appeared from use. Alternatively, for small propellers,
use is frequently made of materials such as the poly-
mers, aluminium, nylon and more recently carbon fibre
composites.

For fixed pitch propellers the choice of blade number,
notwithstanding considerations of blade-to-blade clear-
ances at the blade root to boss interface, is largely an
independent variable and is normally chosen to give
a mismatch to the range of hull, superstructure and
machinery vibration frequencies which are considered
likely to cause concern. Additionally, blade number is
also a useful parameter in controlling unwelcome cavi-
tation characteristics. Blade numbers generally range
from two to seven, although in some naval applica-
tions, where considerations of radiated noise become
important, blade numbers greater than these have been
researched and used to solve a variety of propulsion
problems. For merchant vessels, however, four, five and
six blades are generally favoured, although many tugs
and fishing vessels frequently use three-blade designs.
In the case of small work or pleasure power-boats
two-and three-bladed propellers tend to predominate.

The early propeller design philosophies centred on
the optimization of the efficiency from the propeller.
Whilst today this aspect is no less important, and, in
some respects associated with energy conservation, has
assumed a greater importance, other constraints on
design have emerged. These are in response to calls for
the reduction of vibration excitation and radiated noise
from the propeller. This latter aspect has of course been
a prime concern of naval ship and torpedo propeller
designers for many years; however, pressure to intro-
duce these constraints, albeit in a generally less stringent
form, into merchant ship design practice has grown
in recent years. This has been brought about by the
increases in power transmitted per shaft; the use of after
deckhouses; the maximization of the cargo carrying
capacity, which imposes constraints on the hull lines;
ship structural failure and international legislation.

For the majority of vessels of over 100 tonnes dis-
placement it is possible to design propellers on whose
blades it is possible to control, although not elimi-
nate, the effects of cavitation in terms of its erosive
effect on the material, its ability to impair hydrodynamic
performance and it being the source of vibration exci-
tation. In this latter context it must be remembered that
there are very few propellers which are free from cav-
itation since the greater majority experience cavitation
at some position in the propeller disc: submarine pro-
pellers when operating at depth, the propellers of towed
array frigates and research vessels when operating under
part load conditions are notable exceptions, since these
propellers are normally designed to be subcavitating
to meet stringent noise emission requirements to min-
imize either detection or interference with their own
instruments. Additionally, in the case of propellers oper-
ating at significant water depths such as in the case of
a submarine, due account must be taken of the additional
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(a)

(b)

(c)

(d)

(e)

Figure 2.1 Typical fixed pitch propellers: (a) large four-bladed propeller for a bulk carrier; (b) high-speed patrol craft
propeller; (c) seven-bladed balanced high-screw design; (d) surface piercing propeller and (e) biased high-skew,
low-blade-area ratio propeller
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hydrostatic pressure-induced thrust which will have to
be reacted by the ship’s thrust block.

For some small, high-speed vessels where both the
propeller advance and rotational speeds are high and
the immersion low, a point is reached where it is not
possible to control the effects of cavitation acceptably
within the other constraints of the propeller design. To
overcome this problem, all or some of the blade sec-
tions are permitted to fully cavitate, so that the cavity
developed on the back of the blade extends beyond the
trailing edge and collapses into the wake of the blades
in the slipstream. Such propellers are termed super-
cavitating propellers and frequently find application
on high-speed naval and pleasure craft. Figure 2.2(c)
illustrates schematically this design philosophy in con-
trast to non-cavitating and partially cavitating propeller
sections, shown in Figure 2.2(a) and (b), respectively.

Figure 2.2 Propeller operating regimes:
(a) non-cavitating; (b) partially cavitating and
(c) supercavitating

When design conditions dictate a specific hydro-
dynamic loading together with a very susceptible cavi-
tation environment, typified by a low cavitation number,
there comes a point when even the supercavitating pro-
peller will not perform satisfactorily: for example, if
the propeller tip immersion becomes so small that the
propeller tends to draw air from the surface, termed ven-
tilation, along some convenient path such as along the
hull surface or down a shaft bracket. Eventually, if the
immersion is reduced sufficiently by either the design
or operational constraints the propeller tips will break
surface. Although this condition is well known on cargo
vessels when operating in ballast conditions and may,
in these cases, lead to certain disadvantages from the
point of view of material fatigue and induced vibration,
the surface breaking concept can be an effective means
of propelling relatively small high-speed craft. Such

propellers are termed surface piercing propellers and
their design immersion, measured from the free surface
to the shaft centre line, can be reduced to zero; that is,
the propeller operates half in and half out of the water. In
these partially immersed conditions the propeller blades
are commonly designed to operate such that the pressure
face of the blade remains fully wetted and the suction
side is fully ventilated or dry. This is an analogous oper-
ating regime to the supercavitating propeller, but in this
case the blade surface suction pressure is at atmospheric
conditions and not the vapour pressure of water.

2.2 Ducted propellers

Ducted propellers, as their name implies, generally
comprise two principal components: the first is an annu-
lar duct having an aerofoil cross-section which may be
either of uniform shape around the duct and, therefore,
symmetric with respect to the shaft centre line, or have
certain asymmetric features to accommodate the wake
field flow variations. The second component, the pro-
peller, is a special case of a non-ducted propeller in
which the design of the blades has been modified to take
account of the flow interactions caused by the presence
of the duct in its flow field. The propeller for these units
can be either of the fixed or controllable pitch type and
in some special applications, such as torpedo propul-
sion, may be a contra-rotating pair. Ducted propellers,
sometimes referred to as Kort nozzles by way of recog-
nition of the Kort Propulsion Company’s initial patents
and long association with this type of propeller, have
found application for many years where high thrust at
low speed is required; typically in towing and trawling
situations. In such cases, the duct generally contributes
some 50 per cent of the propulsor’s total thrust at zero
ship speed, termed the bollard pull condition. However,
this relative contribution of the duct falls to more mod-
est amounts with increasing ship speed and it is also
possible for a duct to give a negative contribution to
the propulsor thrust at high advance speeds. This latter
situation would nevertheless be a most unusual design
condition to encounter.

There are nominally two principal types of duct form,
the accelerating and decelerating duct, and these are
shown in Figure 2.3(a), (b), (c) and (d), respectively. The
underlying reason for this somewhat artificial designa-
tion can be appreciated, in global terms by considering
their general form in relation to the continuity equation
of fluid mechanics. This can be expressed for incom-
pressible flow in a closed conduit between two stations
a-a and b-b as,

ρAaνa = ρAbνb (2.1)

where νa is the velocity at station a-a;
νb is the velocity at station b-b;
Aa is the cross-section area at station a-a;
Ab is the cross-section area at station b-b and
ρ is the density of the fluid.
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Figure 2.3 Duct types: (a) accelerating duct; (b) ‘pull–push’ duct; (c) Hannan slotted duct and (d) decelerating duct

Within this context station b-b can be chosen in way
of the propeller disc whilst a-a is some way forward
although not necessarily at the leading edge. In the case
of Figure 2.3(a), which shows the accelerating duct, it
can be seen that Aa is greater than Ab since the internal
diameter of the duct is greater at station a-a. Hence,
from equation (2.1) and since water is incompressible,
νa must be less than νb which implies an acceleration
of the water between stations a-a and b-b; that is, up to
the propeller location. The converse situation is true in
the case of the decelerating duct shown in Figure 2.3(d).
To determine precisely which form the duct actually is,
if indeed this is important, the induced velocities of
the propeller also need to be taken into account in the
velocity distribution throughout the duct.

By undertaking a detailed hydrodynamic analysis
it is possible to design complex duct forms intended
for specific application and duties. Indeed, attempts at
producing non-symmetric duct forms to suit varying
wake field conditions have been made which result in
a duct with both varying aerofoil section shape and
incidence, relative to the shaft centre line, around its
circumference. However, with duct forms it must be
appreciated that the hydrodynamic desirability for a
particular form must be balanced against the practi-
cal manufacturing problem of producing the desired
shape if an economic, structurally sound and competi-
tive duct is to result. This tenet is firmly underlined by
appreciating that ducts have been produced for a range
of propeller diameters from 0.5 m or less up to around
8.0 m. For these larger sizes, fabrication problems can
be difficult, not least in maintaining the circularity of the

duct and providing reasonable engineering clearances
between the blade tips and the duct: recognizing that
from the hydrodynamic viewpoint that the clearance
should be as small as possible.

Many standard duct forms are in use today but those
most commonly used are shown in Figure 2.3. While
the duct shown in Figure 2.3(a), the Wageningen 19A
form, is probably the most widely used and has a good
ahead performance, its astern performance is less good
due to the aerofoil form of the duct having to work in
reverse: that is, the trailing edge effectively becomes the
leading edge in astern operations. This is of relatively
minor importance in, say, a trawler or tanker, since for
the majority of their operating lives they are essentially
unidirectional ships. However, this is not true for all
vessels since some, such as tugs, are expected to have
broadly equal capabilities in both directions. In cases
where a bidirectional capability is required a duct form
of the type illustrated in Figure 2.3(b), the Wageningen
No. 37 form, might be selected since its trailing edge
represents a compromise between a conventional trail-
ing and leading edge of, for example, the 19A form. For
this type of duct the astern performance is improved
but at the expense of the ahead performance, thereby
introducing an element of compromise in the design
process. Several other methods of overcoming the dis-
advantages of the classical accelerating duct form in
astern operations have been patented over the years.
One such method is the ‘Hannan slot’, shown in Fig-
ure 2.3(c). This approach, whilst attempting to preserve
the aerodynamic form of the duct in the ahead condi-
tion allows water when backing to enter the duct both
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in the conventional manner and also through the slots
at the trailing edge in an attempt to improve the astern
efficiency of the unit.

When the control of cavitation and more particularly
the noise resulting from cavitation is of importance, use
can be made of the decelerating duct form. A duct form
of this type, Figure 2.3(d), effectively improves the local
cavitation conditions by slowing the water before pass-
ing through the propeller. Most applications of this duct
form are found in naval situations, for example, with
submarines and torpedoes. Nevertheless, some special-
ist research ships also have needs which can be partially
satisfied by the use of this type of duct in the appropriate
circumstances.

An interesting development of the classical ducted
propeller form is found in the pump jet, Figure 2.4.
The pump jet sometimes comprises a row of inlet guide
vanes, which double as duct supports, followed by a row
of rotor blades which are finally followed by a stator
blade row. Typically, rotor and stator blade numbers
might lay between 15 and 20, respectively, each row
having a different blade number. Naturally there are
variants of this basic design in which the blade numbers
may be reduced or the inlet guide vanes dispensed with.
The efficiency achievable from the unit is dependent
upon the design of the rotor, the rotor–stator interaction,
the final stator row in converting the swirl component
of the flow generated by the rotor into useful thrust and
the reduction of the guide vane size in order to limit skin
friction losses: hence, the desirability of not using them
if possible. The pump jet in this form is largely restricted
to military applications and should not be confused with
a type of directional thruster discussed in Chapter 14.

Figure 2.4 Outline of a pump jet

The ducts of ducted propellers, in addition to being
fixed structures rigidly attached to the hull, are in some
cases found to be steerable. The steerable duct, which

obviates the need for a rudder, is mounted on pintles
whose axes lie on the vertical diameter of the propeller
disc. This then allows the duct to be rotated about
the pintle axes by an inboard steering motor and con-
sequently the thrust of the propeller can be directed
towards a desired direction for navigation purposes.
Clearly, however, the arc through which the thrust can
be directed is limited by geometric constraints. Appli-
cations of this type can range from small craft, such as
harbour tugs, to comparatively large commercial ves-
sels as shown by Figure 2.5. A further application of
the steerable ducted propeller which has gained con-
siderable popularity in recent years, particularly in the
offshore field, is the azimuthing thruster where in many
cases these units can be trained around a full 360◦.

Figure 2.5 Steerable ducted propeller

2.3 Podded and azimuthing
propulsors

Azimuthing thrusters have been in common use for
many years and can have either non-ducted or ducted
propeller arrangements. They can be further classified
into pusher or tractor units as seen in Figure 2.6. The
essential difference between the azimuthing and podded
propellers lies in where the engine or motor driving the
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Figure 2.6 Pusher and tractor thruster units

propeller is sited. If the motor is sited in the ship’s hull
then the system would be termed an azimuthing propul-
sor and most commonly the mechanical drive would be
of a Z or L type to the propeller shaft. Frequently, the
drive between the vertical and horizontal shafts is via
spiral bevel gears.

In the case of a podded propulsor the drive system
normally comprises an electric motor directly coupled
to a propeller shaft which is supported on two rolling
element bearing systems: one frequently being a radial
bearing closest to the propeller while the other is spher-
ical roller bearing at the opposite end of the shaft line.
Nevertheless, variants of this arrangement do exist. The
propellers associated with these propulsors have been of
the fixed pitch type and are commonly built-up although
their size is not particularly large. Currently, the largest
size of unit is around the 23 MW capacity and the use
of podded propulsors has been mainly in the context of
cruise ships and ice breakers where their manoeuvring
potential have been fully realized. Clearly, however,
there are a number of other ship types which might
benefit from their application. Figure 2.7 shows a typical
example of a large podded propulsor unit.

Figure 2.7 Typical podded propulsor unit

Tractor arrangements of podded and azimuthing
propulsors generally have an improved inflow velocity
field since they do not have a shafting and A-bracket
system ahead of them to cause a disturbance to the
inflow. This tends to help suppress the blade rate har-
monic pressures since the relatively undisturbed wake
field close to zero azimuthing angles is more conducive
to maintaining low rates of growth and collapse of cavi-
ties. However, there is a tendency for these propellers to
exhibit broadband excitation characteristics and during
the design process care has to be exercised to minimize
these effects. At high azimuthing angles then the flow
field is more disturbed.

Each of these systems posses significant manoeuvra-
bility advantages, however, when used in combinations
of two or more care has to be exercised in preventing
the existence of sets of azimuthing angle where the
propulsors can mutually interfere with each other. If
this occurs large fluctuating forces and moments can be
induced on the shaft system and significant vibration
can be encountered.

2.4 Contra-rotating propellers

The contra-rotating propeller principle, comprising
two coaxial propellers sited one behind the other and
rotating in opposite directions, has traditionally been
associated with the propulsion of aircraft, although
Ericsson’s original proposal of 1836, Figure 1.7, used
this method as did de Bay’s design for the Iolair shown
in Figure 1.11.

Contra-rotating propulsion systems have the hydro-
dynamic advantage of recovering part of the slip-
stream rotational energy which would otherwise be lost
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to a conventional single screw system. Furthermore,
because of the two propeller configuration, contra-
rotating propellers possess a capability for balancing
the torque reaction from the propulsor which is an
important matter for torpedo and other similar propul-
sion problems. In marine applications of contra-rotating
propulsion it is normal for the aftermost propeller to
have a smaller diameter than the forward propeller and,
in this way, accommodate the slipstream contraction
effects. Similarly, the blade numbers of the forward and
aft propellers are usually different; typically, four and
five for the forward and aft propellers, respectively.

Contra-rotating propeller systems have been the
subject of considerable theoretical and experimental
research as well as some practical development exer-
cises. Whilst they have found a significant number
of applications, particularly in small high-speed out-
board units, operating for example at around 1500 to
2000 rpm, the mechanical problems associated with
the longer line shafting systems of larger vessels have
generally precluded them from use on merchant ships.
Interest in the concept has had a cyclic nature: interest
growing and then waning. A recent upsurge in interest in
1988, however, has resulted in a system being fitted to a
37 000 dwt bulk carrier (Reference 1) and subsequently
to a 258 000 dwt VLCC in 1993.

2.5 Overlapping propellers

This again is a two-propeller concept. In this case
the propellers are not mounted coaxially but are each
located on separate shaft systems with the distance
between the shaft centre lines being less than the
diameter of the propellers. Figure 2.8 shows a typical
arrangement of such a system; again this is not a recent
idea and references may be found dating back over
a hundred years: for example, Figure 1.12 showing
Taylor’s design of 1830.

As in the case of the contra-rotating propeller prin-
ciple, recent work on this concept has been largely
confined to research and development, and the system
has rarely been used in practice. Research has largely
centred on the effects of the shaft spacing to propeller
diameter ratio on the overall propulsion efficiency in the
context of particular hull forms (References 2 and 3).
The principal aim of this type of propulsion arrangement
is to gain as much benefit as possible from the low-
velocity portion of the wake field and, thereby, increase
propulsion efficiency. Consequently, the benefits
derived from this propulsion concept are intimately
related to the propeller and hull propulsion coefficients.

Despite one propeller working partially in the wake of
the other, cavitation problems are not currently thought
to pose insurmountable design problems. However, sig-
nificant increases in the levels of fluctuating thrust and
torque have been identified when compared to single-
screw applications. In comparison to the twin-screw
alternative, research has indicated that the overlapping

Figure 2.8 Overlapping propellers

arrangement may be associated with lower building
costs, and this is portrayed as one further advantage
for the concept.

When designing this type of propulsion system sev-
eral additional variables are presented to the designer.
These are the direction of propeller rotation, the dis-
tance between the shafts, the longitudinal clearance
between the propellers and the stern shape. At the
present time there are only partial answers to these ques-
tions. Research tends to suggest that the best direction of
rotation is outward, relative to the top-dead-centre pos-
ition and that the optimum distance between the shafts
lies below 0.8 D. In addition there are indications that
the principal effect of the longitudinal spacing of the
propellers is to be found in vibration excitation and
that propulsion efficiency is comparatively insensitive
to this variable.

2.6 Tandem propellers

Tandem propeller arrangements are again not a new
propulsion concept. Perhaps the best-known example
is that of Parson’s Turbinia where three propellers were
mounted on each of the three propellers in order to
overcome the effects of cavitation induced thrust break-
down, Figure 2.9. Indeed, the principal reason for the
employment of tandem propellers has been to ease
difficult propeller loading situations; however, these
occasions have been relatively few. The disadvantage of
the tandem propeller arrangement when applied to con-
ventional single and twin-screw ships is that the weights
and axial distribution of the propellers create large
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Figure 2.9 Tandem propeller arrangement on a shaft line ofTurbinia

bending moments which have to be reacted principally
by the stern tube bearings.

Some azimuthing and podded propulsor arrange-
ments, however, employ this arrangement by having
a propeller located at each end of the propulsion shaft,
either side of the pod body. In this way the load is shared
by the tractor and pusher propellers and the weight
induced shaft moments controlled.

2.7 Controllable pitch propellers

Unlike fixed pitch propellers whose only operational
variable is rotational speed, the controllable pitch pro-
peller provides an extra degree of freedom in its ability
to change blade pitch. However, for some propulsion
applications, particularly those involving shaft-driven
generators, the shaft speed is held constant, thus redu-
cing the number of operating variables again to one.
While this latter arrangement is very convenient for
electrical power generation it can cause difficulties in
terms of the cavitation characteristics of the propeller by
inducing back and face cavitation at different propulsion
conditions.

The controllable pitch propeller has found application
in the majority of the propeller types and applications so
far discussed in this chapter with the possible exception
of the contra-rotating and tandem propellers, although
even in this extreme example of mechanical complexity
some development work has been undertaken for certain
specialist propulsion problems. In the last forty years
the controllable pitch propeller has grown in popularity

from representing a small proportion of the propellers
produced to its current position of having a very sub-
stantial market share. This growth is illustrated by
Figure 2.10 which shows the proportion of control-
lable pitch propeller systems when compared to the total
number of propulsion systems classed with Lloyd’s Reg-
ister during the period 1960 to 2004, taken at five-year
intervals. From this figure it can be seen that currently
the controllable pitch propeller has about a 35 per cent
market share when compared to fixed pitch propulsion
systems, whilst Table 2.1 shows the relative distribution
of controllable pitch propellers within certain classes of
ship type. From the table it is seen that the controllable
pitch propeller is currently most favoured in the pas-
senger ship and ferry, general cargo, tug and trawling
markets, noting of course thatTable 2.1 relates to vessels
with installed powers of greater than 2000 bhp.

The controllable pitch propeller, although of neces-
sity possessing a greater degree of complexity than
the fixed pitch alternative, does possess a number of
important advantages. Clearly, manoeuvring is one such
advantage in that fine thrust control can be achieved
without necessarily the need to accelerate and deceler-
ate the propulsion machinery. Furthermore, fine control
of thrust is particularly important in certain cases: for
example, in dynamic positioning situations or where
frequent berthing manoeuvres are required such as in
short sea route ferry operations. Moreover, the basic
controllable pitch propeller hub design can in many
instances be modified to accommodate the feathering
of the propeller blades. The feathering position is the
position where the blades are aligned approximately
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Figure 2.10 Market share of controllable pitch propellers

Table 2.1 Percentage relative distribution of controllable pitch propellers to the total number of propellers by ship type
classed with Lloyd’s Register and having installed powers greater than 2000 bhp

Ship type 1960– 1965– 1970– 1975– 1980– 1985– 1990– 1995– 2000–
1964 1969 1974 1979 1984 1989 1994 1999 2004

Tankers 1 7 15 14 23 13 21 17 10
Bulk carriers 1 9 10 5 5 12 0 1 1
Container ships 0 13 24 3 1 13 18 10 9
General cargo 2 12 20 29 42 43 45 55 80
Passenger ships and ferries 24 64 82 100 94 100 88 78 63
Tugs and offshore vessels 29 50 44 76 85 100 77 73 78
Fishing vessels 48 54 87 90 93 92 100 90 89

fore and aft and in the position in which they present
least resistance to forward motion when not rotating.
Such arrangements find applications on double-ended
ferries or in small warships. In this latter application,
the vessel could, typically, have three propellers; the
two wing screws being used when cruising with centre
screw not rotating implying, therefore, that it would
benefit from being feathered in order to produce min-
imum resistance to forward motion in this condition.
Then when the sprint condition is required all three pro-
pellers could be used at their appropriate pitch settings
to develop maximum speed.

The details and design of controllable pitch propeller
hub mechanisms are outside the scope of this book
since this text is primarily concerned with the hydro-
dynamic aspects of ship propulsion. It will suffice to
say, therefore, that each manufacturer has an indi-
vidual design of pitch actuating mechanism, but that
these designs can be broadly grouped into two princi-
pal types; those with inboard and those with outboard
hydraulic actuation. Figure 2.11 shows these principal
types in schematic form. For further discussion and

development of these matters reference can be made to
the works of Plumb, Smith and Brownlie (References
4, 5 and 6), respectively, which provide introductions
to this subject. Alternatively, propeller manufacturers’
catalogues frequently provide a source of outline infor-
mation on this aspect of controllable pitch propeller
design.

The hub boss, in addition to providing housing for the
blade actuation mechanism, must also be sufficiently
strong to withstand the propulsive forces supplied to
and transmitted from the propeller blades to the shaft. In
general, therefore, controllable pitch propellers tend to
have larger hub diameters than those for equivalent fixed
pitch propellers. Typically the controllable pitch pro-
peller hub has a diameter in the range 0.24 to 0.32 D, but
for some applications this may rise to as high as 0.4 or
even 0.5 D. In contrast, fixed pitch propeller boss diam-
eters are generally within the range 0.16 to 0.25 D. The
large boss diameters may give rise to complex hydro-
dynamic problems, often cavitation related, but for the
majority of normal applications the larger diameter of
the controllable pitch propeller hub does not generally
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Figure 2.11 Controllable pitch propeller schematic operating systems: (a) pull–push rod system and (b) hub
piston system

pose problems that cannot be either directly or indirectly
solved by known design practices.

Certain specialist types of controllable pitch pro-
peller have been designed and patented in the past. Two
examples are the self-pitching propeller and the Pinnate
propeller, both of which are modern versions of much
earlier designs. Self-pitching propellers are a modern
development of Griffiths’ work in 1849. The blades are
sited on an external crank which is pinned to the hub
and they are free to take up any pitch position. The
actual blade pitch position taken up in service depends
on a balance of the blade loading and spindle torque
components which are variables depending on, amongst
other parameters, rotational speed: at zero shaft speed

but with a finite ship speed the blades are designed to
feather. At the present time these propellers have only
been used on relatively small craft.

The Pinnate design is to some extent a controllable
pitch–fixed pitch propeller hybrid. It has a blade acti-
vation mechanism which allows the blades to change
pitch about a mean position by varying angular amounts
during one revolution of the propeller. The purpose of
the concept is to reduce both the magnitude of the blade
cyclical forces and cavitation by attempting to adjust the
blades for the varying inflow velocity conditions around
the propeller disc. Trials of these types of propeller have
been undertaken on small naval craft and Simonsson
describes these applications (Reference 7).
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2.8 Waterjet propulsion

The origin of the waterjet principle can be traced back to
1661, when Toogood and Hayes produced a description
of a ship having a central water channel in which either a
plunger or centrifugal pump was installed to provide the
motive power. In more recent times waterjet propulsion
has found considerable application on a wide range of
small high-speed craft while its application to larger
craft is growing with tunnel diameters of upwards of
2 m being considered.

The principle of operation of the present-day waterjet
is that in which water is drawn through a ducting system
by an internal pump which adds energy after which the
water is expelled aft at high velocity. The unit’s thrust
is primarily generated as a result of the momentum
increase imparted to the water. Figure 2.12 shows, in
outline form, the main features of the waterjet system
and this method of propulsion is further discussed in
Chapter 16.

Figure 2.12 Waterjet configuration

The pump configuration adopted for use with a water-
jet system depends on the specific speed of the pump;
specific speed Ns being defined in normal hydraulic
terms as

Ns = (N )Q1/2

H 3/4
(2.2)

where Q is the quantity of fluid discharged, N is the
rotational speed and H is the head.

For low values of specific speed centrifugal pumps
are usually adopted whereas for intermediate and high
values of Ns axial pumps and inducers are normally
used, respectively. The prime movers usually associated
with these various pumps are either gas turbines or high-
speed diesel engines.

Waterjet propulsion offers a further dimension to the
range of propulsion alternatives and tends to be used
where other propulsion forms are rejected for some
reason: typically for reasons of efficiency, cavitation
extent, noise or immersion and draught. For example,
in the case of a small vessel travelling at say 45 knots
one might expect that a conventional propeller would be
fully cavitating, whereas in the corresponding waterjet
unit the pump should not cavitate. Consequently, the
potential for waterjet application, neglecting any small
special purpose craft with particular requirements, is
where conventional, transcavitating and supercavitating
propeller performance is beginning to fall off. Indeed

surface piercing propellers and waterjet systems are to
some extent competitors for some similar applications.
Waterjet units, however, tend to be heavier than conven-
tional propeller-based systems and, therefore, might be
expected to find favour with larger craft; for example,
large wave-piercing ferries.

In terms of manoeuvrability the waterjet system is
potentially very good, since deflector units are normally
fitted to the jet outlet pipe which then direct the water
flow and hence introduce turning forces by changing the
direction of the jet momentum. Similarly for stopping
manoeuvres, flaps or a ‘bucket’ can be introduced over
the jet outlet to redirect the flow forward and hence
apply an effective reactive retarding force to the vessel.

2.9 Cycloidal propellers

Cycloidal propeller development started in the 1920s,
initially with the Kirsten–Boeing and subsequently the
Voith–Schneider designs. As discussed in Chapter 1, it
is interesting to note that the Kirsten–Boeing design was
very similar in its hydrodynamic action to the horizontal
waterwheel developed by Robert Hooke some two and
half centuries earlier in 1681.

The cycloidal or vertical axis propellers basically
comprise a set of vertically mounted vanes, six or eight
in number, which rotate on a disc mounted in a horizon-
tal or near horizontal plane. The vanes are constrained
to move about their spindle axis relative to the rotating
disc in a predetermined way by a governing mechan-
ical linkage. Figure 2.13(a) illustrates schematically
the Kirsten–Boeing principal. It can be seen from the
figure that the vanes’ relative attitude to the circumfer-
ence of the circle, which governs their tracking path,

Figure 2.13 Vertical axis propeller principle:
(a) Kirsten–Boeing propeller and (b) Voith–Schneider
propeller
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is determined by referring the motion of the vanes to
a particular point on that circumference. As such, it
can be deduced that each vane makes half a revolution
about its own pintle axis during one revolution of the
entire propeller disc. The thrust magnitude developed
by this propeller design is governed by rotational speed
alone and the direction of the resulting thrust by the
position of the reference point on the circumference of
the vane-tracking circle.

The design of the Voith–Schneider propeller is rather
more complex since it comprises a series of linkages
which enable the individual vane motions to be con-
trolled from points other than on the circumference of
the vane-tracking circle. Figure 2.13(b) demonstrates
this for a particular value of the eccentricity (e) of the
vane-control centre point from the centre of the disc.
By controlling the eccentricity, which in turn governs
the vane-pitch angles, both the thrust magnitude and
direction can be controlled independently of rotational
speed. In the case of the Voith–Schneider design, in
contrast to the Kirsten–Boeing propeller, the individual
vanes make one complete revolution about their pintle
axes for each complete revolution of the propeller disc.
In many cases the units are provided with guards to help
protect the propulsor blades from damage from external
sources.

Vertical axis propellers do have considerable advan-
tages when manoeuvrability or station keeping and
this is an important factor in the ship design, since
the resultant thrust can be readily directed along any
navigational bearing and have variable magnitude.
Indeed, this type of propeller avoids the necessity for

Figure 2.14 P.S. Waverley : Example of a side wheel paddle steamer

a separate rudder installation on the vessel. Despite the
relative mechanical complexity, these propellers have
shown themselves to be reliable in operation over many
years of service.

2.10 Paddle wheels

Paddle propulsion, as is well known, predates screw
propulsion however, this form of propulsion has almost
completely disappeared except for a very few special-
ized applications. These are to be found largely on
lakes and river services either as tourist or nostalgic
attractions, or alternatively, where limited draughts are
encountered. Nevertheless, the Royal Navy, until a few
years ago, also favoured their use on certain classed of
harbour tug where they were found to be exceptionally
manoeuvrable. The last example of a seagoing paddle
steamer, the Waverley, is seen in Figure 2.14.

The principal reason for the demise of the paddle
wheel was its intolerance of large changes of draught
and the complementary problem of variable immersion
in seaways. Once having been superseded by screw
propulsion for ocean-going vessels their use was largely
confined through the first half of this century to river
steamers and tugs. Paddle wheels, however, also suf-
fered from damage caused by flotsam in rivers and were
relatively expensive to produce when compared to the
equivalent fixed pitch propeller.

Paddle design progressed over the years from the
original simple fixed float designs to the feathering
float system which then featured throughout much of its
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Figure 2.15 Paddle wheel (Reproduced from Reference 8)

life. Figure 2.15 shows a typical feathering float paddle
wheel design from which it can be seen that the float
attitude is governed from a point just slightly off-centre
of the wheel axis. Feathering floats are essential to
good efficiency on relatively small diameter and deeply
immersed wheels. However, on the larger wheels, which
are not so deeply immersed, feathering floats are not
essential and fixed float designs were normally adopted.
This led to the practice of adopting feathered wheels in
side-mounted wheel applications, such as were found
on the Clyde or Thames excursion steamers, because of
the consequent wheel diameter restriction imposed by
the draught of the vessel. In contrast, on the stern wheel
propelled vessels, such as those designed for the Mis-
sissippi services, the use of fixed floats was preferred
since the wheel diameter restriction did not apply.

The design of paddle wheels is considerably more
empirical than that of screw propellers today, never-
theless, high propulsion efficiencies were achieved
and these were of similar orders to equivalent screw-
propelled steamers,. Ideally, each float of the paddle
wheel should enter the water ‘edgeways’ and without
shock having taken due account of the relative velo-
city of the float to the water. Relative velocity in still
water has two components: the angular speed due to
the rotation of the wheel and the speed of the vessel Va.
From Figure 2.16 it can be seen that at the point of entry
A, a resultant vector ā is produced from the combination
of advance speed Va and the rotational vector ωR. This

Figure 2.16 Paddle wheel float relative velocities

resultant vector represents the absolute velocity at the
point of entry and to avoid shock at entry, that is a
vertical thrusting action of the float, the float should be
aligned parallel to this vector along the line YY. How-
ever, this is not possible practically and the best that can
be achieved is to align the floats to the point B and this is
achieved by a linkage EFG which is introduced into the
system. Furthermore, from Figure 2.16 it is obvious that
the less the immersion of the wheel (h), the less is the
advantage to be gained from adopting a feathering float



26 Marine propellers and propulsion

system. This explains why the fixed float principal is
adopted for large, lightly immersed wheels.

With regard to the overall design parameters, based
on experience it was found that the number of fixed
floats on a wheel should be about one for every foot of
diameter of the wheel and for feathering designs this
number was reduced to around 60 or 70 per cent of the
fixed float ‘rule’. The width of the floats used in a par-
ticular design was of the order of 25 to 40 per cent of
the float length for feathering designs, but this figure
was reduced for the fixed float paddle wheel to between
20 and 25 per cent. A further constraint on the immer-
sion of the floats was that the peripheral speed at the
top of the floats should not exceed the ship speed and,
in general, feathering floats were immersed in the water
up to about half a float width whilst with sternwheel-
ers, the tops of the floats were never far from the water
surface.

The empirical nature of paddle design was recognized
as being unsatisfactory and in the mid 1950s Volpich
and Bridge (References 9 to 11), conducted systematic
experiments on paddle wheel performance at the Denny
tank in Dumbarton. Unfortunately, this work came at
the end of the time when paddle wheels were in use
as a common form of propulsion and, therefore, never
achieved its full potential.

2.11 Magnetohydrodynamic
propulsion

Magnetohydrodynamic propulsion potentially provides
a means of ship propulsion without the aid of either
propellers or paddles. The laws governing magneto-
hydrodynamic propulsion were known in the nineteenth
century and apart from a few isolated experiments
such as that by Faraday when he attempted to mea-
sure the voltage across the Thames induced by its
motion through the earth’s magnetic field and the work
of Hartmann on electromagnetic pumps in 1918, the

Magnetic field B

Induced current
density J

Lorentz
force J�B

Water flow

Internal duct flow

Figure 2.17 Magnetohydrodynamic propulsion principle

subject had largely to wait for engineering development
until the 1960s.

The idea of electromagnetic thrusters was first
patented in the USA by Rice during 1961 (Refer-
ence 12). Following this patent the USA took a leading
role in both theoretical and experimental studies cul-
minating in a report from the Westinghouse Research
Laboratory in 1966. This report showed that greater
magnetic field densities were required before the idea
could become practicable in terms of providing a real-
istic alternative for ship propulsion. In the 1970s super-
conducting coils enabled further progress to be made
with this concept.

The fundamental principal of electromagnetic
propulsion is based upon the interaction of a mag-
netic field B produced by a fixed coil placed inside
the ship and an electric current passed through the
sea water from electrodes in the bottom of the ship or
across a duct, as shown diagrammatically in Figure 2.17.
Since the magnetic field and the current are in mutually
orthogonal directions, then the resulting Lorentz force
provides the necessary pumping action. The Lorentz
force is J × B where J is the induced current density.
Iwata et al., in Reference 13 and subsequently in Refer-
ence 14, presents an interesting description of the state
of the art of superconducting propulsion.

In theory the electrical field can be generated either
internally or externally, in the latter case by position-
ing a system of electrodes in the bottom of the ship.
This, however, is a relatively inefficient method for ship
propulsion. The environmental impact of the internal
system is considerably reduced due to the containment
of the electromagnetic fields. Most work, therefore, has
concentrated on systems using internal magnetic fields
and the principle of this type of system is shown in Fig-
ure 2.18(a) in which a duct, through which sea water
flows, is surrounded by superconducting magnetic coils
which are immersed in a cryostat. Inside the duct are
placed two electrodes, which create the electric field
necessary to interact with the magnetic field in order
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Figure 2.18 Internal magnetic field electromagnetic propulsion unit: (a) the dipole propulsion unit with internal magnetic
field and (b) a cross-section through a prototype propulsion unit

to create the Lorentz forces necessary for propulsion.
Nevertheless, the efficiency of a unit is low due to
the losses caused by the low conductivity of sea water.
The efficiency, however, is proportional to the square of
the magnetic flux intensity and to the flow speed, which
is a function of ship speed. Consequently, in order to
arrive at a reasonable efficiency it is necessary to create
a strong magnetic flux intensity by the use of power-
ful magnets. In order to investigate the full potential
of these systems at prototype scale a small craft, Yam-
ato 1, was built for trial purposes by the Japanese and
Figure 2.18(b) shows a cross section through one of
the prototype propulsion units, indicating the arrange-
ment of the six dipole propulsion ducts within the unit.
Figure 2.19 shows the experimental craft, Yamato 1.

Electromagnetic propulsion does have certain poten-
tial advantages in terms of providing a basis for noise
and vibration-free hydrodynamic propulsion. However,

Figure 2.19 Yamato 1: Experimental magnetohydrodynamic propulsion craft

a major obstacle to the development of electromagnetic
propulsion until relatively recently was that the super-
conducting coil, in order to maintain its zero-resistance
property, required to be kept at the temperature of
liquid helium, 4.2 K (−268◦). This clearly requires
the use of thermally well-insulated vessels in which
the superconducting coil could be placed in order to
maintain these conditions. The criticality of this thermal
condition can be seen from Figure 2.20 which indicates
how the resistance of a superconductor behaves with
temperature and eventually reaches a critical tempera-
ture when the resistance falls rapidly to zero. Supercon-
ductors are also sensitive to current and magnetic fields;
if either become too high then the superconductor will
fail in the manner shown in Figure 2.21.

Superconductivity began with the work of Kamer-
lingh Onnes at Leiden University in 1911 when he
established the superconducting property for mercury in
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Figure 2.20 Superconducting effect

Figure 2.21 Effect of a magnetic field on a
superconductor

liquid helium; for this work he won a Nobel Prize. Work
continued on superconductivity, however, progress was
slow in finding metals which would perform at tempera-
tures as high as that of liquid nitrogen, −196◦C. By
1973 the best achievable temperature was 23 K. How-
ever, in 1986 Muller and Bednorz in Zurich turned
their attention to ceramic oxides which had hitherto
been considered as insulators. The result of this shift
of emphasis was to immediately increase the critical
temperature to 35 K by the use of a lanthanum, barium,
copper oxide compound: this discovery led to Muller
and Bednorz also being awarded a Nobel Prize for their
work. Consequent on this discovery, work in the USA,
China, India and Japan intensified, leading to the series
of rapid developments depicted in Table 2.2.

Table 2.2 Development of superconducting ceramic
oxides

Date Ceramic oxide Superconducting
temperatures (K)

September 1986 La Ba Cu O 35
January 1987 Y Ba Cu O 93
January 1988 Bi Sr Ca Cu O 118
February 1988 Tl Ba Ca Cu O 125

Whilst these advances are clearly encouraging since
they make the use of superconducting coils easier from
the thermal insulation viewpoint, many ceramic oxides
are comparatively difficult to produce. First, the process
by which the superconductor is made is very important
if the correct molecular structure is to be obtained and
second, ceramics are brittle. Consequently, whilst this
form of propulsion clearly has potential and significant
advances have been made, both in the basic research and
application, much work still has to be done before this
type of propulsion can become a reality on a commercial
scale or even the concept fully tested.

2.12 Superconducting motors for
marine propulsion

Notwithstanding the problems for magnetohydro-
dynamic propulsion, superconductivity has in the
last few years shown its potential for the produc-
tion of marine propulsion motors using the high-
temperature superconductors of Bi-2223 material
[(Bi,Pb)2Sr2Ca2Cu3Ox] which have a Tc of 110 K but
operate at a temperature of 35 to 40 K. This mate-
rial has, at the present time, been demonstrated to
be the most technically viable material for propulsion
motors. In the USA a 5 MW demonstrator machine
has proved satisfactory and a 25 MW demonstrator
is being constructed to demonstrate the potential for
marine propulsion purposes. In addition to other marine
propulsion applications the relatively small diameter of
these machines, if finally proved satisfactory, may have
implications for podded propulsors since the hub diam-
eter may be then reduced given that this diameter is
principally governed by the electric motor size.
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To appreciate fully propeller hydrodynamic action from
either the empirical or theoretical standpoint, it is
essential to have a thorough understanding of basic
propeller geometry and the corresponding definitions
used. Whilst each propeller manufacturer, consultant
or test tank has proprietary ways of presenting propeller
geometric data on drawings or in dimension books pro-
duced either by hand or with the aid of a computer,
these differences are most commonly in matters of detail
rather than in fundamental changes of definition. Con-
sequently, this chapter will not generally concern itself
with a detailed account of each of the different ways of
representing propeller geometric information. Instead
it will present a general account of propeller geometry
which will act as an adequate basis for any particular
applications with which the reader will be concerned.

3.1 Frames of reference

A prerequisite for the discussion of the geometric fea-
tures of any object or concept is the definition of
a suitable reference frame. In the case of propeller
geometry and hydrodynamic analysis many reference
frames are encountered in the literature, each, no doubt,
chosen for some particular advantage or preference of
the author concerned. However, at the 10th Interna-
tional Towing Tank Conference (ITTC) in 1963 the
preparation of a dictionary and nomenclature of ship
hydrodynamic terms was initiated; this work was com-
pleted in 1975 and the compiled version presented in
1978 (Reference 1). The global reference frame pro-
posed by the ITTC is that shown in Figure 3.1(a) which
is a right-handed, rectangular Cartesian system. The X -
axis is positive, forward and coincident with the shaft
axis; the Y -axis is positive to starboard and the Z-axis
is positive in the vertically downward direction. This
system is adopted as the global reference frame for this
book since no other general agreement exists in the field
of propeller technology. For propeller geometry, how-
ever, it is convenient to define a local reference frame
having a common axis such that OX and Ox are coinci-
dent, but allowing the mutually perpendicular axes Oy
and Oz to rotate relative to the OY and OZ fixed global
frame as shown in Figure 3.1(b).

3.2 Propeller reference lines

The propeller blade is defined about a line normal to
the shaft axis called either the ‘propeller reference line’
or the ‘directrix’: the word ‘directrix’ being the older
term used for this line. In the case of the controllable
pitch propeller the term ‘spindle axis’ is frequently syn-
onymous with the reference line or directrix. However,
in a few special design cases the spindle axis has been
defined to lie normally to the surface of a shallow cone
whose axis is coincident with the shaft axis and tapers

Figure 3.1 Reference frames: (a) global reference frame
and (b) local reference frame

towards the aft direction. In these cases the spindle axis
is inclined to the reference line by a few degrees; such
applications are, however, comparatively rare. For the
greater majority of cases, therefore, the terms spindle
axis, directrix and reference line relate to the same line,
as can be seen in Figure 3.2. These lines are frequently,
but not necessarily, defined at the origin of the Cartesian
reference frame discussed in the previous section.

The aerofoil sections which together comprise the
blade of a propeller are defined on the surface of cylin-
ders whose axes are concentric with the shaft axis;
hence the term ‘cylindrical sections’which is frequently
encountered in propeller technology. Figure 3.3 shows
this cylindrical definition of the section, from which it
will be seen that the section lies obliquely over the sur-
face of the cylinder and thus its nose tail line, connecting
the leading and trailing edges of the section, form a
helix over the cylinder. The point A shown in Figure 3.2
where this helix intersects the plane defined by the direc-
trix and the x-axis is of particular interest since it forms
one point, at the radius r of the section considered, on
the ‘generator line’. The generator line is thus the locus
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Figure 3.2 Blade reference lines

Figure 3.3 Cylindrical blade section definition

of all such points between the tip and root of the blade
as seen in Figure 3.2. Occasionally the term ‘stacking
line’ is encountered, this is most frequently used as a
synonym for the generator line; however, there have
been instances when the term has been used by design-
ers to mean the directrix: consequently care is needed
for all cases except the special case when the generator
line is the same as the directrix.

3.3 Pitch

Consider a point P lying on the surface of a cylinder of
radius r which is at some initial point P0 and moves so
as to form a helix over the surface of a cylinder. The
equations governing the motion of the point P over the

surface of the cylinder (points P0, P1, P2, . . . , Pn) in
Figure 3.4(a) are as follows:

x = f (φ)
y = r sin(φ)
z = r cos(φ)

}

(3.1)

where φ is the angle of rotation in the Y –Z-plane of
radius arm r relative to the OZ-axis in the global ref-
erence frame. When the angle φ = 360◦, or 2π radians,
then the helix, defined by the locus of the points Pn,
has completed one complete revolution of the cylin-
der it again intersects the X –Z-plane but at a distance
p measured along the OX -axis from the origin. If the
cylinder is now ‘opened out’ as shown in Figure 3.4(b),
we see that the locus of the point P, as it was rotated
through 2π radians on the surface of the cylinder, lies
on a straight line. In the projection one revolution of
the helix around the cylinder, measured normal to the
OX direction, is equal to a distance 2πr. The distance
moved forward by the helical line during this revolution
is p and hence the helix angle (θ) is given by

θ = tan−1
( p

2πr

)

(3.2)

The angle θ is termed the pitch angle and the distance p
is the pitch. Hence equation (3.1), which defines a point
on a helix, can be written as follows:

x = rφ tan θ
y = r sin(φ)
z = r cos(φ)

}

(3.1a)

There are several pitch definitions that are of import-
ance in propeller analysis and the distinction between
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Figure 3.4 Definition of pitch: (a) helix definition on a cylinder of radius r and (b) development of helix on the cylinder

them is of considerable importance if serious analyt-
ical mistakes are to be avoided. In all cases, however,
the term pitch in propeller technology refers to the hel-
ical progress along a cylindrical surface rather than, for
example, in gear design where pitch refers to the dis-
tance between teeth. The important pitch terms with
which the analyst needs to be thoroughly conversant
are as follows:

1. nose–tail pitch,
2. face pitch,
3. effective or ‘no-lift’ pitch,
4. hydrodynamic pitch.

Figure 3.5 shows these pitch lines in association with
an arbitrary aerofoil section profile. The nose–tail pitch
line is today the most commonly used reference line by
the principal propeller manufacturers in order to define
blade sections, and it is normally defined at a pitch angle
θnt to the thwart-ship direction. This line also has a

hydrodynamic significance too, since the section angles
of attack are defined relative to it in the conventional
aerodynamic sense.

Face pitch is now relatively rarely used by the large
propeller manufacturers, but it will frequently be seen
on older drawings and is still used by many smaller
manufacturers. Indeed many of the older model test
series, for example the Wageningen B Series, use
this pitch reference as a standard to present the open
water characteristics. Face pitch has no hydrodynamic
significance at all, but was a device invented by the man-
ufacturers to simplify the propeller production process
by obviating the need to ‘hollow out’ the surface of the
propeller mould to accommodate that part of the sec-
tion between the nose–tail and face pitch lines. The face
pitch line is basically a tangent to section’s pressure side
surface, and therefore has a degree of arbitrariness about
its definition since many tangents can be drawn to the
aerofoil pressure surface.
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Figure 3.5 Pitch lines

The effective pitch line of the section corresponds to
the conventional aerodynamic no-lift line and is the line
that if the incident water flowed along, zero lift would
result from the aerofoil section. The effective pitch
angle (θ0) is greater than the nose–tail pitch angle by
an amount corresponding to the three-dimensional zero
lift angle of the section. As such this is a fundamental
pitch angle since it is the basis about which the hydro-
dynamic forces associated with the propeller section
are calculated. Finally, the hydrodynamic pitch angle
(βi) is the angle at which the incident flow encounters
the blade section and is a hydrodynamic inflow rather
than a geometric property of the propeller: neither this
angle nor the effective pitch angle would, however, be
expected to be found on the propeller drawing in normal
circumstances.

From the above discussion it can be seen that the three
pitch angles, effective, nose–tail and hydrodynamic
pitch, are all related by the equations

effective pitch angle = nose–tail pitch angle
+ 3D zero lift angle

= hydrodynamic pitch angle
+ angle of attack of section
+ 3D zero lift angle.

The fuller discussion of the effective pitch, hydro-
dynamic pitch and zero lift angles will be left until
Chapters 7 and 8; they have only been included here
to underline the differences between them and thereby
prevent confusion and serious analytical mistakes.

The mean pitch of a propeller blade is calculated
using a moment mean principle. As such it is defined by

p̄ =

∫ 1.0

x=xh

px dx

∫ 1.0

x=xh

x dx

(3.3)

The reason for adopting a moment mean is a practical
expedient, which has been confirmed both experimen-
tally and by calculation. As a consequence it can be
used, in the context of effective pitch, to compare
propellers, which may have different radial pitch dis-
tributions, from the viewpoint of power absorption. For
continuous and fair distributions of pitch from the root
to the tip it will be frequently found that the moment
mean pitch corresponds in magnitude to the local pitch
in the region of 0.6 to 0.7R.

For practical calculation purposes of equation (3.3),
because the radial pitch distribution is normally
represented by a well-behaved curve without great
changes in gradient (Figure 3.6), it is possible to use
a lower-order numerical integration procedure. Indeed
the trapezoidal rule provides a satisfactory procedure if
the span of the blade is split into ten intervals giving
11 ordinates. Then the mid-point of these intervals xj

( j = 1, 2, 3, . . . , 10) are defined as follows, where x is
the non-dimensional radius x = r/R:

xj = xi + xi+1

2
i, j = 1, 2, 3, . . . , 10
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Figure 3.6 Mean pitch definition

Since the integral

∫ 1.0

x=xh

p(x)x dx =
10
∑

j=1

p(xj)xj

(

xTIP − xHUB

10

)

and similarly,

∫ 1.0

x=xh

x dx =
10
∑

j=1

xj

(

xTIP − xROOT

10

)

Hence,

p̄ =

∑10

j=1
p(xj)xj

∑10

j=1
xj

(3.4)

where

xj = xi + xi+1

2
i, j = 1, 2, 3, . . . , 10

and

xi=1.0 = 1.0 xi=11 = root radius

3.4 Rake and skew

The terms rake and skew, although defining the pro-
peller geometry in different planes, have a cross-
coupling component due to the helical nature of blade

sections. As with the Cartesian reference frame, many
practitioners have adopted different definitions of skew.
The author prefers the following definition, since as well
as following the ITTC code it has also been adopted
by several other authorities in Europe, the USA and
the Far East. The skew angle θs(x) of a particular sec-
tion, Figure 3.7, is the angle between the directrix and
a line drawn through the shaft centre line and the mid-
chord point of a section at its non-dimensional radius
(x) in the projected propeller outline; that is, looking
normally, along the shaft centre line, into the y–z-plane
of Figure 3.1. Angles forward of the directrix, that is
in the direction of rotation, in the projected outline are
considered to be negative. The propeller skew angle
(θsp) is defined as the greatest angle, measured at the
shaft centre line, in the projected plane, which can be
drawn between lines passing from the shaft centre line
through the mid-chord position of any two sections. Pro-
peller skew also tends to be classified into two types:
balanced and biased skew designs. The balanced skew
design is one where the locus of the mid-chord line gen-
erally intersects with the directrix at least twice in the
inner regions of the blade. In contrast, in the biased skew
design the mid-chord locus intersects with the directrix
not more than once; normally only in the inner sections.

Propeller rake is divided into two components: gen-
erator line rake (iG) and skew induced rake (is). The
total rake of the section with respect to directrix (iT) is
given by

iT(r) = is(r) + iG(r) (3.5)

The generator line rake is measured in the x–z-plane
of Figure 3.1 and is simply the distance AB shown in
Figure 3.2. That is, it is the distance, parallel to the
x-axis, from the directrix to the point where the helix
of the section at radius r cuts the x–z-plane. To under-
stand skew induced rake consider Figure 3.8, which
shows an ‘unwrapping’ of two cylindrical sections, one
at the root of the propeller and the other at some radius r
between the tip and root of the blade. It will be seen that
skew induced rake is the component, measured in the
x-direction, of the helical distance around the cylinder
from the mid-chord point of the section to the projection
of the directrix when viewed normally to the y–z-plane.
That is,

is = rθs tan(θnt) (3.6)

Consequently, it is possible then to define the locus
of the mid-chord points of the propeller blade in space
as follows for a rotating right-handed blade initially
defined, φ = 0, about the OZ-axis of the global reference
frame (Figure 3.9):

Xc/2 = −[iG + rθs tan(θnt)]
Yc/2 = −r sin(φ − θs)
Zc/2 = r cos(φ − θs)

}

(3.7)
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Figure 3.7 Skew definition

Figure 3.8 Definition of total rake Figure 3.9 Blade coordinate definition
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Figure 3.10 Tip rake definition

And for the leading and trailing edges of the blade
equation (3.7) can be extended to give:

for the leading edge:

XLE = −[iG + rθs tan(θnt) + c

2
, sin(θnt)

YLE = −r sin

[

φ − θs + 90c cos(θnt)

πr

]

ZLE = r cos

[

φ − θs + 90c cos(θnt)

πr

]

and for the trailing edge:

XTE = −[iG + rθs tan(θnt)] − c

2
sin(θnt)

YTE = −r sin

[

φ − θs − 90c cos(θnt)

πr

]

ZTE = r cos

[

φ − θs − 90c cos(θnt)

πr

]
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(3.8)

where c is the chord length of the section at radius x and
φ and θs are expressed in degrees.

In cases when the generator line is a linear function
of radius it is meaningful to talk in terms of either a
propeller rake (ip) or a propeller rake angle (θip). These
are measured at the propeller tip as shown in Figure 3.10,
where the propeller rake is given by

ip = iG(r/R = 1.0)

and

θip = tan−1

[

iG(r/R = 1.0)

R

]

⎫

⎪

⎪

⎬

⎪

⎪

⎭

(3.9)

In equation (3.9), ip is taken as positive when the gener-
ator line at the tip is astern of the directrix, and similarly
with θip. In applying equation (3.9) it should be noted
that some manufacturers adopt the alternative notation
of specifying the rake angle from the root section:

θ′
ip = tan−1

[

iG(r/R = 1.0)

(R − rh)

]

where rh is the radius of the root section. Consequently
some care is needed in interpreting specific propeller
applications.

3.5 Propeller outlines and area

The calculation of the blade width distribution is always
made with reference to the cavitation criteria to which
the propeller blade will be subjected. However, hav-
ing once calculated the blade section widths based on
these criteria it is necessary to fair them into a blade out-
line. This can either be done by conventional draughting
techniques or by the fitting of a suitable mathemati-
cal expression. One such expression which gives good
results is

c

D
= K0(1 − x)1/2 + K1 + K2(1 − x) + K3(1 − x)2

+ K4(1 − x)3 + K5(1 − x)4

where x is the non-dimensional radius and Kn,
(n = 0, 1, . . . , 5) are coefficients. There are four basic
outlines in general use currently which describe the
propeller blade shape:

1. the projected outline,
2. the developed outline,
3. the expanded outline,
4. the swept outline.

The projected outline is the view of the propeller
blade that is actually seen when the propeller is viewed
along the shaft centre line, that is normal to the y–z-
plane. Convention dictates that this is the view seen
when looking forward. In this view the helical sections
are defined in their appropriate pitch angles and the sec-
tions are seen to lie along circular arcs whose centre is
the shaft axis; Figure 3.11 shows this view together with
the developed and expanded views. The projected area
of the propeller is the area seen when looking forward
along the shaft axis. From Figure 3.11 it is clear that the
projected area Ap is given by

Ap = Z

∫ R

rh

(θTE − θLE)r dr (3.10)

where the same sign convention applies for θ as in the
case of the skew angle and Z is the number of blades.

Projected area is of little interest today. However, in
the early years of propeller technology the projected
area was used extensively on a thrust loading per unit
projected area basis for determining the required blade
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Figure 3.11 Outline definition

area to avoid the harmful effects of cavitation. It will
be noted that the projected area is the area in the plane
normal to the thrust vector.

The developed outline is related to the projected out-
line in so far as it is a helically based view, but the pitch
of each section has been reduced to zero; that is the sec-
tions all lie in the thwart-ship plane. This view is used
to give an appreciation of the true form of the blade and
the distribution of chord lengths. The developed and
projected views are the most commonly seen represen-
tations on propeller drawings; Figure 3.11 shows this
view in relation to the projected outline.

To calculate the developed area it is necessary to
integrate the area under the developed profile curve
numerically if a precise value is required. For most pur-
poses, however, it is sufficient to use the approximation
for the developed area AD as being

AD ≃ AE

where AE is the expanded area of the blade.
In the past several researchers have developed empir-

ical relationships for the estimation of the developed
area; one such relationship, proposed by Burrill for
non-skewed forms, is

AD ≃ Ap

(1.067 − 0.229P/D)
(3.11)

In general, however, the developed area is greater than
the projected area and slightly less than the expanded
area.

The expanded outline is not really an outline in any
true geometric sense at all. It could more correctly be
termed a plotting of the chord lengths at their correct

radial stations about the directrix; no attempt in this
outline is made to represent the helical nature of the
blades and the pitch angle of each section is reduced to
zero. This view is, however, useful in that it is sometimes
used to give an idea of the blade section forms used, as
these are frequently plotted on the chord lengths, as seen
in Figure 3.11.

The expanded area is the most simple of the areas that
can be calculated, and for this reason is the area most
normally quoted, and is given by the relationship:

AE = Z

∫ R

rn

c dr (3.12)

In order to calculate this area it is sufficient for most pur-
poses to use a Simpson’s procedure with 11 ordinates,
as shown in Figure 3.12.

Blade area ratio is simply the blade area, either the
projected, developed or expanded depending on the
context, divided by the propeller disc area Ao:

Ap

Ao
= 4Ap

πD2

AD

Ao
= 4AD

πD2

AE

Ao
= 4AD

πD2

⎫

⎪

⎪

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎪

⎪

⎭

(3.13)

By way of example, the difference in the value of
the projected, developed and expanded area ratio for
the propeller shown in Figure 3.11 can be seen from
Table 3.1. The propeller was assumed to have four blades
and a constant pitch ratio for this example.
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Figure 3.12 Evaluation of expanded area

Table 3.1 Example of comparative blade area ratios

Projected Developed Expanded
area area area

Area ratio (A/Ao) 0.480 0.574 0.582

In each of the areas discussed so far the blade has
been represented by a lamina of zero thickness. The true
surface area of the blade will need to take account of
the blade thickness and the surface profile on the suc-
tion and pressure faces; which will be different in all
cases except for the so-called ‘flat plate’ blades found
in applications like controllable pitch transverse propul-
sion units. To calculate the true surface area of one of
the blade surfaces the algorithm of Figure 3.13 needs to
be adopted.

This algorithm is based on a linear distance – that is
between the successive points on the surface. This is suf-
ficient for most calculation purposes, but higher-order
methods can be used at the expense of a considerable
increase in computational complexity.

The swept outline of a propeller is precisely what
is conventionally meant by a swept outline in normal
engineering terms. It is normally used only to repre-
sent stern frame clearances. For the case of the highly
skewed propeller a representation of the swept out-
line is important since the skew induced rake term, Figure 3.13 Algorithm for calculating surface area
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if not carefully controlled in design, can lead to con-
siderable ‘overhang’ of the blade which, in turn, can
lead to mechanical interference with the stern frame.
The swept outline is derived by plotting the rotation
of each of the leading and trailing edge about the
shaft axis.

3.6 Propeller drawing methods

The most commonly used method for drawing a pro-
peller is that developed by Holst (Reference 2). This
method relies on being able to adequately represent
the helical arcs along which the propeller sections are
defined by circular arcs, of some radius which is greater
than the section radius, when the helical arcs have been
swung about the directrix into the zero pitch or develop-
ed view (see Figure 3.11). This drawing method is an
approximation but does not lead to significant errors
unless used for very wide bladed or highly skewed pro-
pellers; in these cases errors can be significant and the
alternative and more rigorous method of Rosingh (Ref-
erence 3) would then be used to represent the blade
drawings.

The basis of Holst’s construction is as shown in Fig-
ure 3.14. This Figure, however, shows the construction
for only one particular radius in the interests of clar-
ity; other radii are treated identically. A series of arcs
with centre on the shaft axis at O are constructed at

Figure 3.14 Holst’s propeller drawing method

each of the radial stations on the directrix where the
blade is to be defined. A length p/2π is then struck off
along the horizontal axis for each section and the lines
AB are joined for each of the sections under consider-
ation. A right angle ABC is then constructed, which in
turn defines a point C on the extension of the directrix
below the shaft centre line. An arc AC is then drawn
with the centre C and radius r′. The distances from the
directrix to the leading edge AAL and the directrix to
the trailing edge AAT are measured around the circum-
ference of the arc. Projections, normal to the directrix,
through AL and AT meet the arc of radius r, about the
shaft centre line, at PL and PT, respectively. These latter
two points form two points on the leading and trailing
edges of the projected outline, whilst AL and AT lie on
the developed outline. Consequently, it can be seen that
distances measured around the arcs on the developed
outline represent ‘true lengths’ that can be formed on
the actual propeller.

The Holst drawing method was a common procedure
used in propeller drawing offices years ago. However,
the advent of the computer and its associated graph-
ics capabilities have permitted the designer to plot
automatically blade outlines using points calculated
by analytical geometry, for example equation (3.8),
together with curve-fitting routines, typically cubic
splines.

3.7 Section geometry and definition

The discussion so far has, with the exception of that
relating to the true surface area, assumed the blade to
be a thin lamina. This section redresses this assumption
by discussing the blade section geometry.

In the early 1930s the National Advisory Committee
for Aeronautics (NACA) in the USA – now known as
NASA – embarked on a series of aerofoil experiments
which were based on aerofoil geometry developed in a
both rational and systematic way. Some of these aero-
foil shapes have been adopted for the design of marine
propellers, and as such have become widely used by
manufacturers all over the world. Consequently, this
discussion of aerofoil geometry will take as its basis the
NACA definitions whilst at the same time recognizing
that with the advent of prescribed velocity distribution
capabilities some designers are starting to generate their
own section forms to meet specific surface pressure
requirements.

Figure 3.15 shows the general definition of the aero-
foil. The mean line or camber line is the locus of the
mid-points between the upper and lower surfaces when
measured perpendicular to the camber line. The extrem-
ities of the camber line are termed the leading and
trailing edges of the aerofoil and the straight line joining
these two points is termed the chord line. The distance
between the leading and trailing edges when measured
along the chord line is termed the chord length (c) of the
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Figure 3.15 General definition of an aerofoil section

section. The camber of the section is the maximum dis-
tance between the mean camber line and the chord line,
measured perpendicular to the chord line. The aerofoil
thickness is the distance between the upper and lower
surfaces of the section, usually measured perpendic-
ularly to the chord line although strictly this should
be to the camber line. The leading edges are usually
circular, having a leading edge radius defined about
a point on the camber line. However, for marine pro-
pellers, leading edge definition practices vary widely
from manufacturer to manufacturer and care should be
taken in establishing the practice actually used for the
propeller in question.

The process of combining a chosen camber line with a
thickness line in order to obtain the desired section form
is shown in Figure 3.16 for a given chord length c. In
the figure only the leading edge is shown for the sake of
clarity; however, the trailing edge situation is identical.
The mean line is defined from the offsets (yc) relating to
the chosen line and these are ‘laid off’ perpendicularly
to the chord line. The upper and lower surfaces are
defined from the ordinates yt of the chosen symmet-
rical thickness distribution, and these are then laid off
perpendicularly to the camber line. Hence, a point Pu
on the upper surface of the aerofoil is defined by

Figure 3.16 Aerofoil section definition

xu = xc − yt sin ψ
yu = yc + yt cos ψ

}

(3.14a)

where ψ is the slope of the camber line at the non-
dimensional chordal position xc.

Similarly for a point PL on the lower surface of the
aerofoil we have

xL = xc + yt sin ψ
yL = yc − yt cos ψ

}

(3.14b)

Although equations (3.14a and b) give the true definition
of the points on the section surface, since yc/c is usu-
ally of the order of 0.02 to 0.06 for marine propellers,
the value of ψ is small. This implies sin ψ → 0 and
cos ψ → 1. Hence, it is valid to make the approximation

xu = xc
yu = yc + yt
xL = xc
yL = yc − yt

⎫

⎪

⎬

⎪

⎭

(3.15)

where yt = t(xc)/2 (i.e. the local section semi-thickness)
and the approximation defined by equation (3.15) is gen-
erally used in propeller definition. The errors involved
in this approximation are normally small – usually less
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Table 3.2 NACA series camber or mean lines

xc 64 Mean line 65 Mean line 66 Mean line
(% c)

yc yc yc
(% c) dyc/dxc (% c) dyc/dxc (% c) dyc/dxc

0 0 0.30000 0 0.24000 0 0.20000
1.25 0.369 0.29062 0.296 0.23400 0.247 0.19583
2.5 0.726 0.28125 0.585 0.22800 0.490 0.19167
5.0 1.406 0.26250 1.140 0.21600 0.958 0.18333
7.5 2.039 0.24375 1.665 0.20400 1.406 0.17500

10 2.625 0.22500 2.160 0.19200 1.833 0.16667
15 3.656 0.18750 3.060 0.16800 2.625 0.15000
20 4.500 0.15000 3.840 0.14400 3.333 0.13333
25 5.156 0.11250 4.500 0.12000 3.958 0.11667
30 5.625 0.07500 5.040 0.09600 4.500 0.10000

40 6.000 0 5.760 0.04800 5.333 0.06667
50 5.833 −0.03333 6.000 0 5.833 0.03333
60 5.333 −0.06667 5.760 −0.04800 6.000 0
70 4.500 −0.10000 5.040 −0.09600 5.625 −0.07500
80 3.333 −0.13333 3.840 −0.14400 4.500 −0.15000

90 1.833 −0.16667 2.160 −0.19200 2.625 −0.22500
95 0.958 −0.18333 1.140 −0.21600 1.406 −0.26250
100 0 −0.20000 0 −0.24000 0 −0.30000

a = 0.8 mean line a = 0.8 (mod) mean line a = 1.0 mean line

xc yc yc yc
(% c) (% c) dyc/dxc (% c) dyc/dxc (% c) dyc/dxc

0 0 0 0
0.5 0.287 0.48535 0.281 0.47539 0.250 0.42120
0.75 0.404 0.44925 0.396 0.44004 0.350 0.38875
1.25 0.616 0.40359 0.603 0.39531 0.535 0.34770
2.5 1.077 0.34104 1.055 0.33404 0.930 0.29155

5.0 1.841 0.27718 1.803 0.27149 1.580 0.23430
7.5 2.483 0.23868 2.432 0.23378 2.120 0.19995
10 3.043 0.21050 2.981 0.20618 2.585 0.17485
15 3.985 0.16892 3.903 0.16546 3.365 0.13805
20 4.748 0.13734 4.651 0.13452 3.980 0.11030

25 5.367 0.11101 5.257 0.10873 4.475 0.08745
30 5.863 0.08775 5.742 0.08595 4.860 0.06745
35 6.248 0.06634 6.120 0.06498 5.150 0.04925
40 6.528 0.04601 6.394 0.04507 5.355 0.03225
45 6.709 0.02613 6.571 0.02559 5.475 0.01595

50 6.790 0.00620 6.651 0.00607 5.515 0
55 6.770 −0.01433 6.631 −0.01404 5.475 −0.01595
60 6.644 −0.03611 6.508 −0.03537 5.355 −0.03225
65 6.405 −0.06010 6.274 −0.05887 5.150 −0.04925
70 6.037 −0.08790 5.913 −0.08610 4.860 −0.06745

75 5.514 −0.12311 5.401 −0.12058 4.475 −0.08745
80 4.771 −0.18412 4.673 −0.18034 3.980 −0.11030
85 3.683 −0.23921 3.607 −0.23430 3.365 −0.13805
90 2.435 −0.25583 2.452 −0.24521 2.585 −0.17485
95 1.163 −0.24904 1.226 −0.24521 1.580 −0.23430

100 0 −0.20385 0 −0.24521 0
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than 0.5 mm and certainly within most manufacturing
tolerances.

The centre for the leading edge radius is found from
the NACA definition as follows. A line is drawn through
the forward end of the chord at the leading edge with
a slope equal to the slope of the mean line close to the
leading edge. Frequently the slope at a point xc = 0.005
is taken, since the slope at the leading edge is the-
oretically infinite. This approximation is justified by the
manner in which the slope approaches infinity close to
the leading edge. A distance is then laid off along this
line equal to the leading edge radius and this forms the
centre of the leading edge radius.

Details of all of the NACA series section forms can
be found in Reference 4; however, for convenience the
more common section forms used in propeller prac-
tice are reproduced here in Tables 3.2 and 3.3. In Table
3.3 the NACA 66 (Mod) section has been taken from
Brockett (Reference 5) who thickened the edge region
of the parent NACA 66 section for marine use. The basic
NACA 65 and 66 section forms cannot be represented
in the same y/tmax form for all section tmax/c ratios, as
with the NACA 16 section, and Reference 4 needs to

Table 3.3 Typical aerofoil section thickness distributions

x/c NACA 16 NACA 66 (mod)
y/tmax y/tmax

LE 0 0 0
0.005 – 0.0665
0.0075 – 0.0812
0.0125 0.1077 0.1044
0.0250 0.1504 0.1466

0.0500 0.2091 0.2066
0.0750 0.2527 0.2525
0.1000 0.2881 0.2907
0.1500 0.3445 0.3521
0.2000 0.3887 0.4000

0.2500 – 0.4363
0.3000 0.4514 0.4637
0.3500 – 0.4832
0.4000 0.4879 0.4952
0.4500 – 0.5000

0.5000 0.5000 0.4962
0.5500 – 0.4846
0.6000 0.4862 0.4653
0.6500 – 0.4383
0.7000 0.4391 0.4035

0.7500 – 0.3612
0.8000 0.3499 0.3110
0.8500 – 0.2532
0.9000 0.2098 0.1877
0.9500 0.1179 0.1143

TE 1.0000 0.0100 0.0333

Section tmax/c 0.06 0.09 0.12 0.15 0.18 0.21

LE radius/c (%) 0.176 0.396 0.703 1.100 1.584 2.156 ρL = 0.448c

(

tmax

c

)2

be consulted for the ordinates for each section thick-
ness to chord ratio. In practice, for marine propeller
purposes all of the basic NACA sections need thicken-
ing at the edges, otherwise they would frequently incur
mechanical damage by being too thin. Typical section
edge thicknesses are shown in Table 3.4 as a propor-
tion of the maximum section thickness for conventional
free-running, non-highly skewed propellers. In the case
of a highly skewed propeller, defined by the Rules of
Lloyd’s Register as one having a propeller skew angle
in excess of 25◦, the trailing edge thicknesses would
be expected to be increased from those of Table 3.4 by
amounts depending on the type and extent of the skew.
The implication of Table 3.4 is that the leading and trail-
ing edges have ‘square’ends. This clearly is not the case:
these are the thicknesses that would exist at the edges if
the section thicknesses were extrapolated to the edges
without rounding.

It is frequently necessary to interpolate the camber
and thickness ordinates at locations away from those
defined by Tables 3.2 and 3.3. For normal types of cam-
ber lines standard interpolation procedures can be used,
provided they are based on either second- or third-order
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Table 3.4 Typical section edge thickness ratio for
conventional free-running, non-highly skewed propellers

r/R Edge thickness ratios
t(xc/x = 0 or 1.0)

tmax

Leading edge Trailing edge

0.9 0.245 0.245
0.8 0.170 0.152
0.7 0.143 0.120
0.6 0.134 0.100
0.5 0.130 0.085
0.4 0.127 0.075
0.3 0.124 0.068
0.2 0.120 0.057

polynomials. This is also the case with the thickness dis-
tribution away from the rapid changes of curvature that
occur close to the leading edge. To overcome this dif-
ficulty van Oossanen (Reference 6) proposed a method
based on defining an equivalent ellipse having a thick-
ness to chord ratio equal to that of the section under
consideration. Figure 3.17 demonstrates the method in
which a thickness ratio TR is formed between the actual
section and the equivalent elliptical section:

TR = yt

ytmax sin[cos−1(1 − 2xc/c)]

Figure 3.17 Van Oosanen’s section thickness interpolation procedure

This provides a smooth well-behaved function
between the leading and trailing edges and having a
value of unity at these points. This function can then be
interpolated at any required point x′

c and the required
thickness at this point derived from the relationship

y′
t = T ′

Rytmax sin[cos−1(1 − 2xc/c)] (3.16)

This method can be used over the entire section in order
to provide a smooth interpolation procedure; however,
a difficulty is incurred right at the leading edge where
the thickness distribution gives way to the leading edge
radius. For points between this transition point, denoted
by P in Figure 3.17, and the leading edge, the value of
the thickness ratio TR is given by

TR = ρ2
L − (xc − ρL)2

ytmax sin[cos−1(1 − 2xc/c)]

At the point P it should be noted that the tangent to
both the leading edge radius and the thickness form are
equal.

Having, therefore, defined the basis of section geom-
etry, it is possible to revert to equation (3.8) and define
the coordinates for any point P on the surface of the
aerofoil section. Figure 3.18 shows this definition, and
the equations defining the point P about the local
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Figure 3.18 Definition of an arbitrary point p on a
propeller blade surface

reference frame (Ox, Oy, Oz) are given by

xp = −[iG + rθs tan(θnt)] + (0.5c − xc) sin(θnt)

+ yu,L cos (θnt)

yp = r sin

[

θs − 180[(0.5c − xc) cos(θnt) − yu,L sin(θnt)]

πr

]

zp = r cos

[

θs − 180[(0.5c − xc) cos(θnt) − yu,L sin(θnt)]

πr

]

⎫

⎪

⎪

⎪

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎪

⎪

⎪
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(3.17)

where yu = yc ± yt cos ψ as per equations (3.14a and b).
To convert these to the global reference frame (OX,

OY, OZ), we simply write the transformation
[

Xp
Yp
Zp

]

=
[

1 0 0
0 cos φ −sin φ
0 sin φ cos φ

][

xp
yp
zp

]

(3.18)

where φ is the angle between the reference frames as
shown in Figure 3.9. By combining equations (3.17)

Figure 3.19 Section ‘washback’: (a) section without
washback and (b) section with washback

and (3.18) and inserting the appropriate values for
xc and yu,L, the expressions for the leading, trailing
edges and mid-chord points, equations (3.8) and (3.7),
respectively, can be derived.

The term ‘washback’ is sometimes seen in older
papers dealing with propeller technology and in clas-
sification society rules. It relates to the definition of the
after part of the face of the section and its relation to
the face pitch line as shown in Figure 3.19. From this
figure it is seen that for a section to have no ‘washback’,
the face of the blade astern of the maximum thickness
position is coincident with the face pitch line. When
there is a ‘washback’, the blade section lifts above the
face pitch line.

Section edge geometry is a complex matter, since
cavitation properties can be influenced greatly by the
choice of the geometric configuration. In the case of the
leading edge it is becoming increasingly popular to use
a NACA type definition; however, some quite complex
edge definitions will be found. For example, the choice
of a radius defined about some arbitrary but well-defined
point relative to the section chord line. These types of
definition have largely been introduced from empiri-
cism and experience of avoiding one type of cavitation
or another prior to the advent of adequate flow com-
putational procedures. Consequently, great care must
be exercised in interpreting drawings from different
designers and manufacturers. With regard to the trailing
edge, this generally receives less detailed consideration.
In the absence of an anti-singing edge, see Figure 21.9,
it is usual to specify either a half or quarter round trailing
edge.

3.8 Blade thickness distribution
and thickness fraction

Blade maximum thickness distributions are normally
selected on the basis of stress analysis calculations.
Sometimes this involves a calculation of the stress at
some radial location, for example at the 0.25R radius,
with the use of a standard thickness line found by the
designer to give satisfactory service experience. More
frequently today the maximum thickness distribution is
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Figure 3.20 Typical representation of propeller maximum
thickness distribution and notional thickness at shaft centre
line

the subject of detailed stress calculations over the entire
blade using finite element techniques.

The resulting thickness distributions for large pro-
pellers are normally non-linear in form and vary con-
siderably from one manufacturer to another. In the case
of smaller propellers a linear thickness distribution is
sometimes selected, and although this gives a conser-
vative reserve of strength to the blade, it also causes
an additional weight and drag penalty to the propeller.
On propeller drawings it is customary to show the max-
imum thickness distribution of the blade in and elevation
as shown in Figure 3.20. In this elevation the maximum
thicknesses are shown relative to the blade generator
line. The blade thickness fraction is the ratio

tF =
(

t0

D

)

(3.19)

where t0 is the notional blade thickness defined at the
shaft centre line as shown in Figure 3.20. In the case of
a linear thickness distribution the value of t0 is easy to
calculate since it is simply a linear extrapolation of the
maximum thickness distribution to the shaft centre line:

t0 = t(1.0) + t(x) − t(1.0)

(1.0 − x)

where t(x) is the blade maximum thickness at the non-
dimensional radius x and t(1.0) is the blade maximum

thickness at the tip before any edge treatment. In the
case of a non-linear thickness distribution the thickness
fraction is calculated by a moment mean approximation
as follows:

tF = 1

D

[
∑

t(x)x/(1 − x)
∑

x

+
[

t(1.0) − t(1.0)
∑

x/(1 − x)
∑

x

]]

where x can take a range of nine or ten values over the
blade span. For example,

x = 0.9, 0.8, 0.7, 0.6, 0.5, 0.4, 0.3, 0.2; (x �= 1.0)

or

x = 0.9375, 0.875, 0.75, 0.625, 0.5, 0.375, 0.25;
(x �= 1.0).

3.9 Blade interference limits for
controllable pitch propellers

In order that a controllable pitch propeller can be fully
reversible in the sense that its blades can pass through
the zero pitch condition, care has to be taken that the
blades will not interfere with each other. To establish
the limiting conditions for full reversibility, either use
can be made of equation (3.8), together with an inter-
polation procedure, or alternatively, the limits can be
approximated using Holt’s drawing method.

The latter method, as shown by Hawdon et al. (Ref-
erence 7), gives rise to the following set of relationships
for the interference limits of three-, four- and five-
bladed controllable pitch propellers:

Three-bladed propeller

cmax/D = [1.01x + 0.050(P/D − 1) + 0.055]

Four-bladed propeller

cmax/D = [0.771x + 0.025(P/D − 1) + 0.023]

Five-bladed propeller

cmax/D = [0.632x + 0.0125(P/D − 1) + 0.010]
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3.10 Controllable pitch propeller
off-design section geometry

A controllable pitch propeller presents further compli-
cations in blade section geometry if rotated about its
spindle axis from the design pitch conditions for which
the original helical section geometry was designed.
Under these conditions it is found that helical sec-
tions at any given radii are subjected to a distortion
when compared to the original designed section profile.
To illustrate this point further, consider a blade in the
designed pitch setting together with a section denoted
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by a projection of the arc ABC at some given radius r
(Figure 3.21). When the blade is rotated about its spin-
dle axis, through an angle �θ, such that the new pitch
angle attained is less than the designed angle, then the
blade will take up a position illustrated by the hatched
line in the diagram. Therefore, at the particular radius
r chosen, the helical section is now to be found as a
projection of the arc A′BC ′. However, the point A′ has
been derived from the point A′′, which with the blade in

Figure 3.21 Geometric effects on blade section resulting
from changes in pitch angle

Figure 3.22 Section distortion due to changes of pitch angle

the design setting was at a radius r1 (r1 < r). Similarly
with the point C ′, since this originated from the point C ′′

at a radius r2 (r2 < r). Consequently, the helical section
A′BC ′ at radius r becomes a composite section contain-
ing elements of all the original design sections at radii
within the range r to r2 assuming r1 > r2. These dis-
tortions are further accentuated by the radially varying
pitch angle distribution of the blade, causing an effective
twisting of the leading and trailing edges of the section.
A similar argument applies to the case when the pitch
angle is increased from that of the design value. This
latter case, however, is normally of a fairly trivial nature
from the section of definition viewpoint, since the pitch
changes in this direction are seldom in excess of 4 to 5◦.

The calculation of this ‘distorted’ section geometry
at off-design pitch can be done either by draughting
techniques, which is extremely laborious, or by using
computer-based surface geometry software packages.
The resulting section distortion can be quite significant,
as seen in Figure 3.22, which shows the distortion found
in the section definition of a North Sea ferry propeller
blade at the 0.5R and 0.8R sections for pitch change
angles of 20◦ and 40◦.

Rusetskiy (Reference 8) has also addressed this prob-
lem of section distortion at off-design conditions from
the point of view of mean line distortion. He developed
a series of construction curves to approximate the dis-
tortion of the mean line for a given pitch change angle
from design geometrical data. This technique is suitable
for hand calculation purposes.

An analogous problem to the one just described also
exists in the definition of planar or ‘straight-cut’sections
through a blade. Such data are often required as input
to N.C. machinery and other quality control operations.
Klein (Reference 9) provides a treatment of this and
other geometric problems.
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3.11 Miscellaneous conventional
propeller geometry terminology

In keeping with many aspects of marine engineering and
naval architecture use is made in propeller technology
of several terms which need further clarification.

The terms ‘right-’ and ‘left-handed propellers’ refer
to the direction of rotation. In the case of a right-
handed propeller, this type of propeller rotates in a
clockwise direction, when viewed from astern, and thus
describes a right-handed helical path. Similarly, the left-
handed propeller rotates in an anticlockwise direction
describing a left-handed helix.

The face and back of propellers are commonly
applied terms both to the propeller in its entirety and
also to the section geometry. The face of the propeller is
that part of the propeller seen when viewed from astern
and along the shaft axis. Hence the ‘faces’ of the blade
sections are those located on the pressure face of the
propeller when operating in its ahead design condition.
Conversely, the backs of the propeller blades are those
parts of the propeller seen when viewed from ahead in
the same way. The backs of the helical sections, located
on the backs of the propeller blades, are the same as
the suction surfaces of the aerofoil in the normal design
conditions.
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Sea water is a complex natural environment and it is the
principal environment in which propellers operate. It is,
however, not the only environment, since many vessels,
some of considerable size, are designed to operate on
inland lakes and waterways. Consequently, the proper-
ties of both fresh and sea water are of interest to the
propulsion engineer.

This chapter considers the nature and physical prop-
erties of both fresh and sea water. The treatment of water
properties is brief, however, the subject of water prop-
erties is adequately covered by other standard texts on
fluid mechanics (References 1 and 2) and oceanography
(References 3 and 4). As a consequence, the informa-
tion, presented in this chapter is intended to be both
an aide-memoire to the reader and also a condensed
source of reference material for the practising designer
and engineer.

4.1 Density of water

The density of sea water is a variable. It increases
with either an increase in salinity or pressure, and
with decrease in temperature. Figure 4.1 shows the
relationship between density, temperature and salin-
ity. From the figure it can be seen that temperature
has a greater influence on density at a given salinity
in the higher-temperature than in the lower-temperature
regions. Conversely, at lower temperatures it is the salin-
ity which has the greater effect on density since the
isopleths run more nearly parallel to the temperature
axis in these lower-temperature regions.

Density can normally be expected to increase with
depth below the free surface. In tropical regions of the
Earth a thin layer of low-density surface water is sep-
arated from the higher-density deep water by a zone
of rapid density change, as seen in Figure 4.2. In the
higher latitudes this change is considerably less marked.

Figure 4.1 Variation of density with salinity and
temperature at atmospheric pressure

Figure 4.2 Typical variation of depth versus density for
different global latitudes (Reprinted with kind permission
from Pergamon Press from Reference 3)

Furthermore, it will be noted that the density deep in
the ocean, below a depth of about 2000 m, is more
or less uniform at 1027.9 kg/m3 for all latitudes. At
the surface, however, the average density varies over
a range between about 1022 kg/m3 near the equator
to 1027.5 kg/m3 in the southern latitudes, as seen in
Figure 4.3. Also shown in this diagram are the average
relationships of temperature and salinity for differing
latitudes, from which an idea of the global variations
can be deduced.

When designing propellers for surface ships that are
intended as ocean-going vessels it is usual to consider
a standard salinity value of 3.5 per cent. For these cases
the associated density changes with temperature are
given in Table 4.1.

The corresponding density versus temperature rela-
tionship for fresh water is shown in Table 4.2.

4.2 Salinity

With the exception of those areas of the world where
fresh water enters the sea, the salinity of the oceans
remains relatively constant and lies between 3.4 and
3.5 per cent with an average value of 3.47 per cent by
weight. Figure 4.3 indicates the average variation over
the world. From this figure it can be seen that salinity is
lowest near the poles, due to the influence of the polar
caps, and reaches a double maximum in the region of
the tropics.

It will be found that slightly higher than average val-
ues of salinity are found where evaporation rates are
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Figure 4.3 Variation of surface temperature, salinity and density with latitude – average for all oceans (Reprinted with
kind permission from Pergamon Press from Reference 3)

Table 4.1 Density variations with temperature (salinity 3.5%)

Temperature (◦C) 0 5 10 15 20 25 30
Density (kg/m3) 1028.1 1027.7 1026.8 1025.9 1024.7 1023.3 1021.7

Table 4.2 Density variations with temperature (fresh water)

Temperature (◦C) 0 5 10 15 20 25 30
Density (kg/m3) 999.8 999.9 999.6 999.0 998.1 996.9 995.6

high, for example in the Mediterranean Sea or in the
extreme case of the Dead Sea. Conversely, lower values
will be found where melting ice is present or abnormally
high levels of precipitation occur.

Salinity is again a variable with depth. In deep water
the salinity is comparatively uniform and varies only
between about 3.46 and 3.49 per cent. Near the surface,
above say 2000 m, the salinity varies to a greater extent
as seen in Figure 4.3.

Six principal elements account for just over 99 per
cent of the dissolved solids in sea water

Chlorine Cl− 55.04%
Sodium Na+ 30.61%
Sulphate SO−2

4 7.68%
Magnesium Mg+2 3.69%
Calcium Ca+2 1.16%
Potassium K+ 1.10%

99.28%

The relation between salinity and chlorinity was
assessed in the 1960s and is taken as

salinity = 1.80655 × chlorinity (4.1)

By measuring the concentration of the chlorine ion,
which accounts for 55 per cent of the dissolved solids
as seen above, the total salinity can be deduced from
equation (4.1). The average chlorinity of the oceans is
1.92 per cent which then, from equation (4.1), gives an
average salinity of 3.47 per cent.

The definition given in equation (4.1) is termed the
‘absolute salinity’; however, this has been superseded
by the term ‘practical salinity’, which is based on
the electrical conductivity of sea water, since most
measurements of salinity are based on this property.

4.3 Water temperature

The distribution of surface temperature of the ocean is
zonal with lines of constant temperature running nearly
parallel to the equator in the open sea. Near the coast,
of course, these isotherms deflect due to the action
of currents. The open sea surface temperature varies
from values as high as 28◦C just north of the equator
down to around −2◦C near the ice in the high latitudes
(Figure 4.3).
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The principal exchange of heat energy occurs at the
air–water boundary. Surface heating is not a particularly
efficient process, since convection plays little or no part
in the mixing process, with the result that heating and
cooling effects rarely extend below about two or three
hundred metres below the surface of the sea. Conse-
quently, below the surface the ocean can be divided
broadly into three separate zones which describe its
temperature distribution. First, there is an upper layer,
at between 50 and 200 m below the surface, where the
temperatures correspond to those at the surface. Second,
there is a transition layer where the temperature drops
rapidly; this layer extends down to perhaps 1000 m
and then finally there is the deep ocean region where
temperature changes very slowly with depth. A typical
temperature profile for low latitudes might be: 20◦C at
the surface; 8◦C at 500 m; 5◦C at 1000 m and 2◦C at
4000 m.

Pickard and Emery (Reference 3) publish statistics
relating to the ocean water temperatures and salinities.
These are reproduced here since they are useful for
guidance purposes:

1. 75 per cent of the total volume of the ocean water
has properties within the range from 0◦C to 6◦C in
temperature and 3.4 per cent to 3.5 per cent in salinity.

2. 50 per cent of the total volume of the oceans has prop-
erties between 1.3◦C and 3.8◦C and between 3.46
per cent and 3.47 per cent.

3. the mean temperature of the world’s oceans is 3.5◦C
and the mean salinity is 3.47 per cent.

4.4 Viscosity

The resistance to the motion of one layer of fluid relative
to an adjacent layer is termed the viscosity of the fluid.
Consequently, relative motion between different layers
in a fluid requires the presence of shear forces between
the layers, which themselves must be parallel to the
layers in the fluid.

Consider the velocity gradient shown in Figure 4.4,
in which two adjacent layers in the fluid are moving with
velocities u and u + δu. In this case the velocity gradient
between these two layers, distant δy apart, is δu/δy; or
∂u/∂y in the limit. Because the layers are moving with
different velocities, there will be shear forces between
the layers giving rise to a shear stress τyx. Newton pos-
tulated that the tangential stress between the layers is
proportioned to the velocity gradient:

τyx = μ
∂u

∂y
(4.2)

where μ is a constant of proportionality known as the
dynamic coefficient of viscosity of the fluid. Fluids
which behave with a constant coefficient of viscos-
ity, that is independent of the velocity gradient, are
termed Newtonian fluids: both fresh water and sea water
behave in this way, although some drag reduction fluid
additives such as long chain polymers have far from

Figure 4.4 Typical viscous velocity gradient

constant coefficients of viscosity and are thus termed
non-Newtonian fluids.

In the majority of problems concerning propeller
technology we are concerned with the relationship of
the fluid viscous to inertia forces as expressed by the
flow Reynolds number. To assist in these studies, use is
made of the term kinematic viscosity (ν) which is the
ratio μ/ρ, since the viscous forces are proportional to
the viscosity μ and the inertia forces to the density ρ.

For the purposes of propeller design and analysis, the
values of the kinematic viscosity for sea and fresh water
are given by Tables 4.3 and 4.4 respectively.

4.5 Vapour pressure

At the free surface of the water there is a movement of
water molecules both in and out of the fluid. Just above
the surface, the returning molecules create a pressure
which is known as the partial pressure of the vapour.
This partial pressure, together with the partial pres-
sures of the other gases above the liquid, make up the
total pressure just above the surface of the water. The
molecules leaving the water generate the vapour pres-
sure whose magnitude is determined by the rate at which
molecules escape from the surface. When the rates of
release and return of the molecules from the water are
the same, the air above the water is said to be saturated
and the vapour pressure equals the partial pressure of
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Table 4.3 Viscosity of sea water with temperature salinity 3.5%

Temperature (◦C) 0 5 10 15 20 25 30
Kinematic viscosity

106 (m2/s) 1.8284 1.5614 1.3538 1.1883 1.0537 0.9425 0.8493

Table 4.4 Viscosity of fresh water with temperature

Temperature (◦C) 0 5 10 15 20 25 30
Kinematic viscosity

106 (m2/s) 1.7867 1.5170 1.3064 1.1390 1.0037 0.8929 0.8009

Table 4.5 Saturation vapour pressure pv for fresh and sea water

Temperature (◦C) 0.01 5 10 15 20 25 30
Fresh water pv (Pa) 611 872 1228 1704 2377 3166 4241
Sea water pv (Pa) 590 842 1186 1646 2296 3058 4097

the vapour: at this condition the value of the vapour
pressure is the saturation pressure. Furthermore, the
vapour pressure varies with temperature since temper-
ature influences the energy of the molecules and hence
their ability to escape from the surface. If the saturation
pressure increases above the total pressure acting on the
fluid surface then molecules escape from the water very
rapidly and the phenomenon known as boiling occurs.
In this condition bubbles of vapour are formed in the
liquid itself and then rise to the surface.

A similar effect to boiling occurs if the water contains
dissolved gases, since when the pressure is reduced the
dissolved gases are released in the form of bubbles. The
reduction in pressure required for the release of bubbles
is, however, less than that which will cause the liquid
to boil at the ambient temperature. Within a fluid the
pressure cannot generally fall below the vapour pressure
at the temperature concerned since the liquid will then
boil and small bubbles of vapour form in large numbers.

Table 4.5 gives the values of the saturation vapour
pressure of both sea and fresh water for a range of
temperatures relevant to propeller technology.

4.6 Dissolved gases in sea water

The most abundant dissolved gases which are found
throughout the whole mass of the ocean are nitrogen,
oxygen and argon. Additionally, there are traces of many
other inert gases.

The quantities of these gases which are dissolved in
the ocean are a function of salinity and temperature,
with the greatest amounts being found in the cooler, less
saline regions. At depth all gases with the exception of
oxygen tend to be retained in the saturated state by the
water as it sinks from the ocean surface. In these cases
it is found that the gas concentrations change little with
geographic location. At the surface, the oxygen con-
centration is normally of the order of 0.1 to 0.6 per cent

with values on occasion rising as high as one per cent.
Furthermore, at the surface the water is usually very
close to being saturated and consequently is sometimes
found to be supersaturated in the upper 15 m or so due
to photosynthesis by marine plants. Below this level
oxygen tends to get consumed by living organisms and
the oxidation of detritus.

When undertaking cavitation studies, particularly at
model scale, it is pertinent to ask what is the correct
nuclei content of the tunnel water in order to achieve
realistic sea conditions. Much work has been done on
this subject and Figure 4.5 shows a range of measured
nuclei distributions from different sources for ocean
and tunnel conditions. Weitendorf and Keller also con-
ducted a series of nuclei distribution measurements
using laser techniques on board the Sydney Express in
1978 as part of a much wider cavitation study. They
found that the number of nuclei per unit volume having
radii greater then 1 µm was broadly in agreement with
the levels established by oceanographers; however, they
recorded little in the way of smaller particles on these
trials. In general terms, however, nuclei distribution
measurements must be considered in the context of both
weather and seaway and also of shallow or deep water.

4.7 Surface tension

Although the subject of surface tension is normally con-
sidered to be more in the province of physicists, it does
have relevance when considering the bubble dynamics
and ventilations associated with cavitation.

A molecule has associated with it a ‘sphere of
influence’ within which it attracts other molecules;
this attraction is known as molecular attraction and is
distinct from the gravitational attraction found between
any two objects. The molecular attraction forces do not
extend further than three or four times the average dis-
tance between molecules. To appreciate how surface



The propeller environment 57

Figure 4.5 Nuclei density distribution

tension forces arise consider the two molecules A and
B shown in Figure 4.6. Molecule A, which is in the
body of the fluid, exerts and receives a uniform attrac-
tion from all directions. However, molecule B, which is
at the surface, receives its major attraction from within
the fluid and so experiences a net inward force F : it
is assumed here that we are considering a boundary

between water and air or a vapour. This net inward force
on the surface molecules increases the pressure on the
main bulk of the liquid and hence needs to be balanced in
order to keep the molecules in equilibrium. If the area
of liquid surface increases, the number of molecules
constituting that surface must also increase, and the
molecules will arrive at the surface against the action
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Figure 4.6 Molecular explanation of surface tension

of the inward force. Mechanical work is, therefore,
expended in increasing the liquid surface area, which
implies the existence of a tensile force in the surface.

Table 4.6 gives an indication of the values of surface
tension for both fresh and sea water. However, in apply-
ing these values, it must be remembered that they can be
considerably influenced by small quantities of additives,
for example, detergent. In practice they can change by
as much as 22 dynes/cm because of contamination with
oily matter.

4.8 Weather

The weather, or more fundamentally the air motion,
caused by the dynamics of the Earth’s atmosphere,
influences marine propulsion technology by giving rise
to additional resistance caused by both the wind and
resulting disturbances to the sea surface.

The principal physical properties of air which are of
concern are density and viscosity. The density at sea
level for dry air is given by the relationship:

ρ = 0.4647
[ p

T

]

kg/m3 (4.3)

where p is the barometric pressure (mmHg) and T is the
local temperature (K).

For the viscosity of the air use can be made of the
following relationship for dry air:

μ = 170.9 × 10−6
[

393

120 + T

](

T

273

)3/2

poise

(4.4)

where T is the temperature (K).
When the wind blows over a surface the air in con-

tact with the surface has no relative velocity to that

Table 4.6 Typical values of surface tension for sea and fresh water with temperature

Temperature (◦C) 0 5 10 15 20 25 30
Sea water
(dynes/cm) 76.41 75.69 74.97 74.25 73.55 72.81 72.09
Fresh water
(dynes/cm) 75.64 74.92 74.20 73.48 72.76 72.04 71.32

1 dyne = 10−5 N.

Figure 4.7 Wind speed definition

surface. Consequently, a velocity gradient exists close
to the solid boundary in which the relative velocity of
successive layers of the wind increases until the actual
wind speed in the free stream is reached (Figure 4.7).
Indeed the flow pattern is analogous to the boundary
layer velocity distribution measured over a flat plate. To
overcome problems of definition in wind speed due to
surface perturbations it is normal practice to measure
wind speed at a height of 10 m above the surface of
either the land or the sea: this speed is often referred to
as the ‘10 metre wind’ (Figure 4.7).

As well as recording wind velocities, wind condi-
tions are often related to the Beaufort scale, which was
initially proposed by Admiral Beaufort in 1806. This
scale has also been extended to give an indication of
sea conditions for fully developed seas. The scale is
not accurate enough for very detailed studies, since it
was primarily intended as a guide to illustrate roughly
what might be expected in the open sea. Nevertheless,
the scale is sufficient for many purposes, both tech-
nical and descriptive; however, great care should be
exercised if it is used in the reverse way, that is for log-
ging or reporting the state of the sea, since significant
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Table 4.7 The Beaufort wind scale

Number Wind speed Wind Probable Noticeable effect At sea
at 10 m (knots) description mean wave of wind on land

height (m)

0 Less than 1 Calm None Smoke vertical; Sea like a mirror.
flags still

1 1–3 Light air <0.1 Smoke drifts; Ripples with the appearance of scales
vanes static are formed, but without foam crests.

2 4–6 Light breeze 0.2 Wind felt on face; Small wavelets, still short but more
leaves, flags rustle; pronounced; crests have a glassy
vanes move appearance and do not break.

3 7–10 Gentle breeze 0.6 Leaves and twigs in Large wavelets. Crests begin to break.
motion; light flags Foam of glassy appearance perhaps
extended scattered white horses.

4 11–16 Moderate breeze 1.0 Raises dust; moves Small waves, becoming longer;
small branches fairly frequent white horses.

5 17–21 Fresh breeze 1.9 Small trees sway Moderate waves, taking a more
pronounced long form, many white
horses formed (chance of some spray).

6 22–27 Strong breeze 2.9 Large branches move; Large waves begin to form; the white
telephone wire ‘sing’ foam crests are more extensive

everywhere (probably some spray).

7 28–33 Moderate gale 4.1 Whole trees in motion Sea heaps up and white foam from
breaking waves begins to be blown
in streaks along the direction of the
wind (spindrift begins to be seen).

8 34–40 Fresh gale 5.5 Twigs break off; Moderately high waves of greater length;
progress impeded edge of crests break into spindrift. The

foam is blown in well-marked streaks
along the direction of the wind.

9 41–47 Strong gale 7.0 Chimney pots High waves. Dense streaks of foam
removed along the direction of the wind. Sea

begins to roll. Spray may effect visibility.

10 48–55 Whole gale 8.8 Trees uprooted; Very high waves with long, overhanging
structural damage crests. The resulting foam in great patches

is blown in dense white streaks along the
direction of the wind. On the whole, the
surface of the sea takes a white appearance.
The rolling of the sea becomes heavy
and shock like. Visibility is affected.

11 56–64 Storm 11.0 Widespread damage Exceptionally high waves. (Small- and
medium-sized ships might, for a long
time, be lost to view behind the waves.)
The sea is completely covered with long
white patches of foam lying along the
direction of the wind. Everywhere the
edges of the wave crests are blown into
froth. Visibility is affected.

12 65–71 Hurricane Over 13.0 Countryside The air is filled with foam and spray.
devastated Sea completely white with driving

spray; visibility very seriously affected.
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Figure 4.8 Typical wave spectra for varying wind speed

errors can be introduced into the analysis. This is partic-
ularly true in confined and restricted sea areas, such as
the North Sea or English Channel, since the sea gener-
ally has two components: a surface perturbation and
an underlying swell component, both of which may
have differing directional bearings. Table 4.7 defines
the Beaufort scale up to force 12. Above force 12 there
are further levels defined: 13, 14, 15, 16 and 17, with
associated wind-speed bands of 72–80, 81–89, 90–99,
100–108 and 109–118 knots, respectively. For these
higher states descriptions generally fail except to note
that conditions become progressively worse.

Until comparatively recently the only tools available
to describe the sea conditions were, for example, the
Beaufort scale, which as discussed relates overall sea
state to observed wind, and formulae such as Stevens’
formula:

Z = 1.5
√

F (4.5)

where Z is the maximum wave height in feet and F is
the fetch in miles.

However, from wave records it is possible to stat-
istically represent the sea. Using these techniques an
energy spectrum indicating the relative importance of
the large number of different component waves can be
produced for a given sea state. Figure 4.8 shows one
such example, for illustration purposes, based on the
Neumann spectrum for different wind speeds and for
fully developed seas. From Figure 4.8 it will be seen that
as the wind speed increases, the frequency about which
the maximum spectra energy is concentrated, termed
the modal frequency f0, is reduced. Many spectra have
been advanced by different authorities and these will
give differing results; partly because of the dependence
of wave energy on the wind duration and fetch which
leads to the problem of defining a fully developed sea.
When the wind begins to blow short, low amplitude
waves are initially formed. These develop into larger and

Figure 4.9 Growth of a wave spectra with wind duration

Table 4.8 World Meteorological Organization (WMO) sea
state code

Sea state Significant wave height (m) Description
code

Range Mean

0 0 0 Calm (glassy)
1 0–0.1 0.05 Calm (rippled)
2 0.1–0.5 0.30 Smooth (wavelets)
3 0.5–1.25 0.875 Slight
4 1.25–2.5 1.875 Moderate
5 2.5–4.0 3.250 Rough
6 4.0–6.0 5.000 Very rough
7 6.0–9.0 7.500 High
8 9.0–14.0 11.500 Very high
9 Over 14.0 Over 14.00 Phenomenal

longer waves if the wind continues to blow for a longer
period of time. This leads to a time-dependent set of
spectra for different wind duration, as seen in Figure 4.9.
An analogous, but opposite, situation is seen when the
wind dies down as the longer waves, due to their greater
velocity, move out of the area, leaving only the smaller
shorter waves. For continuous spectra the area under the
spectrum can be shown to be equal to the mean square
of the surface elevation of the water surface.

In order to study the effects of waves the energy
spectrum concept provides the most convenient and rig-
orous of approaches. However, for many applications,
the simpler approach of appealing directly to wave data
will suffice. Typical of such data is that given by Dar-
byshire (Reference 5) or more recently that produced
by Hogben et al. (Reference 6) which provides a wave
atlas based on some 55 million visual observations from
ships during the period 1854 to 1984. Furthermore the
World Meteorological Organization (WMO) produced
a standard sea state code in 1970; this is reproduced in
Table 4.8. In the context of this table, the significant
wave height is the mean value of the highest third of a
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Table 4.9 Port classification for fouling according to (Reference 7)

Clean ports Fouling ports Cleaning ports

Light Heavy Non-scouring Scouring

Most UK Ports Alexandria Freetown Bremen Calcutta
Auckland Bombay Macassar Brisbane Shanghai
Cape Town Colombo Mauritius Buenos Aires Yangtze Ports
Chittagong Madras Rio de Janeiro E. London
Halifax Mombasa Sourabaya Hamburg
Melbourne Negapatam Lagos Hudson Ports
Valparaiso Karadii La Plata
Wellington Pernambuco St Lawrence Ports
Sydney* Santos Manchester

Singapore
Suez
Tuticorin
Yokohama

* Variable conditions.

large number of peak to trough wave heights. It should,
however, be noted that wave period does not feature in
this well-established sea state definition.

4.9 Silt and marine organisms

The sea, and indeed fresh water, contains a quantity
of matter in suspension. This matter is of the form of
small particles of sand, detritus and marine animal and
vegetable life.

Particulate matter such as sand will eventually sep-
arate out and fall to the sea bottom; however, depending
on its size this separation process may be measured in
either hours or months. Therefore, the presence of abra-
sive particles must always be considered, especially in
areas, such as the North Sea, which have shallow sandy
bottom seas.

Marine animal and vegetable life covers a wide,
indeed almost boundless, variety of organisms. Of par-
ticular interest to the propulsion engineer are algae,
barnacles, limpets, tubeworms and weed, since these
all act as fouling agents for both the hull and pro-
peller. Christie (Reference 7) distinguishes between two
principal forms of fouling: algae and animal fouling.
The latter form of fouling requires the development
and establishment of larvae over a period of sev-
eral days, whereas algae fouling results in a slime
which can take only a matter of hours to form. These

growths are of course dependent on temperature, salin-
ity and concentrations of marine bacteria in the water.
Whilst no direct estimates of fouling rates are available,
Evans and Svensen (Reference 8) conducted a survey
which showed those areas of the world which are more
prone to the fouling of hulls and propellers. Table 4.9
summarizes their findings.

References and further reading

1. Massey, B.A. Mechanics of Fluids. Van Nostrand
Reinhold, London, 2005.

2. Anderson, J.D. Fundamentals of Aerodynamics.
McGraw-Hill, Berkshire, UK, 1985.

3. Pickard, G.L., Emergy, W.J. Descriptive Physical
Oceanography, An Introduction. Pergamon Press,
Oxford, 1982.

4. Thurman, V. Introductory Oceanography. Charles E.
Merrill, Columbus, 1975.

5. Darbyshire, J. Wave statistics in the North Atlantic
Ocean and on the coast of Cornwall. The Marine
Observer, 25, April 1955.

6. Hogben, Dacuna, Olliver. Global Wave Statistics.
BMT, Teddington, UK, 1986.

7. Christie, A.O. IMAEM, 1981.
8. Evans, J.P., Svensen, T.E. Voyage simulation model

and its application to the design and operation of
ships. Trans. RINA, November 1987.



This page intentionally left blank 



5 The wake
field

Contents

5.1 General wake field characteristics
5.2 Wake field definition
5.3 The nominal wake field
5.4 Estimation of wake field parameters
5.5 Effective wake field
5.6 Wake field scaling
5.7 Wake quality assessment
5.8 Wake field measurement



This page intentionally left blank 



The wake field 65

A body, by virtue of its motion through the water, causes
a wake field in the sense of an uneven flow velocity
distribution to occur behind it; this is true whether the
body is a ship, a submarine, a remotely operated vehicle
or a torpedo. The wake field at the propulsor plane arises
from three principal causes: the streamline flow around
the body, the growth of the boundary layer over the
body and the influence of any wave-making compon-
ents. The latter effect naturally is dependent upon the
depth of immersion of the body below the water surface.
Additionally, and equally important, is the effect that the
propulsor has on modifying the wake produced by the
propelled body.

5.1 General wake field
characteristics

The wake field is strongly dependent on ship type and
so each vessel can be considered to have a unique wake
field. Figure 5.1 shows three wake fields for different
ships. Figure 5.1(a) relates to a single-screw bulk car-
rier form in which a bilge vortex can be seen to be
present and dominates the flow in the thwart-ship plane
of the propeller disc. The flow field demonstrated by
Figure 5.1(b) relates again to a single-screw vessel, but
in this case to a fairly fast and fine lined vessel having
a ‘V’-formed afterbody unlike the ‘U’-form of the bulk
carrier shown in Figure 5.1(a). In Figure 5.1(b) it is seen,
in contrast to the wake field produced by the ‘U’-form
hull, that a high-speed axial flow field exists for much
of the propeller disc except for the sector embracing
the top dead centre location, where the flow is relatively
slow and in some cases may even reverse in direction.
Definitions of ‘U’- and ‘V’-form hulls are shown in Fig-
ure 5.2; however, there is no ‘clear-cut’ transition from
one form to another, and Figure 5.1(a) and (b) represent
extremes of both hull form types. Both of the flow fields
discussed so far relate to single-screw hull forms and,
therefore, might be expected to exhibit a reflective sym-
metry about the vertical centre plane of the vessel. For
a twin-screw vessel, however, no such symmetry natu-
rally exists, as seen by Figure 5.1(c), which shows the
wake field for a twin-screw ferry. In this figure the loca-
tion of the shaft supports, in this case ‘A’ brackets, is
clearly seen, but due to the position of the shaft lines rel-
ative to the hull form, symmetry of the wake field across
the ‘A’bracket centre line cannot be maintained. Indeed,
considerable attention needs to be paid to the design of
the shaft supports, whether these are ‘A’ brackets, boss-
ings or gondolas, in order that the flow does not become
too disturbed or retarded in these locations, otherwise
vibration and noise may arise and become difficult
problems to solve satisfactorily. This is also of equal
importance for single-, twin- or triple-screw ships.

It is of interest to note how the parameter φ, Fig-
ure 5.2, tends to influence the resulting wake field
at the propeller disc of a single-screw ship. For the
V-form hull (Figure 5.1(b)), one immediately notes the

very high wake peak at the top dead centre position of
the propeller disc and the comparatively rapid transition
from the ‘dead-water’region to the near free stream con-
ditions in the lower part of the disc. This is caused by
the water coming from under the bottom of the ship and
flowing around the curvature of the hull, so that the fluid
elements which were close to the hull, and thus within
its boundary layer, also remain close to the hull around
the bilge and flow into the propeller close to the centre
plane. Consequently, a high wake peak is formed in the
centre plane of the propeller disc.

The alternative case of a wake field associated with
an extreme U-form hull is shown in Figure 5.1(a); here
the flow pattern is completely different. The water flow-
ing from under the hull is in this case unable to follow
the rapid change of curvature around the bilge and,
therefore, separates from the hull surface. These fluid
elements then flow upwards into the outer part of the
propeller disc and the region above this separated zone
is then filled with water flowing from above: this creates
a downward flow close to the hull surface. The resultant
downward flow close to the hull and upward flow distant
from the hull give rise to a rotational motion of the flow
into the propeller disc which is termed the bilge vortex.
The bilge vortex, therefore, is a motion which allows
water particles in the boundary layer to be transported
away from the hull and replaced with water from out-
side the boundary layer; the effect of this is to reduce
the wake peak at the centre plane of the propeller disc.

Over the years, in order to help designers produce
acceptable wake fields for single-screw ships, several
hull form criteria have been proposed, as outlined, for
example, in References 1 and 2. Criteria of these types
basically reduce to a series of guidelines such as:

1. The angle of run of the waterlines should be kept to
below 27–30◦ over the entire length of run. Clearly
it is useless to reduce the angle of run towards the
stern post if further forward the angles increase to an
extent which induces flow separation.

2. The stern post width should not exceed 3 per cent
of the propeller diameter in the ranges 0.2 to 0.6R
above the shaft centre line.

3. The angle of the tangent to the hull surface in the
plane of the shaft centre line (see Figure 5.2) should
lie within the range 11 to 37◦.

The detailed flow velocity fields of the type shown in
Figure 5.1 and used in propeller design are almost with-
out exception derived from model tests. Today it is still
the case that some 80 to 85 per cent of all ships that are
built do not have the benefit of a model wake field test.

5.2 Wake field definition

In order to make use of the wake field data it needs to
be defined in a suitable form. There are three principal
methods: the velocity ratio, Taylor and Froude methods,
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Figure 5.1 Typical wake field distributions: (a) axial wake field – U-form hull; (b) axial wake field – V-form hull; (c) axial and
in-plane wake field – twin-screw hull (parts (a) and (b) Reproduced with permission from Reference 1)
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Figure 5.2 Definition of U- and V-form hulls

although today the method based on Froude’s wake frac-
tion is rarely, if ever, used. The definitions of these
methods are as follows.

Velocity ratio method. Here the iso-velocity contours
are expressed as a proportion of the ship speed (Vs)
relative to the far-field water speed. Accordingly, water
velocity at a point in the propeller disc is expressed
in terms of its axial, tangential and radial components,
va, vt and vr , respectively:

va

Vs
,

vt

Vs
and

vr

Vs

Figure 5.1(c) is expressed using above velocity com-
ponent definitions. The velocity ratio method has today
become perhaps the most commonly used method
of wake field representation, due first to the relative
conceptual complexities the other, and older, repre-
sentations have in dealing with the in-plane propeller
components, and second, the velocity ratios are more
convenient for data input into analytical procedures.

Taylor’s method. In this characterization the concept
of ‘wake fraction’ is used. For axial velocities the Taylor
wake fraction is defined as:

wT = Vs − vA

Vs
= 1 −

(

vA

Vs

)

(5.1)

that is, one minus the axial velocity ratio or, alterna-
tively, it can be considered as the loss of axial velocity
at the point of interest when compared to the ship speed
and expressed as a proportion of the ship speed. For
the other in-plane velocity components we have the
following relationships:

wTt = 1 −
(

vt

Vs

)

and wTr = 1 −
(

vr

Vs

)

However, these forms are rarely used today, and prefer-
ence is generally given to expressing the tangential and

radial components in terms of their velocity ratios vt/Vs
and vr/Vs.

Notice that in the case of the axial components the
subscript ‘a’ is omitted from wT.

Froude method. This is similar to the Taylor char-
acterization, but instead of using the vehicle speed as
the reference velocity the Froude notation uses the local
velocity at the point of interest. For example, in the axial
direction we have:

wF = Vs − va

va
=
(

Vs

va

)

− 1

For the sake of completeness it is worth noting that the
Froude and Taylor wake fractions can be transformed
as follows:

wF = wT

1 − wT
and wT = wF

1 + wF

Mean velocity or wake fraction. The mean axial
velocity within the propeller disc is found by integrating
the wake field on a volumetric basis of the form:

W T =

∫ R

rh

r

∫ 2π

o

wT dφ dr

π(R2 − r2
h)

(

v̄a

Vs

)

=

∫ R

rh

r

∫ 2π

o

(

va

Vs

)

dφ dr

π(R2 − r2
h)
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(5.2)

Much debate has centred on the use of the volumet-
ric or impulsive integral form for the determination of
mean wake fraction, for example References 3 and 4;
however, modern analysis techniques generally use the
volumetric basis as a standard.

Fourier analysis of wake field. Current propeller
analysis techniques rely on being able to describe the
wake field encountered by the propeller at each radial
location in a reasonably precise mathematical way. Fig-
ure 5.3 shows a typical transformation of the wake field
velocities at a particular radial location of a polar wake
field plot, similar to those shown in Figure 5.1, into a
mean and fluctuating component. Figure 5.3 then shows
diagrammatically how the total fluctuating component
can then be decomposed into an infinite set of sinusoidal
components of various harmonic orders. This follows
from Fourier’s theorem, which states that any periodic
function can be represented by an infinite set of sinu-
soidal functions. In practice, however, only a limited set
of harmonic components are used, since these are suf-
ficient to define the wake field within both the bounds
of calculation and experimental accuracy: typically the
first eight to ten harmonics are those which might be
used, the exact number depending on the propeller blade
number. A convenient way, therefore, of describing the
velocity variations at a particular radius in the pro-
peller disc is to use Fourier analysis techniques and
to define the problem using the global reference frame
discussed in Chapter 3. Using this basis the general
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Figure 5.3 Decomposition of wake field into mean and fluctuating components

approximation of the velocity distribution at a particular
radius becomes:

va

Vs
=

n
∑

k=0

[

ak cos

(

kφ

2π

)

+ bk sin

(

kφ

2π

)]

(5.3)

Equation (5.3) relates to the axial velocity ratio; similar
equations can be defined for the tangential and radial
components of velocity.

5.3 The nominal wake field

The nominal wake field is the wake field that would be
measured at the propeller plane without the presence or
influence of the propeller modifying the flow at the stern
of the ship. The nominal wake field {wn} of a ship can be
considered to effectively comprise three components:
the potential wake, the frictional wake and the wave-
induced wake, so that the total nominal wake field {wn}
is given by

{wn} = {wp} + {wv} + {ww} + {�w} (5.4)

where the suffixes denote the above components,
respectively, and the curly brackets denote the total
wake field rather than values at a particular point. The
component {�w} is the correlation or relative inter-
action component representing the non-linear part of
the wake field composition.

The potential wake field {wp} is the wake field that
would arise if the vessel were working in an ideal
fluid, that is one without viscous effects. As such the

potential wake field at a particular transverse plane
on the body is directly calculable using analytical
methods, and it matters not whether the body is moving
ahead or astern. Clearly, for underwater bodies, and
particularly for bodies of revolution, the calculation
procedures are comparatively simpler to use than for
surface ship forms. For calculations on ship forms use
is made of panel methods which today form the basis
of three-dimensional, inviscid, incompressible flow
calculations. The general idea behind these methods is
to cover the surface with three-dimensional body panels
over which there is an unknown distribution of singular-
ities; for example, point sources, doublets or vortices.
The unknowns are then solved through a system of
simultaneous linear algebraic equations generated by
calculating the induced velocity at control points on
the panels and applying the flow tangency condition. In
recent years many such programmes have been devel-
oped by various institutes and software houses around
the world. For axisymmetric bodies in axial flow a dis-
tribution of sources and sinks along the axis will prove
sufficient for the calculation of the potential wake.

In contrast to calculation methods an approximation
to the potential wake at the propeller plane can be found
by making a model of the vehicle and towing it back-
wards in a towing tank, since in this case the viscous
effects at the propeller plane are minimal.

In general, the potential wake field can be expected to
be a small component of the total wake field, as shown by
Harvald (Reference 5). Furthermore, since the effects
of viscosity do not have any influence on the poten-
tial wake, the shape of the forebody does not have any
influence on this wake component at the stern.



The wake field 69

Figure 5.4 Flow boundary layer considerations: (a) origin
of separated flow and (b) typical flow computational zones

The frictional wake field {wv} arises from the vis-
cous nature of the water passing over the hull surface.
This wake field component derives from the growth of
the boundary layer over the hull surface, which, for
all practical purposes, can be considered as being pre-
dominantly turbulent in nature at full scale. To define
the velocity distribution within the boundary layer it is
normal, in the absence of separation, to use a power law
relationship of the form:

v

V
=
(y

δ

)n

where v is the local velocity at a distance y from the
boundary surface, V is the free stream velocity and δ is
the boundary layer thickness, which is normally defined
as the distance from the surface to where the local vel-
ocity attains a value of 99 per cent of the free stream
velocity. The exponent n for turbulent boundary layers
normally lies with in the range 1/5 to 1/9.

A further complication within the ship boundary layer
problem is the onset of separation which will occur if
the correct conditions prevail in an adverse pressure
gradient; that is a pressure field in which the pressure
increases in the direction of flow. Consider, for example,
Figure 5.4(a), which shows the flow around some parts

of the hull. At station 1 the normal viscous boundary
layer has developed; further along the hull at station
2 the velocity of fluid elements close to the surface
is less than at station 1, due to the steadily increas-
ing pressure gradient. As the elements continue further
downstream they may come to a stop under the action
of the adverse pressure gradient, and actually reverse in
direction and start moving back upstream as seen at sta-
tion 3. The point of separation occurs when the velocity
gradient ∂v/∂n = 0 at the surface, and the consequence
of this is that the flow separates from the surface leav-
ing a region of reversed flow on the surface of the body.
Re-attachment of the flow to the surface can subse-
quently occur if the body geometry and the pressure
gradient become favourable.

The full prediction by analytical means of the vis-
cous boundary layer for a ship form is a very complex
procedure, and at the present time only partial success
has been achieved using large computational codes. A
typical calculation procedure for a ship form divides
the hull into three primary areas for computation: the
potential flow zone, the boundary layer zone and the
stern flow and wake zone (Figure 5.4(b)). Whilst con-
siderable effort has been expended on RANS codes to
give accurate predictions for all ship forms, at present
the most common procedure for determining the total
wake field is by model tests in a towing tank.

The wake component due to wave action {ww} is due
to the movement of water particles in the system of grav-
ity waves set up by the ship on the surface of the water.
Such conditions can also be induced by a vehicle oper-
ating just below the surface of the water. Consequently,
the wave wake field depends largely on Froude number,
and is generally presumed to be of a small order. Har-
vald, in Reference 6, has undertaken experiments from
which it would appear that the magnitudes of {ww} are
generally less than about 0.02 for a ship form.

5.4 Estimation of wake field
parameters

From the propeller design viewpoint the determina-
tion of the wake field in which the propeller operates
is of fundamental importance. The mean wake field
determines, along with other parameters of power, revo-
lutions and ship speed, the overall design dimensions of
the propeller, and the variability of the wake field about
the mean wake influences the propeller blade section
design and local pitch. Clearly, the most effective way at
present of determining the detailed characteristics of the
wake field is from model tests; this, however, is not with-
out problems in the areas of wake scaling and propeller
interaction. In the absence of model wake field data
the designer must resort to other methods of prediction;
these can be in the form of regression equations, the
plotting of historical analysis data derived from model
or full-scale trials, or from his own intuition and experi-
ence, which in the case of an experienced designer must
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never be underestimated. In the early stages of design
the methods cited above are likely to be the ones used.

The determination of the mean wake has received
much attention over the years. Harvald (Reference 6)
discusses the merits of some two dozen methods
developed in the period from 1896 through to the late
1940s for single-screw vessels. From this analysis he
concluded that the most reliable, on the basis of calcu-
lated value versus value from model experiment, was
due to Schoenherr (Reference 7):

w̄a = 0.10 + 4.5
CpvCph(B/L)

(7 − Cpv)(2.8 − 1.8Cph)

+ 1

2
(E/T − D/B − kη)

where L is the length of the ship,
B is the breadth of the ship,
T is the draught of the ship,
D is the propeller diameter,
E is the height of the propeller shaft

above the keel,
Cpv is the vertical prismatic coefficient

of the vessel,
Cph is the horizontal prismatic coefficient

of the vessel,
η is the angle of rake of the propeller in

radians and
k is the coefficient (0.3 for normal sterns

and 0.5–0.6 for sterns having the
deadwood cut way.

In contrast, the more simple formula of Taylor (Ref-
erence 8) was also found to give acceptable values as a
first approximation; this was

w̄a = 0.5Cb − 0.05

where Cb is the block coefficient of the vessel.
The danger with using formulae of this type and vin-

tage today is that hull form design has progressed to
a considerable extent in the intervening years. Conse-
quently, whilst they may be adequate for some simple
hull forms their use should be undertaken with great
caution and is, therefore, not to be recommended as a
general design tool.

Amongst the more modern methods that were pro-
posed by Harvald (Reference 9) and illustrated in Figure
5.5 is useful. This method approximates the mean axial
wake fraction and thrust deduction by the following
relationships:

w̄a = w1 + w2 + w3

t = t1 + t2 + t3

}

(5.5)

where t1, w1 are functions of B/L and block coefficient,
t2, w2 are functions of the hull forms and
t3, w3 are propeller diameter corrections.

Alternatively, the later work by Holtrop and Mennen
and developed over a series of papers resulted in
the following regression formulae for single- and

Figure 5.5 The wake and thrust deduction coefficient for
single-screw ships (Reproduced with permission from
Reference 9)

twin-screw vessels (Reference 10):

Single screw:

w̄a = C9(1 + 0.015Cstern)[(1 + k)CF + CA]
L

TA

×
(

0.050776 + 0.93405C11

× [(1 + k)CF + CA]

(1.315 − 1.45Cp + 0.0225lcb)

)

+ 0.27915(1 + 0.015Cstern)

×
√

B

L(1.315 − 1.45Cp + 0.0225lcb)

+ C19(1 + 0.015Cstern)

Twin screw:

w̄a = 0.3095Cb + 10Cb[(1 + k)CF + CA]

− 0.23
D√
BT
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(5.6)
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where:

C9 = C8 (C8 < 28)

= 32 − 16/(C8 − 24) (C8 > 28)

and

C8 = BS/(LDTA) (B/TA < 5)
= S(7B/TA − 25)/(LD(B/TA − 3)) (B/TA > 5)

C11 = TA/D (TA/D < 2)
= 0.0833333(TA/D)2 + 1.33333 (TA/D > 2)

C19 = 0.12997/(0.95 − CB)
− 0.11056/(0.95 − Cp) (Cp < 0.7)

= 0.18567/(1.3571 − CM) − 0.71276
+ 0.38648Cp (Cp > 0.7)

and

Single-screw afterbody form Cstern

Pram with gondola −25
V-shaped sections −10
Normal section shape 0
U-shaped sections with Hogner stern 10

These latter formulae were developed from the results
of single- and twin-screw model tests over a com-
paratively wide range of hull forms. The limits of
applicability are referred to in the papers and should
be carefully studied before using the formulae.

In the absence of model tests the radial distribution
of the mean wake field, that is the average wake value at
each radial location, is difficult to assess. Traditionally,
this has been approximated by the use of van Lam-
meren’s diagrams (Reference 11), which are reproduced
in Figure 5.6. Van Lammeren’s data is based on the sin-
gle parameter of vertical prismatic coefficient, and is
therefore unlikely to be truly representative for all but
first approximations to the radial distribution of mean
wake. Harvald (Reference 6) re-evaluated the data in
which he corrected all the data to a common value of
D/L of 0.004 and then arranged the data according to
block coefficient and breadth-to-length ratio as shown
in Figure 5.7 for single-screw models together with a
correction for frame shape. In this study Harvald drew
attention to the considerable scale effects that occurred
between model and full scale. He extended his work to
twin-screw vessels, shown in Figure 5.8, for a diameter-
to-length ratio of 0.03, in which certain corrections were
made to the model test data partly to correct for the
boundary layer of the shaft supports. The twin-screw
data shown in the diagram refers to the use of bossings
to support the shaft lines rather than the modern practice
of ‘A’ and ‘P’ brackets.

It must be emphasized that all of these methods for the
estimation of the wake field and its various parameters
are at best approximations to the real situation and not
a substitute for properly conducted model tests.

5.5 Effective wake field

Classical propeller theories assume the flow field to
be irrotational and unbounded; however, because the
propeller normally operates behind the body which is
being propelled these assumptions are rarely satisfied.
When the propeller is operating behind a ship the flow
field in which the propeller is operating at the stern
of the ship is not simply the sum of the flow field in
the absence of the propeller together with the propeller-
induced velocities calculated on the basis of the nominal
wake. In practice a very complicated interaction takes
place which gives rise to noticeable effects on propeller
performance. Figure 5.9 shows the composition of the
velocities that make up the total velocity at any point
in the propeller disc. From the propeller design view-
point it is the effective velocity field that is important
since this is the velocity field that should be input into
propeller design and analysis procedures. The effective
velocity field can be seen from the figure to be defined
in one of two ways:

effective velocity = nominal velocity
+ interaction velocity

or
effective velocity = total velocity

− propeller induced
velocity

⎫

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎭

(5.7)

If the latter of the two relationships is used, an iterative
procedure can be employed to determine the effective
wake field if the total velocity field is known from meas-
urements just ahead of the propeller. The procedure used
for this estimation is shown in Figure 5.10 and has been
shown to converge. However, this procedure has the dis-
advantage of including within it all the shortcomings of
the particular propeller theory used for the calculation of
the induced velocities. As a consequence this may lead
to an incorrect assessment of the interaction effects aris-
ing, for example, from the differences in the theoretical
treatment of the trailing vortex system of the propeller.

An alternative procedure is to use the former of
the two formulations of effective velocity defined in
equation (5.7). This approach makes use of the nominal
wake field measured in the towing tank, this being a con-
siderably easier measurement than that of measuring the
total velocity, since for the nominal velocity measure-
ment the propeller is absent. Several approaches to this
problem have been proposed, including those known
as the V-shaped segment and force-field approaches.
The V-shaped segment method finds its origins in the
work of Huang and Groves (Reference 12), which was
based on investigations of propeller–wake interaction
for axisymmetric bodies. This approach is perhaps the
simplest of all effective wake estimation procedures
since it uses only the nominal wake field and princi-
pal propeller dimensions as input without undertaking
detailed hydrodynamic computations. In the general
case of a ship wake field, which contrasts with the
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Figure 5.6 Van Lammeren’s curves for determining the radial wake distribution (Reproduced with permission from
Reference 6)

axisymmetric basis upon which the method was first
derived by being essentially non-uniform, the velocity
field is divided into a number of V-shaped segments
over which the general non-uniformity is replaced with
an equivalent uniform flow. The basis of a V-shaped
segment procedure is actuator disc theory, and the
computations normally commence with an estimate
of the average thrust loading coefficient based on a
mean effective wake fraction; typically such an estimate
comes from standard series open water data. From this
estimate an iterative algorithm commences in which an
induced velocity distribution is calculated, which then
allows the associated effective velocities and their radial
locations to be computed. Procedures of this type do not
take into account any changes of flow structure caused
by the operating propeller since they are based on the
approximate interaction between a propeller and a thick
stern boundary layer.

An alternative, and somewhat more complex, effect-
ive wake estimation procedure is the force-field method.
Such approaches usually rely for input on the nomi-
nal wake field and the propeller thrust together with an
estimate of the thrust deduction factor. These methods
calculate the total velocity field by solving the Euler and
continuity equations describing the flow in the vicinity
of the propeller. The propeller action is modelled by an
actuator disc having only an axial force component and
a radial thrust distribution which is assumed constant
circumferentially at each radial station. The induced
velocities, which are identified within the Euler equa-
tions, can then, upon convergence, be subtracted from
the total velocity estimates at each point of interest to
give the effective wake distribution.

Clearly methods of effective wake field estimation
such as the V-shaped segment, force-field and the (T–I)
approaches are an essential part of the propeller design
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Figure 5.7 The radial variation of the wake coefficient of single-screw ships (D/L = 0.04) (Reproduced with permission
from Reference 6)

and analysis procedure. However, all of these methods
lack the wider justification from being subjected to
correlation, in open literature, between model and full-
scale measurements. Indeed the number of vessels upon
which appropriate wake field measurements have been
undertaken is minimal for a variety of reasons; typically
cost, availability and difficulty of measurement. The lat-
ter reason has at least been partially removed with the
advent of laser-Doppler techniques which allow effect-
ive wake field measurement; nevertheless, this is still a
complex procedure.

The analytical treatment of effective wake prediction
has gained pace during recent years. A coupled vis-
cous and potential flow procedure was developed by
Kerwin et al. (References 29 and 30) for the design of
an integrated propulsor driving an axisymmetric body.
In this method the flow around the body was computed

with the aid of a RANS code with the propulsor being
represented by body forces whose magnitudes were esti-
mated using a lifting surface method. As such, in this
iterative procedure the RANS solver estimated the total
velocity field from which the propeller-induced veloci-
ties were subtracted to derive the effective propulsor
inflow. Warren et al. (Reference 31) used a simi-
lar philosophy in order to predict propulsor-induced
manoeuvring forces in which a RANS code was used
for flow calculations over a hull, the appendages and a
duct. The time averaged flow field was then input into a
three-dimensional lifting surface code which estimated
the time varying forces and pressures which were then
re-input into the RANS solver in an iterative fashion
until convergence was achieved. Hsin et al. in Reference
32 developed Kerwin’s ideas to a podded propulsor
system in order to predict hull–propeller interaction.
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Figure 5.8 (a)The radial variation of the wake coefficient
for models having twin screws (D/L = 0.03) and (b) the
radial variation of the wake coefficient for twin-screw ships
(D/L = 0.03) (Reproduced with permission from
Reference 6)

Figure 5.9 Composition of the wake field

Figure 5.10 (T–I) approach to effective wake field
estimation

Choi and Kinnas (References 33 and 34) developed
an unsteady effective wake prediction methodology by
coupling an unsteady lifting surface cavitating pro-
peller procedure with a three-dimensional Euler code.
In this arrangement the propeller effect is represented
by unsteady body forces in the Euler solver such that
the unsteady effective wake both spatially and tempo-
rally can be estimated. Using this method it was found
that the predicted total velocity distribution in front of
the propeller was in good agreement with measured
data. Lee et al. in Reference 35 studied rudder sheet
cavitation with some success when comparing theoreti-
cal predictions with experimental observation. In this
procedure a vortex lattice method was coupled to a
three-dimensional Euler solver and boundary element
method; the latter being used to calculate the cavitating
flow around the rudder.

Considerable progress is being made in the estima-
tion of effective wake using advanced computational
analyses and this trend looks set to continue for the
foreseeable future.

5.6 Wake field scaling

Since the model of the ship which is run in the towing
tank is tested at Froude identity, that is equal Froude
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Figure 5.11 Comparison of model and full-scale wake fields – meteor trials (1967)

numbers between the ship and model, a disparity in
Reynolds number exists which leads to a relative dif-
ference in the boundary layer thickness between the
model and the full-scale ship; the model having the rel-
atively thicker boundary layer. Consequently, for the
purposes of propeller design it is necessary to scale,
or contract as it is frequently termed, the wake mea-
sured on the model so that is becomes representative
of that on the full-size vessel. Figure 5.11 illustrates
the changes that can typically occur between the wake
fields measured at model and full scale and with and
without a propeller. The results shown in Figure 5.11
relate to trials conducted on the research vessel Meteor
in 1967 and show respectively pitot measurements made
with a 1/14th scale model; the full-scale vessel being
towed without a propeller and measurements, again
at full scale, made in the presence of the working
propeller.

In order to contract nominal wake fields in order to
estimate full-scale characteristics two principal meth-
ods have been proposed in the literature and are in com-
paratively wide use. The first method is due to Sasajima
et al. (Reference 13) and is applicable to single-screw
ships. In this method it is assumed that the displacement
wake is purely potential in origin and as such is inde-
pendent of scale effects, and the frictional wake varies
linearly with the skin friction coefficient. Consequently,
the total wake at a point is considered to comprise the
sum of the frictional and potential components. The

total contraction of the wake field is given by

c = Cfs + �Cfs

Cfm

where Cfs and Cfm are the ship and model ITTC 1957
friction coefficients expressed by

Cf = 0.075

(log10Rn − 2)2

and �Cfs is the ship correlation allowance.
The contraction in Sasajima’s method is applied with

respect to the centre plane in the absence of any potential
wake data, this being the normal case. However, for
the general case the contraction procedure is shown in
Figure 5.12 in which the ship frictional wake (wfs) is
given by

wfs = wfm
(1 − wps)

(1 − wpm)

The method was originally intended for full-form ships
having block coefficients in the order of 0.8 and L/B
values of around 5.7. Numerous attempts by a num-
ber of researchers have been made to generalize and
improve the method. The basic idea behind Sasajima’s
method is to some extent based on the flat plate wake
idealization; however, to account for the full range of
ship forms encountered in practice, that is those with
bulbous sterns, flat afterbodies above the propeller and
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Figure 5.12 Basic of Sasajima wake scaling method

so on, a more complete three-dimensional contraction
process needs to be adopted. Hoekstra (Reference 14)
developed such a procedure in the mid-1970s in which
he introduced, in addition to the centre-plane contrac-
tion, a concentric contraction and a contraction to a
horizontal plane above the propeller.

In this procedure the overall contraction factor (c) is
the same as that used in the Sasajima approach. How-
ever, this total contraction is split into three component
parts:

c = ic + jc + kc (i + j + |k| = 1)

where i is the concentric contraction, j is the centre-
plane contraction and k is the contraction to a horizontal
surface above the propeller.

In Hoekstra’s method the component contractions are
determined from the harmonic content of the wake field;
as such the method makes use of the first six Fourier
coefficients of the circumferential wake field at each
radius. The contraction factors are determined from the
following relationships:

i = Fi

|Fi| + |Fj| + |Fk |
j = Fj

|Fi| + |Fj| + |Fk |

and k = Fk

|Fi| + |Fj| + |Fk |

in which

Fi =
∫ 2R

rhub

Si(r) dr, Fj =
∫ 2R

rhub

Sj(r) dr

and Fk =
∫ 2R

rhub

Sk (r) dr

with

Si = 1 − A0

+
{

A2 + A4 + A6 − 1
2 Sk if Sk ≥ Sj

−Sj + (A2 + A4 + A6) if Sk < Sj

Sj = −[A2 + A4 + A6

+ |max(A2 cos 2φ + A4 cos 4φ

+ A6 cos φ|] (φ �= 0, π, 2π)

Sk = 2(A1 + A3 + A5)

where An (n = 0, 1, . . . , 6) are the Fourier coefficients
and at the hub Si is taken as unity with Sj = Sk = 0.

The method as proposed by Hoekstra also makes an
estimation of the scale effect on the wake peak vel-
ocity in the centre plane and for the scale effect on any
bilge vortices that may be present. The method has been
shown to give reasonable agreement in a limited number
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Figure 5.13 Relationship between model and ship wake
field

of cases of full scale to model correlation. However,
there have been very few sets of trail results available
upon which to base any firm conclusions of this or any
other wake field scaling procedure.

Figure 5.13 essentially draws the discussions of
effective wake and wake scaling together. In most
design or analysis situations the engineer is in posses-
sion of the model nominal wake field and wishes to
derive the ship or full-scale effective wake field char-
acteristics. There are essentially two routes to achieve
this. The most common is to scale the derived nominal
wake field from model to full scale and then to derive
the effective wake field at ship scale from the derived
nominal full-scale wake.

5.7 Wake quality assessment

The assessment of wake quality is of considerable
importance throughout the ship design process. Avail-
able methods generally divide themselves into two
distinct categories: analytical methods and heuristic
methods. Analytical methods generally use a combina-
tion of all the available wake field data (axial, tangential
and radial components) to assess the flow quality,
whereas heuristic methods normally confine themselves
to the axial component only. Unfortunately the use of
analytical methods such as those proposed by Truesdell
(Reference 15), who introduced a vorticity measure,
Mockros (Reference 16), who attempted to include the
effects of turbulence into the vorticity measurement and
Oswatitsch (Reference 17), who attempted a vorticity
measure for perturbed unidirectional flows, tend to be
limited by commercial wake measurement practices. As
a consequence heuristic assessment procedures are the
ones most commonly used at the present time.

Of the many methods proposed three have tended
to become reasonably widely used as an assessment

Figure 5.14 Van Gunsteren and Pronk assessment basis
(Reproduced with permission from Reference 18)

basis. In 1973 van Gunsteren and Pronk (Reference
18) proposed a method based on the diagrams shown
in Figure 5.14 in which the basis of the criterion is
the entrance speed cavitation number and the propeller
design thrust loading coefficient CT for various values
of �J/J , that is the ratio of the fluctuation in advance
coefficient to the design advance coefficient. The value
�J is directly related to the variation in the wake field
at 0.7R, consequently, the diagram may be used as both
a propeller design and wake quality assessment criteria.
In using this diagram it must, however, be remembered
that it only takes into account the broad parameters of
propeller design and the wake field characteristics and,
therefore, must be used in role commensurate with that
caveat.
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Figure 5.15 Definition of the width of the wake peak: (a) single-wake peak and (b) double-wake peak (Reproduced with
permission from Reference 19)

Huse (Reference 1) developed a set of criteria based
on the characteristics of the axial velocity field. In par-
ticular his criteria address the very important area of the
wake peak in the upper part of the propeller disc. His
criteria are expressed as follows:

1. For large tankers and other ships with high block
coefficients wmax, the maximum wake measured at
the centre plane in the range of 0.4 to 1.15R above the
shaft centre line should preferably be less than 0.75:

wmax < 0.75

2. For fine ships (block coefficients below 0.60) the
wmax value should preferably be below 0.55:

wmax < 0.55 for Cb < 0.60

3. The maximum acceptable wake peak should satisfy
the following relationship with respect to the mean
wake at 0.7R, w̄0.7:

wmax < 1.7w̄0.7

4. The width of the wake peak should also be taken into
account. If the width is slightly smaller than the dis-
tance between propeller blades, pressures on the hull
due to cavitation will be maximum.

From the above it is clear that Huse’s criteria address
the quality of wake, largely in the absence of the pro-
peller. In practice, however, it is the propeller–wake
combination that gives rise to potential propulsion and

vibration problems. Odabasi and Fitzsimmons (Ref-
erence 19) have extended Huse’s work in an attempt
to advance wake quality assessment in this area. The
criteria proposed in this latter work are as follows:

1. The maximum wake measured inside the angular
interval θB = 10 + 360/Z degrees and in the range
0.4 to 1.15R around the top dead centre position of
the propeller disc should satisfy the following:

wmax < 0.75 or wmax < Cb

whichever is smaller.
2. The maximum acceptable wake peak should satisfy

the following relationship with respect to the mean
wake at 0.7R:

wmax < 1.7w̄0.7

3. The width of the wake peak should not be less
than θB. The definition of the wake peak for vari-
ous wake distributions is shown diagrammatically in
Figure 5.15.

4. The cavitation number for the propeller tip,
defined as:

σn = 9.903 − D/2 − Zp + TA

0.051(πnD)2

and the averaged non-dimensional wake gradient at
a characteristic radius, defined as

[�w/(1 − w̄)]|x=1.0
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Figure 5.16 Wake non-uniformity criterion (Reproduced
with permission from Reference 19)

should lie above the dividing line of Figure 5.16. In
these relationships,

D is the propeller diameter (m).
zp is the distance between the propeller shaft

axis and the base line (m).
TA is the ship’s draught at the

aft-perpendicular (m).
n is the propeller rotations speed (rev/s).
�w is the wake variation defined in Figure 5.14.

5. For the propellers susceptible to cavitation, that is
near the grey area of Figure 5.16, the local wake
gradient per unit axial velocity for radii inside the
angular interval θB in the range of 0.7 to 1.15R should
be less than unity; that is,

1

(r/R)

∣

∣

∣

∣

(dw/dθ)

(1 − w)

∣

∣

∣

∣

< 1.0

where θ is in radians.

The underlying reasoning behind the formulation of
these criteria has been the desire to avoid high vibratory
hull surface pressures, and Figure 5.16 was developed
in the basis of results obtained from existing ships.

5.8 Wake field measurement

Measurements of the wake field are required chiefly
for the purposes of propeller design and for research
where the various aspects of wake field scaling are

Figure 5.17 Types of wake field traversing methods using
pitot, total and static head tubes: (a) rotating pitot rake
located on shaft and (b) schematic fixed pitot rake

being explored. Until comparatively recently methods
of measurement have been intrusive; for example, pitot
tubes, hot-wire anemometry, tufts and so on. With
these methods the influence on the flow field of locat-
ing the measurement apparatus in the flow has always
been the subject of much debate. In recent years, how-
ever, the use of laser-Doppler techniques has become
available for both model and full-scale studies and these
require only that beams of laser light are passed into the
fluid.

In the case of model scale measurements detailed
measurements of the wake field have largely been
accomplished by using pitot rakes, which have in some
cases been placed on the shaft in place of the model pro-
peller, Figure 5.17(a). In these cases the rakes have been
rotated to different angular positions to define the wake
field characteristics. Alternatively, some experimental
facilities have favoured the use of a fixed pitot rake,
Figure 5.17(b), in which the ends of the pitot rake are
placed in the propeller plane. Such measurements pro-
vide quantitative data defining the nominal wake field
and are based on the theory of pitot tubes which in turn
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Figure 5.18 Pitot-static probe layout

is based on Bernouilli’s equation. For a general point in
any fluid flow the following relationship applies:

total head (hT) = static head (hs)
+ dynamic head (hd)

The pitot-static tube shown in Figure 5.18 essentially
comprises two tubes: a total head tube and a static head
tube. The opening A measures the total head in the direc-
tion Ox whilst the ports B, aligned in the Oy direction,
measure the static head of the fluid. As a consequence
from the above relationship, expressed in terms of the
corresponding pressures, we have

pd = pT − ps (5.8)

from which

v =
√

2(pT − ps)

ρ
(5.9)

Depending on the type of flow problem that requires
measurement, the probe is selected based on the infor-
mation required and the physical space available. As
such total head, static head or pitot-static tubes may be
used. Clearly the former two probes only measure one
pressure component, whereas the latter measures both
values simultaneously. Rakes comprising combinations

Figure 5.19 Typical five-hole total head tube

of total head and static head tubes are sometimes con-
structed to enable complete measurement to be made,
or alternatively, when space is very limited, total head
and static head tubes can be inserted into the flow
sequentially.

When directionality of the flow is important, since
the foregoing tubes are all unidirectional, special meas-
urement tubes can be used. These normally comprise
either three- or five-hole total head tubes; an example
of the latter is shown in Figure 5.19. From the figure it
will be seen that the outer ring of tubes are chamfered
and this allows the system to become directional, since
opposite pairs of tubes measure different pressures and,
from previous calibration, the differential pressures can
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Figure 5.20 Full-scale wake pitot probe: (a) the mounting
place of the test equipment; (b) example of one of the six,
five-hole pitot tubes (Reproduced with permission from
Reference 24)

be related to the angle of incidence of flow relative to the
probe axis. References 20 and 21 should be consulted
for further detailed discussion of flow measurement by
total head and static head tubes, which is a specialist
subject in itself.

In the case of full-scale ship wake field measurement
the pitot-tube principle has provided much of the data
that we have at out disposal at this time. Pitot rakes
have either been placed on the shaft in place of the
propeller, see for example Canham (Reference 22), to
measure full-scale nominal wake or, alternatively, fit-
ted to the hull just in front of the propeller to measure
the inflow into the propeller (References 23 and 24);
Figure 5.20 shows this type of layout together with the
five-hole tube used in this latter case. Clearly in the for-
mer case of nominal wake measurement, the ship has to
be towed by another vessel, whilst in the latter case it is
self-propelled. The pitot rakes, whether they be shaft or
hull mounted, are made adjustable in the angular sense
so that they can provide as comprehensive a picture as
possible of the wake field.

An alternative to the measurement of flow velocity
by pitot tube is to use hot-wire or hot-film anemome-
try techniques. Such probes rely on the cooling effect
of the fluid passing over either the heated wires or hot
film to determine the flow velocities. In their most basic
form the current passing through the wire is maintained
constant and the flow velocity is determined by the volt-
age applied across the wire, since the wire resistance is
dependent upon the temperature of the wire. A more

Figure 5.21 Hot ‘X’ wire anemometer

complex, but widely used, mode of operation is to
employ a feed-back circuit which maintains the wire
at constant resistance and as a consequence at constant
temperature: the current required to do this is a function
of the fluid velocity. Hot-wire anemometers, like pitot
tubes, require calibration.

A typical hot-wire anemometer is shown in Figure
5.21, where two wires are arranged in an X configur-
ation. If such an ‘X’ wire is located such that the mean
velocity is in the plane of the ‘X’ wire it can be used
to measure both components of velocity fluctuation in
that plane. The more robust hot-film anemometer com-
prises a heated element of a thin metallic film placed on
a wedge-shaped base which is both a thermal and elec-
tric insulator. When used in water, to which it is ideally
suited due to its greater robustness, the hot film is cov-
ered with a thin layer of insulation to prevent electrical
shorting problems.

In many ways the hot-film or -wire anemometer
extends the range of fluid measurement scenarios into
areas where pitot tubes tend to fail. In particular, since
they are small and rapidly responding, they are ideal
for measuring fluctuating flows; in particular, the phe-
nomena of transition and the structure of turbulent
flows. In aerodynamic work hot-wire and film tech-
niques have been used widely and very successfully for
one-, two- and three-dimensional flow studies. Lomas
(Reference 25) and Perry (Reference 26) discuss hot-
wire anemometry in considerable detail whilst Scragg
and Sandell (Reference 27) present an interesting com-
parison between hot-wire and pitot techniques. For
full-scale wake field measurements no application of
hot-film techniques is known to the author.

Laser-Doppler methods are advanced measurement
techniques which can be applied to fluid velocity meas-
urement problems at either model or full scale. The
laser-Doppler anemometer measures flow velocity by
measuring the Doppler shift of light scattered within
the moving fluid, and hence it is a non-intrusive meas-
urement technique. The light scatter is caused by the
passage of tiny particles suspended in the fluid, typically
dust or fine sand grains, such that they effectively trace
the streamline paths of the fluid flow. In general there
are usually sufficient particles within the fluid and in
many instances, at full scale, problems of over-seeding
can occur.

The operating principle of a laser-Doppler system is
essentially described in Figure 5.22. In the case of a
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Figure 5.22 Laser-Doppler principle: (a) Doppler shift of a
single-incident laser beam; (b) intersecting laser beam
arrangement and (c) fringe pattern from two intersecting
laser beams

single-laser beam, Figure 5.22(a), the Doppler shift is
dependent upon the velocity of the object and the rela-
tive angles between the incident and scattered light. If fi
and fs are the frequencies of the incident and scattered
beams, then the Doppler shift is given by (fs − fi):

fs − fi = V

λ
[ cos θi + cos θs]

where λ is the wavelength of the laser.

This expression can be made independent of the
position of the receiver, that is the angle θs, by using
two laser beams of the same frequency as shown in
Figure 5.22(b). This configuration leads to differential
Doppler shift seen by the receiver, at some angle φ, as
follows:

differential Doppler shift = 2V

λ
sin

(

θ

2

)

(5.10)

The use, as in this case, of two intersection laser
beams of the same frequency leads to the introduction
of beam splitting optical arrangements obtaining light
from a single laser.

Equation (5.10) can be considered in the context
of the physically equivalent model of the interference
fringes that are formed when two laser beams intersect.
If the two beams, Figure 5.22(c), are of equal inten-
sity and wavelength, the fringe pattern will appear as a
series of flat elliptical discs of light separated by regions
of darkness. If a particle moves through these fringes
it will scatter light each time it passes through a light
band at a frequency proportional to its speed. Since the
separation of the fringes d is given by the expression
λ/(2 sin θ/2) and if the particle moves with a velocity
V , it will move from one interference band to another
with a frequency

f = 2V sin(θ/2)

λ

The scattered light will, therefore, be modulated at
this frequency, which is the same as the differential
Doppler frequency above. Since the angle θ and the
wavelength λ can be precisely defined, a measurement
of the modulation frequency gives a direct measure
of the velocity of the particle crossing through the
intersection of the laser beams.

In terms of practical measurement capabilities sev-
eral modes of operation exist. These, however, chiefly
divide themselves into forward- and back-scatter tech-
niques. Forward-scatter methods essentially place the
laser and photodetector on opposite sides of the meas-
urement point, whilst in the back-scatter mode both the
laser and photodetector are on the same side. For dis-
cussion purposes four methods are of interest in order
to illustrate the basic principles of the measurement
procedure; these are as follows:

1. Reference beam method.
2. Differential Doppler – forward scatter.
3. Differential Doppler – backward scatter.
4. Multi-colour differential Doppler.

In the case of the reference beam method (Figure
5.23(a), the photodetector is mounted coaxially with the
reference laser beam in order to measure the velocity
within the fluid normal to the optical axis of the instru-
ment. In order to optimize the Doppler signal quality
an adjustable neutral density filter is normally used to
reduce the intensity of the reference beam.
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Figure 5.23 Laser-Doppler modes of operation: (a) reference beam method; (b) differential Doppler – forward scatter;
(c) differential Doppler – back scatter and (d) multi-colour differential Doppler mode
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The differential Doppler, forward-scatter mode of
measurement employs two laser beams of equal inten-
sity which are focused at a point of interest in the fluid
(Figure 5.23(b)). The scattered light can then be picked
up by the photodetector, which is inclined at a suitable
angle α to the optical axis of the instrument: the angle α
is not critical, since the detected Doppler frequency is
independent of the direction of detection. This method is
often employed when the intensity of the scattered light
is low. Furthermore, the method has obvious advantages
over the preceding one since the photodetector does not
have to be located on the reference beam.

The backward-scatter differential Doppler mode
(Figure 5.23(c)) permits the laser optics and the meas-
urement optics to lie on the same side of the flow
measurement point – an essential feature if full-scale
ship wake measurements are contemplated. The disad-
vantage of this type of system is that the intensity of
the back-scattered light is usually much lower than that
of the forward-scattered light. This normally requires
either a higher concentration of scattering particles or a
higher laser power to be used to overcome this problem.

The three foregoing systems only measure velocities
in one component direction. To extend this into two or
more velocity components a multi-colour system must
be used. Figure 5.23(d) outlines a two-colour back-
scatter differential Doppler mode. In such a system the
transmitting optics splits a dual-colour laser beam into
converging single-colour beams with a combined dual-
colour central beam; that is, three beams in total. The
beams are then focused at the point where the mea-
surement is required and the scattered light is returned
through the receiving optics, mounted coaxially with
the transmitting optics, and then diverted to photodetec-
tors – one for each colour light. The two views shown
in Figure 5.23(d) are in reality a single unit contain-
ing both sets of optics. The ability of such systems
to detect two velocity components can be visualized

Figure 5.24 Two-colour fringe model (Courtesy: DANTEC
Electronics Ltd)

from Figure 5.24, in which the two pairs of fringe pat-
terns are made to intersect in orthogonal planes and
give a resultant fringe pattern of the type shown in the
measurement volume. In this way the particles pass-
ing through this measurement volume will scatter light
from both orthogonal fringe patterns.

For shipboard measurements a laser system of con-
siderable power is required, and this requires both a
carefully designed mounting system to avoid vibra-
tion problems and the provision of adequate cooling
arrangements. At model scale less powerful systems
are required and these can be of the forward-scatter
type since the limitation of approaching the measure-
ment from one side of the flow does not normally apply.
Reference 28 provides a very good introduction to the
subject of later-Doppler anemometry.
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For discussion purposes the performance characteristics
of a propeller can conveniently be divided into open
water and behind-hull properties. In the case of open
water characteristics, these relate to the description of
the forces and moments acting on the propeller when
operating in a uniform fluid stream; hence the open
water characteristics, with the exception of inclined
flow problems, are steady loadings by definition. The
behind-hull characteristics are those generated by the
propeller when operating in a mixed wake field behind
a body. Clearly these latter characteristics have both
a steady and unsteady component by the very nature
of the environment in which the propeller operates.
In this chapter both types of characteristics will be
treated separately: the discussion will initially centre
on the open water characteristics since these form the
basic performance parameters about which the behind-
hull characteristics are generated when the propeller is
working behind a body.

6.1 General open water
characteristics

The forces and moments produced by the propeller are
expressed in their most fundamental form in terms of
a series of non-dimensional characteristics: these are
completely general for a specific geometric configur-
ation. The non-dimensional terms used to express the
general performance characteristics are as follows:

thrust coefficient KT = T

ρn2D4

torque coefficient KQ = Q

ρn2D5

(6.1)

advance coefficient J = Va

nD

cavitation number σ = p0 − e
1
2ρV 2

where in the definition of cavitation number, V is a rep-
resentative velocity which can either be based on free
stream advance velocity or propeller rotational speed.
Whilst for generalized open water studies the former
is more likely to be encountered there are exceptions
when this is not the case, notably at the bollard pull con-
dition when Va = 0 and hence σ0 → ∞. Consequently,
care should be exercised to ascertain the velocity term
being employed when using design charts or propeller
characteristics for analysis purposes.

To establish the non-dimensional groups involved in
the above expressions (equation (6.1)), the principle of
dimensional similarity can be applied to geometrically
similar propellers. The thrust of a marine propeller when
working sufficiently far away from the free surface so as
not to cause surface waves may be expected to depend

upon the following parameters:

(a) The diameter (D).
(b) The speed of advance (Va).
(c) The rotational speed (n).
(d) The density of the fluid (ρ).
(e) The viscosity of the fluid (μ).
(f ) The static pressure of the fluid at the propeller

station (p0 − e).

Hence the thrust (T ) can be assumed to be proportional
to ρ, D, Va, n, μ and (p0 − e):

T ∝ ρaDbV c
a ndμf (p0 − e)g

Since the above equation must be dimensionally correct
it follows that

MLT−2 = (ML−3)aLb(LT−1)c(T−1)d

× (ML−1T−1) f (ML−1T−2)g

and by equating indices for M , L and T we have

for mass M : 1 = a + f + g
for length L: 1 = −3a + b + c − f − g
for time T : −2 = −c − d − f − 2g

from which it can be shown that

a = 1 − f − g

b = 4 − c − 2f − g

d = 2 − c − f − 2g

Hence from the above we have

T ∝ ρ(1−f −g)D(4−c−2f −g)V c
a n(2−c−f −2g)μf (p0 − e)g

from which

T = ρn2D4
(

Va

nD

)c

·
(

μ

ρnD2

)f

·
(

p0 − e

ρn2D2

)g

These non-dimensional groups are known by the
following:

thrust coefficient KT = T

ρn2D4

advance coefficient J = Va

nD

Reynolds number Rn = ρnD2

μ

cavitation number σ0 = p0 − e
1
2ρn2D2

∴ KT ∝ {J , Rn, σ0}
that is

KT = f (J , Rn, σ0) (6.2)

The derivation for propeller torque KQ is an analogous
problem to that of the thrust coefficient just discussed.
The same dependencies in this case can be considered to
apply, and hence the torque (Q) of the propeller can be
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considered by writing it as a function of the following
terms:

Q = ρaDbV c
a ndμf (p0 − e)g

and hence by equating indices we arrive at

Q = ρn2D5
(

Va

nD

)c (
μ

ρnD2

)f

·
(

p0 − e

ρn2D2

)g

which reduces to

KQ = g(J , Rn, σ0) (6.3)

where the torque coefficient

KQ = Q

ρn2D5

With the form of the analysis chosen the cavita-
tion number and Reynold’s number have been non-
dimensionalized by the rotational speed. These numbers
could equally well be based on advance velocity, so that

σ0 = p0 − e
1
2ρV 2

and Rn = ρVD

μ

Furthermore, by selecting different groupings of indices
in the dimensional analysis it would be possible to arrive
at an alternative form for the thrust loading:

T = ρV 2
a D2φ(J , Rn, σ0)

Figure 6.1 Open water diagram for Wageningen B5-75 screw series (Courtesy: MARIN)

which gives rise to the alternative form of thrust
coefficient CT defined as

CT = T
1
2ρV 2

a (πD2/4)
= 8T

πρV 2
a D2

(6.4)

CT = �(J , Rn, σ0)

Similarly it can be shown that the power coefficient CP
can also be given by

CP = φ(J , Rn, σ0) (6.5)

In cases where the propeller is sufficiently close to
the surface, so as to disturb the free surface or to draw
air, other dimensionless groups will become important.
These will principally be the Froude and Weber num-
bers, and these can readily be shown to apply by intro-
ducing gravity and surface tension into the foregoing
dimensional analysis equations for thrust and torque.

A typical open water diagram for a set of fixed
pitch propellers working in a non-cavitating environ-
ment at forward, or positive, advance coefficient is
shown in Figure 6.1. This figure defines, for the particu-
lar propeller, the complete set of operating conditions
at positive advance and rotational speed, since the pro-
peller under steady conditions can only operate along
the characteristic line defined by its pitch ratio P/D.
The diagram is general in the sense that, subject to scale
effects, it is applicable to any propeller having the same
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geometric form as the one for which the characteristic
curves were derived, but the subject propeller may have
a different diameter or scale ratio and can work in any
other fluid, subject to certain Reynolds number effects.
When, however, the KT, KQ versus J diagram is used
for a particular propeller of a given geometric size and
working in a particular fluid medium, the diagram, since
the density of the fluid and the diameter then become
constants, effectively reduces from general definitions
of KT, KQ and J to a particular set of relationships defin-
ing torque, thrust, revolutions and speed of advance as
follows:
{

Q

n2
,

T

n2

}

versus

(

Va

n

)

The alternative form of the thrust and torque coefficient
which stems from equations (6.4) and (6.5), and which is
based on the advance velocity rather than the rotational
speed, is defined as follows:

CT = T
1
2ρA0V 2

a

CP = pD
1
2ρA0V 3

a

(6.6)

From equation (6.6) it can be readily deduced that these
thrust loading and power loading coefficients can be
expressed in terms of the conventional thrust and torque
coefficient as follows:

CT = 8

π

KT

J 2

and

CP = 8

π

KQ

J 3
(6.7)

The open water efficiency of a propeller (ηo) is defined
as the ratio of the thrust horsepower to delivered
horsepower:

ηo = THP

DHP

Now since THP = TVa
and DHP = 2πnQ

where T is the propeller thrust, Va, the speed of advance,
n, the rotational speed of the propeller and Q, the torque.
Consequently, with a little mathematical manipulation
we may write

ηo = TVa

2πnQ

that is

ηo = KT

KQ

J

2π
(6.8)

The KQ, KT versus J characteristic curves contain all
of the information necessary to define the propeller
performance at a particular operating condition. Indeed,
the curves can be used for design purposes for a par-
ticular basic geometry when the model characteristics
are known for a series of pitch ratios. This, however,
is a cumbersome process and to overcome these prob-
lems Admiral Taylor derived a set of design coefficients
termed Bp and δ; these coefficients, unlike the KT, KQ
and J characteristics, are dimensional parameters and
so considerable care needs to be exercised in their use.
The terms Bp and δ are defined as follows:

Bp = (DHP)1/2N

V 2.5
a

δ = ND

Va

(6.9)

where DHP is the delivered horsepower in British or
metric units depending on the, diagram used
N is the propeller rpm
Va is the speed of advance (knots)
D is the propeller diameter (ft).

From Figure 6.2, which shows a typical propeller
design diagram, it can be seen that it essentially com-
prises a plotting of Bp, as abscissa, against pitch ratio
as ordinate with lines of constant δ and open water effi-
ciency superimposed. This diagram is the basis of many
design procedures for marine propellers, since the term
Bp is usually known from the engine and ship character-
istics. From the figure a line of optimum propeller open
water efficiency can be seen as being the locus of the
points on the diagram which have the highest efficiency
for a give value of Bp. Consequently, it is possible with
this diagram to select values of δ and P/D to maximize
the open water efficiency ηo for a given powering con-
dition as defined by the Bp parameter. Hence a basic
propeller geometry can be derived in terms of diame-
ter D, since D = δVa/N , and P/D. Additionally, this
diagram can be used for a variety of other design pur-
poses, such as, for example, rpm selection; however,
these aspects of the design process will be discussed
later in Chapter 22.

It will be seen that the Bp versus δ diagram is limited
to the representation of forward speeds of advance only,
that is, where Va > 0, since Bp → ∞ when Va = 0. This
limitation is of particular importance when consider-
ing the design of tugs and other similar craft, which
can be expected to spend an important part of their
service duty at zero ship speed, termed bollard pull,
whilst at the same time developing full power. To over-
come this problem, a different sort of design diagram
was developed from the fundamental KT, KQ versus J
characteristics, so that design and analysis problems at
or close to zero speed of advance can be considered.
This diagram is termed the μ−σ diagram, and a typical
example of one is shown in Figure 6.3. In this diagram
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Figure 6.3 Original B3.65 μ−σ diagram (Courtesy: MARIN)
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the following relationships apply:

μ = n

√

ρD5

Q

φ = Va

√

ρD3

Q

σ = TD

2πQ

(6.10)

where D is the propeller diameter (m)
Q is the delivered torque (kgf m)
ρ is the mass density of water (kg/m4 s2)
T is the propeller thrust (kgf)
n is the propeller rotational speed (rev/s)
Va is the ship speed of advance (m/s).

Diagrams of the type shown in Figure 6.3 are non-
dimensional in the same sense as those of the funda-
mental KT, KQ characteristics and it will be seen that
the problem of zero ship speed, that is when Va = 0,
has been removed, since the function φ → 0 as Va → 0.
Consequently, the line on the diagram defined by φ = 0
represents the bollard pull condition for the propeller.
It is important, however, not to confuse propeller thrust
with bollard pull, as these terms are quite distinct and
mean different things. Propeller thrust and bollard pull
are exactly what the terms imply; the former relates
to the hydrodynamic thrust produced by the propeller,
whereas the latter is the pull the vessel can exert through
a towline on some other stationary object. Bollard pull

Table 6.1 Common functional relationships (British units)

KQ = 9.5013 × 106

(

PD

N 3D5

)

(salt water)

BP = 23.77

√

ρKQ

J 5

J = 101.33Va

ND
= 101.33

δ

μ = 1√
KQ

= 3.2442 × 10−4

√

N 3D5

PD
(salt water)

φ = J√
KQ

= Jμ

σ = ηo

J
= ηoμ

φ
= KT

2πKQ

where:
PD is the delivered horsepower in Imperial units
Q is the delivered torque at propeller in (lbf ft)
T is the propeller thrust (lbf)
N is the propeller rotational speed in (rpm)
n is the propeller rotational speed in (rev/s)

D is the propeller diameter in (ft)
Va is the propeller speed of advance in (knots)
va is the propeller speed of advance in (ft/s)
ρ is the mass density of water (1.99 slug/ft3 sea water;

1.94 slug/ft3 for fresh water).

Table 6.2 Common functional relationships (Metric units)

KQ = 2.4669 × 104

(

PD

N 3D5

)

(salt water)

BP = 23.77

√

ρKQ

J 5

J = 30.896Va

ND
= 101.33

δ

μ = 1√
KQ

= 6.3668 × 10−3

√

N 3D5

PD
(salt water)

φ = J√
KQ

= Jμ

σ = ηo

J
= ηoμ

φ
= KT

2πKQ

where:
PD is the delivered horsepower (metric units)
Q is the delivered propeller torque (kp m)
T is the propeller thrust (kp)
N is the propeller rotational speed (rpm)
n is the propeller rotational speed (rev/s)
D is the propeller diameter (m)

Va is the propeller speed of advance (knots)
va is the propeller speed of advance (m/s)
ρ is the mass density of water (104.48 sea water)

(101.94 fresh water)

is always less than the propeller thrust by a complex
ratio, which is dependent on the underwater hull form
of the vessel, the depth of water, the distance of the
vessel from other objects, and so on.

In the design process it is frequently necessary to
change between coefficients, and to facilitate this pro-
cess. Tables 6.1 and 6.2 are produced in order to show
some of the more common relationships between the
parameters.

Note the term σ in Tables 6.1 and 6.2 and in equation
(6.10) should not be confused with cavitation number,
which is an entirely different concept. The term σ in
the above tables and equation (6.10) relates to the μ−σ
diagram, which is a non-cavitating diagram.

6.2 The effect of cavitation on open
water characteristics

Cavitation, which is a two-phase flow phenomenon,
is discussed more fully in Chapter 9; however, it is
pertinent here to recognize the effect that cavitation
development can have on the propeller open water
characteristics.

Cavitation for the purposes of generalized analysis is
defined by a free stream cavitation number σ0 which is
the ratio of the static to dynamic head of the flow. For
our purposes in this chapter we will consider a cavitation
number based on the static pressure at the shaft centre
line and the dynamic head of the free stream flow ahead
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of the propeller:

σ0 = static head

dynamic head
= p0 − e

1
2ρV 2

a

where p0 is the absolute static pressure at the shaft centre
line and e is the vapour pressure at ambient tempera-
ture. Consequently, a non-cavitating flow is one where
(p0 − e) ≫ 1

2ρVa, that is one where σ0 is large. As
σ0 decreases in value cavitation takes more effect as
demonstrated in Figure 6.4. This figure illustrates the
effect that cavitation has on the KT and KQ curves and,
for guidance purposes only, shows a typical percentage
of cavitation on the blades experienced at various cavita-
tion numbers in uniform flow. It is immediately apparent
from the figure that moderate levels of cavitation do not
affect the propulsion performance of the propeller and
significant cavitation activity is necessary in order to
get thrust and torque breakdown. Furthermore, it will
frequently be noted that the KT and KQ curves rise
marginally above the non-cavitating line just prior to
their rapid decline after thrust or torque breakdown.

It is, however, important not necessarily to associate
the other problems of cavitation, for example, hull-
induced vibration and erosion of the blade material, with
the extent of cavitation necessary to cause thrust and
torque performance breakdown. Relatively small levels,
in terms of the extent, of cavitation, given the correct
conditions, are sufficient to give rise to these problems.

6.3 Propeller scale effects

Open water characteristics are frequently determined
from model experiments on propellers run at high speed
and having diameters of the order of 200 to 300 mm. It
is, therefore, reasonable to pose the question of how the
reduction in propeller speed and increase in diameter at
full scale will affect the propeller performance charac-
teristics. Figure 6.5 shows the principal features of scale
effect, from which it can be seen that whilst the thrust
characteristic is largely unaffected the torque coefficient
is somewhat reduced for a given advance coefficient.

The scale effects affecting performance characteris-
tics are essentially viscous in nature, and as such are
primarily due to boundary layer phenomena dependent
on Reynolds number. Due to the methods of test-
ing model propellers and the consequent changes in
Reynolds number between model and full scale, or
indeed a smaller model and a larger model, there can
arise a different boundary layer structure to the flow over
the blades. Whilst it is generally recognized that most
full-scale propellers will have a primarily turbulent flow
over the blade surface this need not be the case for the
model where characteristics related to laminar flow can
prevail over significant parts of the blade.

In order to quantify the effect of scale on the per-
formance characteristics of a propeller an analytical
procedure is clearly required. There is, however, no

common agreement as to which is the best procedure.
In a survey conducted by the 1987 ITTC it was shown
that from a sample of 22 organizations, 41 per cent
used the ITTC 1978 procedure; 23 per cent made cor-
rections based on correlation factors developed from
experience; 13 per cent, who dealt with vessels having
open shafts and struts, made no correction at all; a fur-
ther 13 per cent endeavoured to scale each propulsion
coefficient whilst the final 10 per cent scaled the open
water test data and then used the estimated full-scale
advance coefficient. It is clear, therefore, that research
is needed in this area in order to bring a measure of
unification between organizations.

At present the principal analytical tool available is
the 1978 ITTC performance prediction method, which
is based on a simplification of Lerbs’ equivalent pro-
file procedure. Lerbs showed that a propeller can be
represented by the characteristics of an equivalent sec-
tion at a non-dimensional radius of around 0.70R or
0.75R, these being the two sections normally cho-
sen. The method calculates the change in propeller
performance characteristics as follows.

The revised thrust and torque characteristics are
given by

KTs = KTm − �KT
KQs = KQm − �KQ

}

(6.11)

where the scale corrections �KT and �KQ are given by

�KT = −0.3�CD

(

P

D

)(

cZ

D

)

�KQ = 0.25�CD

(

cZ

D

)

and in equation (6.11) the suffixes s and m denote
the full-scale ship and model test values respectively.
The term �CD relates to the change in drag coefficient
introduced by the differing flow regimes at model and
full scale, and is formally written as

�CD = CDM − CDS

where

CDM = 2

(

1 + 2t

C

)[

0.044

(Rnx)1/6
− 5

(Rnx)2/3

]

and

CDS = 2

(

1 + 2t

c

)(

1.89 + 1.62 log10

(

c

Kp

))−2.5

In these relationships t/c is the section thickness to
chord ratio; P/D is the pitch ratio; c is the section chord
length and Rnx is the local Reynolds number, all relat-
ing to the section located 0.75R. The blade roughness
Kp is taken as 30 × 10−6 m.

In this method it is assumed that the full-scale pro-
peller blade surface is hydrodynamically rough and the
scaling procedure considers only the effect of Reynolds
number on the drag coefficient.



96 Marine propellers and propulsion

Figure 6.4 Curves of KT, K Q and η and cavitation sketches for KCD 4 (Reproduced from Reference 15)
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Figure 6.5 Principal features of scale effect

An alternative approach to the use of equation (6.11)
has been proposed byVasamarov (Reference 1) in which
the correction for the Reynolds effect on propeller open
water efficiency is given by

ηos = ηom − F(J )

[

(

1

Rnm

)0.2

−
(

1

Rns

)0.2
]

(6.12)

where

F(J ) =
(

J

J0

)α

From the analysis of the function F(J ) from open
water propeller data, it has been shown that J0 can be
taken as the zero thrust advance coefficient for the pro-
peller. Consequently, if model tests are undertaken at
two Reynolds numbers and the results analysed accord-
ing to equation (6.12); then the function F(J ) can be
uniquely determined.

Yet another approach has recently been proposed
(Reference 2) in which the scale effect is estimated using
open water performance calculations for propellers hav-
ing similar geometric characteristics to the Wageningen
B-series.

The results of the analysis are presented in such a
way as

1 − KT

KTI

= f (Rn, KT)

1 − η0

η0I

= g(Rn, KT)

⎫

⎪

⎪

⎬

⎪

⎪

⎭

(6.13)

where the suffix I represents the values of KT and η0
for an ideal fluid. Consequently, if model values of the
thrust and torque at the appropriate advance coefficient

are known, that is KTm , KQm , together with the model
Reynolds number, then from equation (6.13) we have

KTm

KTI

= 1 − f (Rnm , KTm )

⇒ KTI = KTm

(1 − f (Rnm , KTm )
= KTm

1 −
(

1 − KTm
KTI

)

∣

∣

∣

∣

∣

∣

Rnm

Similarly

η0I = η0m

1 −
(

1 − η0m
η0I

)

∣

∣

∣

∣

∣

∣

Rnm

From which the ideal values of KTI and η0I can be deter-
mined for the propeller in the ideal fluid. Since the effect
of scale on the thrust coefficient is usually small and the
full-scale thrust coefficient will lie between the model
and ideal values the assumption is made that

KTS ≃
(

KTM + KTI

2

)

that is the mean value, and since the full-scale Reynolds
number Rns is known, the functions

f (Rns , KTs ) and g(Rns , KTs )

can be determined from which the full-scale values of
KTs and η0s can be determined from equation (6.13):

KTs = KTI [1 − f (Rns , KTs )]
η0s = η0I [1 − g(Rns , KTs )]

from which the full-scale torque coefficient can be
derived as follows:

KQs = J

2π

KTs

η0s

The essential difference between these latter two
approaches is that the scale effect is assumed to be a
function of both Reynolds number and propeller load-
ing rather than just Reynolds number alone as in the case
of the present ITTC procedure. It has been shown that
significant differences can arise between the results of
the various procedures. Scale effect correction of model
propeller characteristics is not a simple procedure and
much attention needs to be paid to the effects of the
flow structure in the boundary layer and the variations of
the lift and drag characteristics within the flow regime.
With regard to the general question of scaling, the above
methods were primarily intended for non-ducted pro-
pellers operating on their own. Nevertheless, the subject
of scaling is still not fully understood. Although the
problem is complicated by the differences in friction
and lift coefficient, the scale effect is less predictable
due to the quantity of both laminar flow in the boundary
layer and the separation over the blade surfaces. Con-
sequently, there is the potential for the extrapolation
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process from model to full scale to become unreliable
since only averaged amounts of laminar flow are taken
into account in the present estimation procedures.

To try and overcome this difficulty a number of tech-
niques have been proposed, particularly those involving
leading edge roughness and the use of trip wires, but
these procedures still lack rigour in their application
to extrapolation. Bazilevski (Reference 41), in a range
of experimental conditions using trip wires of 0.1 mm
diameter located at 10 per cent of the chord length from
the leading edge showed that the experimental scatter
on the measured efficiency could be reduced from 13.6
to 1.5 per cent with the use of turbulence stimulation. It
was found that trip wires placed on the suction surface
of the blades were more effective than those placed on
the pressure face and that the effectiveness of the trip
wire was dependent upon the ratio of wire diameter to
the boundary layer thickness. Boorsma in Reference 42
considered an alternative method of turbulence tripping
by the use of sand grain roughness on the leading edge
based on the correlation of a sample of five propellers.
In his work he showed that the rotation rate correlation
factor at constant power could be reduced from 2.4 to
1.7 per cent and, furthermore, concluded that turbulence
tripping was not always effective at the inner blade radii.

It is often considered convenient in model experi-
ments to perform model tests at a higher rotational speed
than would be required by strictly adhering to the Froude
identity. If this is done this then tends to minimize any
flow separation on the trailing edge or laminar flow
on the suction side of the blade. Such a procedure is
particularly important when the propeller is operating
in situations where relatively low turbulence levels are
encountered in the inflow and where stable laminar flow
is likely to be present. Such a situation may be found
in cases where tractor thrusters or podded propulsors
are being investigated. Ball and Carlton in Reference
43 show examples of this type of behaviour relating to
model experiments with podded propulsors.

Clearly compound propellers such as contra-rotating
screws and ducted propellers will present particular
problems in scaling. In the case of the ducted pro-
peller the interactions between the propeller, the duct
and the hull are of particular concern and importance.
In addition there is also some evidence to suggest that
vane wheels are particularly sensitive to Reynolds num-
ber effects since both the section chord lengths and
the wheel rotational speed are low, which can cause
difficulty in interpreting model test data.

Holtrop (Reference 44) proposed that the scaling of
structures like ducts can be addressed by considering
the interior of the duct as a curved plate. In this analysis
an assumed axial velocity of nPtip is used to determine a
correction to the longitudinal towing force �F given by

�F = 0.5ρm�(nPtip)2(CFm − CFs)cmDm

where n, Ptip, c and D are the rotational speed, pitch at
the blade tip, duct chord and diameter, respectively.

In the case of podded propulsor housings the problem
is rather more complicated in that there is a dependence
upon a number of factors. For example, the shape of
the housing and its orientation with respect to the local
flow, the interaction with the propeller wake and the
scale effects of the incident flow all have an influence
on the scaling problem.

6.4 Specific propeller open water
characteristics

Before proceeding to outline the various standard series
available to the propeller designer or analyst, it is helpful
to briefly consider the types of characteristic associated
with each of the principal propeller types, since there
are important variants between, say, fixed pitch and
controllable pitch propellers or non-ducted and ducted
propellers.

6.4.1 Fixed pitch propellers

The preceding discussions in this chapter have used as
examples the characteristics relating to fixed pitch pro-
pellers since these are the simplest form of propeller
characteristic. Figure 6.1 is typical of this type of pro-
peller in that the propeller, in the absence of significant
amounts of cavitation, as already discussed, is con-
strained to operate along a single set of characteristic
thrust and torque lines.

6.4.2 Controllable pitch propellers

With the controllable pitch propeller the additional
variable of pitch angle introduces a three-dimensional
nature to the propeller characteristics, since the total
characteristics comprise sets of KT and KQ versus J
curves for each pitch angle as seen in Figure 6.6. Indeed,
for analysis purposes the performance characteristics
can be considered as forming a surface, in contrast to
the single line for the fixed pitch propeller.

When analysing the performance of a controllable
pitch propeller at off-design conditions use should not
be made of fixed pitch characteristics beyond say 5◦ or
10◦ from design pitch since the effects of section distor-
tion, discussed in Chapter 3, can affect the performance
characteristics considerably.

A further set of parameters arises with controllable
pitch propellers and these are the blade spindle torques,
a knowledge of which is of considerable importance
when designing the blade actuating mechanism. The
total spindle torque, which is the torque acting about
the spindle axis of the blade and which requires either
to be balanced by the hub mechanism in order to hold the
blades in the required pitch setting or, alternatively, to
be overcome when a pitch change is required, comprises
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Figure 6.6 Typical controllable pitch propeller characteristic curves

three components as follows:

Qs(J , �θ) = QSH(J , �θ) + QSC(n, �θ) + QSF(J , �θ)

(6.14)

where Qs is the total spindle torque at a given value
of J and �θ;
QSH is the hydrodynamic component of
spindle torque due to the pressure field
acting on the blade surfaces;
QSC is the centrifugal component resulting
from the blade mass distribution;
QSF is the frictional component of spindle
torque resulting from the relative
motion of the surfaces within the
blade hub.

The latter component due to friction is only partly in the
domain of the hydrodynamicist, since it depends both
on the geometry of the hub mechanism and the system
of forces and moments generated by the blade pressure
field and mass distribution acting on the blade palm.

Figure 6.7 shows typical hydrodynamic and cen-
trifugal blade spindle torque characteristics for a
controllable pitch propeller. In Figure 6.7 the spindle
torques are expressed in the coefficient form of KQSH
and KQSC. These coefficients are similar in form to the
conventional propeller torque coefficient in so far as

Figure 6.7 Typical controllable pitch propeller spindle
torque characteristic curves
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they relate to the respective spindle torques as follows:

KQSH = QSH

ρn2D5

KQSC = Qsc

ρmn2D5

(6.15)

where ρ is the mass density of water and ρm is the mass
density of the blade material. Clearly, since the centrifu-
gal component is a mechanical property of the blade
only, it is independent of advance coefficient. Hence
KQSC is a function of �θ only.

6.4.3 Ducted propellers

Whilst the general aspects of the discussion relating
to non-ducted, fixed and controllable pitch propellers
apply to ducted propellers, the total ducted propulsor

Figure 6.8 Open water test results of Ka 4–70 screw series with nozzle no. 19A (Courtesy: MARIN)

thrust is split into two components: the algebraic sum
of the propeller and duct thrusts and any second-order
interaction effects. To a first approximation, therefore,
the total propulsor thrust T can be written as

T = Tp + Tn

where Tp is the propeller thrust and Tn is the duct thrust.

In non-dimensional form this becomes

KT = KTP + KTN (6.16)

where the non-dimensionalization factor is ρn2D4 as
before.

The results of model tests normally present values of
KT and KTN plotted as a function of advance coefficient
J as shown in Figure 6.8 for a fixed pitch ducted propul-
sor. The torque characteristic is, of course, not split into
components since the propeller itself absorbs all of the
torque of the engine. In general the proportion of thrust
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generated by the duct to that of the total propulsor thrust
is a variable over the range of advance coefficient. In
merchant practice by far the greater majority of ducted
propellers are designed with accelerating ducts, as dis-
cussed previously in Chapter 2. For these duct forms
the ratio of KTN/KT is of the order of 0.5 at the bol-
lard pull, or zero advance coefficient, condition, but
this usually falls to around 0.05 or 0.10 at the design
free running condition. Indeed, if the advance coeffi-
cient is increased to a sufficiently high level, then the
duct thrust will change sign, as seen in Figure 6.8, and
act as a drag; however, this situation is unlikely to arise
in normal practice. When decelerating ducts are used,
analogous conditions arise, but the use of these ducts
is confined to certain specialist cases, normally those
having a low radiated noise requirement.

6.4.4 High-speed propellers

With high-speed propellers much of what has been said
previously will apply depending upon the application.
However, the high-speed propeller will be susceptible
to two other factors. The first is that cavitation is more
likely to occur, and consequently the propeller type and
section blade form must be carefully considered in so
far as any supercavitating blade section requirements
need to be met. The second factor is that many high-
speed propellers are fitted to shafts with considerable
rake angles. This rake angle, when combined with the
flow directions, gives rise to two flow components act-
ing at the propeller plane as seen in Figure 6.9. The
first of these is parallel to the shaft and has a magni-
tude Va cos (λ) and the second is perpendicular to the
shaft with a magnitude Va sin (λ) where λ is the relative
shaft angle as shown in the figure. It will be appreciated

Figure 6.9 Inclined flow velocity diagram

that the second, or perpendicular, component immedi-
ately presents an asymmetry when viewed in terms of
propeller relative velocities, since on one side of the
propeller disc the perpendicular velocity component is
additive to the propeller rotational velocity whilst on
the other side it is subtractive (see Figure 6.9). This
gives rise to a differential loading of the blades as they
rotate around the propeller disc, which causes a thrust
eccentricity and side force components. Figure 6.10
demonstrates these features which of course will apply
generally to all propellers working in non-uniform flow
but are more noticeable with high-speed propellers due
to the speeds and inclinations involved. The magnitude
of these eccentricities can be quite large; for example, in
the case of unity pitch ratio with a shaft rake of 20◦, the
transverse thrust eccentricity indicated by Figure 6.10
may well reach 0.40R. Naturally due to the non-uniform
tangential wake field the resulting cavitation pattern will
also be anti-symmetric.

6.5 Standard series data

Over the years there have been a considerable number
of standard series propellers tested in many different
establishments around the world. To discuss them all in
any detail would clearly be a large undertaking requiring
considerable space; consequently, those most com-
monly used today by propeller designers and analysts
are referenced here.

The principal aim in carrying out systematic pro-
peller tests is to provide a data base to help the designer
understand the factors which influence propeller
performance and the inception and form of cavita-
tion on the blades under various operating conditions.
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Figure 6.10 Thrust eccentricity and side forces on a raked propeller

A second purpose is to provide design diagrams, or
charts, which will assist in selecting the most appropri-
ate dimensions of actual propellers to suit full-size ship
applications.

The purpose of this section is not to provide the reader
with an exhaustive catalogue of results but to introduce

Table 6.3 Fixed pitch, non-ducted propeller series summary

Series Number of Range of parameters D (mm) rh/R Cavitation Notes
propellers data
in series Z AE/AO P/D available

Wageningen ≃120 2–7 0.3–1.05 0.6–1.4 250 0.169 No Four-bladed
B-series propeller has

non-constant
pitch dist

Au-series 34 4–7 0.4–0.758 0.5–1.2 250 0.180 No
Gawn-series 37 3 0.2–1.1 0.4–2.0 508 0.200 No
KCA-series ≃30 3 0.5–1.25 0.6–2.0 406 0.200 Yes
Ma-series 32 3 and 5 0.75–1.20 1.0–1.45 250 0.190 Yes
Newton–Rader 12 3 0.5–1.0 1.05–2.08 254 0.167 Yes
series

KCD-series 24 3–6 0.587 Principal 0.6–1.6 406 0.200 Yes Propellers not
(mainly 4) 0.44–0.8 geosyms

Meridian series 20 6 0.45–1.05 0.4–1.2 305 0.185 Yes Propellers not
geosyms

the various model series in terms of their nature and
extent and provide suitable references from which the
full details can be found. Table 6.3 summarizes the fixed
pitch, non-ducted propeller series referenced here to
enable rapid selection of the appropriate series for a
particular set of circumstances.
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Table 6.4 Extent of the Wageningen B-screw series (taken from Reference 6)

Blade number (Z) Blade area ratio AE/AO

2 0.30
3 0.35 0.50 0.65 0.80
4 0.40 0.55 0.70 0.85 1.00
5 0.45 0.60 0.75 1.05
6 0.50 0.65 0.80
7 0.55 0.70 0.85

6.5.1 Wageningen B-screw series

This is perhaps the most extensive and widely used pro-
peller series. The series was originally presented in a
set of papers presented by Troost (References 3 to 5)
in the late 1940s and, amongst many practitioners, is
still referred to as the ‘Troost series’. Over the years
the model series has been added to so as to provide a
comprehensive fixed pitch, non-ducted propeller series.
From analysis of the early results it was appreciated
that a certain unfairness between the various design dia-
grams existed and this was considered to result from the
scale effects resulting from the different model tests.
This led to a complete re-appraisal of the series in
which the differences in test procedures were taken into
account and the results of this work were presented by
van Lammeren et al. (Reference 6).

The extent of the series in terms of a blade number
versus blade area ratio matrix is shown inTable 6.4 from
which it may be seen that the series numbers some 20
blade area–blade number configurations. The geometry
of the series is shown in Table 6.5, from which it can
be seen that a reasonably consistent geometry is main-
tained between the members of the series with only a few
anomalies; notably the non-constant nature of the face
pitch near the root of the four-blade series and the blade
outline of the three-bladed propellers. For completeness
purposes Figure 6.11 shows the geometric outline of the
B5 propeller set. Note that the propellers of this series
are generally referred to by the notation BZ · y, where
B denotes the ‘B’-series, Z is the blade number and y
is the blade expanded area. The face pitch ratio for the
series is in the range 0.6 to 1.4.

The results of the fairing exercise reported by Ooster-
veld paved the way for detailed regression studies on the
performance characteristics given by this model series.
Oosterveld and van Oossanen (Reference 7) reported
the findings of this work in which the open water char-
acteristics of the series are represented at a Reynolds
number 2 × 106 by an equation of the following form:

KQ =
47
∑

n=1
Cn(J )Sn (P/D)tn (AE/AO)un (Z)vn

KT =
39
∑

n=1
Cn(J )Sn (P/D)tn (AE/AO)un (Z)vn

⎫

⎪

⎪

⎬

⎪

⎪

⎭

(6.17)

where the coefficients are reproduced in Table 6.6.

To extend this work further so that propeller charac-
teristics can be predicted for other Reynolds numbers
within the range 2 × 106 to 2 × 109 a set of corrections
of the following form was derived:
{

KT(Rn)
KQ(Rn)

}

=
{

KT(Rn = 2 × 106)
KQ(Rn = 2 × 106)

}

+
{

�KT(Rn)
�KQ(Rn)

}

(6.18)

where
�KT = 0.000353485

− 0.00333758 (AE/AO)J 2

− 0.00478125 (AE/AO)(P/D)J

+ 0.000257792(log Rn − 0.301)2 · (AE/AO)J 2

+ 0.0000643192(log Rn − 0.301)(P/D)6J 2

− 0.0000110636(log Rn − 0.301)2(P/D)6 J 2

− 0.0000276305(log Rn − 0.301)2Z(AE/AO)J 2

+ 0.0000954(log Rn − 0.301)Z(AE/AO)(P/D)J

+ 0.0000032049(log Rn − 0.301)Z2(AE/AO)
× (P/D)3J

�KQ = −0.000591412
+ 0.00696898(P/D)
− 0.0000666654Z(P/D)6

+ 0.0160818(AE/AO)2

− 0.000938091(log Rn − 0.301)(P/D)
− 0.00059593(log Rn − 0.301)(P/D)2

+ 0.0000782099(log Rn − 0.301)2(P/D)2

+ 0.0000052199(log Rn − 0.301)Z(AE/AO) J 2

− 0.00000088528(log Rn − 0.301)2Z(AE/AO)
× (P/D)J

+ 0.0000230171(log Rn − 0.301)Z(P/D)6

− 0.00000184341(log Rn − 0.301)2Z(P/D)6

− 0.00400252(log Rn − 0.301)(AE/AO)2

+ 0.000220915(log Rn − 0.301)2(AE/AO)2

The Wageningen series is a general purpose, fixed pitch,
non-ducted propeller series which is used extensively
for design and analysis purposes. A variant of the series,
designated the BB-series, was introduced, since it was
felt that the B-series had tip chord lengths that were not
entirely representative of modern practice. Accordingly
the BB-series had a re-defined blade outline with wider
tips than the parent form. However, the BB-series, of
which only a few members exist, has not been widely
used.
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Table 6.5 Geometry of the Wageningen B-screw series (taken from Reference 7)

Dimensions of four-, five-, six- and seven-bladed propellers

r/R c

D
· Z

AE/AO

a/c b/c t/D = Ar − BrZ

Ar Br

0.2 1.662 0.617 0.350 0.0526 0.0040
0.3 1.882 0.613 0.350 0.0464 0.0035
0.4 2.050 0.601 0.351 0.0402 0.0030
0.5 2.152 0.586 0.355 0.0340 0.0025
0.6 2.187 0.561 0.389 0.0278 0.0020
0.7 2.144 0.524 0.443 0.0216 0.0015
0.8 1.970 0.463 0.479 0.0154 0.0010
0.9 1.582 0.351 0.500 0.0092 0.0005
1.0 0.000 0.000 0.000 0.0030 0.0000

Dimensions for three-bladed propellers

r/R c

D
· Z

AE/AO

a/c b/c t/D = Ar − BrZ

Ar Br

0.2 1.633 0.616 0.350 0.0526 0.0040
0.3 1.832 0.611 0.350 0.0464 0.0035
0.4 2.000 0.599 0.350 0.0402 0.0030
0.5 2.120 0.583 0.355 0.0340 0.0025
0.6 2.186 0.558 0.389 0.0278 0.0020
0.7 2.168 0.526 0.442 0.0216 0.0015
0.8 2.127 0.481 0.478 0.0154 0.0010
0.9 1.657 0.400 0.500 0.0092 0.0005
1.0 0.000 0.000 0.000 0.0030 0.0000

Ar , Br = constants in equation for t/D.
a = distance between leading edge and generator line at r.
b = distance between leading edge and location of

maximum thickness.
c = chord length of blade section ar radius r.
t = maximum blade section thickness at radius r

Values of V1 for use in the equations

r/R P − 1.0 −0.95 −0.9 −0.8 −0.7 −0.6 −0.5 −0.4 −0.2 0

0.7–1.0 0 0 0 0 0 0 0 0 0 0
0.6 0 0 0 0 0 0 0 0 0 0
0.5 0.0522 0.0420 0.0330 0.0190 0.0100 0.0040 0.0012 0 0 0
0.4 0.1467 0.1200 0.0972 0.0630 0.0395 0.0214 0.0116 0.0044 0 0
0.3 0.2306 0.2040 0.1790 0.1333 0.0943 0.0623 0.0376 0.0202 0.0033 0
0.25 0.2598 0.2372 0.2115 0.1651 0.1246 0.0899 0.0579 0.0350 0.0084 0
0.2 0.2826 0.2630 0.2400 0.1967 0.1570 0.1207 0.0880 0.0592 0.0172 0
0.15 0.3000 0.2824 0.2650 0.2300 0.1950 0.1610 0.1280 0.0955 0.0365 0

r/R P +1.0 +0.95 +0.9 +0.85 +0.8 +0.7 +0.6 +0.5 +0.4 +0.2 0

0.7–1.0 0 0 0 0 0 0 0 0 0 0 0
0.6 0.0382 0.0169 0.0067 0.0022 0.0006 0 0 0 0 0 0
0.5 0.1278 0.0778 0.0500 0.0328 0.0211 0.0085 0.0034 0.0008 0 0 0
0.4 0.2181 0.1467 0.1088 0.0833 0.0637 0.0357 0.0189 0.0090 0.0033 0 0
0.3 0.2923 0.2186 0.1760 0.1445 0.1191 0.0790 0.0503 0.0300 0.0148 0.0027 0
0.25 0.3256 0.2513 0.2068 0.1747 0.1465 0.1008 0.0669 0.0417 0.0224 0.0031 0
0.2 0.3560 0.2821 0.2353 0.2000 0.1685 0.1180 0.0804 0.0520 0.0304 0.0049 0
0.15 0.3860 0.3150 0.2642 0.2230 0.1870 0.1320 0.0920 0.0615 0.0384 0.0096 0

Yface = V1(tmax − tt.e.)
Yback = (V1 + V2)(tmax − tt.e.) + tt.e.

}

for P ≤ 0

and

Yface = V1(tmax − tl.e.)
Yback = (V1 + V2)(tmax − tl.e.) + tl.e.

}

for P ≥ 0

Referring to the diagram, note the following:

Yface, Yback = vertical ordinate of a point on a blade section
on the face and on the back with respect to
the pitch line.

tmax = maximum thickness of blade section.
tt.e.r,tI.e. = extrapolated blade section thickness at the

trailing and leading edges.
V1, V2 = tabulated functions dependent on r/R and P.

P = non-dimensional coordinate along pitch line
from position of maximum thickness to lead-
ing edge (where P = 1), and from position of
maximum thickness to trailing edge (where
P = −1).
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Table 6.5 (cont)

Values of V2 for use in the equations

r/R P −1.0 −0.95 −0.9 −0.8 −0.7 −0.6 −0.5 −0.4 −0.2 0

0.9–1.0 0 0.0975 0.19 0.36 0.51 0.64 0.75 0.84 0.96 1
0.85 0 0.0975 0.19 0.36 0.51 0.64 0.75 0.84 0.96 1
0.8 0 0.0975 0.19 0.36 0.51 0.64 0.75 0.84 0.96 1
0.7 0 0.0975 0.19 0.36 0.51 0.64 0.75 0.84 0.96 1
0.6 0 0.0965 0.1885 0.3585 0.5110 0.6415 0.7530 0.8426 0.9613 1
0.5 0 0.0950 0.1865 0.3569 0.5140 0.6439 0.7580 0.8456 0.9639 1
0.4 0 0.0905 0.1810 0.3500 0.5040 0.6353 0.7525 0.8415 0.9645 1
0.3 0 0.0800 0.1670 0.3360 0.4885 0.6195 0.7335 0.8265 0.9583 1
0.25 0 0.0725 0.1567 0.3228 0.4740 0.6050 0.7184 0.8139 0.9519 1
0.2 0 0.0640 0.1455 0.3060 0.4535 0.5842 0.6995 0.7984 0.9446 1
0.15 0 0.0540 0.1325 0.2870 0.4280 0.5585 0.6770 0.7805 0.9360 1

r/R P +1.0 +0.95 +0.9 +0.85 +0.8 +0.7 +0.6 +0.5 +0.4 +0.2 0

0.9–1.0 0 0.0975 0.1900 0.2775 0.3600 0.51 0.6400 0.75 0.8400 0.9600 1
0.85 0 0.1000 0.1950 0.2830 0.3660 0.5160 0.6455 0.7550 0.8450 0.9615 1
0.8 0 0.1050 0.2028 0.2925 0.3765 0.5265 0.6545 0.7635 0.8520 0.9635 1
0.7 0 0.1240 0.2337 0.3300 0.4140 0.5615 0.6840 0.7850 0.8660 0.9675 1
0.6 0 0.1485 0.2720 0.3775 0.4620 0.6060 0.7200 0.8090 0.8790 0.9690 1
0.5 0 0.1750 0.3056 0.4135 0.5039 0.6430 0.7478 0.8275 0.8880 0.9710 1
0.4 0 0.1935 0.3235 0.4335 0.5220 0.6590 0.7593 0.8345 0.8933 0.9725 1
0.3 0 0.1890 0.3197 0.4265 0.5130 0.6505 0.7520 0.8315 0.8020 0.9750 1
0.25 0 0.1758 0.3042 0.4108 0.4982 0.6359 0.7415 0.8259 0.8899 0.9751 1
0.2 0 0.1560 0.2840 0.3905 0.4777 0.6190 0.7277 0.8170 0.8875 0.9750 1
0.15 0 0.1300 0.2600 0.3665 0.4520 0.5995 0.7105 0.8055 0.8825 0.9760 1

Figure 6.11 General plan of B5-screw series (Reporduced with permission from Reference 6)

6.5.2 Japanese AU-series

This propeller series is many ways complementary
series to the Wageningen B-series; however, outside of
Japan it has not gained the widespread popularity of the
B-series. The series reported by Reference 8 comprises
some propellers having a range of blade numbers from
four to seven and blade area ratios in the range 0.40
to 0.758. Table 6.7 details the members of the series
and Table 6.8, the blade geometry. The propeller series,
as its name implies, has AU-type aerofoil sections and
was developed from an earlier series having Unken-type
sections.

6.5.3 Gawn series

This series of propellers whose results were pre-
sented by Gawn (Reference 9) comprised a set of

37 three-bladed propellers covering a range of pitch
ratios from 0.4 to 2.0 and blade area ratios from 0.2
to 1.1.

The propellers of this series each had a diameter of
503 mm (20 in.), and by this means many of the scale
effects associated with smaller diameter propeller series
have been avoided. Each of the propellers has a uniform
face pitch; segmental blade sections; constant blade
thickness ratio, namely 0.060, and a boss diameter of
0.2D.The developed blade outline was of elliptical form
with the inner and outer vertices at 0.1R and the blade
tip, respectively. Figure 6.12 shows the outline of the
propellers in this series. The entire series were tested in
the No. 2 towing rank at A.E.W. Haslar within a range
of slip from zero to 100 per cent: to achieve this the pro-
peller rotational speed was in the range 250 to 500 rpm.
No cavitation characteristics are given for the series.



106 Marine propellers and propulsion

Table 6.6 Coefficients for the KT and KQ polynomials representing the Wageningen B-screen series for a Reynolds
number of 2 × 106 (taken from Reference 7)

Thrust (KT) Torque (KQ)

n Cs,t,u,v s (J ) t (P/D) u (AE/AO) v (Z) n Cs,t,u,v s (J ) t (P/D) u (AE/AO) v (Z)

1 +0.00880496 0 0 0 0 1 +0.00379368 0 0 0 0
2 −0.204554 1 0 0 0 2 +0.00886523 2 0 0 0
3 +0.166351 0 1 0 0 3 −0.032241 1 1 0 0
4 +0.158114 0 2 0 0 4 +0.00344778 0 2 0 0
5 −0.147581 2 0 1 0 5 −0.0408811 0 1 1 0
6 −0.481497 1 1 1 0 6 −0.108009 1 1 1 0
7 +0.415437 0 2 1 0 7 −0.0885381 2 1 1 0
8 +0.0144043 0 0 0 1 8 +0.188561 0 2 1 0
9 −0.0530054 2 0 0 1 9 −0.00370871 1 0 0 1

10 +0.0143481 0 1 0 1 10 +0.00513696 0 1 0 1
11 +0.0606826 1 1 0 1 11 +0.0209449 1 1 0 1
12 −0.0125894 0 0 1 1 12 +0.00474319 2 1 0 1
13 +0.0109689 1 0 1 1 13 −0.00723408 2 0 1 1
14 −0.133698 0 3 0 0 14 +0.00438388 1 1 1 1
15 +0.00638407 0 6 0 0 15 −0.0269403 0 2 1 1
16 −0.00132718 2 6 0 0 16 +0.0558082 3 0 1 0
17 +0.168496 3 0 1 0 17 +0.0161886 0 3 1 0
18 −0.0507214 0 0 2 0 18 +0.00318086 1 3 1 0
19 +0.0854559 2 0 2 0 19 +0.015896 0 0 2 0
20 −0.0504475 3 0 2 0 20 +0.0471729 1 0 2 0
21 +0.010465 1 6 2 0 21 +0.0196283 3 0 2 0
22 −0.00648272 2 6 2 0 22 −0.0502782 0 1 2 0
23 −0.00841728 0 3 0 1 23 −0.030055 3 1 2 0
24 +0.0168424 1 3 0 1 24 +0.0417122 2 2 2 0
25 −0.00102296 3 3 0 1 25 −0.0397722 0 3 2 0
26 −0.0317791 0 3 1 1 26 −0.00350024 0 6 2 0
27 +0.018604 1 0 2 1 27 −0.0106854 3 0 0 1
28 −0.00410798 0 2 2 1 28 +0.00110903 3 3 0 1
29 −0.000606848 0 0 0 2 29 −0.000313912 0 6 0 1
30 −0.0049819 1 0 0 2 30 +0.0035985 3 0 1 1
31 +0.0025983 2 0 0 2 31 −0.00142121 0 6 1 1
32 −0.000560528 3 0 0 2 32 −0.00383637 1 0 2 1
33 −0.00163652 1 2 0 2 33 +0.0126803 0 2 2 1
34 −0.000328787 1 6 0 2 34 −0.00318278 2 3 2 1
35 +0.000116502 2 6 0 2 35 +0.00334268 0 6 2 1
36 +0.000690904 0 0 1 2 36 −0.00183491 1 1 0 2
37 +0.00421749 0 3 1 2 37 +0.000112451 3 2 0 2
38 +0.0000565229 3 6 1 2 38 −0.0000297228 3 6 0 2
39 −0.00146564 0 3 2 2 39 +0.000269551 1 0 1 2

40 +0.00083265 2 0 1 2
41 +0.00155334 0 2 1 2
42 +0.000302683 0 6 1 2
43 −0.0001843 0 0 2 2
44 −0.000425399 0 3 2 2
45 +0.0000869243 3 3 2 2
46 −0.0004659 0 6 2 2
47 +0.0000554194 1 6 2 2

The propeller series represents a valuable data set,
despite the somewhat dated propeller geometry, for
undertaking preliminary design studies for warships
and other high-performance craft due to the wide range
of P/D and AE/AO values covered. Blount and Hubble
(Reference 10) in considering methods for the sizing
of small craft propellers developed a set of regression

coefficients of the form of equation (6.17) to represent
the Gawn series. The coefficients for this series are given
in Table 6.9 and it is suggested that the range of applic-
ability of the regression study should be for pitch ratio
values from 0.8 to 1.4, although the study was based
on the wider range of 0.6 to 1.6. Inevitably, however,
some regression formulations of model test data tend to
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Table 6.7 Members of the AU-series (taken from Reference 8)

Number blades 4 5 6 7

Model propellers 1305 – 1310 – 1128 – 1133 – 1189 – 1193 – 1197 – 1144 1147
numbers 1309 1314 1132 1137 1192 1196 1200

Pitch ratio 0.5, 0.6, 0.8, 1.0, 1.2 0.4, 0.6, 0.8, 1.0, 1.2 0.5, 0.7, 0.9, 1.1 0.8
Blade section AU AU AU AUW AUW AU
Diameter (m) 0.250 0.250 0.250 0.250
Expanded area ratio 0.40 0.55 0.50 0.65 0.70 0.70 0.55 0.65 0.758
Boss ratio 0.180 0.180 0.180 0.180
Blade thickness ratio 0.050 0.050 0.050 0.050
Rake angle 10◦ 0◦ 10◦ 0◦ 10◦ 0◦ 10◦ 0◦

Table 6.8 Blade geometry of the AU-series (taken from Reference 8)

Dimensions of AU-4 series propeller

r/R 0.2 0.3 0.4 0.5 0.6 0.66 0.7 0.8 0.9 0.95 1.0

From generator 27.96 33.45 38.76 43.54 47.96 49.74 51.33 52.39 48.49 42.07 17.29 Maximum
line to trailing blade width
From generator 38.58 14.25 48.32 50.80 51.15 50.26 48.31 40.53 25.13 13.35 at 0.66 r/R =
line to leading 0.226D for
edge AE/A = 0.40
Total blade 66.54 77.70 87.08 94.34 99.11 100.00 96.64 92.92 73.62 55.62
widthW

id
th

of
bl

ad
e

as
%

of
m

ax
im

um
bl

ad
e

w
id

th

Blade thickness 4.06 3.59 3.12 2.65 2.18 1.90 1.71 1.24 0.77 0.54 0.30 Maximum
as % of D blade

Distance of the point 32.0 32.0 32.0 32.5 34.9 37.9 40.2 45.4 48.9 50.0 thickness at
of maximum thickness proportional
from the leading axis = 0.050D

edge as % of
blade width

Offset of AU-type propeller
(1) Ordinates of X -value are given as % of blade width (2) Ordinates of Y -value are given as % of Ymax

r/R X 0 2.00 4.00 6.00 10.00 15.00 20.00 30.00 32.00 40.00 50.00 60.00 70.00 80.00 90.00 95.00 100.00
0.20 Y0 35.00 51.85 59.75 66.15 76.05 85.25 92.20 89.80 100.00 97.75 89.95 78.15 63.15 45.25 25.30 15.00 4.50

YU 24.25 19.05 15.00 10.00 5.40 2.35

X 0 2.00 4.00 6.00 10.00 15.00 20.00 30.00 32.00 40.00 50.00 60.00 70.00 80.00 90.00 93.00 100.00
0.30 Y0 35.00 51.85 59.75 66.15 76.05 85.25 92.20 99.80 100.00 97.75 89.95 78.15 63.15 45.25 25.30 15.00 4.50

YU 24.25 19.05 15.00 10.00 5.40 2.35

X 0 2.00 4.00 6.00 10.00 15.00 20.00 30.00 32.00 40.00 50.00 60.00 70.00 80.00 90.00 95.00 100.00
0.40 Y0 35.00 51.85 59.75 66.15 76.05 85.25 92.20 99.80 100.00 97.75 89.95 78.15 63.15 45.25 25.30 15.00 4.50

YU 24.25 19.05 15.00 10.00 5.40 2.35

X 0 2.03 4.06 6.09 10.16 15.23 20.31 30.47 32.50 40.44 50.37 60.29 70.22 80.15 90.07 95.04 100.00
0.50 Y0 35.00 51.85 59.75 66.15 76.05 85.25 92.20 99.80 100.00 97.75 89.95 78.15 63.15 45.25 25.30 15.00 4.50

YU 24.25 19.05 15.00 10.00 5.40 2.35

X 0 2.18 4.36 6.54 10.91 16.36 21.81 32.72 34.90 42.56 52.13 61.70 71.28 80.85 90.43 95.21 100.00
0.60 Y0 34.00 49.60 58.00 64.75 75.20 84.80 91.80 99.80 100.00 97.75 89.95 78.15 63.15 45.25 25.30 15.00 4.50

YU 23.60 18.10 14.25 9.45 5.00 2.25

X 0 2.51 5.03 7.54 12.56 18.84 25.12 37.69 40.20 47.23 56.03 64.82 73.62 82.41 91.21 95.60 100.00
0.70 Y0 30.00 42.90 52.20 59.90 71.65 82.35 90.60 99.80 1000.00 97.75 89.95 78.15 63.15 45.25 25.30 15.00 4.50

YU 20.50 15.45 11.95 7.70 4.10 1.75

X 0 2.84 5.68 8.51 14.19 21.28 28.38 42.56 45.40 51.82 59.85 67.88 75.91 83.94 91.97 95.99 100.00
0.80 Y0 21.00 32.45 41.70 50.10 64.60 78.45 88.90 99.80 100.00 97.75 89.95 78.15 63.15 45.25 25.30 15.00 4.50

YU 14.00 10.45 8.05 5.05 2.70 1.15

X 0 3.06 6.11 9.17 15.28 22.92 30.56 45.85 48.90 54.91 62.42 69.94 77.46 84.97 92.49 96.24 100.00
0.90 Y0 8.30 21.10 31.50 40.90 57.45 74.70 87.45 99.70 100.00 98.65 92.75 83.00 69.35 51.85 30.80 19.40 6.85

YU 4.00 2.70 2.05 1.20 0.70 0.30

X 0 3.13 6.25 9.38 15.63 23.44 31.25 46.87 50.00 55.88 63.23 70.59 77.94 85.30 92.65 96.32 100.00
0.95 Y0 6.00 19.65 30.00 39.60 56.75 74.30 87.30 99.65 100.00 99.00 93.85 84.65 71.65 54.30 33.50 21.50 8.00

YU
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Figure 6.12 Blade outline of the Gawn series (Reproduced with permission from Reference 9)

deteriorate towards the outer limits of the data set, and
this is the cause of the above restriction.

6.5.4 KCA series

The KCA series, or as it is sometimes known, the Gawn–
Burrill series (Reference 11) is in many ways a comple-
mentary series to the Gawn series introduced above. The
KCA series comprise 30 three-bladed, 406 mm (16 in.)
models embracing a range of pitch ratios from 0.6 to 2.0
and blade area ratios from 0.5 to 1.1. Thus the propellers
can be seen to cover a similar range of parameters to the
Gawn series in that they have the same upper limits for
P/D and AE/AO, but slightly curtailed lower limits. The
propellers of the KCA series all had uniform face pitch,
segmental sections over the outer half of the blade, and
in the inner half, the flat faces of the segmental sections
were lifted at the leading and trailing edges. The blade
thickness fraction of the parent screw, shown in Figure
6.13, was 0.045 and the blade outline was elliptical. The
boss diameter of the series was 0.2D.

This propeller series was tested in the cavitation tun-
nel at the University of Newcastle upon Tyne, England
and consequently, since the cavitation tunnel was used
rather than the towing tank, the propeller series was
tested at a range of different cavitation numbers. The
range used gave a series of six cavitation numbers, based
on the free stream advance velocity, as follows: 5.3, 2.0,
1.5, 0.75 and 0.50. As a consequence using this series

it is possible to study the effects of the global cavitation
performance of a proposed propeller design.

In order to assist in design studies using the KCA
series, Emerson and Sinclair (Reference 12) have
presented Bp−δ diagrams for the series both at non-
cavitating and cavitating conditions, together with addi-
tional thrust and torque data for a BAR of 1.25 and P/D
of unity.

Despite a lack of data at very low advance coefficients
due to the experimental limitation of the cavitation of
the cavitation tunnel, the KCA series of propellers,
when used in conjunction with the Gawn series, pro-
vides an immensely valuable set of data upon which to
base design studies of high-speed or naval craft.

6.5.5 Lindgren series (Ma-series)

Lindgren, working at SSPA in the 1950s, tested a
series of three- and five-bladed propellers embracing
a range of P/D ratios from 1.00 to 1.45 and devel-
oped area ratios from 0.75 to 1.20 (Reference 13). The
series, designated the Ma-series, is shown in Table 6.10
from which it is seen that a total of 32 propellers were
tested.

The propellers are all constant pitch with modified
elliptical blade forms and sections of approximately cir-
cular black profiles. The diameter of the propellers is
250 mm, which is smaller than either of the two previous
series and the boss diameter of the series is 0.19D. The
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Table 6.9 Blount and Hubble coefficients for Gawn propeller series – equation (6.17) (taken from Reference 10)

Thrust (KT) Torque (KQ)

n Cn s (J ) t (P/D) u (EAR) v (Z) n Cn s (J ) t (P/D) u (EAR) v (Z)

1 −0.0558636300 0 0 0 0 1 0.0051589800 0 0 0 0
2 −0.2173010900 1 0 0 0 2 0.0160666800 2 0 0 0
3 0.2605314000 0 1 0 0 3 −0.0441153000 1 1 0 0
4 0.1581140000 0 2 0 0 4 0.0068222300 0 2 0 0
5 −0.1475810000 2 0 1 0 5 −0.0408811000 0 1 1 0
6 −0.4814970000 1 1 1 0 6 −0.0773296700 1 1 1 0
7 0.3781227800 0 2 1 0 7 −0.0885381000 2 1 1 0
8 0.0144043000 0 0 0 1 8 0.1693750200 0 2 1 0
9 −0.0530054000 2 0 0 1 9 −0.0037087100 1 0 0 1

10 0.0143481000 0 1 0 1 10 0.0051369600 0 1 0 1
11 0.0606826000 1 1 0 1 11 0.0209449000 1 1 0 1
12 −0.0125894000 0 0 1 1 12 0.0047431900 2 1 0 1
13 0.0109689000 1 0 1 1 13 −0.0072340800 2 0 1 1
14 −0.1336980000 0 3 0 0 14 0.0043838800 1 1 1 1
15 0.0024115700 0 6 0 0 15 −0.0269403000 0 2 1 1
16 −0.0005300200 2 6 0 0 16 0.0558082000 3 0 1 0
17 0.1684960000 3 0 1 0 17 0.0161886000 0 3 1 0
18 0.0263454200 0 0 2 0 18 0.0031808600 1 3 1 0
19 0.0436013600 2 0 2 0 19 0.0129043500 0 0 2 0
20 −0.0311849300 3 0 2 0 20 0.0244508400 1 0 2 0
21 0.0124921500 1 6 2 0 21 0.0070064300 3 0 2 0
22 −0.0064827200 2 6 2 0 22 −0.0271904600 0 1 2 0
23 −0.0084172800 0 3 0 1 23 −0.0166458600 3 1 2 0
24 0.0168424000 1 3 0 1 24 0.0300449000 2 2 2 0
25 −0.0010229600 3 3 0 1 25 −0.0336974900 0 3 2 0
26 −0.0317791000 0 3 1 1 26 −0.0035002400 0 6 2 0
27 0.0186040000 1 0 2 1 27 −0.0106854000 3 0 0 1
28 −0.0041079800 0 2 2 1 28 0.0011090300 3 3 0 1
29 −0.0006068480 0 0 0 2 29 −0.0003139120 0 6 0 1
30 −0.0049819000 1 0 0 2 30 0.0035895000 3 0 1 1
31 0.0025963000 2 0 0 2 31 −0.0014212100 0 6 1 1
32 −0.0005605280 3 0 0 2 32 −0.0038363700 1 0 2 1
33 −0.0016365200 1 2 0 2 33 0.0126803000 0 2 2 1
34 −0.0003287870 1 6 0 2 34 −0.0031827800 2 3 2 1
35 0.0001165020 2 6 0 2 35 0.0033426800 0 6 2 1
36 0.0006909040 0 0 1 2 36 −0.0018349100 1 1 0 2
37 0.0042174900 0 3 1 2 37 0.0001124510 3 2 0 2
38 0.0000565229 3 6 1 2 38 −0.0000297228 3 6 0 2
39 −0.0014656400 0 3 2 2 39 0.0002695510 1 0 1 2

40 0.0008326500 2 0 1 2
41 0.0015533400 0 2 1 2
42 0.0003026830 0 6 1 2
43 −0.0001843000 0 0 2 2
44 −0.0004253990 0 3 2 2
45 0.0000869243 3 3 2 2
46 −0.0004659000 0 6 2 2
47 0.0000554194 1 6 2 2

thickness fraction of this propeller series varies between
the members of the series, and is shown in Table 6.11.

The propellers of this series were tested in both a
towing tank and cavitation tunnel and, consequently,
provide a reasonably comprehensive set of data for pre-
liminary study purposes. The data is presented in both
KT, KQ versus J form and also in design diagram
form. Although the basic design of the Ma-series
propellers can be considered to be somewhat dated, it

does provide a further complementary set of data to
the Gawn and Gawn–Burrill results for the design of
high-performance and naval craft.

6.5.6 Newton–Rader series

The Newton–Rader series embraces a relatively limited
set of twelve, three-bladed propellers intended for
high-speed craft. The series (Reference 14) was



110 Marine propellers and propulsion

Figure 6.13 KCA blade outline

Table 6.10 Propellers of the Ma-series

Three-bladed propellers

P/D AE/AO 0.75 0.90 1.05 1.20

1.000 * * * *
1.150 * * * *
1.300 * * * *
1.450 * * * *

Five-bladed propellers

P/D AE/AO 0.75 0.90 1.05 1.20

1.000 * * * *
1.152 * * * *
1.309 * * * *
1.454 * * * *

Table 6.11 Newton–Rader series

AD/AO Blade thickness fraction

Z = 3 Z = 5

0.75 0.063 0.054
0.90 0.058 0.050
1.05 0.053 0.046
1.20 0.053 0.042

designed to cover pitch ratios in the range 1.0 to 2.0
and blade area ratios from about 0.5 to 1.0.

The parent model of the series, based on a design for a
particular vessel, had a diameter of 254 mm (10 in.). The

principal features of the parent design were a constant
face pitch ratio of 1.2 and a blade area ratio of 0.750,
together with a non-linear blade thickness distribution
having a blade thickness fraction of 0.06. The blade sec-
tion form was based on the NACA a = 1.0 mean line
with a quasi-elliptic thickness form superimposed. The
series was designed in such a way that the propellers in
the series should have the same camber ratio distribution
as the parent propeller. Since previous data and experi-
ence was limited with this type of propeller it was fully
expected that the section form would need to be modi-
fied during the tests. This expectation proved correct
and the section form was modified twice on the parent
screw to avoid the onset of face cavitation; the modifica-
tion essentially involved the cutting back and ‘lifting’of
the leading edge. These modifications were carried over
onto the other propellers of the series, which resulted
in the series having the characteristics shown in Table
6.12 and the blade form shown in Figure 6.14.

Table 6.12 Extent of the Newton–Rader series

BAR Face pitch ratio

0.48 1.05 1.26 1.67 2.08
0.71 1.05 1.25 1.66 2.06
0.95 1.04 1.24 1.65 2.04

Note: Box indicates resultant parent form.

Each of the propellers of the series was tested in a
cavitation tunnel at nine different cavitation numbers;
0.25, 0.30, 0.40, 0.50, 0.60, 0.75, 1.00, 2.50 and 5.5.
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Figure 6.14 Newton–Rader series blade form (Reproduced with permission from Reference 14)

For the tests the Reynolds number ranged from about
7.1 × 105 for the narrow-bladed propeller through to
4.5 × 106 for the wide-bladed design at 0.7R. The results
of the series are presented largely in tabular form by the
authors.

This series is of considerable importance for the
design of propellers, usually for relatively small craft,
where significant cavitation is likely to be encountered.

6.5.7 Other fixed pitch series and data

Apart from the major fixed pitch propeller series there
have been numerous smaller studies which provide use-
ful data, either for design purposes or for research or
correlation studies. Amongst these other works, the
KCD propeller series (References 15 and 16), the
Meridian series (Reference 12), the contra-rotating
series of MARIN and SSPA (References 17 and 18) and
the DTMB research skewed propeller series (Reference
19) are worthy of specific mention.

The KCD series originally comprised a series of
models for which ‘interesting’ full-scale results were
available, and the purpose of the series was to try
and correlate the observed phenomena in the tunnel
with the results of particular experience on ships. All
the model propellers in this series had diameters of
406.4 mm (16 in.) and the first three members of the
series KCD three, four and five had a blade area ratio
of 0.6, in association with three, four and five blades
respectively. These propellers were tested at a range of
cavitation numbers in the Newcastle University tunnel
in order to study the open water performance of the pro-
pellers under cavitating conditions. The results shown
in Figure 6.4 relate to the KCD4 propellers of this series.
After a further nine years of testing various designs
(Reference 16) the series had grown to encompass some
17 members. Of these members six, including the par-
ent KCD4R, had a common blade area ratio and blade
number of 0.587 and four, respectively, and a range of
pitch ratios from 0.6 to 1.6. These propellers were used
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to define a set of KT, KQ versus J diagrams and Bp ver-
sus δ charts for a series of cavitation numbers of 8.0, 6.0,
4.0 and 2.0. The remaining propellers of the series were
used to explore the effects of geometric changes such
as moderate amounts of skew, radial pitch variations
and blade outline changes on cavitation performance.
Hence the series presents an interesting collection of
cavitation data for merchant ship propeller designs.

The Meridian series (Reference 12), so called since
it was derived from the proprietary design of Stone
Manganese Marine Ltd, comprised four parent models
having BARs of 0.45, 0.65, 0.85 and 1.05. For each
parent model five mean pitch ratios 0.4, 0.6, 0.8, 1.0
and 1.2 were tested so as to cover the useful range of
pitch ratios for each blade area ratio. All the propellers
had a diameter of 304.8 mm (12 in.) and six blades with
a boss diameter of 0.185R. The parent propellers are
not geosims of each other and consequently interpol-
ation between propellers of different blade area ratios
for general use becomes rather more complicated than
for a completely geometrically similar series. As with
the KCD series, this series was tested at a range of cav-
itation numbers resulting in the presentation of open
water data in the form of KT, KQ diagrams and Bp–δ
charts under cavitating conditions.

Over the years interest has fluctuated in contra-
rotating propellers as a means of ship propulsion. This
has led to model tests being undertaken at a variety of
establishments around the world. Two examples of this
are the MARIN series (Reference 17) and the SSPA
series (Reference 18). The MARIN series comprised
five sets of propulsors with a four-bladed forward pro-
peller and a five-bladed aft propeller. The after propeller
was designed with smaller diameter than the forward
screw, the diameter reduction being consistent with the
expected slipstream contraction at the design condition.
The range of pitch ratios of the forward propeller at
0.7R spanned the range 0.627 to 1.235 with a constant
expanded area ratio of 0.432, and clearly the after-
propeller dimensions varied with respect to the flow
conditions leaving the forward screw. Non-cavitating
open water characteristics were presented for the series.

The SSPA series (Reference 18) comprised a family
of contra-rotating propellers having a forward propeller
of four blades with a developed area ratio of 0.40 and an
aft propeller of five blades with a developed area ratio of
0.5. The forward propellers all had diameters of 250 mm
and used section forms constructed from NACA 16 pro-
files and a = 0.8 mean lines. The pitch ratios of the
leading propeller ranged from 0.8 to 1.4 and the tests
were conducted in the SSPA No. 1 cavitation tunnel.
Consequently, open water data is presented along with
design diagrams, together with some cavitation data in
homogeneous flow.

Boswell (Reference 19) presented cavitation tunnel
and open water results for a series of skewed propellers.
The series comprised four propellers having maximum
projected skew angles of 0◦, 36◦, 72◦ and 108◦ at
the propeller tip. The propellers each had a diameter

of 304.8 mm (12 in.), five blades, an AE/AO of 0.725,
and NACA a = 0.8 mean lines with 66 modified pro-
files, similar chordal and thickness distributions and the
same design conditions; they were given the NSRDC
designation of propellers 4381 (0◦ skew), 4382 (36◦

skew), 4383 (72◦ skew) and 4384 (108◦ skew). The
geometry of this series of propellers, in view of their
importance in propeller research, is given in Table 6.13.
For each of these propellers open water KT, KQ versus
J results are presented together with cavitation incep-
tion speed. These propellers, although giving certain
useful information about the effects of skew, find their
greatest use as research propellers for comparing the
results of theoretical methods and studies. Indeed these
propellers have found widespread application in many
areas of propeller technology.

Table 6.13 Blade geometry of DTNSRDC propellers 4381,
4382, 4383 and 4384 (Taken from Reference 43 Chapter 8)

Characteristics of DTNSRDC propeller 4381

Number of blades, Z : 5
Hub diameter ratio: 0.2
Expanded area ratio: 0.725
Section mean line: NACA a = 0.8
Section thickness distribution: NACA 66 (modified)
Design advance coefficient, JA : 0.889

r/R c/D P/D θs (deg) Xs/D t0/D f0/c
0.2 0.174 1.332 0 0 0.0434 0.0351
0.25 0.202 1.338 0 0 0.0396 0.0369
0.3 0.229 1.345 0 0 0.0358 0.0368
0.4 0.275 1.358 0 0 0.0294 0.0348
0.5 0.312 1.336 0 0 0.0240 0.0307
0.6 0.337 1.280 0 0 0.0191 0.0245
0.7 0.347 1.210 0 0 0.0146 0.0191
0.8 0.334 1.137 0 0 0.0105 0.0148
0.9 0.280 1.066 0 0 0.0067 0.0123
0.95 0.210 1.031 0 0 0.0048 0.0128
1.0 0 0.995 0 0 0.0029 –

Characteristics of DTNSRDC propeller 4382

Number of blades, Z : 5
Hub diameter ratio: 0.2
Expanded area ratio: 0.725
Section mean line: NACA a = 0.8
Section thickness distribution: NACA 66 (modified)
Design advance coefficient, JA : 0.889

r/R c/D P/D θs (deg) Xs/D t0/D f0/c
0.2 0.174 1.455 0 0 0.0434 0.0430
0.25 0.202 1.444 2.328 0.0093 0.0396 0.0395
0.3 0.229 1.433 4.655 0.0185 0.0358 0.0370
0.4 0.275 1.412 9.363 0.0367 0.0294 0.0344
0.5 0.312 1.361 13.948 0.0527 0.0240 0.0305
0.6 0.337 1.285 18.378 0.0656 0.0191 0.0247
0.7 0.347 1.200 22.747 0.0758 0.0146 0.0199
0.8 0.334 1.112 27.145 0.0838 0.0105 0.0161
0.9 0.280 1.027 31.575 0.0901 0.0067 0.0134
0.95 0.210 0.985 33.788 0.0924 0.0048 0.0140
1.0 0 0.942 36.000 0.0942 0.0029 –

Continued



Propeller performance characteristics 113

Table 6.13 (cont)

Characteristics of DTNSRDC propeller 4383

Number of blades, Z: 5
Hub diameter ratio: 0.2
Expanded area ratio: 0.725
Section mean line: NACA a = 0.8
Section thickness distribution: NACA 66 (modified)
Design advance coefficient, JA : 0.889

r/R c/D P/D θs (deg) Xs/D t0/D f0/c
0.2 0.174 1.566 0 0 0.0434 0.0402
0.25 0.202 1.539 4.647 0.0199 0.0396 0.0408
0.3 0.229 1.512 9.293 0.0390 0.0358 0.0407
0.4 0.275 1.459 18.816 0.0763 0.0294 0.0385
0.5 0.312 1.386 27.991 0.1078 0.0240 0.0342
0.6 0.337 1.296 36.770 0.1324 0.0191 0.0281
0.7 0.347 1.198 45.453 0.1512 0.0146 0.0230
0.8 0.334 1.096 54.245 0.1651 0.0105 0.0189
0.9 0.280 0.996 63.102 0.1745 0.0067 0.0159
0.95 0.210 0.945 67.531 0.1773 0.0048 0.0168
1.0 0 0.895 72.000 0.1790 0.0029 –

Characteristics of DTNSRDC propeller 4384

Number of blades, Z : 5
Hub diameter ratio: 0.2
Expanded area ratio: 0.725
Section mean line: NACA a = 0.8
Section thickness distribution: NACA 66 (modified)
Design advance coefficient, JA : 0.889

r/R c/D P/D θs (deg) Xs/D t0/D f0/c
0.2 0.174 1.675 0 0 0.0434 0.0545
0.25 0.202 1.629 6.961 0.0315 0.0396 0.0506
0.3 0.229 1.584 13.921 0.0612 0.0358 0.0479
0.4 0.275 1.496 28.426 0.1181 0.0294 0.0453
0.5 0.312 1.406 42.152 0.1646 0.0240 0.0401
0.6 0.337 1.305 55.199 0.2001 0.0191 0.0334
0.7 0.347 1.199 68.098 0.2269 0.0146 0.0278
0.8 0.334 1.086 81.283 0.2453 0.0105 0.0232
0.9 0.280 0.973 94.624 0.2557 0.0067 0.0193
0.95 0.210 0.916 101.300 0.2578 0.0048 0.0201
1.0 0 0.859 108.000 0.2578 0.0029 –

6.5.8 Tests with propellers having
significant shaft incidence

As discussed earlier in this chapter, the effects of oper-
ating a propeller at an oblique angle to the incident flow
introduce significant side forces and thrust eccentri-
city. Several experimental studies into this effect have
been undertaken, and notable in this respect are those
by Gutsche (Reference 20), Taniguchi et al. (Refer-
ence 21), Bednarzik (Reference 22), Meyne and Nolte
(Reference 23) and Peck and Moore (Reference 24).

Gutsche worked with a series of six three-bladed pro-
pellers: three having developed area ratios of 0.35 and
the others 0.80 each in association with three pitch
ratios: 0.5, 1.0 and 1.5. The propellers, all having a
diameter of 200 mm, were tested at shaft angle inclin-
ations of 0◦, 20◦ and 30◦ over a range of approximately
zero to 100 per cent slip in the non-inclined shaft angle
position.

Taniguchi et al. (Reference 21) used a series of five
three-bladed propellers having a diameter of 230 mm.
Three of the propellers had a pitch ratio of 1.286 whilst
the remaining two had pitch ratios at 0.7R of 1.000 and
1.600. For the three propellers embracing the range of
pitch ratios the expanded area ratio was held constant
at 0.619, whilst for the three propellers having the same
pitch ratio the expanded area ratio was varied as fol-
lows: 0.619, 0.514 and 0.411. All of the propellers had
Tulin supercavitating sections. Results of KQ and KT
are presented for six cavitation numbers, each at three
angles of incidence: 0◦, 4◦ and 8◦. No side force or
eccentricity data is given.

Bednarzik (Reference 22) uses a similar test series
arrangement to Taniguchi in that three of his propeller
series have the same pitch ratio of 0.60 with varying
developed area ratios of 0.35, 0.55 and 0.75. Each of
the remaining two propellers has a developed area ratio
of 0.55, but pitch ratios of 1.00 and 1.40 respectively.
The propeller diameters are all 260 mm and each has
three blades with a hub-to-tip diameter ratio of 0.3. The
propellers are tested over a range of shaft inclinations
of 0◦, 5◦, 15◦ and 25◦ with side force and eccentricity
data being presented in addition to conventional KQ and
KT coefficients.

Meyne and Nolte (Reference 23) considered a
355.46 mm diameter, four-bladed propeller having a
hub ratio of 0.328R and an expanded blade area ratio of
0.566. The pitch ratio of the propeller was varied from
1.0 to 1.6 in a single step and tests were made with shaft
inclination of 0◦, 6◦, 9◦ and 12◦. Results of KQ, KT, side
force and eccentricity are given by the authors.

Peck and Moore (Reference 24) used four 254 mm
(10 in.) diameter, four-bladed propellers having nom-
inal pitch ratios of 0.8, 1.0, 1.2 and 1.4, respectively.
Measurements were made over a range of cavitation
numbers at 0◦, 7.5◦ and 15◦ shaft inclinations and
side force data is presented in addition to the other
performance data.

6.5.9 Wageningen ducted propeller series

A very extensive set of ducted propeller standard series
tests has been conducted at MARIN in the Netherlands
over the years and these have been reported in several
publications. The best source material for this series can
be found in References 25 and 26.

The extent of the series can be judged fromTable 6.14
which itemizes the tests conducted within this series,
whilst Figure 6.15 shows the profiles of the various duct
forms tested. In general it can be considered that ducts
No. 2 through No. 24 and No. 37 represent acceler-
ating ducts whilst those numbered 30 to 36 represent
decelerating duct forms. In merchant practice the ducts
most commonly encountered are the 19A and 37 since
they are both relatively easy to fabricate and have many
desirable hydrodynamic features. Ease of fabrication
of the duct is essential; the feature which helps this
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Table 6.14 Ducted propeller configurations tested at MARIN forming the ducted propeller series
(taken from Reference 26)

Nozzle number L/D S/L Open water Multi-quadrant Azimuth
test

2Q measurement 4Q measurement ⊙

2 0.67 0.15 B 4–55
3 0.50 0.15 B 4–55
4 0.83 0.15 B 4–55
5 0.50 0.15 B 4–55
6 0.50 0.15 B 4–55
7 0.50 0.15 B 4–55
7 0.50 0.15 B 4–40
7 0.50 0.15 B 4–70
7 0.50 0.15 B 2–30
7 0.50 0.15 B 3–50
7 0.50 0.15 B 5–60
8 0.50 0.15 B 4–55

10 0.40 0.15 B 4–55
11 0.30 0.15 B 4–55

18 0.50 0.15 B 4–55
19 0.50 0.15 B 4–55
20 0.50 0.15 B 4–55

19A 0.50 0.15 Ka 3–50*
19A 0.50 0.15 Ka 3–65*
19A 0.50 0.15 Ka 4–55*
19A 0.50 0.15 Ka 4–70* Ka 4–70* Ka 4–70* Ka 4–70
19A 0.50 0.15 Ka 5–75*
19A 0.50 0.15 B 4–70*
21 0.70 0.15 Ka 4–70*
22 0.80 0.15 Ka 4–70*
23 0.90 0.15 Ka 4–70*
24 1.00 0.15 Ka 4–70*

37 0.50 0.15 Ka 4–70* Ka 4–70* Ka 4–70*

30 0.60 0.15 Kd 5–100
31 0.60 0.15 Kd 5–100
32 0.60 0.15 Kd 5–100
33 0.60 0.15 Kd 5–100
34 0.60 0.09 Kd 5–100
35 0.9 0.1125 Kd 5–100
36 1.2 0.0750 Kd 5–100

Tests at different incidence angles.
*Mathematical representation of test data available.

significantly is the use of straight lines, wherever pos-
sible, in the profiles shown in Figure 6.15. The profile
ordinates of ducts No. 19A and No. 37 are given in
Table 6.15. Three principal propeller types have been
used; the B-series propeller in ducts Nos. 2 to 11, the
Ka-series propellers in ducts Nos. 1 to 24 and No. 37
with limited work using the B-series propeller for duct
19A, and the Kd-series propeller for ducts Nos. 30 to 36.
The details of the Ka-series propellers are reproduced
in Table 6.16, and Figure 6.16 shows the general forms
of the propellers for this series. These propellers have a
diameter of 240 mm.

Typical of the results derived from this series
are the characteristics shown in Figure 6.8. However,
regression polynomials have been developed to express
KT, KTN and KQ as functions of P/D and J . The form

of the polynomials is as follows:
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+ A1,0

(

P

D

)

+ A1,1

(

P

D

)

J + · · · + A1,6

(

P

D

)

J 6

+ A2,0

(

P

D

)2

+ A2,1

(

P

D

)2

J + · · · + A2,6

(

P

D

)2

J 6

. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . .

+ A6,0

(

P

D

)6

+ A6,1

(

P

D

)6

J + · · · + A6,6

(

P

D

)6

J 6

KTN = B0,0 + B0,1 J + · · · + B6,6

(

P

D

)6

J 6

KQ = C0,0 + C0,1 J + · · · + C6,6

(

P

D

)6

J 6
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Figure 6.15 Duct outlines described inTable 6.14 (Reproduced with permission from Reference 26)

where the coefficients A, B and C are given in Table
6.17 for the 19A and 37 duct profiles with the Ka 4–70
propeller.

6.5.10 Gutsche and Schroeder controllable
pitch propeller series

The Gutsche and Schroeder propeller series (Reference
27) comprises a set of five three-bladed controllable
pitch propellers. The propellers were designed accord-
ing to the Gawn series (Reference 9) with certain
modifications; these were that the blade thickness frac-
tion was reduced to 0.05 and the inner blade chord
lengths were restricted to allow the blades to be fully
reversing. Additionally, the boss radius was increased
to 0.25D in order to accommodate the boss actuating
mechanism.

The propeller series was designed to have a diameter
of 200 mm and three of the propellers were produced
with a design P/D of 0.7 and having varying developed
area ratios of 0.48, 0.62 and 0.77. The remaining two

propellers of the series had blade area ratios of 0.62 with
design pitch ratios of 0.5 and 0.9. The three propellers
with a design P/D of 0.7 were tested for both positive
and negative advance speed over a range of pitch ratios
at 0.7R of 1.5, 1.25, 1.0, 0.75, 0.5, 0, −0.5, −0.75 and
−1.00. The remaining two propellers of the series were
tested at the limited P/D range of 1.00, 0.50, −0.50
and −1.00.

6.5.11 The JD–CPP series

The JD–CPP series is also a three-bladed controllable
pitch series comprising 15 model propellers each hav-
ing a diameter of 267.9 mm. The propellers are split
into three groups of five having expanded area ratios
of 0.35, 0.50 and 0.65. The propellers all have a boss
diameter of 0.28D and each of the members of the
expanded area groups have design pitch ratios of 0.4,
0.5, 0.8, 1.0 and 1.2, respectively. As in the case of the
Gutsche series the blade thickness fraction is 0.05. The
blade design pitch distribution is constant from the tip to
0.6R but is reduced in the inner region of the blade near
the root.



Table 6.15 Duct ordinates for 19A and 37 duct form

Duct profile No. 19A

LE TE
x/L 0 0.0125 0.025 0.050 0.075 0.100 0.150 0.200 0.25 0.30 0.40 0.50 0.60 0.70 0.80 0.90 0.95 1.00
yi/L 0.1825 0.1466 0.1280 0.1087 0.0800 0.0634 0.0387 0.0217 0.0110 0.0048 0 0 0 0.0029 0.0082 0.0145 0.0186 0.0236
yu/L 0.2072 0.2107 0.2080 Straight line 0.0636

Duct profile No. 37

LE TE
x/L 0 0.0125 0.025 0.050 0.075 0.100 0.150 0.200 0.25 0.30 0.40 0.50 0.60 0.70 0.80 0.90 0.95 1.00
yi/L 0.1833 0.1500 0.1310 0.1000 0.0790 0.0611 0.0360 0.0200 0.0100 0.0040 0 0 0 0.0020 0.0110 0.0380 0.0660 0.1242
yu/L 0.1833 0.2130 0.2170 0.2160 Straight line 0.1600 0.1242

Duct upper ordinate = propeller radius + clearance + yu .
Duct inner ordinate = propeller radius + tip clearance + yi.
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Table 6.16 Details of the K a-series propellers (taken from Reference 26)

Dimensions of the Ka-screw series

r/R 0.2 0.3 0.4 0.5 0.6 0.7 0.8 0.9 1.0

Length of the from centre line 30.21 36.17 41.45 45.99 49.87 52.93 55.04 56.33 56.44 Length of blade
blade sections to trailing edge section at 0.6R
in percentages

of the maximum
from centre line 36.94 40.42 43.74 47.02 50.13 52.93 55.04 56.33 56.44 = 1.969

D

Z

AE

AOto leading edge

length of the total length 67.15 76.59 85.19 93.01 100.00 105.86 110.08 112.66 112.88
blade section
at 0.6R

Maximum blade thickness in 4.00 3.52 3.00 2.45 1.90 1.38 0.92 0.61 0.50 Maximum
percentages of the diameter thickness at

centre of
Distance of maximum thickness 34.98 39.76 46.02 49.13 49.98 – – – – shaft = 0.049D
from leading edge in percentages
of the length of the sections

Ordinates of the Ka-screw series

Distance of the ordinates from the maximum thickness
From maximum thickness to trailing edge From maximum thickness to leading edge

r/R 100% 80% 60% 40% 20% 20% 40% 60% 80% 90% 95% 100%
Ordinates for the back

0.2 – 38.23 63.65 82.40 95.00 97.92 90.83 77.19 55.00 38.75 27.40 –
0.3 – 39.05 66.63 84.14 95.86 97.63 90.06 75.62 53.02 37.87 27.57 –
0.4 – 40.56 66.94 85.69 96.25 97.22 88.89 73.61 50.00 34.72 25.83 –
0.5 – 41.77 68.59 86.42 96.60 96.77 87.10 70.46 45.84 30.22 22.24 –
0.6 – 43.58 68.26 85.89 96.47 96.47 85.89 68.26 43.58 28.59 20.44 –
0.7 – 45.31 69.24 86.33 96.58 96.58 86.33 69.24 45.31 30.79 22.88 –
0.8 – 48.16 70.84 87.04 96.76 96.76 87.04 70.84 48.16 34.39 26.90 –
0.9 – 51.75 72.94 88.09 97.17 97.17 88.09 72.94 51.75 38.87 31.87 –
1.0 – 52.00 73.00 88.00 97.00 97.00 88.00 73.00 52.00 39.25 32.31 –

Ordinates for the face
0.2 20.21 7.29 1.77 0.1 – 0.21 1.46 4.37 10.52 16.04 20.62 33.33
0.3 13.85 4.62 1.07 – – 0.12 0.83 2.72 6.15 8.28 10.30 21.18
0.4 9.17 2.36 0.56 – – – 0.42 1.39 2.92 3.89 4.44 13.47
0.5 6.62 0.68 0.17 – – – 0.17 0.51 1.02 1.36 1.53 7.81

Note: The percentages of the ordinates relate to the maximum thickness of the corresponding section.

The propeller series, presented by Chu et al. (Ref-
erence 28), was tested at the Shanghai Jiao Tong
University and measurements were made over a range
of 50◦ of pitch change distributed about the design pitch
setting. Results are presented for thrust, torque and
hydrodynamic spindle torque coefficient for the series
in non-cavitating conditions. The range of conditions
tested extend to both positive and negative advance
coefficients. Hence, by including spindle torque data
this series is one of the most complete for controllable
pitch propeller hydrodynamic study purposes and to
aid studies polynomial regression coefficients have also
been given by the authors.

6.5.12 Other controllable pitch propeller
series tests

In general the open water characteristics of controllable
pitch propeller series have been very largely neglected
in the open literature. This is particularly true of the
spindle torque characteristics. Apart from the two series
mentioned above which form the greatest open liter-
ature data source for controllable pitch propellers in
off-design conditions, there have been other limited
amounts of test data presented. Amongst these are
Yazaki (Reference 29), Hansen (Reference 30) and
Miller (Reference 31). Model tests with controllable
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Figure 6.16 General outline of the K a-series propeller (Reproduced with permission from Reference 26)

pitch propellers in the Wageningen duct forms 19A, 22,
24, 37 and 38 are presented in Reference 40.

6.6 Multi-quadrant series data

So far in this chapter discussion has centred on the
first quadrant performance of propellers. That is for
propellers working with positive rotational speed and
forward or zero advance velocity. This clearly is the
conventional way of operating a propeller, but for study-
ing manoeuvering situations or astern performance of
vessels other data is required.

In the case of the fixed pitch propeller it is possible
to define four quadrants based on an advance angle

β = tan−1
(

Va

0.7πnD

)

(6.20)

as follows:

1st quadrant: Advance speed – ahead
Rotational speed – ahead
This implies that the advance
angle β varies within the range
0 ≤ β ≤ 90◦

2nd quadrant: Advance speed – ahead
Rotational speed – astern
In this case β lies in the range
90◦ < β ≤ 180◦

3rd quadrant: Advance speed – astern
Rotational speed – astern
Here β lies in the range of
180◦ < β ≤ 270◦

4th quadrant: Advance speed – astern
Rotational speed – ahead
Where β is within the range
270◦ < β ≤ 360◦

Provided sufficient experimental data is available it
becomes possible to define a periodic function based
on the advance angle β to define the thrust and torque
characteristics of the propeller in each of the quadrants.
In this context it should be noted that when β = 0◦ or
360◦ then this defines the ahead bollard pull condi-
tion and when β = 180◦ this corresponds to the astern
bollard pull situation. For β = 90◦ and 270◦, these posi-
tions relate to the condition when the propeller is not
rotating and is being dragged ahead or astern through
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Table 6.17 Coefficients for duct Nos. 19A and 37 for equation (6.19) – Ka propeller 4-70 (taken from Reference 26)

Nozzle No. 19A Nozzle No. 37

x y Axy Bxy Cxy Axy Bxy Cxy

0 0 0 +0.030550 +0.076594 +0.006735 −0.0162557 −0.016806 +0.016729
1 1 −0.148687 +0.075223
2 2 −0.061881 −0.016306
3 3 −0.391137 −0.138094
4 4 −0.007244 −0.077387
5 5 −0.370620
6 6 +0.323447 −0.099544 +0.030559

7 1 0 −0.271337 +0.598107 0.048424
8 1 −0.432612 −0.687921 −1.009030 −0.548253 −0.011118
9 2 +0.225189 −0.024012 +0.230675 −0.056199

10 3
11 4
12 5
13 6 −0.081101

14 2 0 +0.667657 +0.666028 +0.085087 +0.460206 +0.084376
15 1 +0.425585
16 2 +0.285076 +0.734285 +0.005193 +0.045637
17 3 −0.042003
18 4
19 5
20 6

21 3 0 −0.172529 −0.202467 +0.046605 −0.215246 −0.008652
22 1
23 2 −0.542490
24 3
25 4
26 5 −0.021044
27 6 −0.016149

28 4 0 −0.007366 +0.042997
29 1
30 2
31 3 +0.099819
32 4
33 5
34 6

35 5 0
36 1 +0.030084 −0.038383
37 2
38 3
39 4
40 5
41 6

42 6 0 −0.001730
43 1 −0.017283 −0.000337 −0.001176
44 2 −0.001876 +0.000861 +0.014992 +0.002441
45 3
46 4
47 5
48 6
49 0 7 +0.036998 +0.051753 −0.012160
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Figure 6.17 Four-quadrant notation

Figure 6.18 Open water test results with B4-70 screw series in four quadrants (Reproduced from Reference 6)

the water, respectively. Figure 6.17 assists in clarifying
this notation for fixed pitch propellers.

For multi-quadrant studies the advance angle notation
offers a considerably more flexible representation than
the conventional advance coefficient J ; since when the
propeller rpm is 0, such as when β = 90◦ or 270◦, then
J → ∞. Similarly, the thrust and torque coefficients
need to be modified in order to prevent similar problems
from occurring and the following are derived:

C∗
T = T

1
2ρV 2

r AO

and

C∗
Q = Q

1
2ρV 2

r AOD

where Vr is the relative advance velocity at the 0.7R
blade section. Consequently, the above equations can
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Figure 6.19 Open water test results with B4-screw series and P/D = 1.0 in four quadrants (Reproduced from Reference 6)

be written explicitly as

C∗
T = T

(π/8)ρ[V 2
a + (0.7πnD)2]D2

and

C∗
Q = Q

(π/8)ρ[V 2
a + (0.7πnD)2]D3

⎫

⎪

⎪

⎪

⎪

⎪

⎬

⎪

⎪
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⎪

⎪

⎭

(6.21)

Note the asterisks in equation (6.21) are used to avoid
confusion with the free stream velocity based thrust and
torque coefficients CT and CQ defined in equations (6.4)
to (6.6).

Results plotted using these coefficients take the form
shown in Figures 6.18 to 6.20 for the Wageningen

B4-70 screw propeller series. These curves, as can be
seen, are periodic over the range 0◦ ≤ β ≤ 360◦ and,
therefore, lend themselves readily to a Fourier type
representation. Van Lammeren et al. (Reference 6)
suggests a form:

C∗
T =

20
∑

k=0
[Ak cos(kβ) + Bk sin(kβ)]

C∗
Q =

20
∑

k=0
[Ak cos(kβ) + Bk sin(kβ)]

⎫

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎭

(6.22)

When evaluating the off-design characteristics by open
water data it is important to endeavour to find data from a
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Figure 6.20 Open water test results with B-series propellers of variable blade number, approximately similar blade
area ratio and P/D = 10 (Reproduced from Reference 6)

model which is close to the design under consideration.
From the Wageningen data it will be seen that blade
area ratio has an important influence on the magnitude
of C∗

T and C∗
Q in the two regions 40◦ < β < 140◦ and

230◦ < β < 340◦. In these regions the magnitude of C∗
Q

can vary by as much as a factor of three, at model scale,
for a blade area ratio change from 0.40 to 1.00. Simi-
larly, the effect of pitch ratio will have a considerable
influence on C∗

Q over almost the entire range of β as seen
in Figure 6.18. Blade number does not appear to have

such pronounced effects as pitch ratio or expanded area
ratio and, therefore, can be treated as a less significant
variable.

Apart from the Wageningen B-screw series there
have over the years been other studies, undertaken on
propellers operating in off-design conditions. Notable
amongst these are Conn (Reference 32) and Nordstrom
(Reference 33); these latter works, however, are con-
siderably less extensive than the Wageningen data cited
above.
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With regard to ducted propellers a 20-term Fourier
representation has been undertaken (Reference 25) for
the 19A and 37 ducted systems when using the Ka 4.70
propeller and has been shown to give a satisfactory
correlation with the model test data. Consequently,
as with the case of the non-ducted propellers the
coefficients C∗

T, C∗
Q and C∗

TN are defined as follows:

⎧

⎪

⎨

⎪

⎩

C∗
T

C∗
Q

C∗
TN

⎫

⎪

⎬

⎪

⎭

=
20
∑

k=0

[Ak cos (kβ) + Bk sin(kβ)] (6.23)

The corresponding tables of coefficients are reproduced
from (Reference 25) in Tables 6.18 and 6.19 for the 19A
and 37 ducts, respectively.

As might be expected the propeller, in this case the
Ka = 4–70, still shows the same level of sensitivity to
P/D, and almost certainly to AEAO, with β as did the
non-ducted propellers; however, the duct is compara-
tively insensitive to variations in P/D except in the
region −20◦ ≤ β ≤ 20◦.

Full details of the Wageningen propeller series can
be found in Reference 40 which includes a diskette
containing the data and computer programs to perform
calculations based on the various propeller series.

In the case of the controllable pitch propeller the
number of quadrants reduces to two since this type of
propeller is unidirectional in terms of rotational speed.
Using the fixed pitch definition of quadrants the two
of interest for controllable pitch propeller work are the
first and fourth, since the advance angle lies in the range
90◦ ≤ β ≤ − 90◦. As discussed earlier, the amount of
standard series data for controllable pitch propellers in
the public domain is comparatively small; the work of
Gutsche and Schroeder (Reference 27), Yazaki (Ref-
erence 29) being perhaps the most prominent. Strom-
Tejsen and Porter (Reference 34) undertook an analysis
of the Gutsche–Schroeder three-bladed c.p.p. series,
and by applying regression methods to the data derived
equations of the form:

C∗
T

C∗
Q

}

=
L
∑

t=0
Rl,2(z)

M
∑

m=0
Pm,10(y)

N
∑

n=0

{al,m,n cos (nβ) + bl,m,n sin (nβ)}

where y = {[P0.7/D]set + 1.0}/0.25
and z = (AD/AO − 0.50)/0.15

(6.24)

and Rl,2 (z) and Pm,10 (y) are orthogonal polynomials
defined by

Pm,n(x) =
m
∑

k=0

( − 1)k

(

m
k

)(

m + k
k

)

x(k)

n(k)

The coefficients a and b of equation (6.24) are defined in
Table 6.20 for use in the equations; however, it has been
found that it is unnecessary for most purposes to use

the entire table of coefficients and that fairing based on
L = 2, M = 4 and N = 14 provides sufficient accuracy.

6.7 Slipstream contraction and flow
velocities in the wake

When a propeller is operating in open water the slip-
stream will contract uniformly as shown in Figure
6.21(a). This contraction is due to the acceleration of
the fluid by the propeller and, consequently, is depend-
ent upon the thrust exerted by the propeller. The greater
the thrust produced by the propeller for a given speed
of advance, the more the slipstream will contract.

Nagamatsu and Sasajima studied the effect of con-
traction through the propeller disc (Reference 35) and
concluded that the contraction could be represented to
a first approximation by the simple momentum theory
relationship:

DO

D
= [0.5(1 + (1 + CT)1/2)]1/2 (6.25)

where DO is the diameter of the slipstream far upstream
D is the diameter of the propeller disc
CT is the the propeller thrust coefficient.

Figure 6.20(b) shows the correlation found by
Nagamatsu and Sasajima for both uniform and wake
flow conditions. Whilst the uniform flow results fit the
curve well, as might be expected, and the wake flow
results show broad agreement, it must be remembered
that our understanding of the full-interaction effects is
far from complete at this time.

The flow in the slipstream of the propeller is complex
and a great deal has yet to be understood. Leathard (Ref-
erence 36) shows measurements of field point velocity
studies conducted on the KCD 19 model propeller
which formed a member of the KCD-series discussed
in Section 6.5.7 and tested at the University of New-
castle upon Tyne. The measurements were made using
an assembly of rotating pitot tubes and the results
are shown in terms of the axial distribution of hydro-
dynamic pitch angle over a range of plus or minus
seven propeller diameters, as shown in Figure 6.22
for an advance coefficient of 0.80 which corresponds
to the optimum efficiency condition. Studies by Keh-
Sik (Reference 37) using non-intrusive laser-Doppler
anemometry techniques on a series of NSRDC research
propellers show similar patterns. Figure 6.23 shows the
changes in slipstream radius, hydrodynamic pitch angle
of the tip vortex and the field point velocities close to
the trailing edge of the NSRDC 4383 propeller work-
ing at its design J of 0.889. The propeller has a skew of
72◦ which accounts for the slipstream non-dimensional
radius starting at unity at a distance of some 0.35R
behind the propeller. This propeller is one of the series,
referred to in Section 6.5.7, and tested originally by
Boswell (Reference 19).



Table 6.18 Fourier coefficients for Ka 4-70 propeller in 19A duct (Oosterveld (Reference 25)) [AQ2]

K P/D = 0.6 P/D = 0.8 P/D = 1.0 P/D = 1.2 P/D = 1.4
A(K) B(K) A(K) B(K) A(K) B(K) A(K) B(K) A(K) B(K)

C∗
T 0 −0.14825E+0 +0.00000E+0 −0.13080E+0 +0.00000E+0 −0.10985E+0 +0.00000E+0 −0.90888E−1 +0.00000E+0 −0.73487E−1 +0.00000E+0

1 +0.84697E−1 −0.10838E+1 +0.10985E+0 −0.10708E+1 +0.14064E+0 −0.10583E+1 +0.17959E+0 −0.11026E+1 +0.22861E+0 −0.98101E+0
2 +0.16700E+0 −0.18023E−1 +0.15810E+0 +0.24163E−1 +0.15785E+0 +0.47284E−1 +0.14956E+0 +0.61459E−1 +0.14853E+0 +0.71510E−1
3 +0.96610E−3 +0.11825E+0 +0.18367E−1 +0.12784E+0 +0.45544E−1 +0.13126E+0 +0.65675E−1 +0.13715E+0 +0.75328E−1 +0.14217E+0
4 +0.14754E−1 −0.70713E−2 +0.16168E−1 −0.14064E−2 +0.51639E−2 −0.77539E−2 +0.52107E−2 −0.17280E−1 +0.34084E−2 −0.22675E−1
5 −0.11806E−1 +0.62894E−1 −0.37402E−2 +0.76213E−1 −0.25560E−2 +0.93507E−1 −0.68232E−2 +0.96579E−1 −0.11643E−2 +0.91082E−1
6 −0.14888E−1 +0.11519E−1 −0.11736E−1 +0.13259E−1 −0.60502E−2 +0.92520E−2 −0.62896E−2 +0.58809E−2 +0.18576E−3 −0.40283E−2
7 +0.73311E−2 +0.17070E−2 +0.25483E−2 −0.42300E−2 +0.67368E−2 −0.14828E−1 +0.18178E−1 −0.22587E−1 +0.26970E−1 −0.22759E−1
8 +0.75022E−2 +0.22990E−2 +0.12350E−2 −0.26246E−2 +0.68571E−2 −0.96554E−2 +0.60694E−2 −0.14819E−1 +0.20616E−2 −0.16727E−1
9 −0.15128E−1 +0.13458E−1 −0.20772E−2 +0.16328E−1 +0.47245E−2 +0.96216E−2 +0.61942E−2 −0.10398E−1 +0.78666E−2 +0.86970E−2

10 +0.33002E−2 +0.54810E−3 +0.69749E−2 −0.33979E−3 +0.23591E−2 −0.75453E−3 +0.26482E−2 −0.29324E−2 +0.46912E−2 −0.47515E−2
11 +0.31416E−2 +0.42076E−2 +0.59838E−2 +0.23506E−2 +0.87912E−2 +0.24453E−2 +0.12137E−1 +0.40913E−2 +0.14771E−1 +0.22828E−2
12 −0.21144E−2 −0.57232E−2 −0.14599E−2 −0.69497E−2 +0.11968E−2 −0.87981E−2 −0.35705E−2 −0.44436E−2 −0.75056E−2 −0.49383E−2
13 +0.29438E−2 +0.74689E−2 +0.83533E−2 +0.61925E−2 +0.83808E−2 +0.18184E−2 +0.32985E−2 −0.12190E−2 +0.14983E−2 −0.25924E−2
14 +0.33857E−3 −0.84815E−4 +0.11093E−2 +0.35046E−3 −0.82098E−3 +0.20077E−2 −0.88652E−3 −0.22551E−2 +0.24058E−2 −0.25143E−2
15 +0.41236E−2 −0.13374E−2 +0.41885E−2 −0.11571E−2 +0.27371E−2 −0.33070E−2 +0.69807E−2 −0.32272E−2 +0.55647E−2 −0.33659E−2
16 +0.16259E−2 −0.91934E−3 −0.12438E−3 −0.32566E−3 −0.26121E−3 −0.79201E−3 −0.17560E−3 +0.17553E−2 −0.38178E−2 +0.28153E−2
17 +0.12759E−2 +0.27412E−2 +0.38034E−2 +0.63420E−3 +0.19133E−2 −0.36311E−3 +0.21643E−2 +0.14875E−2 +0.26704E−2 −0.22162E−3
18 +0.20647E−2 −0.10198E−2 +0.90073E−3 −0.22749E−2 +0.32290E−3 −0.19377E−2 +0.35362E−3 +0.45353E−4 +0.15745E−2 −0.53749E−3
19 +0.34157E−2 +0.19845E−2 +0.31147E−2 −0.36805E−3 +0.15223E−2 −0.12135E−2 +0.25772E−2 −0.88702E−3 +0.24500E−3 −0.35190E−2
20 −0.58703E−3 −0.13980E−2 −0.10633E−3 −0.12350E−2 −0.10151E−2 −0.31678E−3 −0.18279E−2 −0.94609E−3 −0.42370E−4 −0.42846E−3

C∗
TN 0 −0.14276E+0 +0.00000E+0 −0.12764E+0 +0.00000E+0 −0.11257E+0 +0.00000E+0 −0.10166E+0 +0.00000E+0 −0.86955E−1 +0.00000E+0

1 −0.55946E−2 −0.21875E+0 +0.68679E−3 −0.24100E+0 +0.93340E−2 −0.26265E+0 +0.18593E−1 −0.27769E+0 +0.30046E−1 −0.29799E+0
2 +0.15519E+0 +0.10114E−1 +0.14639E+0 +0.18919E−1 +0.13788E+0 +0.27587E−1 +0.13408E+0 +0.35459E−1 +0.12651E+0 +0.43403E−1
3 +0.15915E−1 +0.47120E−1 +0.23195E−1 +0.55513E−1 +0.33223E−1 +0.65262E−1 +0.43767E−1 +0.72317E−1 +0.55034E−1 +0.83309E−1
4 +0.66633E−2 −0.58914E−1 +0.10292E−1 −0.12453E−2 +0.12672E−1 −0.40234E−2 +0.13604E−1 −0.83408E−2 +0.19376E−1 −0.14571E−1
5 +0.89343E−3 −0.12958E−2 +0.86651E−2 −0.14748E−2 +0.14250E−1 +0.10255E−2 +0.18658E−1 +0.44854E−2 +0.22082E−1 +0.43398E−2
6 −0.38876E−2 −0.20824E−2 −0.39124E−2 −0.21899E−2 −0.30407E−3 −0.32045E−2 +0.26598E−2 −0.37642E−2 +0.76282E−2 −0.39256E−2
7 +0.10976E−1 +0.52475E−2 +0.15984E−1 +0.56694E−2 +0.19888E−1 −0.21752E−2 +0.24097E−1 +0.75727E−3 +0.31821E−1 −0.23504E−2
8 +0.31959E−2 −0.15428E−2 +0.46295E−2 −0.49911E−2 +0.48334E−2 −0.59535E−2 +0.47924E−2 −0.88802E−2 +0.51835E−2 −0.13633E−1
9 +0.14201E−2 +0.23580E−2 +0.68371E−3 +0.13631E−2 +0.28427E−2 +0.90664E−3 +0.36556E−2 +0.40541E−3 +0.38898E−2 −0.14000E−2



10 +0.13507E−2 +0.23491E−3 +0.16740E−2 +0.12877E−2 +0.32326E−2 −0.10222E−2 +0.39850E−2 −0.12811E−2 +0.49300E−2 −0.28212E−2
11 +0.50526E−2 −0.26868E−2 +0.83495E−2 −0.35176E−2 +0.97693E−2 −0.48133E−2 +0.10643E−1 −0.55230E−2 +0.10731E−1 −0.77360E−2
12 −0.90855E−3 −0.45635E−2 −0.77063E−3 −0.55571E−2 −0.28378E−3 −0.56355E−2 +0.25495E−3 −0.63566E−2 +0.11388E−2 −0.68665E−2
13 +0.42758E−4 −0.44554E−4 +0.14936E−2 +0.31438E−3 +0.29395E−2 −0.18248E−2 +0.29347E−2 −0.25338E−2 +0.31378E−2 −0.42392E−2
14 +0.42084E−3 −0.18564E−4 +0.11017E−2 −0.11179E−2 +0.53177E−3 −0.20263E−2 +0.36599E−3 −0.20504E−2 −0.82607E−3 −0.33252E−2
15 +0.20269E−2 −0.80547E−3 +0.16804E−2 −0.24577E−2 +0.16229E−2 −0.30382E−2 +0.13115E−2 −0.38485E−2 −0.17537E−4 −0.45496E−2
16 −0.79748E−3 −0.10170E−2 −0.10338E−2 −0.55484E−3 −0.27265E−3 −0.11128E−2 −0.13511E−2 −0.63908E−3 −0.36227E−2 −0.12282E−2
17 +0.97452E−3 −0.46721E−4 +0.22409E−2 +0.10968E−3 +0.20276E−2 −0.15327E−2 +0.17101E−2 −0.10819E−2 −0.22400E−3 −0.15759E−2
18 +0.48897E−3 −0.17088E−3 +0.11000E−2 −0.73945E−3 +0.35477E−3 −0.12433E−2 +0.33765E−3 −0.96321E−3 −0.58416E−3 −0.77655E−6
19 +0.84347E−3 −0.60673E−3 +0.48406E−3 −0.15400E−2 +0.39082E−3 −0.20069E−2 −0.39681E−3 −0.20969E−2 −0.12806E−2 −0.17787E−2
20 −0.39298E−3 −0.36317E−3 −0.33008E−3 +0.22408E−3 −0.92513E−3 −0.48842E−3 −0.11814E−2 −0.19298E−3 − 0.19870E−2 +0.49570E−3

C∗
Q 0 +0.17084E−1 +0.00000E+0 +0.19368E−1 +0.00000E+0 +0.35189E−1 +0.00000E+0 +0.43800E−1 +0.00000E+0 +0.73202E−1 +0.00000E+0

1 +0.10550E+0 −0.78070E+0 +0.17050E+0 −0.99912E+0 +0.24406E+0 −0.11717E+1 +0.35299E+0 −0.12949E+1 +0.47301E+0 −0.14062E+1
2 −0.27380E−1 +0.38134E−1 −0.11901E−1 +0.31924E−1 −0.73880E−2 +0.51155E−1 −0.10917E−1 +0.59030E−1 −0.33300E−1 +0.71683E−1
3 −0.11827E−1 +0.74292E−1 −0.25601E−2 +0.81384E−1 +0.28260E−1 +0.89069E−1 +0.47062E−1 +0.93540E−1 +0.62786E−1 +0.11449E+0
4 +0.28671E−1 −0.13568E−1 +0.17763E−1 −0.35096E−3 −0.55959E−2 −0.65670E−2 −0.10779E−1 −0.61148E−2 −0.19511E−1 −0.13400E−1
5 +0.42504E−2 +0.66595E−1 +0.82085E−2 +0.10631E 0 +0.26558E−3 +0.14204E+0 −0.10193E−1 +0.16121E+0 −0.27569E−1 +0.17547E 0
6 −0.78835E−2 +0.10330E−1 −0.34336E−2 +0.15116E−1 +0.11368E−1 +0.77052E−2 −0.88824E−3 +0.14624E−1 −0.38296E−2 +0.25715E−1
7 −0.70981E−2 −0.17885E−1 −0.24534E−1 −0.27045E−1 −0.47401E−1 −0.36091E−1 −0.37893E−1 −0.53549E−1 −0.23310E−1 −0.54967E−1
8 +0.76691E−2 −0.36187E−2 −0.10289E−2 −0.59389E−2 −0.65686E−2 +0.42036E−2 −0.70346E−2 −0.31589E−2 −0.84525E−2 −0.12576E−1
9 −0.12506E−1 +0.10015E−1 −0.74938E−2 +0.11085E−1 −0.74990E−2 +0.21139E−2 −0.81030E−2 +0.14382E−1 −0.48956E−2 +0.13084E−1

10 −0.70343E−2 +0.55926E−2 +0.15444E−2 +0.83787E−2 +0.12873E−2 +0.13095E−1 +0.72622E−2 +0.99836E−2 +0.48544E−2 +0.10733E−1
11 −0.10254E−1 +0.69688E−2 −0.14173E−1 +0.15192E−1 +0.46502E−2 +0.30961E−1 −0.54390E−2 +0.38781E−1 −0.71945E−2 +0.44142E−1
12 +0.25186E−2 −0.47676E−2 −0.28034E−2 −0.51507E−2 −0.46676E−2 −0.99459E−2 −0.20060E−2 −0.46749E−2 −0.53185E−2 −0.10945E−2
13 +0.96613E−2 +0.88889E−2 +0.14246E−1 +0.14836E−1 +0.33438E−2 +0.17921E−1 +0.39281E−2 +0.14944E−1 +0.13281E−2 +0.12209E−1
14 +0.14934E−2 +0.49081E−2 +0.34663E−2 +0.25041E−2 +0.22046E−2 −0.81917E−2 −0.65256E−3 −0.63253E−2 +0.68695E−2 −0.14074E−2
15 −0.28323E−2 −0.58150E−4 +0.20764E−2 −0.78615E−3 +0.70034E−2 −0.78428E−3 +0.15414E−1 +0.22275E−2 +0.18071E−1 +0.17837E−2
16 −0.30360E−2 +0.52044E−2 −0.29424E−2 −0.24526E−2 +0.39147E−1 +0.72661E−2 +0.30356E−2 +0.71826E−2 −0.15725E−2 +0.37948E−2
17 +0.20889E−2 +0.12522E−2 +0.30149E−2 −0.32187E−3 +0.73719E−2 −0.47316E−2 +0.59073E−2 +0.10229E−2 +0.11527E−1 +0.49971E−2
18 +0.31929E−2 +0.33109E−2 +0.27714E−2 −0.48551E−3 −0.94083E−3 −0.25731E−2 +0.41433E−2 −0.59201E−2 +0.10168E−1 −0.42398E−2
19 −0.91635E−3 +0.52446E−2 +0.18423E−3 +0.35455E−2 +0.60560E−2 +0.11136E−2 +0.46102E−2 −0.14814E−2 +0.81504E−3 −0.77298E−2
20 −0.23922E−2 −0.20591E−2 −0.81634E−4 −0.34936E−3 −0.42390E−3 −0.15470E−2 −0.57423E−3 −0.43092E−2 +0.14051E−2 −0.34485E−2



Table 6.19 Fourier coefficients of Ka 4-70 propeller in No. 37 duct (Oosterveld (Reference 25))

K P/D = 0.6 P/D = 0.8 P/D = 1.0 P/D = 1.2 P/D = 1.4
A(K) B(K) A(K) B(K) A(K) B(K) A(K) B(K) A(K) B(K)

C∗
T 0 −0.78522E−1 +0.00000E+0 −0.81169E−1 +0.00000E+0 −0.78681E−1 +0.00000E+0 −0.60256E−1 +0.00000E+0 −0.47437E−1 +0.00000E+0

1 +0.91962E−1 −0.12241E+1 +0.12849E+0 −0.11842E+1 +0.17005E+0 −0.11152E+1 +0.22360E+0 −0.10687E+1 +0.26393E+0 −0.10004E+1
2 +0.96733E−1 −0.10805E−1 +0.11331E+0 +0.58341E−3 +0.12604E+0 +0.20371E−1 +0.12353E+0 +0.29643E−1 +0.11478E+0 +0.46145E−1
3 −0.14657E−2 +0.16207E+0 +0.15131E−1 +0.16441E+0 +0.24444E−1 +0.15275E+0 +0.24086E−1 +0.14275E+0 +0.47309E−1 +0.14074E+0
4 +0.10810E−1 +0.10642E−2 +0.41567E−2 +0.62103E−2 −0.69987E−2 +0.28881E−2 −0.14518E−1 −0.14016E−1 −0.11061E−1 −0.21940E−1
5 −0.20708E−1 +0.78648E−1 −0.16220E−1 +0.76506E−1 −0.52998E−2 +0.78299E−1 −0.62461E−2 +0.73413E−1 +0.11308E−1 +0.67294E−1
6 −0.80316E−2 +0.14098E−1 −0.11305E−1 +0.96359E−2 −0.77500E−2 +0.18865E−2 −0.43441E−2 +0.70950E−3 −0.83647E−3 −0.44987E−2
7 +0.11052E−1 −0.11329E−1 +0.93452E−2 −0.18036E−1 +0.67088E−2 −0.24665E−1 +0.17726E−1 −0.26735E−1 +0.24933E−1 −0.25518E−1
8 +0.21070E−2 −0.52596E−2 +0.17779E−2 −0.12146E−1 +0.78818E−2 −0.82956E−2 +0.10820E−1 −0.10309E−1 +0.19552E−2 −0.12518E−1
9 −0.16466E−1 +0.11815E−1 −0.62214E−2 +0.92879E−2 +0.83058E−2 +0.15085E−1 +0.89902E−2 +0.15399E−1 +0.60531E−2 +0.14151E−1

10 +0.85238E−3 −0.23771E−2 +0.46290E−2 +0.40488E−2 +0.20833E−2 +0.15879E−2 −0.24474E−2 −0.72466E−2 −0.28748E−2 +0.12588E−2
11 +0.39384E−2 +0.64113E−2 +0.69293E−2 +0.73891E−2 +0.72262E−2 +0.95129E−2 +0.51620E−2 +0.93292E−2 +0.64118E−2 +0.55618E−2
12 −0.32905E−2 +0.50027E−2 −0.20445E−2 −0.40761E−2 −0.58329E−3 −0.73249E−2 −0.48962E−2 −0.39241E−2 −0.48164E−2 −0.53289E−2
13 +0.25672E−2 +0.60467E−2 +0.59366E−2 +0.59307E−2 +0.88467E−2 +0.34931E−2 +0.80184E−2 +0.55616E−2 +0.64267E−2 +0.44079E−2
14 +0.24770E−2 −0.28242E−2 −0.44055E−3 −0.22663E−2 −0.29559E−2 −0.63570E−2 −0.25019E−2 −0.31513E−3 −0.40358E−2 +0.48467E−3
15 +0.62208E−2 +0.20489E−2 +0.72301E−2 −0.15148E−2 +0.11530E−1 −0.22474E−2 +0.14983E−1 −0.17566E−2 +0.16051E−1 −0.18905E−2
16 +0.34143E−3 +0.31069E−3 −0.53198E−3 −0.13262E−3 −0.83057E−3 +0.25069E−2 −0.28220E−3 +0.18409E−2 −0.32816E−2 +0.29965E−2
17 +0.19780E−2 +0.63925E−3 +0.26809E−2 +0.40086E−2 +0.31339E−2 −0.12990E−2 +0.23533E−2 +0.29180E−2 +0.30250E−2 −0.37761E−2
18 +0.60762E−3 −0.22082E−2 −0.85582E−3 −0.11431E−2 −0.13290E−2 −0.41905E−3 −0.64457E−3 +0.63270E−3 −0.13567E−2 +0.32763E−2
19 +0.34488E−2 +0.30421E−2 +0.32728E−2 −0.25883E−2 +0.30666E−2 −0.28288E−2 +0.12248E−2 −0.31003E−2 +0.31794E−2 −0.44109E−2
20 −0.17166E−2 −0.52892E−3 −0.11347E−2 −0.93290E−4 −0.13749E−2 −0.45929E−3 −0.17391E−2 −0.31826E−3 +0.44946E−3 +0.10459E−2

C∗
TN 0 −0.75854E−1 +0.00000E+0 −0.85104E−1 +0.00000E−1 −0.80432E−1 +0.00000E+0 −0.72310E−1 +0.00000E+0 −0.63893E−1 +0.00000E+0

1 +0.91152E−2 −0.34397E+0 +0.15122E−1 −0.33237E+0 +0.29904E−1 −0.32774E+0 +0.47220E−1 −0.32899E+0 +0.60260E−1 −0.33060E+0
2 +0.85316E−1 −0.60863E−2 +0.10325E+0 +0.24803E−2 +0.10546E+0 +0.81952E−2 +0.10455E+0 +0.17983E−1 +0.10016E+0 +0.28880E−1
3 +0.47203E−2 +0.82506E−1 +0.15649E−1 +0.89761E−1 +0.21277E−1 +0.93073E−1 +0.23912E−1 +0.93061E−1 +0.33369E−1 +0.99036E−1
4 +0.31838E−2 +0.51816E−2 +0.75680E−3 +0.45883E−2 −0.14818E−2 +0.38289E−2 −0.32961E−2 −0.63572E−2 −0.17785E−2 −0.10075E−1
5 +0.45464E−2 +0.99282E−2 +0.92408E−2 +0.26548E−2 +0.15667E−1 +0.21950E−3 +0.24863E−1 +0.74431E−3 −0.38604E−1 +0.71186E−1
6 +0.31828E−2 +0.59292E−3 −0.25160E−8 −0.42819E−2 −0.17592E−2 −0.63045E−2 +0.17700E−3 −0.30252E−2 +0.43713E−2 −0.48584E−1
7 +0.95481E−2 −0.19148E−2 +0.18041E−1 −0.24385E−2 +0.25671E−1 −0.23125E−2 +0.30933E−1 −0.26122E−2 +0.35035E−1 −0.18671E−1
8 −0.19432E−2 −0.17686E−2 −0.14737E−2 −0.45051E−2 −0.90447E−3 −0.36290E−2 +0.15955E−2 −0.64419E−2 +0.50841E−3 −0.10093E−1
9 +0.58607E−2 −0.78198E−3 +0.48237E−2 −0.15233E−2 +0.88204E−2 −0.90853E−3 +0.12406E−1 +0.33704E−3 +0.12764E−1 +0.24435E−4



10 −0.15047E−2 −0.30445E−2 −0.99338E−3 −0.15358E−2 −0.18008E−2 −0.18997E−2 −0.13918E−2 −0.29805E−2 −0.24911E−3 −0.22708E−2
11 +0.38003E−2 −0.27783E−2 +0.48625E−2 −0.32041E−2 +0.81643E−2 −0.40480E−2 +0.10216E−1 −0.50133E−2 +0.13320E−1 −0.77347E−2
12 −0.63250E−3 +0.17514E−3 −0.11657E−2 +0.17286E−4 −0.97356E−3 −0.34197E−3 +0.16203E−4 −0.28858E−2 −0.18539E−2 −0.40802E−2
13 +0.10102E−2 −0.60004E−3 +0.43615E−2 −0.80871E−3 +0.69039E−2 −0.13522E−2 +0.72150E−2 −0.28057E−2 +0.77057E−2 −0.20523E−2
14 −0.28923E−3 −0.32771E−3 −0.38004E−3 −0.21661E−2 −0.56244E−3 −0.22322E−2 −0.39249E−3 −0.11737E−2 +0.22148E−3 −0.21040E−2
15 +0.26588E−2 +0.16418E−3 +0.32422E−2 −0.21791E−3 +0.45475E−2 −0.14808E−2 +0.48746E−2 −0.34043E−2 +0.51024E−2 −0.47028E−2
16 −0.11302E−3 −0.14323E−2 −0.37155E−3 −0.72641E−3 −0.38196E−3 −0.11481E−2 −0.21174E−2 −0.20546E−2 −0.26606E−2 −0.19265E−2
17 +0.19966E−2 −0.11456E−2 +0.22704E−2 −0.13466E−2 +0.31160E−2 −0.28678E−2 +0.31669E−2 −0.31834E−2 +0.24555E−2 −0.39615E−2
18 −0.56644E−3 −0.74530E−3 −0.11253E−2 −0.23762E−3 −0.11878E−2 −0.25410E−3 −0.13671E−2 −0.11222E−2 −0.26363E−2 −0.60252E−3
19 +0.95964E−3 −0.83559E−3 +0.19759E−2 −0.10735E−2 +0.19158E−2 −0.25631E−2 +0.16721E−2 −0.26716E−2 +0.10883E−2 −0.27663E−2
20 −0.58527E−3 −0.54179E−4 −0.96980E−3 −0.57005E−5 −0.13129E−2 +0.22029E−4 −0.19020E−2 −0.49627E−3 −0.28978E−2 +0.10214E−3

C∗
Q 0 +0.14884E−1 +0.00000E+0 +0.20089E−1 +0.00000E+0 −0.30767E−1 +0.00000E+0 +0.44351E−1 +0.00000E+0 +0.64033E−1 +0.00000E+0

1 +0.10044E+0 −0.79096E+0 +0.16636E+0 −0.99219E+0 +0.24472E+0 −0.11315E+1 +0.34230E+0 −0.12562E+1 +0.45620E+0 −0.13383E+1
2 −0.25182E−1 +0.12206E−1 −0.18383E−1 +0.12892E−1 −0.11316E−1 +0.33712E−1 −0.18087E−1 +0.55298E−1 −0.26747E−1 +0.57075E−1
3 −0.10918E−1 +0.90718E−1 −0.19051E−1 +0.95272E−1 −0.81658E−2 +0.90343E−1 +0.35568E−2 +0.92837E−1 +0.16152E−1 +0.89051E−1
4 +0.27502E−1 +0.72669E−2 +0.16808E−1 +0.16045E+1 +0.16208E−2 +0.12113E−1 −0.63786E−2 −0.49373E−2 −0.15846E−1 −0.97724E−2
5 −0.26072E−2 +0.57653E−1 +0.52434E−2 +0.94354E−1 +0.86632E−2 +0.12138E+0 −0.13513E−1 +0.14129E+0 −0.19336E−1 +0.15575E+0
6 −0.11409E−1 +0.11032E−3 −0.11019E−1 −0.36169E−2 −0.34936E−2 −0.54322E−2 +0.94572E−3 −0.31662E−2 +0.55030E−2 +0.25599E−2
7 +0.93808E+3 −0.99388E−2 −0.26942E−1 −0.22539E−1 −0.46075E−1 −0.35712E−1 −0.35793E−1 −0.45159E−1 −0.28670E−1 −0.42572E−1
8 +0.82783E−2 −0.22892E−2 +0.94780E−2 −0.30457E−4 +0.66651E−2 +0.63862E−2 +0.10295E−1 +0.56348E−2 +0.28700E−3 +0.29638E−2
9 −0.17756E−1 +0.53796E−2 −0.19689E−2 +0.21436E−2 +0.61510E−2 +0.14021E−1 +0.22438E−2 +0.28053E−1 −0.49652E−2 +0.24850E−1

10 −0.42598E−2 +0.36876E−2 +0.16447E−2 +0.37463E 2 +0.51947E−2 +0.28095E−2 −0.26275E−2 +0.23267E−2 +0.23913E−2 +0.30607E−2
11 −0.46664E−2 +0.96603E−2 −0.14766E−1 +0.21398E−1 −0.13702E−1 +0.32828E−1 −0.17427E−1 +0.38309E−1 −0.20976E−1 +0.41837E−1
12 +0.10278E−2 +0.41719E−3 −0.22670E−2 +0.19168E−2 +0.12766E−3 −0.19195E−2 −0.21233E−2 −0.69986E−2 +0.14416E−2 −0.32116E−2
13 +0.20667E−2 +0.72900E−2 +0.93023E−2 +0.76358E−2 +0.61680E−2 +0.88817E−2 +0.98031E−2 +0.14268E−1 +0.39953E−2 +0.17848E−1
14 +0.18501E−2 +0.96970E−3 +0.41823E−2 −0.33249E−2 +0.12713E−2 −0.71309E−2 +0.38115E−2 −0.77495E−3 −0.13605E−2 +0.30114E−2
15 +0.26112E−2 +0.87227E−3 +0.77675E−2 +0.24934E−2 +0.14570E−1 +0.30977E−2 +0.22608E−1 +0.32200E−2 +0.28437E−1 +0.75977E−2
16 −0.32505E−2 +0.21002E−3 −0.13283E−2 +0.39206E−3 +0.44360E−2 +0.64517E−3 −0.37227E−3 +0.69956E−2 +0.19337E−2 +0.27087E−2
17 −0.77389E−3 +0.28832E−2 −0.92032E−3 −0.83670E−3 +0.18140E−2 −0.22876E−2 +0.14353E−3 −0.21184E−3 +0.75472E−2 −0.13255E−2
18 +0.13220E−2 +0.70445E−3 +0.25952E−3 −0.31653E−2 −0.43127E−2 −0.98748E−4 +0.16375E−2 −0.84958E−3 +0.29007E−2 +0.30258E−3
19 +0.16856E−2 +0.39547E−2 +0.23462E−2 +0.41032E−2 +0.38794E−2 +0.10718E−2 +0.51490E−2 −0.14700E−2 +0.32369E−2 −0.37368E−2
20 −0.48127E−3 +0.17791E−2 +0.69823E−3 +0.20375E−2 +0.14728E−3 −0.23283E−2 +0.26719E−2 −0.27758E−2 +0.32247E−2 −0.23794E−2
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Table 6.20 Coefficients for Strom-Tejsen polynomials defining the Gutsche–Schroeder series – thrust (taken from
Reference 34)

A coefficients A(L, M, N) × 106 B coefficients B(L, M, N) × 106

N M = 0 1 2 3 4 5 M = 0 1 2 3 4 5

L = 0
0 3055 −8255 −2412 3344 −531 −468 0 0 0 0 0 0
1 21920 −325109 2702 4081 344 646 −781450 −58146 94995 −3948 −9 4189
2 3788 4004 1217 2091 −1045 −266 −10445 11179 6492 −10669 1714 1954
3 33766 55497 6639 −13267 −7191 852 65631 19985 −53191 −14561 4949 4129
4 −4176 −2115 −2876 −1533 1651 97 7884 −7946 −4414 6304 138 −1549

5 −19955 38365 −6849 −2351 758 −160 75207 −9133 −6045 11322 714 −2566
6 492 6657 3006 −2619 411 −101 −2706 1972 2150 −2104 −806 814
7 8923 −18381 5533 −1756 −2055 391 −25357 −13015 18690 −4754 3027 1404
8 5 −5883 −3671 3389 −176 −40 1551 −1903 −95 1112 135 −99
9 7832 5642 6948 −1283 −276 −75 29992 5151 2897 1913 −209 −106

10 482 4105 2507 −1989 −580 373 931 −585 −679 19 88 −322
11 626 −9723 −1720 −431 −1745 −444 3172 −3470 10337 6767 −1973 −585
12 226 −4453 −909 1458 538 −275 −1335 242 1977 −1158 158 478
13 5755 −13923 −1571 −1958 −2669 348 5390 3640 396 −2450 −510 −137
14 365 2814 −321 −593 −190 −24 1196 −64 −1544 565 122 −504

15 1559 −7313 −45 −701 −314 −284 137 3618 −3589 810 −883 −820
16 −334 −1561 47 414 522 −266 −712 −111 731 −147 113 137
17 1274 −6396 −3567 930 −132 −153 −1327 4113 −3339 −1200 −368 −149
18 916 40 −473 120 −158 −81 553 −250 −94 24 −304 76
19 −225 −1818 −1704 1930 213 10 −1357 2334 −4036 −1506 183 −329

20 −348 −207 275 145 131 36 −565 576 −254 233 6 29
21 −601 719 −1132 1511 903 −257 −1833 2294 −1620 −1176 256 −106
22 515 −262 −680 407 −74 −158 −228 233 282 −415 −54 130
23 −932 1075 −1922 1391 608 −99 −514 468 −610 −798 76 97
24 −291 267 146 −17 55 86 −143 176 132 −107 −36 103

L = 1
0 930 −457 2417 627 −1599 268 0 0 0 0 0 0
1 5560 35199 −2215 −5043 −1334 −1448 87660 −3013 −2277 −4736 4304 −2672
2 −278 −4286 1106 −2442 1082 786 2340 −1514 −5003 3866 336 −1044
3 −16436 −7937 4940 3197 890 2011 −39708 −14817 2086 −447 −2085 807
4 3837 −1713 1185 1923 −300 −1020 −2190 1872 5151 −3950 76 311

5 16902 −1515 1015 758 10 −159 22508 11572 2165 5732 −1117 −390
6 −1803 778 −3364 50 372 195 −82 −437 −2086 530 340 291
7 −7349 −7633 −6192 1604 246 −566 −2373 −497 −4279 −210 763 −743
8 55 688 4577 −2291 382 63 −1426 3428 207 −199 −205 −202
9 2745 6168 1898 326 −635 36 −14199 1281 −4762 −4345 1906 1196

10 −149 −1956 −417 −261 −473 365 1878 −3528 −597 371 523 −182
11 −3305 4518 −1406 397 1630 −0 8888 995 1792 1752 −1344 −657
12 56 1434 931 157 −163 114 −431 1907 −848 1352 −770 −16
13 −1063 2444 822 904 455 123 −4444 −5828 −419 −1940 284 267
14 804 −2297 −1016 907 −225 −202 −1275 1578 −1128 −512 624 −253

15 2553 3274 −3444 −354 59 −2 2303 1520 1760 567 165 255
16 −490 2436 −737 259 −66 36 941 −516 −214 245 186 −63
17 −1944 −752 −441 −724 110 100 1462 −644 2032 2322 −439 −103
18 −199 −628 −170 18 167 −96 −878 700 365 −360 −11 −27
19 1837 −1653 −129 −232 −585 118 −161 −1086 −460 −595 41 177

20 201 753 −578 151 −53 −34 373 −395 160 −514 320 −29
21 −375 −433 803 27 −5 117 542 912 −3 853 −84 −134
22 −744 572 270 −444 270 −59 51 −221 484 149 −167 11
23 51 −1265 −864 −367 −178 5 −675 163 −507 327 39 251
24 564 −488 −41 −56 −49 16 233 −836 657 −414 −117 143

Continued
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Table 6.20 (cont)

A coefficients A(L, M, N) × 106 B coefficients B(L, M, N) × 106

N M = 0 1 2 3 4 5 M = 0 1 2 3 4 5

L = 2
0 1858 −2160 −339 1565 −716 −262 0 0 0 0 0 0
1 −5491 4872 575 −2650 641 196 4845 −9037 −4263 5372 1176 −256
2 1235 −1831 −1031 1248 323 −59 −4966 5145 2923 −4738 852 819
3 3549 −17 1598 1886 261 951 −355 −961 873 701 345 967
4 −1689 2875 202 −1366 151 17 3842 −3410 −1954 2584 126 −777

5 −2078 −4121 2644 1146 −527 −696 −1541 5925 1516 −1287 −731 −993
6 119 −491 −58 −337 659 −75 −1526 744 626 −539 −203 218
7 1389 2406 −5103 −2698 814 −85 1449 −3291 −2144 1010 −135 156
8 504 115 −1102 1228 −362 −305 1370 −793 −354 582 42 −333
9 −720 938 4174 1982 −624 −0 −1523 297 1073 −1157 −413 493

10 −238 −142 371 −409 101 132 −226 −366 25 −55 102 113
11 66 −1373 −570 −295 230 576 701 2248 858 1258 151 −410
12 640 −755 174 264 −91 −58 −293 523 847 −932 102 67
13 −751 1405 −431 −707 518 −248 260 −508 −904 71 −255 321
14 −146 391 −716 256 158 −154 253 −352 −594 591 41 −92

15 −326 −47 287 569 −707 129 −801 −365 371 159 387 17
16 103 −338 592 −287 −55 138 −91 27 538 −448 −120 177
17 145 −298 −676 −545 −129 216 569 61 408 68 63 −156
18 174 −98 −318 196 39 −39 135 −93 −323 358 68 −153
19 −517 141 439 −204 180 −235 114 −1331 −412 127 −100 −81

20 17 −102 14 56 59 −102 −281 369 −37 −125 −71 36
21 596 −591 117 32 −144 169 49 42 341 −80 −156 −10
22 108 43 −202 107 −40 34 −19 60 128 −86 −10 102
23 11 −202 96 96 16 10 87 −71 −266 259 13 −61
24 −107 −11 32 20 27 −5 −144 50 −16 9 −20 −42

Coefficients for Strom-Tejsen polynomials defining the Gutsche–Schrouder series – torque

L = 0
0 −5224 7097 −3358 −4473 3041 −860 0 0 0 0 0 0
1 −283498 105460 −391193 −7431 −400 −2300 241457 −1211300 −80321 65830 13946 −5256
2 −2361 5401 4755 −1329 339 305 1447 −3138 −308 5690 −4903 1186
3 4626 30645 31836 2313 −764 −328 −28541 57594 4960 −28659 −9074 44
4 6544 −13318 −2369 5157 −3336 126 −304 −1966 4951 −3924 558 956

5 30438 −21864 21469 −6644 −4951 −2600 −21066 127800 14368 −4137 −415 2594
6 1011 −142 7201 −2119 346 661 −643 3704 −3358 −1047 2824 −1403
7 −20754 3236 −28269 1160 1133 1634 −2371 −45356 −23439 17969 3844 487
8 −4584 3992 −4253 −2827 1937 −840 −906 960 −2239 3190 −1860 273
9 3803 24969 1468 5987 −1828 −1517 −6720 78975 9414 2656 −2003 −1103

10 4882 −4494 3950 2282 −1158 199 1005 −1106 1313 −577 −124 65
11 −13344 60 −21041 −2939 21 2 −3240 −3368 −5230 4811 4211 −156
12 −4039 3206 −3752 −613 236 116 −962 1337 −2601 1732 −172 −96
13 −10403 14236 −11831 −4367 94 −644 1834 13753 7111 −5097 −1390 −594
14 2500 −890 1653 1003 −246 −145 400 440 197 2 −246 36

15 −5294 3369 −9874 −1982 331 −427 1856 −5692 3713 −3019 −305 −234
16 −1246 −579 −1381 474 −352 199 −525 −151 −521 −8 358 −21
17 −6537 −1127 −5471 −3833 696 578 3379 −9884 2963 −3672 −770 230
18 245 1555 75 −72 139 −57 −168 1014 422 −381 −145 112
19 −650 35 2755 −1385 1061 206 1634 −6289 1642 −2826 −1180 87

20 −216 −798 −392 601 −164 20 151 −1090 152 −264 485 −127
21 −489 4630 2405 −1581 1048 511 2020 −7368 312 −311 −706 96
22 −244 794 −171 −308 96 −12 389 −146 393 −16 −228 39
23 1430 −1749 5017 −943 638 256 60 −2317 −1202 328 −593 423
24 461 −827 700 67 −20 85 −11 −425 25 81 131 71

Continued
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Table 6.20 (cont.)

A coefficients A(L, M, N) × 106 B coefficients B(L, M, N) × 106

N M = 0 1 2 3 4 5 M = 0 1 2 3 4 5

L = 1
0 9424 −13356 −731 3382 −1996 116 0 0 0 0 0 0
1 55888 14526 49411 −3400 −7754 −1769 −55003 119608 7412 5292 5423 6134
2 −14831 23859 −5164 832 1620 −7 −4005 9943 −6587 −1536 4015 −1675
3 −19531 −23447 −11081 7816 9892 1883 10736 −28008 −21466 −7133 −1292 −4745
4 1132 −2698 1536 −6920 1830 −852 −1316 −3353 8037 −3160 −2432 1771

5 −1976 34238 4648 −2054 −4018 −94 1676 29233 10863 894 −894 527
6 4286 −5416 −1003 8609 −2272 528 3025 −155 −6340 4801 284 −801
7 222 −18644 −7190 −735 455 −378 −648 −21742 7485 −3452 1759 1824
8 −8048 13227 −5046 −2936 −742 593 1337 −4706 4231 −1606 −128 −186
9 −1191 3493 4079 −3133 2881 474 4855 −11699 −6139 −2186 −1211 −1549

10 6779 −11303 3004 2760 672 −422 −952 1091 1858 −1658 −167 840
11 8417 −2428 9459 3462 −2476 348 −1140 1265 2616 2964 −292 1888
12 −3001 6360 −1543 −1351 −486 −6 735 −1188 −285 18 590 −442
13 382 −7205 −626 2438 440 306 −3191 −2228 −6197 −639 886 −560
14 −1161 −636 20 −199 602 283 697 −1836 2483 −1214 −79 305

15 2804 8763 5562 2238 230 −104 316 5018 1043 −439 65 87
16 2436 −1925 2635 −624 −481 −6 659 −1328 278 775 −650 213
17 102 −3301 −2018 830 −1060 −8 −1287 2977 1019 2547 1139 530
18 −957 −1255 −318 79 −52 353 267 −294 −130 313 −153 59
19 −2432 3712 −2846 −615 653 −57 −447 1497 −1377 −2460 6 −449

20 1417 −408 1703 −403 −104 −169 −424 894 −522 −179 357 −197
21 659 1995 672 202 −124 −292 797 −371 3233 713 192 166
22 −202 −1418 −66 −14 100 112 53 301 −919 982 −321 38
23 −1253 −1514 −1940 −1300 −25 −142 41 −1084 211 −209 43 −285
24 373 484 98 165 −211 −17 −818 1674 −1168 45 205 −80

L = 2
0 −667 2038 637 −1161 1244 −298 0 0 0 0 0 0
1 554 −7720 −1326 −4857 453 −706 −558 −4300 −2556 3381 −2542 1485
2 −3194 2831 −1895 −1012 −677 574 −774 344 895 810 −1930 862
3 2703 −1389 6164 12655 1152 1605 −403 1131 −78 5553 1034 −576
4 4377 −5899 4002 1540 −964 260 106 −1226 1498 −1122 515 −22

5 −3174 990 −8664 −7321 −2829 −1039 1598 −313 3787 −4531 2320 −30
6 −1162 −89 −842 −810 −122 119 697 819 −1737 264 916 −673
7 −1301 3368 3117 454 1490 54 −2252 630 −2404 −3766 −3161 59
8 4 1418 1358 −890 848 −340 −1226 714 −245 908 −1073 −794
9 2261 −2467 713 2376 1003 −25 2195 −3687 679 2615 1205 −33

10 705 −2529 −568 899 −748 336 1219 −1191 507 117 −335 −61
11 −87 1335 992 −2572 −1117 134 1840 2341 4119 967 −82 130
12 −553 2154 193 −288 106 −123 −1260 1486 −939 263 178 100
13 −345 −2443 −715 878 1046 61 −1409 −2660 −3194 −954 −610 −23
14 −145 −776 −551 230 82 78 618 −325 −148 277 −274 −75

15 1407 −360 −174 −499 −18 −517 1964 241 2290 936 −163 51
16 226 618 104 110 −212 −177 −368 169 132 −131 109 175
17 −292 −1007 95 −500 −171 51 −1376 −95 −1849 −961 −361 176
18 −368 −65 −404 165 119 130 58 −30 −55 38 −157 32
19 −26 −181 −775 678 191 1 −94 713 −357 361 −307 113

20 293 63 70 155 −307 23 235 −334 379 −180 138 6
21 89 1069 −54 −271 −466 −11 −62 −128 230 −324 10 12
22 −95 −189 5 70 2 87 −71 −169 −31 −55 7 −27
23 −418 −341 −235 254 133 148 −425 −41 −302 −432 −53 87
24 180 −157 112 −57 9 −25 148 128 71 −33 112 −87



Propeller performance characteristics 131

Figure 6.21 Slipstream contraction: (a) contraction of
slipstream and (b) relation between contraction flow and
propeller thrust

Figure 6.22 Axial distribution of hydrodynamic pitch for KCD19 propeller

6.8 Behind-hull propeller
characteristics

The behind-hull propeller characteristics, so far as pow-
ering is concerned, have been traditionally accounted
for by use of the term relative rotative efficiency ηr .
This term, which was introduced by Froude, accounted
for the difference in power absorbed by the propeller
when working in a uniform flow field at a given speed
and that absorbed when working in a mixed wake field
having the same mean velocity:

ηr = power absorbed in open water of speed Va

power absorbed in mixed wake field of
mean velocity Va

(6.26)

Normally the correction defined by this efficiency
parameter is very small since ηr is usually close to unity
unless there is some particularly abnormal characteris-
tic of the wake field. Typically, one would expect to find
ηr in the range 0.96 < ηr < 1.04.

As a consequence of this relationship the behind-hull
efficiency (ηb), that is the efficiency of the propeller
when working behind a body, is defined as

ηb = ηo · ηr

ηb = ηrKTJ

2πKQ

(6.27)

Such considerations as relative rotative efficiency are
clearly at the global level of ship propulsion. At the more
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Figure 6.23 Slipstream properties of NSRDC propeller
4383 at design advance

detailed level there is much still to be understood about
the nature of the interactions between the propeller, its
induced and interaction velocities and the wake field in
which it operates.

As might be expected the effect of the mixed wake
field induces on the propeller a series of fluctuating load
components due to the changing nature of the flow inci-
dence angles on the blade sections. Figure 11.4 shows a
typical example of the variation in thrust acting on the
blade of a single-screw container ship due to the oper-
ation of the propeller in the wake field. The asymmetry
is caused by the tangential velocity components of the
wake field, which act in opposite senses in each half
of the propeller disc. Clearly such considerations apply

to the torque forces on the blade and also the hydro-
dynamic spindle torque in the case of a controllable
pitch propeller. Figure 6.24 shows the resulting bear-
ing forces, that is those reacted by the bearings of the
vessel, which are the sum of the individual blade com-
ponents at each shaft angular position. From the figure
it is seen that not only is there a thrust and torque fluctu-
ation as derived from individual blade loads, similar to
that shown in Figure 11.4, but also loads in the vertical
and horizontal directions, FY and FZ, and also moments
MZ and MY. In Figure 11.5 the orbit of the thrust eccen-
tricity relative to the shaft centre line is shown for a
merchant ship. These orbits define the position of thrust
vector in the propeller disc at a given instant; it should,
however, be noted that the thrust vector marches around
the orbit at blade rate frequency.

In addition to the blade loadings the varying inci-
dence angles around the propeller disc introduce a
fluctuating cavitation pattern over the blades. Typical of
such a pattern is that shown in Figure 6.25, from which
it is seen that the wake-induced asymmetry also man-
ifests itself here in the growth and decay of the cavity
volume.

6.9 Propeller ventilation

Propeller ventilation can have a significant influence on
the performance characteristics of a propeller. Koushan
(Reference 45) has investigated these effects in relation
to a non-ducted thruster. He showed that in a ventilated
condition even when the propeller is well submerged the
loss of thrust can be as much as 40 per cent. In the cor-
responding condition of partial-submergence this loss
may rise to as high as 90 per cent. Moreover, the mech-
anism of ventilation can take many forms; for example,
it may be a direct drawing of air from the water surface
or, alternatively, it might be that the air uses some other
path such as down the surface ofA or P brackets or some
other appendage and then passes to the propeller.

Scale effects are particularly influential in assess-
ing the propeller characteristics and, in particular, the
influence of the Weber (We), Depth Froude (Fnp) and
Ventilation (σv) number need to be considered. In this
context these numbers are defined as:

We = nD
√

(ρD/S) Fnp = πnD/
√

(gh)

σv = 2gh/(VR2 )

where S is the air–water surface tension
h is the propeller shaft immersion
VR is the propeller section inflow velocity
uncorrected for induction effects and normally
referred to the 0.7R radial location.

The remaining symbols ρ, g, n and D have their usual
meaning.

In the case of the Weber number, because surface ten-
sion is a significant parameter in model testing, it has
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Figure 6.24 Typical fluctuation in bearing forces and moments for a propeller working in a wake field

Figure 6.25 Cavitation pattern on the blades of a model propeller operating in a wake field
(Reproduced partly from Reference 39)
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a significant influence on the measured results. Shiba
(Reference 46) based on a large set of model measure-
ments concluded that if the Weber number is greater
than 180 then its effect is probably insignificant. Below
that critical number, however, it was concluded that less
or delayed ventilation might be observed at model scale
when compared to full scale.

When the propeller breaks the surface or is close to
the free surface and generates a system of local waves
and then the Froude depth number assumes importance.
In the case of the ventilation number, this is essentially
a cavitation number as discussed in Chapter 9 in which
the normal static vapour pressure is replaced with ambi-
ent pressure. From a little algebraic manipulation of the
relationships defined above, it can be seen that if the
advance coefficient of a particular test is defined and
then one of either the Froude depth number of the ven-
tilation number is satisfied then the other coefficient will
also be satisfied.
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Theoretical methods to predict the action of propellers
began to develop in the latter part of the nineteenth cen-
tury. Perhaps the most notable of these early works was
that of Rankine, with his momentum theory, which
was closely followed by the blade element theories
of Froude. The modern theories of propeller action,
however, had to await the more fundamental works in
aerodynamics of Lanchester, Kutta, Joukowski, Munk
and Prandtl in the early years of the last century before
they could commence their development.

Lanchester, an English automobile engineer and self-
styled aerodynamicist, was the first to relate the idea of
circulation with lift and he presented his ideas to the
Birmingham Natural History and Philosophical Society
in 1894. He subsequently wrote a paper to the Physical
Society, who declined to publish these ideas. Never-
theless, he published two books, Aerodynamics and
Aerodonetics, in 1907 and 1908 respectively. In these
books, which were subsequently translated into Ger-
man and French, we find the first mention of vortices
that trail downstream of the wing tips and the propos-
ition that these trailing vortices must be connected by a
vortex that crosses the wing: the first indication of the
‘horse-shoe’ vortex model.

It appears that quite independently of Lanchester’s
work in the field of aerodynamics, Kutta developed the
idea that lift and circulation were related; however, he

Figure 7.1 Prandtl’s classical lifting line theory

did not give the quantitative relation between these two
parameters. It was left to Joukowski, working in Russia
in 1906, to propose the relation

L = ̺VŴ (7.1)

This has since been known as the Kutta-Joukowski the-
orem. History shows that Joukowski was completely
unaware of Kutta’s note on the subject, but in recog-
nition of both their contributions the theorem has
generally been known by their joint names.

Prandtl, generally acclaimed as the father of modern
aerodynamics, extended the work of aerodynamics into
finite wing theory by developing a classical lifting line
theory. This theory evolved to the concept of a lifting
line comprising an infinite number of horse-shoe vor-
tices as sketched in Figure 7.1. Munk, a colleague of
Prandtl at Gottingen, first introduced the term ‘induced
drag’ and also developed the aerofoil theory which has
produced such exceptionally good results in a wide
variety of subsonic applications.

From these beginnings the development of propeller
theories started, slowly at first but then gathering
pace through the 1950s and 1960s. These theoreti-
cal methods, whether aimed at the design or analysis
problem, have all had the common aim of predict-
ing propeller performance by means of a mathematical
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model which has inherent assumptions built into it.
Consequently, these mathematical models of propeller
action rely on the same theoretical basis as that of aero-
dynamic wing design, and therefore appeal to the same
fundamental theorems of sub-sonic aerodynamics or
hydrodynamics. Although aerodynamics is perhaps the
wider ranging subject in terms of its dealing with a more
extensive range of flow speeds, for example subsonic,
supersonic and hypersonic flows, both non-cavitating
hydrodynamics and aerodynamics can be considered
the same subject provided the Mach number does not
exceed a value of round 0.4 to 0.5, which is where
the effects of compressibility in air start to become
appreciable.

This book is not a treatise on fluid mechanics in gen-
eral, and therefore it will not deal in detail with the
more fundamental and abstract ideas of fluid dynamics.
For these matters the reader is referred to References
1 to 4. In both this chapter and Chapter 8 we are con-
cerned with introducing the various theoretical methods
of propeller analysis, so as to provide a basis for further
reading or work. However, in order to do this certain
prerequisite theoretical ideas are needed, some of which
can be useful analytical tools in their own right. To
meet these requirements the subject is structured into
two parts; this chapter deals with the basic theoretical
concepts necessary to evolve and understand the the-
ories of propeller action which are then discussed in
more detail in Chapter 8: Table 7.1 shows this struc-
ture. The review of the basic concepts will of necessity

Table 7.1 Outline of Chapters 7 and 8

Chapter 7 Chapter 8
Basic concepts and Propeller theories
theoretical methods

General Introduction Momentum Theory
Experimental Single and Blade Element Theory

Cascade Aerofoil Burrill Analysis Method
Characteristics Lerbs Method

Vortex Filaments and Early Design Methods –
Sheets Burrill and Eckhardt and

Field Point Velocities Morgan
Kutta Condition Heavily Loaded Propellers
Kelvin’s Theorem (Glover)
Thin Aerofoil Theory Lifting Surface Models
Pressure Distribution (Morgan et al., van-Gent,

Calculations Breslin)
NACA Pressure Advanced Lifting Line Lifting

Distribution Surface Hybrid Models
Approximation Votex Lattice Models

Boundary Layer Growth (Kerwin)
over Aerofoil Boundary Element Methods

Finite Wing and Special Propeller Types:
Downwash Controllable Pitch

Hydrodynamic Models of Ducted Propellers
Propeller Action Contra-rotating

Vortex and Source Panel Supercavitating
Methods

be in overview terms consistent with this being a book
concerned with the application of fluid mechanics to
the marine propeller problem. Furthermore, the discus-
sion of the propeller theories, if conducted in a detailed
and mathematically rigorous way, would not be con-
sistent with the primary aim of this book and would
also require many books of this size to do justice to
them. Accordingly the important methods will be dis-
cussed sufficiently for the reader to understand their
essential features, uses and limitations, and references
will be given for further detailed study. Also, where
several complementary methods exist within a certain
class of theoretical methods, only one will be discussed
and references given to the others.

7.1 Basic aerofoil section
characteristics

Before discussing the theoretical basis for propeller
analysis it is perhaps worth spending time considering
the experimental characteristics of wing sections, since
these are in essence what the analytical methods are
attempting to predict.

Figure 7.2 shows the experimental results for a
two-dimensional aerofoil having National Advisory
Committee for Aeronautics (NACA) 65 thickness form
superimposed on an a = 1.0 mean line. The figure shows
the lift, drag and pitching moment characteristics of
the section as a function of angle of attack and for dif-
ferent Reynold numbers. In this instance the moment
coefficient is taken about the quarter chord point; this
point is frequently chosen since it is the aerodynamic
centre under the assumptions of thin aerofoil theory,
and in practice lies reasonably close to it. The aerody-
namic centre is the point where the resultant lift and drag
forces are assumed to act and hence do not influence the
moment, which is camber profile and magnitude related.
The lift, drag and moment coefficients are given by the
relationships

CL = L
1
2̺AV 2

CD = D
1
2̺AV 2

(7.2)

and

CM = M
1
2̺AlV 2

in which A is the wing area, l is a reference length, V
is the free stream incident velocity, ̺ the density of the
fluid, L and D are the lift and drag forces, perpendicular
and parallel respectively to the incident flow, and M is
the pitching moment defined about a convenient point.

These coefficients relate to the whole wing section
and as such relate to average values for a finite wing
section.
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Figure 7.2 Experimental single aerofoil characteristics (NACA 65-209) (Reproduced with permission from Reference 11)

For analysis purposes, however, it is of importance
to deal with the elemental values of the aerodynamic
coefficients, and these are denoted by the lower case
letters c1, cd , cm, given by

c1 = L′

1
2̺cV 2

cd = D′

1
2̺cV 2

(7.3)

and

cm = M ′

1
2̺c2V 2

in which c is the section chord length and L′, D′ and M ′

are the forces and moments per unit span.
Returning now to Figure 7.2, it will be seen that whilst

the life slope is not influenced by Reynolds number,
the maximum lift coefficient CLmax is dependent upon
Rn. The quarter chord pitching moment is also largely
unaffected by Reynolds numbers over the range of non-
stalled performance and the almost constant nature of
the quarter chord pitching moment over the range is typ-
ical. There is, by general agreement, a sign convention
of the aerodynamic moments which states that moments
which tend to increase the incidence angle are conside-
red positive, whilst those which decrease the incidence
angle are negative. Moments acting on the aerofoil can
also be readily transferred to other points on the blade
section, most commonly the leading edge or, in the case
of a controllable pitch propeller, the spindle axis. With

reference to the simplified case shown in Figure 7.3 it
can be seen that

M ′
LE = −cL′

4
+ M ′

c/4 = −xcpL′ (7.4)

Clearly, in the general case of Figure 7.3 both the lift
and drag would need to be resolved with respect to the
angle of incidence to obtain a valid transfer of moment.

In equation (7.4) the term xcp is defined as the centre
of pressure of the aerofoil and is the location of the
point where the resultant of the distributed load over the
section effectively acts. Consequently, if moments were
taken about the centre of pressure the integrated effect
of the distributed loads would be zero. The centre of
pressure is an extremely variable quantity; for example,
if the lift is zero, then by equation (7.4) it will be seen
that xcp → ∞, and this tends to reduce its usefulness as
a measurement parameter.

The drag of the aerofoil as might be expected from
its viscous origin is strongly dependent on Reynolds
number, this effect is seen in Figure 7.2. The drag coef-
ficient cd shown in this figure is known as the profile
drag of the section and it comprises both a skin fric-
tion drag cdf and a pressure drag cdp, both of which are
due to viscous effects. However, in the case of a three-
dimensional propeller blade or wing there is a third drag
component, termed the induced drag, cdi, which arises
from the free vortex system. Hence the total drag on the
section is given by equation (7.5):

cd = cdf + cdp + cdi (7.5)
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Figure 7.3 Moment and force definitions for aerofoils

The results shown in Figure 7.2 also show the zero lift
angle for the section which is the intersection of the lift
curve with the abscissa; as such, it is the angle at which
the aerofoil should be set relative to the incident flow in
order to give zero lift. The propeller problem, however,
rather than dealing with the single aerofoil in isolation
is concerned with the performance of aerofoils in cas-
cades. By this we mean a series of aerofoils, the blades
in the case of the propeller, working in sufficient prox-
imity to each other so that they mutually affect each
other’s hydrodynamic characteristics. The effect of cas-
cades on single aerofoil performance characteristics is
shown in Figure 7.4. From the figure it is seen that both
the lift slope and the zero lift angle are altered. In the

Figure 7.4 Effect of cascade on single aerofoil properties

case of the lift slope this is reduced from the single
aerofoil case, as is the magnitude of the zero lift angle.
As might be expected, the section drag coefficient is
also influenced by the proximity of the other blades;
however, this results in an increase in drag.

7.2 Vortex filaments and sheets

The concept of the vortex filament and the vortex sheet
is central to the understanding of many mathematical
models of propeller action. The idea of a vortex flow,
Figure 7.5(a), is well known and is considered in great
detail by many standard fluid mechanics, textbooks. It
is, however, worth recalling the sign convention for
these flow regimes, which state that a positive circu-
lation induces a clockwise flow. For the purposes of
developing propeller models, this two-dimensional vor-
tex flow has to be extended into the concept of a line
vortex or vortex filament as shown in Figure 7.5(b).

The line vortex is a vortex of constant strength Ŵ
acting along the entire length of the line describing its
path through space; in the case of propeller technol-
ogy this space will be three-dimensional. With regard
to vortex filaments Helmholtz, the German mathemati-
cian, physicist and physician, established some basic
principles of inviscid vortex behaviour which have gen-
erally become known as Helmholtz’ vortex theorems:

1. The strength of a vortex filament is constant along
its length.

2. A vortex filament cannot end in a fluid. As a conse-
quence the vortex must extend to the boundaries of
the fluid which could be at ±∞ or, alternatively, the
vortex filament must form a closed path within the
fluid.

These theorems are particularly important since they
govern the formation and structure of inviscid vortex
propeller models.
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Figure 7.5 Vortex flows: (a) two-dimensional vortex and (b) line vortex

Figure 7.6 Vortex sheet

The idea of the line vortex or vortex filament can
be extended to that of a vortex sheet. For simplicity at
this stage we will consider a vortex sheet comprising
an infinite number of straight line vortex filaments side
by side as shown in Figure 7.6. Although we are here
considering straight line vortex filaments the concept
is readily extended to curved vortex filaments such as
might form a helical surface, as shown in Figure 7.7.
Returning, however, to Figure 7.6, let us consider the
sheet ‘end-on’ looking in the direction Oy. If we define
the strength of the vortex sheet, per unit length, over

Figure 7.7 Helical vortex sheet

the sheet as γ(s) where s is the distance measured along
the vortex sheet in the edge view, we can then write for
an infinitesimal portion of the sheet, ds, the strength as
being equal to γ ds. This small portion of the sheet can
then be treated as a distinct vortex strength which can
be used to calculate the velocity at some point P in the
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neighbourhood of the sheet. For the point P(x, z) shown
in Figure 7.6 the elemental velocity dV , perpendicular
to the direction r, is given by

dV = −γ ds

2πr
(7.6)

Consequently, the total velocity at the point P is the sum-
mation of the elemental velocities at that point arising
from all the infinitesimal sections from a to b.

The circulation Ŵ around the vortex sheet is equal to
the sum of the strengths of all the elemental vortices
located between a and b, and is given by

Ŵ =
∫ b

a

γ ds (7.7)

In the case of a vortex sheet there is a discontinuity in
the tangential component of velocity across the sheet.
This change in velocity can readily be related to the
local sheet strength such that if we denote upper and
lower velocities immediately above and below the vor-
tex sheet, by u1 and u2 respectively, then the local jump
in tangential velocity across the vortex sheet is equal to
the local sheet strength:

γ = u1 − u2

The concept of the vortex sheet is instrumental in
analysing the properties of aerofoil sections and finds
many applications in propeller theory. For example,
one such theory of aerofoil action might be to replace
the aerofoil with a vortex sheet of variable strength, as
shown in Figure 7.8. The problem then becomes to cal-
culate the distribution of γ(s) so as to make the aerofoil
surface become a streamline to the flow.

Figure 7.8 Simulation of an aerofoil section by a vortex
sheet

These analytical philosophies were known at the time
of Prandtl in the early 1920s; however, they had to await
the advent of high-speed digital computers some forty
years later before solutions on a general basis could be
attempted.

In addition to being a convenient mathematical
device for modelling aerofoil action, the idea of
replacing the aerofoil surface with a vortex sheet also
has a physical significance. The thin boundary layer
which is formed over the aerofoil surface is a highly
viscous region in which the large velocity gradients
produce substantial amounts of vorticity. Consequently,
there is a distribution of vorticity along the aerofoil sur-
face due to viscosity and the philosophy of replacing the
aerofoil surface with a vortex sheet can be construed as a
way of modelling the viscous effects in an inviscid flow.

7.3 Field point velocities

The field point velocities are those fluid velocities that
may be in either close proximity to or remote from the
body of interest. In the case of a propeller the field
point velocities are those that surround the propeller
both upstream and downstream of it.

The mathematical models of propeller action are
today based on systems of vortices combined in a
variety of ways in order to give the desired physical
representation. As a consequence of this a principal
tool for calculating field point velocities is the Biot–
Savart law. This law is a general result of potential theory
and describes both electromagnetic fields and inviscid,
incompressible flows. In general terms the law can be
stated (see Figure 7.9) as the velocity dV̄ induced at
a point P of radius r from a segment ds̄ of a vortex
filament of strength Ŵ given by

dV̄ = Ŵ

4π

dl̄ × r̄

|r̄|3 (7.8)

Figure 7.9 Application of the Biot–Savart law to a
general vortex filament

To illustrate the application of the Biot–Savart law, two
common examples of direct application to propeller the-
ory are cited here: the first is a semi-infinite line vortex
and the second is a semi-infinite regular helical vortex.
Both of these examples commonly represent systems of
free vortices emanating from the propeller.

First, the semi-infinite line vortex. Consider the sys-
tem shown in Figure 7.10, which shows a segment ds̄ of
a straight line vortex originating at O and extending to
infinity in the positive x-direction. Note that in practice,
according to Helmholtz’ theorem, the vortex could not
end at the point O but must be joined to some other
system of vortices. However, for our purposes here it is
sufficient to consider this part of the system in isolation.
Now the velocity induced at the point P distant r from
ds̄ is given by equation (7.8) as

dV̄ = Ŵ

4π

sin θ ds̄

r2
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Figure 7.10 Application of the Biot–Savart law to a semi-infinite line vortex filament

Figure 7.11 Application of Biot–Savart law to a semi-infinite regular helical vortex filament

from which the velocity at P is written as

VP = Ŵ

4π

∫ θ=0

θ=α

sin θ ds

r2

and since s = h (cot θ − cot α) we have

VP = − Ŵ

4π

∫ 0

θ=α

sin θ dθ

that is

VP = Ŵ

4πh
(1 − cos α) (7.9)

The direction of VP is normal to the plane of the paper,
by the definition of a vector cross product.

In the second case of a regular helical vortex the
analysis becomes a little more complex, although the

concept is the same. Consider the case where a helical
vortex filament starts at the propeller disc and extends
to infinity having a constant radius and pitch angle, as
shown in Figure 7.11. From equation (7.8) the velocity
at the point P due to the segment ds̄ is given by

dū = Ŵ

4π|a|3 (ds̄ × ā)

and from the geometry of the problem we can derive
from

ā = ax ī + ay j̄ + az k̄

that

ā = −r sin(θ + φ)ī − (y + y0)j̄

+ (r0 − r cos(θ + φ))k̄
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Similarly,

s̄(θ) = r sin (θ + φ)ī + rθ tan βi j̄ + r cos (θ + φ)k̄

from which we can derive

dū = Ŵ

4π|a|3

×
∣

∣

∣

∣

∣

i j k
r cos (θ + φ) rθ tan βi −r sin (θ + φ)
−r sin (θ + φ) −(y + y0) r0 − r cos (θ + φ)

∣

∣

∣

∣

∣

where the scalar a is given by

[(y + y0)2 + r2 + r2
0 − 2r0 r cos (θ + φ)]3/2

Hence the component velocities ux, uy and uz are given
by the relations

ux = rŴ

4π

×
∫ ∞

0

tan βi(r cos (θ + φ)) − (y + y0) sin (θ + φ)

[(y + y0)2 + r2 + r2
0 − 2rr0 cos (θ + φ)]3/2

dθ

uy = rŴ

4π

×
∫ ∞

0

r − r0 cos (θ + φ)

[(y + y0)2 + r2 + r2
0 − 2rr0 cos (θ + φ)]3/2

dθ

uz = rŴ

4π

×
∫ ∞

0

r tan βi sin (θ + φ) − (y + y0) cos (θ + φ)

[(y + y0)2 + r2 + r2
0 − 2rr0 cos (θ + φ)]3/2

dθ

(7.10)

These two examples are sufficient to illustrate the proce-
dure behind the calculation of the field point velocities
in inviscid flow. Clearly these principles can be extended
to include horse-shoe vortex systems, irregular helical
vortices, that is ones where the pitch and radius vary,
and other more complex systems as required by the
modelling techniques employed.

It is, however, important to keep in mind, when apply-
ing these vortex filament techniques to calculate the
velocities at various field points, that they are simply
conceptual hydrodynamic tools for synthesizing more
complex flows of an inviscid nature. As such they are
a convenient means of solving Laplace’s equation, the
equation governing these types of flow, and are not by
themselves of any great significance. However, when
a number of vortex filaments are used in conjunction
with a free stream flow function it becomes possible
to synthesize a flow which has a practical propeller
application.

7.4 The Kutta condition

For potential flow over a cylinder we know that, depend-
ing on the strength of the circulation, a number of possi-
ble solutions are attainable.A similar situation applies to

the theoretical solution for an aerofoil in potential flow;
however, nature selects just one of these solutions.

In 1902, Kutta made the observation that the flow
leaves the top and bottom surfaces of an aerofoil
smoothly at the trailing edge. This, in general terms,
is the Kutta condition. More specifically, however, this
condition can be expressed as follows:

1. The value of the circulation Ŵ for a given aerofoil at a
particular angle of attack is such that the flow leaves
the trailing edge smoothly.

2. If the angle made by the upper and lower surfaces of
the aerofoil is finite, that is non-zero, then the trailing
edge is a stagnation point at which the velocity is
zero.

3. If the trailing edge is ‘cusped’, that is the angle
between the surfaces is zero, the velocities are
non-zero and equal in magnitude and direction.

By returning to the concept discussed in Section 7.2,
in which the aerofoil surface was replaced with a system
of vortex sheets and where it was noted that the strength
of the vortex sheet γ(s) was variable along its length,
then according to the Kutta condition the velocities
on the upper and lower surfaces of the aerofoil are equal
at the trailing edge. Then from equation (7.7) we have

γ(TE) = u1 − u2

which implies in order to satisfy the Kutta condition

γ(TE) = 0 (7.11)

7.5 The starting vortex

Kelvin’s circulation theorem states that the rate of
change of circulation with time around a closed curve
comprising the same fluid element is zero. In math-
ematical form this is expressed as

DŴ

Dt
= 0 (7.12)

This theorem is important since it helps explain the gen-
eration of circulation about an aerofoil. Consider an
aerofoil at rest as shown by Figure 7.12(a); clearly in this
case the circulation Ŵ about the aerofoil is zero. Now
as the aerofoil beings to move the streamline pattern in
this initial transient state looks similar to that shown in
Figure 7.12(b). From the figure we observe that high-
velocity gradients are formed at the trailing edge and
these will lead to high levels of vorticity. This high vor-
ticity is attached to a set of fluid elements which will
then move downstream as they move away from the trail-
ing edge. As they move away this thin sheet of intense
vorticity is unstable and consequently tends to roll up
to give a point vortex which is called the starting vortex
(Figure 7.12(c)). After a short period of time the flow
stabilizes around the aerofoil, the flow leaves the trail-
ing edge smoothly and the vorticity tends to decrease
and disappear as the Kutta condition establishes itself.
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Figure 7.12 Establishment of the starting vortex: (a) aerofoil at rest; (b) streamlines on starting prior to Kutta condition
being established and (c) conditions at some time after starting

The starting vortex has, however, been formed during
the starting process, and then continues to move steadily
downstream away from the aerofoil.

If we consider for a moment the same contour com-
prising the same fluid elements both when the aerofoil
is at rest and also after some time interval when the
aerofoil is in steady motion, Kelvin’s theorem tells us
that the circulation remains constant. In Figure 7.12(a)
and (c) this implies that

Ŵ1 = Ŵ2 = 0

for the curves C1 and C2 which embrace the same fluid
elements at different times, since Ŵ1 = 0 when the aero-
foil was at rest. Let us now consider C2 split into two
regions, C3 enclosing the starting vortex and C4 the
aerofoil. Then the circulation around these contours Ŵ3
and Ŵ4 is given by

Ŵ3 + Ŵ4 = Ŵ2

but since Ŵ2 = 0, then

Ŵ4 = −Ŵ3 (7.13)

which implies that the circulation around the aerofoil is
equal and opposite to that of the starting vortex.

In summary, therefore, we see that when the aerofoil
is started large velocity gradients at the trailing edge are
formed leading to intense vorticity in this region which
rolls up downstream of the aerofoil to form the starting

vortex. Since this vortex has associated with it an
anticlockwise circulation it induces a clockwise circula-
tion around the aerofoil. This system of vortices builds
up during the starting process until the vortex around the
aerofoil gains the correct strength to satisfy the Kutta
condition, at which point the shed vorticity ceases and
steady conditions prevail around the aerofoil. The start-
ing vortex then trails away downstream of the aerofoil.

These conditions have been verified experimentally
by flow visualization studies on many occasions; the
classic pictures taken by Prandtl andTietjens (Reference
5) are typical and well worth studying.

7.6 Thin aerofoil theory

Figure 7.8 showed the simulation of an aerofoil by a vor-
tex sheet of variable strength γ(s). If one imagines a thin
aerofoil such that both surfaces come closer together,
it becomes possible, without significant error, to con-
sider the aerofoil to be represented by its camber line
with a distribution of vorticity placed along its length.
When this is the case the resulting analysis is known as
thin aerofoil theory, and is applicable to a wide class of
aerofoils, many of which find application in propeller
technology.

Consider Figure 7.13, which shows a distribution of
vorticity along the camber line of an aerofoil. For the
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Figure 7.13 Thin aerofoil representation of an aerofoil

camber line to be a streamline in the flow field the com-
ponent of velocity normal to the camber line must be
zero along its entire length. This implies that

Vn + ωn(s) = 0 (7.14)

where Vn is the component of free stream velocity nor-
mal to the camber line, see inset in Figure 7.13; and
ωn(s) is the normal velocity induced by the vortex sheet
at some distance s around the camber line from the
leading edge.

If we now consider the components of equation (7.14)
separately. From Figure 7.13 it is apparent, again from
the inset, that for any point Q along the camber line,

Vn = V sin

[

α + tan−1
(

− dz

dx

)]

For small values of α and dz/dx, which are condi-
tions of thin aerofoil theory and are almost always met
in steady propeller theory, the general condition that
sin θ ≃ tan θ ≃ θ holds and, consequently, we may write
for the above equation

Vn = V

[

α −
(

dz

dx

)]

(7.15)

where α, the angle of incidence, is measured in radians.
Now consider the second term in equation (7.14), the

normal velocity induced by the vortex sheet. We have
previously stated that dz/dx is small for thin aerofoil
theory, hence we can assume that the camber–chord
ratio will also be small. This enables us to further

assume that normal velocity at the chord line will be
approximately that at the corresponding point on the
camber line and to consider the distribution of vorticity
along the camber line to be represented by an identical
distribution along the chord without incurring any sig-
nificant error. Furthermore, implicit in this assumption
is that the distance s around the camber line approxi-
mates the distance x along the section chord. Now to
develop an expression for ωn(s) consider Figure 7.14,
which incorporates these assumptions.

From equation (7.6) we can write the following
expression for the component of velocity dωn(x) normal
to the chord line resulting from the vorticity element dξ
whose strength is γ(ξ):

dωn(x) = − γ(ξ)dξ

2π(x − ξ)

Hence the total velocity ωn(x) resulting from all the
contributions of vorticity along the chord of the aerofoil
is given by

ωn(x) = −
∫ c

0

γ(ξ)dξ

2π(x − ξ)

Consequently, by substituting this equation together
with equation (7.15) back into equation (7.14), we
derive the fundamental equation of thin aerofoil theory

1

2π

∫ c

0

γ(ξ)dξ

(x − ξ)
= V

[

α −
(

dz

dx

)]

(7.16)

This equation is an integral equation whose unknown
is the distribution of vortex strength γ(ξ) for a given
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Figure 7.14 Calculation of induced velocity at the chord line

incidence angle α and camber profile. In this equation
ξ, as in all of the previous discussion, is simply a dummy
variable along the Ox axis or chord line.

In order to find a solution to the general problem
of a cambered aerofoil, and the one of most practical
importance to the propeller analyst, it is necessary to
use the substitutions

ξ = c

2
(1 − cos θ)

which implies dξ = (c/2) sin θ dθ and

x = c

2
(1 − cos θ0)

which then transforms equation (7.16) into

1

2π

∫ π

0

γ(θ) sin θ dθ

cos θ − cos θ0)
= V

[

α −
(

dz

dx

)]

(7.17)

In this equation the limits of integration θ = π corres-
ponds to ξ = c and θ = 0 to ξ = 0, as can be deduced
from the above substitutions.

Now the solution of equation (7.17), which obeys the
Kutta condition at the trailing edge, that is γ(π) = 0,
and make the camber line a streamline to the flow, is
found to be

γ(θ) = 2V

[

A0

(

1 + cos θ

sin θ

)

+
∞
∑

n=1

An sin (nθ)

]

(7.18)

in which the Fourier coefficients A0 and An can be
shown, as stated below, to relate to the shape of the
camber line and the angle of the incidence flow by the
substitution of equation (7.18) into (7.17) followed by
some algebraic manipulation:

A0 = α − 1

π

∫ π

0

(

dz

dx

)

dθ0 (7.18a)

An = 2

π

∫ π

0

(

dz

dx

)

cos(nθ0)dθ0

For the details of this manipulation the reader is referred
to any standard textbook on aerodynamics.

In summary, therefore, equations (7.18) and (7.18a)
define the strength of the vortex sheet distributed over

a camber line of a given shape and at a particular
incidence angle so as to obey the Kutta condition at
the trailing edge. The restrictions to this theoretical
treatment are that:

1. the aerofoils are two-dimensional and operating as
isolated aerofoils,

2. the thickness and camber chord ratios are small,
3. the incidence angle is also small.

Conditions (2) and (3) are normally met in propeller
technology, certainly in the outer blade sections. How-
ever, because the aspect ratio of a propeller blade is
small and all propeller blades operate in a cascade, Con-
dition (1) is never satisfied and corrections have to be
introduced for this type of analysis, as will be seen later.

With these reservations in mind, equation (7.18) can
be developed further, so as to obtain relationships for
the normal aerodynamic properties of an aerofoil.

From equation (7.7) the circulation around the cam-
ber line is given by

Ŵ =
∫ c

0
γ(ξ)dξ

which, by using the earlier substitution of ξ = (c/2)
(1 − cos θ), takes the form

Ŵ = c

2

∫ c

0
γ(θ) sin θ dθ (7.19)

from which equation (7.18) can be written as

Ŵ = cV

[

A0

∫ π

0
(1 + cos θ)dθ

+
∞
∑

n=1

An

∫ π

0
sin θ sin(nθ)dθ

]

which, by reference to any table of standard integrals,
reduces to

Ŵ = cV
[

πA0 + π

2
A1

]

(7.20)

Now by combining equations (7.1) and (7.3), one can
derive an equation for the lift coefficient per unit span as

c1 = 2Ŵ

Vc
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from which we derive from equation (7.20)

c1 = π[2A0 + A1] (7.21)

Consequently, by substituting equations (7.18a) into
(7.21) we derive the general thin aerofoil relation for
the lift coefficient per unit span as

c1 = 2π

[

α + 1

π

∫ π

0

(

dz

dx

)

(cos θ0 − 1)dθ0

]

(7.22)

Equation (7.22) can be seen as a linear equation between
c and α for a given camber geometry by splitting the
terms in the following way:

c1 = 2πα + 2

∫ π

0

(

dz

dx

)

(cos θ0 − 1)dθ0

...
...

...
...

Lift Lift at zero incidence
slope

in which the theoretical life slope

dc1

dα
= 2π/rad (7.23)

Figure 7.15 shows the thin aerofoil characteristics
schematically plotted against experimental single and
cascaded aerofoil results. From the figure it is seen that
the actual life slope curve is generally less than 2π.

The theoretical zero lift angleα0 is the angle for which
equation (7.22) yields a value of c1 = 0. As such it is seen
that

α0 = − 1

π

∫ π

0

(

dz

dx

)

(cos θ0 − 1)dθ0 (7.24)

Figure 7.15 Thin aerofoil and experimental aerofoil
characteristics

Figure 7.16 Calculation of moments about the leading
edge

Again from Figure 7.15 it is seen that the experimental
results for zero lift angle for single and cascaded aero-
foils are less than these predicted by thin aerofoil theory.

Thin aerofoil theory also predicts the pitching
moment of the aerofoil. Consider Figure 7.16 which
shows a more detailed view of the element of the vortex
sheet shown in Figure 7.14. From Figure 7.16 we see
that the moment per unit span of the aerofoil is given by

M ′
LE = −

∫ c

0
ξ(dL) = −̺V

∫ c

0
ξγ(ξ)dξ

which by substituting in the distribution of vorticity
given by equation (7.18) and again using the transform-
ation ξ = (c/2)(1 − cos θ) gives

M ′
LE = −̺V 2c2

2

[∫ π

0
A0(1 − cos2θ)dθ

+
∫ π

0

∞
∑

n=1

An sin θ sin(nθ)dθ

−
∫ π

0

∞
∑

n=1

An sin θ cos θ sin(nθ)dθ

]

which, by solving in an analogous way to that for c1

and using the definition of the moment coefficient given
in equation (7.3), gives an expression for the pitch-
ing moment coefficient about the leading edge of the
aerofoil as

cmLE = −π

2

[

A0 + A1 − A2

2

]

or by appeal to equation (7.21)

cmLE = −
[c1

4
+ π

4
(A1 − A2)

]

(7.25)

and since from equation (7.4)

cmLE = −c1

4
+ cmc/4

we may deduce that

cmc/4 = π

4
[A2 − A1] (7.26)

Equation (7.26) demonstrates that, according to thin
aerofoil theory, the aerodynamic centre is at the quarter
chord point, since the pitching moment at this point
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is dependent only on the camber profile (see equation
(7.18a) for the basis of the coefficients A1 and A2) and
independent of the lift coefficient.

Equations (7.23) to (7.26) are significant results in
thin aerofoil theory and also in many branches of pro-
peller analysis. It is therefore important to be able
to calculate these parameters readily for an arbitrary
aerofoil. The theoretical lift slope curve presents no
problem, since it is a general result independent of aero-
foil geometry. However, this is not the case with the
other equations, since the integrals behave badly in the
region of the leading and trailing edges. To overcome
these problems various numerical procedures have been
developed over the years. In the case of the aero lift
angle, Burrill (Reference 6) and Hawdon et al. (Ref-
erence 7) developed a tabular method based on the
relationship

α0 = 1

c

19
∑

n=1

fn(x) yn(x) degrees (7.27)

where the chordal spacing is given by

xn = cn

20
(n = 1, 2, 3, 4, . . . , 20)

The multipliers fn(x) are given in Table 7.2 for both sets
of references. The Burrill data is sufficient for most con-
ventional aerofoil shapes; however, it does lead to inac-
curacies when dealing with ‘S’ shaped sections, such as
might be encountered when analysing controllable pitch
propellers in off-design pitch settings. This is due to its
being based on a trapezoidal rule formulation. The Haw-
don relationship was designed to overcome this problem

Table 7.2 Zero lift angle multiplies for use with
equation (7.27)

n xc fn(x) Burrill fn(x) Hawdon et al.

LE
1 0.15 5.04 5.04
2 0.10 3.38 3.38
3 0.15 3.01 3.00
4 0.20 2.87 2.85
5 0.25 2.81 2.81
6 0.30 2.84 2.84
7 0.35 2.92 2.94
8 0.40 3.09 3.10
9 0.45 3.32 3.33

10 0.50 3.64 3.65
11 0.55 4.07 4.07
12 0.60 4.64 4.65
13 0.65 5.44 5.46
14 0.70 6.65 6.63
15 0.75 8.59 8.43
16 0.80 11.40 11.40
17 0.85 17.05 17.02
18 0.90 35.40 −22.82
19 0.95 186.20 310.72

TE

by using a second-order relationship and systematic
tests with camber lines ranging from a parabolic form to
a symmetrical ‘S’ shape showed this latter relationship
to agree to within 0.5 per cent of the thin aerofoil results.

With regard to the pitching moment coefficient a simi-
lar approximation method was developed by Pankhurst
(Reference 8). In this procedure the pitching moment
coefficient is given by the relationship

cmc/4 = 1

c

14
∑

n=1

Bn(yb(xn) + yf (xn)) (7.28)

where yb and yf are the back and face ordinates of
the aerofoil at each of the xn chordal spacings. The
coefficients Bn are given in Table 7.3.

Table 7.3 Pitching moment coefficient multipliers
for equation (7.28) (taken from Reference 11).

n xn Bn

1 0 (LE) −0.119
2 0.025 −0.156
3 0.05 −0.104
4 0.10 −0.124
5 0.20 −0.074
6 0.30 −0.009
7 0.40 0.045
8 0.50 0.101
9 0.60 0.170

10 0.70 0.273
11 0.80 0.477
12 0.90 0.786
13 0.95 3.026
14 1.00 (TE) −4.289

7.7 Pressure distribution calculations

The calculation of the pressure distribution about an
aerofoil section having a finite thickness has trad-
itionally been undertaken by making use of conformal
transformation methods. Theodorsen (References 9 and
10) recognized that most wing forms have a general
resemblance to each other, and since a transformation
of the type

ζ = z + a2

z

transforms a circle in the z-plane (complex plane) into
a curve resembling a wing section in the ζ plane (also
a complex plane), most wing forms can be transformed
into nearly circular forms. He derived a procedure that
evaluated the flow about a nearly circular curve from
that ground a circular form and showed this process to
be a rapidly converging procedure. The derivation of
Theodorsen’s relationship for the velocity distribution



152 Marine propellers and propulsion

about an arbitrary wing form is divided into three stages
as follows:

1. The establishment of relations between the flow in
the plane of the wing section (ζ-plane) and that of
the ‘near circle’ plane (z′-plane).

2. The derivation of the relationship between the flow in
z′-plane and the flow in the true circle plane (z-plane).

3. The combining of the two previous stages into the
final expression for the velocity distribution in the
ζ-plane in terms of the ordinates of the wing section.

The derivation of the final equation for the velocity dis-
tribution, equation (7.29), can be found in Abbott and
van Doenhoff (Reference 11) for the reader who is inter-
ested in the details of the derivation. For our purposes
here, however, we merely state the results as

v = V [sin(α0 + φ) + sin(α0 + εT)][1 + (dε/dθ)]eψ0

√

{( sinh2ψ + sin2θ)[1 + (dψ/dθ)2]}
(7.29)

where v is the local velocity on any point on the surface
of the wing section and V is the free streams velocity.

In order to make use of equation (7.29) to calculate
the velocity at some point on the wing section it is neces-
sary to define the coordinates of the wing section with
respect to a line joining a point which is located mid-
way between the nose of the section and its centre of
curvature to the trailing edge. The coordinates of these
leading and trailing points are taken to be (−2a, 0) and
(2a, 0) respectively with a = 1 for convenience. Next
the values of θ and ψ are found from the coordinates (x,
y) of the wing section as follows:

2 sin2θ = p +
√

[

p2 +
( y

a

)2
]

(7.30)

with

p = 1 −
( x

2a

)2
−
( y

2a

)2

and

y = 2a sinh ψ sin θ

x = 2a sinh ψ cos θ

}

(7.31)

The function ψ0 = (1/2π)
∫ 2π

0 ψ dθ has then to be deter-
mined from the relationship between ψ and θ. A
first approximation to the parameter ε can be found
by conjugating the curve of ψ against θ using the
relationship

ε(φ) = 1

n

n
∑

k=1

(ψ−k − ψk ) cot

(

kπ

2n

)

(7.32)

with

ψk = ψ

(

φ + kπ

n

)

where the corrdinates in the z-plane are defined by
z = ae(λ+iφ).

For most purposes a value n = 40 will give suffi-
ciently accurate results.

Finally the values of (dε/dθ) and (dψ/dθ) are deter-
mined from the curves of ε and ψ against θ and hence
equation (7.29) can be evaluated, usually in terms
of v/V .

For many purposes the first approximation to ε is
sufficiently accurate; however, if this is not the case
then a second approximation can be made by plotting
ψ against θ + ε and re-working the calculation from the
determination of the function ψ0.

This procedure is exact for computations in ideal
fluids; however, the presence of viscosity to a real fluid
leads to discrepancies between experiment and calcula-
tion. The growth of the boundary layer over the section
effectively changes the shape of the section, and one
result of this is that the theoretical rate of changes of
lift with angle of incidence is not realized. Pinkerton
(Reference 12) found that fair agreement with exper-
iment for the NACA 4412 aerofoil could be obtained
by effectively distorting the shape of the section. The
amount of the distortion is determined by calculating
the increment �εT required to avoid infinite velocities at
the trailing edge after the circulation has been adjusted
to give the experimentally observed life coefficient. This
gives rise to a modified function:

εα = ε + �εT

2
(1 − cos θ) (7.33)

where ε is the original inviscid function and εα is the
modified value of the section.

Figure 7.17 shows the agreement obtained from the
NACA 4412 pressure distribution using the Theodorsen
and Theodorsen with Pinkerton correction methods.

The Theodorsen method is clearly not the only
method of calculating the pressure distribution around
an aerofoil section. It is one of a class of inviscid
methods; other methods commonly used are those
by Riegels and Wittich (Reference 13) and Weber

Figure 7.17 Comparison of theoretical and experimental
pressure distributions around an aerofoil
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(Reference 14). The Weber method was based origi-
nally on the earlier work of Riegels and Wittich, which
in itself was closely related to the works of Goldstein,
Thwaites and Watson, and provides a readily calculable
procedure at either 8, 16 or 32 points around the aero-
foil. The location of the calculation points is defined by
a cosine function, so that a much greater distribution of
calculation points is achieved at the leading and trail-
ing edges of the section. Comparison of the methods,
those based onTheodorsen, Riegels–Wittich andWeber,
shows little variation for the range of aerofoils of interest
to propeller designers so the choice of method reduces
to one of personal preference for the user. The invis-
cid approach was extended to the cascade problem by
Wilkinson (Reference 15). In addition to the solutions
to the aerofoil pressure distribution problem discussed
here, the use of numerical methods based on vortex
panel methods have been shown to give useful and reli-
able results. These will be introduced later in the chapter.

The calculation of the viscous pressure distribution
around an aerofoil is a particularly complex procedure,
and rigorous methods such as those by Firmin (Refer-
ence 16) need to be employed. Indeed the complexity
of these methods has generally precluded them from
propeller analysis and many design programmes at the
present time in favour of more approximate methods,
as will be seen later.

If the section thickness distribution and camber line
are of standard forms for which velocity distributions
are known, such as the NACA forms, then the resulting
velocity distribution can be readily approximated. The
basis of the approximation is that the load distribution
over a thin section may be considered to comprise two
components:

1. A basic load distribution at the ideal angle of attack.
2. An additional distribution of load which is propor-

tional to the angle of attack as measured from the
ideal angle of attack.

The basic load distribution is a function only of the
shape of the thin aerofoil section, and if the section is
considered only to be the mean line, then it is a function
only of the mean line geometry. Hence, if the parent
camber line is modified by multiplying all of the ordin-
ates by a constant factor, then the ideal design of attack
αi and the design lift coefficient cli of the modified cam-
ber line are similarly derived by multiplying the parent
values by the same factor.

The second distribution cited above results from the
angle of attack of the section and is termed the additional
load distribution; theoretically this does not contribute
to any additional moment about the quarter chord point
of the aerofoil. In practice there is a small effect since
the aerodynamic centre in viscous flow is usually just
astern of the quarter chord point. This additional load
distribution is dependent to an extent on aerofoil shape
and is also non-linear with incidence angle but can be
calculated for a given aerofoil shape using the methods
cited earlier in this chapter. The non-linearity with inci-
dence angle, however, is small and for most marine

engineering purposes can be assumed linear. As a
consequence, additional load distributions are normally
calculated only for a series of profile forms at a repre-
sentative incidence angle and assumed to be linear for
other values.

In addition to these two components of load, the
actual thickness form at zero incidence has a velocity
distribution over the surface associated with it, but this
does not contribute to the external load produced by
the aerofoil. Accordingly, the resultant velocity dis-
tribution over the aerofoil surface can be considered
to comprise three separate and, to a first approxima-
tion, independent components, which can be added to
give the resultant velocity distribution at a particular
incidence angle. These components are as follows:

1. A velocity distribution over the basic thickness form
at zero incidence.

2. A velocity distribution over the mean line corres-
ponding to the load distribution at its ideal angle of
incidence.

3. A velocity distribution corresponding to the add-
itional load distribution associated with the angle of
incidence of the aerofoil.

Figure 7.18 demonstrates the procedure and the
velocity distributions for standard NACA aerofoil forms

Figure 7.18 Synthesis of pressure distribution
(Reproduced with permission from Reference 11)
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Table 7.4 Typical NACA data for propeller type sections

x y (v/V )2 v/V �va/V
(% c) (% c)

0 0 0 0 5.471
1.25 0.646 1.050 1.029 1.376
2.5 0.903 1.085 1.042 0.980
5.0 1.255 1.097 1.047 0.689
7.5 1.516 1.105 1.051 0.557

10 1.729 1.108 1.053 0.476
15 2.067 1.112 1.055 0.379
20 2.332 1.116 1.057 0.319
30 2.709 1.123 1.060 0.244
40 2.927 1.132 1.064 0.196

50 3.000 1.137 1.066 0.160
60 2.917 1.141 1.068 0.130
70 2.635 1.132 1.064 0.104
80 2.099 1.104 1.051 0.077
90 1.259 1.035 1.017 0.049

95 0.707 0.962 0.981 0.032
100 0.060 0 0 0

LE radius: 0.176 % c

NACA 16-006 basic thickness form

c1i = 1.0 αi = 1.40◦ cmc/4 = −0.219

x y dyc/dx PR �v/V = PR /4
(% c) (% c)

0 0
0.5 0.281 0.47539
0.75 0.396 0.44004

⎫

⎪

⎪

⎪

⎪

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎪

⎪

⎪

⎪

⎭

1.25 0.603 0.39531
2.5 1.055 0.33404

1.092 0.273
5.0 1.803 0.27149
7.5 2.432 0.23378

10 2.981 0.20618
15 3.903 0.16546
20 4.651 0.13452

⎫

⎪

⎪

⎬

⎪

⎪

⎭

1.096 0.274
25 5.257 0.10873
30 5.742 0.08595
35 6.120 0.06498
40 6.394 0.04507

}

1.100 0.275
45 6.571 0.02559

50 6.651 0.00607
55 6.631 −0.01404 1.104 0.276
60 6.508 −0.03537

}

65 6.274 −0.05887 1.108 0.277

70 5.913 −0.08610 1.108 0.277
75 5.401 −0.12058 1.112 0.278
80 4.673 −0.18034 1.112 0.278
85 3.607 −0.23430 0.840 0.210
90 2.452 −0.24521 0.588 0.147
95 1.226 −0.24521 0.368 0.092

100 0 −0.24521 0 0

Data for NACA mean line a = 0.8 (modified)



Theoretical methods – basic concepts 155

can be obtained from Reference 11. By way of example
of this data, Table 7.4 shows the relevant data for
a NACA 16-006 basic thickness form and a NACA
a = 0.8 modified mean line. It will be seen that this
data can be used principally in two ways: first, given
a section form at incidence, to determine the resulting
pressure distribution and secondly, given the section
form and lift coefficient, to determine the appropriate
design incidence and associated pressure distribution.

In the first case for a given maximum camber of
the subject aerofoil the value of c1i , αi, cmc/4 and the
�v/V distribution are scaled by the ratio of the max-
imum camber–chord ratio, taking into account any flow
curvature effects from that shown in Table 7.4.

In the case of the a = 0.8 (modified) mean line:

camber scale factor (Sc) ≃ y/c of actual aerofoil

0.06651
(7.34)

The values of v/V relating to the basic section thick-
ness velocity distribution at zero incidence can be
used directly from the appropriate table relating to the
thickness form. However, the additional load velocity
distribution requires modification since that given in
Table 7.4 relates to a specific lift coefficient c1: in many
cases this lift coefficient has a value of unity, but this
needs to be checked (Reference 11) for each particu-
lar application in order to avoid serious error. Since the
data given in Reference 11 relates to potential flow, the
associated angle of incidence for the distribution can be
calculated as

α∗ = CL∗
2π

(7.35)

Hence the �va/V distribution has to be scaled by a
factor of

additional load scale factor (SA) =
(

α − αi

α∗

)

(7.36)

The resultant velocity distribution over the surface of
the aerofoil is then given by

(u/V )U = v

V
+ Sc

(

�v

V

)

+ SA

(

�va

V

)

(u/V )L = v

V
− Sc

(

�v

V

)

− SA

(

�va

V

)

(7.37)

where the suffices U and L relate to the upper and lower
aerofoil surfaces respectively.

In the second case, cited above, of a given section
form and desired lift coefficient an analogous procedure
is adopted in which the camber scale factor, equation
(7.34), is applied to the �v/V distribution. However, in
this case equation (7.36) is modified to take the form

SA =
(

CL − CLi

CL∗

)

(7.36a)

The resultant surface velocity distribution is then cal-
culated using equations (7.37).

The pressure distribution around the aerofoil is
related to the velocity distribution by Bernoulli’s
equation:

p∞ + 1

2
̺V 2 = pL + 1

2
̺u2 (7.38)

where p∞ and pL are the static pressures remote from
the aerofoil and at a point on the surface where the local
velocity is u respectively. Then by rearranging equation
(7.38), we obtain

pL − p∞ = 1

2
̺(V 2 − u2)

and dividing by the free stream dynamic pressure 1
2̺V 2,

where V is the free stream velocity far from the aerofoil,
we have

pL − p∞
1
2̺V 2

=
[

1 −
( u

V

)2
]

(7.39)

The term [(pL − p∞)/ 1
2̺V 2] is termed the pressure

coefficient (CP) for a point on the surface of the aero-
foil; hence in terms of this coefficient equation (7.39)
becomes

CP =
[

1 −
( u

V

)2
]

(7.40)

7.8 Boundary layer growth over
an aerofoil

Classical theoretical methods of the type outlined in this
chapter very largely ignore the viscous nature of water
by introducing the inviscid assumption early in their
development. The viscous behaviour of water, however,
provides a generally small but, nevertheless, significant
force on the propeller blade sections, and as such needs
to be taken into account in calculation methods.

Traditionally viscous effects have been taken into
account in a global sense by considering the results of
model tests on standard aerofoil forms and then plot-
ting faired trends. Typical in this respect are the drag
characteristics derived by Burrill (Reference 6) which
were based on the NACA and other data available at
that time. For many propeller sections, typically in the
tip region, where the thickness to chord values are low,
and also for non-conventional propulsors, it becomes
necessary either to extrapolate data, develop new data
or establish reliable calculation procedures. Of these
options the first can clearly lead to errors, the second
can be expensive, which leaves the third as an alternative
course of action.

Boundary layer theory in the general sense of its
application to the aerofoil problem and the complete
solution of the Navier–Stokes equations is a complex
and lengthy matter. As such, it has only been attempted
for propeller design and analysis procedures, outside of
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research exercises, in a relatively small number of cases
and approximate methods have largely been applied in
the various propeller theories. Schlichting (Reference
17) gives a very rigorous and thorough discussion of
the boundary layer and its analysis and for a detailed
account of this branch of the subject the reader is
referred to this work, since all that can be provided
within the confines of this chapter is an introduction to
the subject in the context of propeller performance.

For the general case of an aerofoil the boundary
layer development commences from the leading edge,
or more specifically, the forward stagnation point. In
these early stages of development the flow around the
section is normally laminar; however, after a period of
time the flow undergoes a transition to a fully turbulent
state. The time, or alternatively the distance around the
section, at which the transition takes place is a variable
dependent upon the flow velocities involved and the
blade surface texture; in the case of a full-size propeller
these times and distances are very short, but in the case
of model this need not be the case. When transition
takes place between the laminar and turbulent flow it
takes place over a finite distance, and the position of the
transition is of considerable importance to the growth
of the boundary layer. Figure 7.19 shows the typical
growth of a boundary layer over a symmetrical aerofoil,

Figure 7.19 Typical growth of boundary layer thickness
over an aerofoil section

Figure 7.20 Laminar separation bubble

as found from experiment. It will be seen that in this case
the boundary layer thickens rapidly between 0.27c and
0.30c, which is a common feature in the presence of an
adverse pressure gradient, and is also associated with
the transition from laminar to turbulent flow.

The work of a number of researchers has established
that the boundary layer transition process can be charac-
terized into a number of stages for a quiet boundary layer
flow over a smooth surface. Moving downstream from
the stable laminar flow near the leading edge an unsta-
ble two-dimensional series of Tollmien–Schlichting
waves start to develop from which three-dimensional
unstable waves and hairpin eddies are then generated.
Vortex breakdown in high localized shear regions of
the flow are then seen to occur after which cascading
vortex break down into fully three-dimensional flow
fluctuations become apparent. At these locally intense
fluctuations turbulence spots then appear after which
they then coalesce into a fully turbulent flow regime.

Separation is a phenomenon which occurs in either
the laminar or tubulent flow regimes. In the case of
laminar flow the curvature of the upper surface of the
aerofoil may be sufficient to initiate laminar separation,
and under certain conditions the separated laminar layer
may undergo the transition to turbulent flow with the
characteristic rapid thickening of the layer. The increase
in thickness may be sufficient to make the lower edge of
the shear layer contact the aerofoil surface and reattach
as a turbulent boundary layer, as seen in Figure 7.20.
This has the effect of forming a separation bubble which,
depending on its size, will have a greater or lesser influ-
ence on the pressure distribution over the aerofoil. Owen
and Klanfer (Reference 18) suggested a criterion that if
the Reynolds number based on the displacement thick-
ness (Rnδ) of the boundary layer is greater than 550,
then a short bubble, of the order of one per cent of the
chord, forms, and has a negligible effect on the pressure
distribution. If Rnδ < 400, then a long bubble, ranging
from a few per cent of the chord up to almost the entire
chord length, forms. In the case of the turbulent flow
regime the flow will separate from the surface of the
aerofoil in the presence of an adverse pressure gradi-
ent, this being one where the pressure increases in
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magnitude in the direction of travel of the flow. Here,
as the fluid close to the surface, which is travelling at a
lower speed than fluid further away from the surface due
to the action of the viscous forces, travels downstream it
gets slowed up to a point where it changes direction and
becomes reversed flow. The point where this velocity
first becomes zero, apart from the fluid layer immedi-
ately in contact with the surface whose velocity is zero
by definition, is termed the stagnation point. Figure 7.21
shows three possible flow regimes about an aerofoil:
the first is of a fully attached flow comprising a lami-
nar and turbulent part whilst the second, Figure 7.21(b),
illustrates a laminar separation condition without reat-
tachment and the final flow system, Figure 7.21(c),
shows a similar case to Figure 7.21(a) but having turbu-
lent separation near the trailing edge. Figure 7.22 shows
in some detail the structure and definitions used in the
analysis of boundary layers.

Figure 7.21 Schematic flow regimes over the suction
surface of an aerofoil: (a) fully attached laminar followed
by turbulent boundary layer flow over suction surface;
(b) laminar, leading edge separation without reattachment
of flow over suction surface and (c) laminar followed by
turbulent boundary layer with separation near the
trailing edge

Figure 7.22 Boundary layer structure

Van Oossanen (Reference 19) establishes a useful
boundary layer approximation for aerofoil forms com-
monly met in propeller technology. The laminar part of
the boundary layer is dealt with usingThwaites’approx-
imation, which results from the analysis of a number of
exact laminar flow solutions:

Vsθ
2

v
= 0.45

V 5
s

∫ s

0
V 5

s ds (7.41)

in which Vs is the velocity at the edge of the boundary
layer at a point s around the profile from the stagnation
point and θ is the momentum thickness.

From the momentum thickness calculated by equa-
tion (7.41) a parameter m can be evaluated as follows:

m = −dVs

ds

(

θ2

v

)

(7.42)

where v is the kinematic viscosity of water.
Curl and Skan (Reference 20) defined a relation-

ship between the form parameter H and m together
with a further shear stress parameter l; these values are
shown in Figure 7.23. Consequently, the boundary layer

Figure 7.23 Laminar boundary layer parameter



158 Marine propellers and propulsion

displacement thickness δ* and wall shear stress τw can
be calculated from

δ∗ = θH (m)

τw

̺V 2
s

= l(m)ν

Vsθ

⎫

⎬

⎭

(7.43)

Separation of the laminar boundary layer is predicted
to occur when m = 0.09.

To determine when the laminar to turbulent transi-
tion takes place the method developed by Michel, and
extended by Smith (Reference 21), appears to work rea-
sonably well for profile having a peaked minimum in the
pressure distribution. For flat pressure distribution pro-
files, however, the method is less accurate. According to
the correlation upon which the Michel–Smith method
is based, laminar to turbulent transition is predicted to
occur when the Reynolds number based on momentum
thickness Rθ reaches the critical value given by

Rθ = 1.174R0.46
s (7.44)

in which

Rs = sv

ν
and Rθ = θVs

ν

and V and Vs are the free stream and local velocities
respectively, s is the distance of the point under consid-
eration around the surface of the foil from the stagnation
point and θ is the momentum thickness.

Van Oossanen suggests that the validity of this crite-
rion can be considered to be in the range 105 ≤ Rs ≤ 108.

For the turbulent part of the boundary layer, which
is principally confined to the region of increasing pres-
sure for most aerofoils, the method proposed by Nash
and Macdonald (Reference 22) provides a useful assess-
ment procedure. In this method the turbulent boundary
layer is characterized by a constant value pressure gra-
dient parameter � and a corresponding constant value
shape factor G along the body. These parameters are
defined by

� = δ∗

τw

(

dp

ds

)

and

G =
√

(

̺V 2
s

τw

)[

1 − 1

H

]

⎫

⎪

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎪

⎭

(7.45)

where dp/ds is the pressure gradient at the edge of the
boundary layer and H = δ∗/θ.

Nash showed that a good empirical fit to experimental
data gave rise to a unique function G (�) defined as

G = 6.1
√

(� − 1.81) − 1.7 (7.46)

To establish the growth of the turbulent boundary
layer over the aerofoil surface in two dimensions it is
necessary to integrate the momentum-integral equation

d

ds
(̺V 2

s θ) = τw(1 + �) (7.47)

This equation, which can be written as

dθ

dxs
= −(H + 2)

θ

Vs

(

dVs

ds

)

+ τw

̺V 2
s

(7.47a)

if used in association with Nash’s skin friction law for
incompressible flow,

τw

̺V 2
s

=
[

2.4711 ln

(

Vsθ

v

)

+ 475 + 1.5G

+ 1724

(G2 + 200)
− 16.87

]−2

(7.48)

can be used to calculate the growth of the turbulent
boundary layer from the point of transition. At the tran-
sition point, given by equation (7.44), the continuity of
momentum thickness is assumed to give a Reynolds
number based on momentum thickness greater than
320: if this is not the case, then the momentum thick-
ness is increased so as to give a value of 320. In order
to start the calculation procedure at the transition point,
which is an iteration involving θ, �, G, τw and H in
equations (7.45) and (7.46), an initial value of G = 6.5
can be assumed.

Turbulent separation is predicted to occur when

τw

̺Vs
< 0.0001 (7.49)

Van Oossanen (Reference 19) has shown that the result-
ing magnitude of the effective wake thickness (Fig-
ure 7.22) of the aerofoil has a significant effect on the
lift slope curve and the zero lift angle correlation factor.
As such, a formulation of lift slope and zero lift angle
correlation factors based on the effective boundary layer
thickness was derived using the above analytical basis
and represented the results of wind tunnel test well.
These relationships are

dc1

dα2
= 7.462 −

√

[

135.2

(

ts

c

)

− 2.899

]

α02

α02p
= 6.0 − 5.0

[

yss + δ∗
ss

ysp + δ∗
sp

]

for (yss + δ∗
ss) < (ysp + δ∗

sp)

(7.50)

and

α02

α02p
= 1.2 − 0.2

[

yss + δ∗
ss

ysp + δ∗
sp

]

for (yss + δ∗
ss) > (ysp + δ∗

sp)

where α2 is the two-dimensional angle of attack,
α02 is the two-dimensional zero lift angle and
α02p is the two-dimensional zero lift angle
from thin aerofoil theory.

Equations (7.50) are in contrast to the simpler formu-
lations used by Burrill (Reference 6), which are based
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on the geometric thickness to chord ratio of the section.
Therefore, these earlier relationships should be used
with some caution, since the lift slope and zero lift angle
correction factors are governed by the growth of the
boundary layer over the aerofoil to a significant degree.

With the increasing use of computational fluid
dynamics in propeller and ship flow analysis problems
a number of turbulence models are encountered. For
example, these might include:

• The k–ε model in either the standard or Chen and
Kim extended model.

• The k–ω model in the standard, Wilcox modified or
Menter’s baseline model.

• Menter’s one equation model.
• The RNG k–ε turbulence model.
• Reynolds stress models.
• Menter’s SST k–ω turbulence model.
• The Splalart–Allmaras turbulence model.

In the case of the k–ε model it was found that if the
generic turbulent kinetic energy equation were coupled
to either a turbulence dissipation or turbulence length
scale modelling equation, then it gave improved per-
formance. The energy and dissipation equations as
formulated by Jones and Launder (Reference 23) rely
on five empirical constants, one of which controls the
eddy viscosity and two others, which are effectively
Prandtl numbers, which relate the eddy diffusion to the
momentum eddy viscosity. Sadly these constants are
not universal constants for all flow regimes but when
combined with the continuity and momentum equations
form the basis of the k–ε model for the analysis of tur-
bulent shear flows. The k–ω model is not dissimilar
in its formulation to the k–ε approach, but instead of
being based on a two equation approach its formula-
tion is centred on four equations. The Reynolds stress
models, frequently called second-order closure, form
a rather higher level approach than either the k–ε or
k–ω approaches in that they model the Reynolds
stresses in the flow field. In these models the eddy vis-
cosity and velocity gradient approaches are discarded
and the Reynolds stresses are computed directly by
either an algebraic stress model or a differential equa-
tion for the rate of change of stress. Such approaches
are computationally intensive but, in general, the
best Reynolds stress models yield superior results for
complex flows, particularly where separation and reat-
tachment are involved. Moreover, even for attached
boundary layers the Reynolds stress models surpass the
k–ε model results and it is likely that they will become
dominant in the future.

The boundary layer contributes two distinct com-
ponents to the aerofoil drag. These are the pressure
drag (Dp) and the skin friction drag (Df ). The pres-
sure drag, sometimes referred to as the form drag, is
the component of force, measured in the drag direc-
tion, due to the integral of the pressure distribution

over the aerofoil. If the aerofoil were working in an
inviscid fluid, then this integral would be zero – this is
d’Alembert’s well-known paradox. However, in the case
of a real fluid the pressure distribution decreases from
the inviscid prediction in the regions of separated flow
and consequently gives rise to non-zero values of the
integral. The skin friction drag, in contrast, is the com-
ponent of the integral of the shear stresses τw over the
aerofoil surfaces, again measured in the drag direction.
Hence the viscous drag of a two-dimensional aerofoil
is given by:

2D viscous drag = skin friction drag + pressure drag

that is,

Dv = Df + Dp (7.51)

7.9 The finite wing

Up to the present time discussion has largely been
based on two-dimensional, infinite aspect ratio, aero-
foils. Aspect ratio is taken in the sense defined in the
classical aerodynamic way:

AR = b2

A
(7.52)

where b is the span of the wing and A is the plan form
area. Marine propellers and all wing forms clearly do
not possess the infinite aspect ratio attribute; indeed
marine propellers generally have quite low aspect ratios.
The consequence of this is that for finite aspect ratio
wings and blades the flow is not two-dimensional but
has a spanwise component. This can be appreciated by
studying Figure 7.24 and by considering the mechanism
by which lift is produced. On the pressure surface of
the blade the pressure is higher than for the suction sur-
face. This clearly leads to a tendency for the flow on
the pressure surface to ‘spill’ around onto the suction
surface at the blade tips. Therefore, there is a tendency
for the streamlines on the pressure surface of the blade
to deflect outwards and inwards on the suction sur-
face (Figure 7.24(a) and (b)). Hence the flow moves
from a regime which is two-dimensional in the case of
the infinite aspect ratio wing case to become a three-
dimensional problem in the finite blade. The tendency
for the flow to ‘spill’around the tip establishes a circula-
tory motion at the tips as seen in Figure 7.24(b), and this
creates the trailing vortex which is seen at each wing
or blade tip, and is sketched in Figure 7.24(c). These
tip vortices trail away downstream and their strength is
clearly dependent upon the pressure differential, or load
distribution, over the blade.

One consequence of the generation of trailing vor-
tices is to produce an additional component of velocity
at the blade section called downwash. For the case
of the two wing tip vortices shown in Figure 7.24(c),
the distribution of downwash ω(y) along the chord is
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Figure 7.24 Flow over a finite aspect ratio wing: (a) plan view of blade; (b) flow at blade tip and (c) schematic view of
wing tip vortices

Figure 7.25 Downwash distribution for a pair of tip vortices on a finite wing
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Figure 7.26 Derivation of induced drag

shown in Figure 7.25. This distribution derives from
the relationship

downwash at any point y = contribution from the
left-hand vortex
+ contribution from the
right-hand vortex

that is,

ω(y) = − Ŵ

4π

[

1

(b/2 + y)
+ 1

(b/2 − y)

]

ω(y) = − Ŵ

4π

[

b

(b/2)2 − y2

]

(7.53)

where the span of the aerofoil is b. The downwash
velocity ω(y) combines with the incident free stream
velocity V to produce a local velocity which is inclined
to the free stream velocity at the blade section, as shown
in Figure 7.26, by an angle αi.

Consequently, although the aerofoil is inclined at a
geometric angle of attack α to the free stream flow, the
section is experiencing a smaller angle of attack αeff
such that

αeff = α − αi (7.54)

Since the local lift force is by definition perpendic-
ular to the incident flow, it is inclined at an angle αi to
the direction of the incident flow. Therefore, there is a
component of this lift force Di which acts parallel to the
free stream’s flow, and this is termed the ‘induced drag’
of the section. This component is directly related to the
lift force and not to the viscous behaviour of the fluid.

As a consequence, we can note that the total drag on
the section of an aerofoil of finite span comprises three
distinct components, as opposed to the two components
of equation (7.51) for the two-dimensional aerofoil, as
follows:

total 3D drag = skin friction drag + pressure drag
+ induced drag (7.55)

that is,

D = Dv + Df + Di

where the skin friction drag Df and the pressure drag
and Dp are viscous contributions to the drag force.

In Figure 7.24 it was seen that a divergence of the flow
on pressure and suction surfaces took place. At the trail-
ing edge, where these streams combine, the difference
in spanwise velocity will cause the fluid at this point
to roll up into a number of small streamwise vortices
which are distributed along the entire span of the wing,
as indicated by Figure 7.27. From this figure it is seen
that the velocities on the upper and lower surfaces can
be resolved into a spanwise component (v) and an axial
component (u). It is the difference in spanwise compon-
ents on the upper and lower surfaces, vU and vL respect-
ively, that give rise to the shed vorticity as sketched in
the inset to the diagram. Although vorticity is shed along
the entire length of the blade these small vortices roll
up into two large vortices just inboard of the wings or
blade tips and at some distance from the trailing edge as
shown in Figure 7.28. The strength of these two vortices
will of course, by Helmholtz’s theorem, be equal to the
strength of the vortex replacing the wing itself and will
trail downstream to join the starting vortex, Figure 7.12;
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Figure 7.27 Formation of trailing vortices

Figure 7.28 Schematic roll-up of trailing vortices

again in order to satisfy Helmholtz’s theorems.
Furthermore, it is of interest to compare the trailing
vortex pattern of Figure 7.28 with that of Prandtl’s clas-
sical model, shown in Figure 7.1, where roll-up of the
free vortices was not considered. Although Figure 7.28
relates to a wing section, it is clear that the same hydro-
dynamic mechanism applies to a propeller blade form.

7.10 Models of propeller action

Many models aimed at describing the action of the
marine propeller tend to solve the potential flow

problem, subject to viscous constraints, defined by the
propeller operating at a particular advance and rota-
tional speed. In one case, the design problem, the aim
is to define the required blade geometry for a given set
of operating conditions; and in the other, the analysis
problem, which is the inverse of the design problem,
the geometry is defined and the resulting load and flow
condition is calculated.

The propeller analysis problem, for example, is for-
mulated by considering the propeller to function in an
unbounded incompressible fluid and to have an inflow
which is defined as the effective flow field. This effect-
ive flow field, which was discussed in Chapter 5, is
defined in terms of a fixed Cartesian reference frame,
and the propeller, whose shaft axis is coincident with
one of the axes of the effective flow field reference
frame, is defined with respect to a rotating reference
frame (Chapter 3). For the purposes of analysis the pro-
peller is considered to comprise a number of identical
blades, symmetrically arranged around a boss which
is assumed to rotate with constant speed. The boss is
either idealized as an axisymmetric body or, alterna-
tively, ignored: this latter option was normally the case
with many of the earlier theoretical models.

The definition of the blade geometry within the ana-
lytical model is normally based on the locus of the
mid-chord line of each of the sections. This locus is
defined with respect to one axis of the rotating refer-
ence frame by its radial distribution of rake and skew.
Having defined this locus, the leading and trailing edges
of the blade can then be defined by laying off the appro-
priate half chord lengths along each of the helix lines
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at the defined radii. These helix lines are defined by the
radial distribution of the section nose–tail pitch. This
process effectively defines the section nose–tail lines
in space, whereupon the blade section geometry can be
defined in terms of the radial and chordwise distribution
of camber and section thickness.

The solution of the hydrodynamic problem of defin-
ing the velocity potential at a point on the surface of the
blades can be expressed, in the same way as any other
incompressible flow problem around a lifting body, as
a surface integral over the blade surfaces and the wake
by employing Green’s formula. For analysis purposes
this generalized formulation of the propeller analysis
problem can be defined as a distribution of vorticity
and sources over the blades together with a distribution
of free vorticity in the wake of the propeller defining the
vortex sheets emanating from the blades. The distribu-
tion of sources, and by implication sinks, is to represent
in hydrodynamic terms the flow boundaries defined by
the blade surface geometry. In some propeller analysis
formulations the distributions of vorticity are replaced
by an equivalent distribution of normal dipoles in such
a way that the vortex strength is defined by the deriva-
tive of the strength of the dipoles. The completion of the
definition of the analysis problem is then made by the
imposition of the Kutta condition at the trailing edge,
thereby effectively defining the location in space of the
vortex sheets, and the introduction of a boundary layer
approximation.

In order to solve the analysis problem it is frequently
the case that the longitudinal and time-dependent prop-
erties of the effective inflow field are ignored. When
this assumption is made the flow can be considered to be
cyclic, and as a consequence the effective inflow defined
in terms of the normal Fourier analysis techniques.

The foregoing description of the analysis problem,
the design problem being essentially the inverse of
the analysis situation but conducted mostly under a
mean inflow condition, defines a complex mathematical
formulation, the solution of which has been gener-
ally attempted only in comparatively recent times, as
dictated by introduction of enhanced computational
capabilities. Having said this, there were early examples
of solutions based on these types of approach, notably
those by Strescheletzky, who achieved solutions using
an ‘army’ of technical assistants armed with hand cal-
culators. As previously discussed, the solution of the
propeller problem is essentially similar to any other
incompressible flow problem about a three-dimensional
body and, in particular, there is a close connection
between subsonic aeroplane wing and marine propeller
technologies. Indeed the latter, although perhaps older,
relied for much of its development on aerodynamic
theory. Notwithstanding the similarities there are sig-
nificant differences, the principal ones being the helical
nature of marine propeller flow and the significantly
lower aspect ratio of the blades.

For discussion purposes, however, the models of
propeller action normally fall into one of four categories

as follows:

1. Momentum or blade element models.
2. Lifting line models.
3. Lifting surface models.
4. Boundary element models.
5. Computational fluid dynamic models.

With regard to these five models, the momentum and
blade element approaches will be introduced and dis-
cussed in the next chapter. The next three models
will be briefly introduced here in the context of basic
principles prior to discussion of particular approaches
or combinations of approaches in Chapter 8. The
discussion of computational fluid dynamic models will
also be left until the next chapter.

The lifting line model is perhaps the simplest math-
ematical model of propeller action in that it assumes
the aerofoil blade sections to be replaced by a single
line vortex whose strength varies from section to sec-
tion. The line, which is a continuous line in the radial
direction about which vortices act, is termed the lift-
ing line, and is normally considered to pass through the
aerodynamic centres of the sections; this, however, is
not always the case, especially with the earlier theories,
where the directix was frequently used as the location
for the lifting line. Figure 7.29(a) demonstrates for a par-
ticular section the lifting line concept in which the aero-
foil and its associated geometry is replaced by a single
point. The lifting line concept is ideal for aeroplane pro-
pellers on account of their high aspect ratio, but for the
marine propeller, with low aspect ratios and consequent
strong three-dimensional effects over the wide blades,
this approach, although simple, does have significant
disadvantages. Since the strength of the bound vortices
vary in the radial direction, then to satisfy Helmholtz’s
theorem, free vortices are shed from bound vortices
along the lifting line whose strengths are given by

ŴF =
(

dŴb

dr

)

�r (7.56)

where Ŵb is the bound vortex strength and r is the radial
position on the propeller. Figure 7.29(b) also outlines
this concept and the similarity with Prandtl’s classical
lifting line theory for wings, shown in Figure 7.1, can
be appreciated.

A higher level of blade representation is given by the
lifting surface model. Rather than replacing the aerofoil
section with a single bound vortex, as in the lifting line
case, here the aerofoil is represented by an infinitely
thin, bound vortex sheet. This bound vortex sheet is
used to represent the lifting properties of the blade, in a
manner analogous to thin aerofoil theory, and in the later
theories the section thickness geometry is represented
by source–sink distribution in order to estimate more
correctly the section surface pressure distributions for
cavitation prediction purposes. Such a model, normally
referred to as a lifting surface model, is shown schemat-
ically in Figure 7.29(c). Models of this type present an
order of numerical complexity greater than those for the
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Figure 7.29 Hydrodynamic models of propeller action:
(a) lifting line; (b) lifting line model of propeller action;
(c) lifting surface and (d) surface vorticity

lifting line concept; however, they too provide an attrac-
tive compromise between the simpler models and a full
surface vorticity model. In this latter class of models
the distribution of vorticity is placed around the sec-
tion as seen in Figure 7.29(d), and thereby takes into
account the effects of section thickness more fully than
otherwise would be the case. Clearly, in both the lifting
surface and surface vorticity models the strengths of the
component vortices must be such that they generate the
required circulation at each radial station.

Vortex lattice models, Figure 7.30, represent one of
the more recent developments in propeller theoretical
models. In this figure the solid lines represent the blade
model and the hatched line the model of the propeller
wake in terms of the roll-up of the vortices from the
tip and root sections. Vortex lattice models make use of
the concept of straight line segments of vortices joined
together to cover the propeller blade with a system

Figure 7.30 Vortex lattice model of propeller

of vortex panels. The velocities at the control points,
defined in each panel, over the blade are expressed in
terms of the unknown strengths of the vortices, and by
applying a flow tangency condition at each control point
the vortex strengths over the blade can be calculated and
the flow problem solved. Hence vortex lattice models
are a subclass of lifting surface models, and consider
the flow problem using a discrete rather than continu-
ous system of singularities over the blade, which makes
the computations somewhat less onerous.

In order to move towards the full surface vorticity
concept idealized in Figure 7.29(d), much interest has
been generated in the use of panel methods to provide a
solution to the propeller design and analysis problems.
The next section in this chapter considers the underlying
principles of panel methods.

7.11 Source and vortex panel methods

Classical hydrodynamic theory shows that flow about a
body can be generated by using the appropriate distribu-
tions of sources, sinks, vortices and dipoles distributed
both within and about itself. Increased computational
power has led to the development of panel methods, and
these have now become commonplace for the solution
of potential flow problems about arbitrary bodies.

In the case where the body generates no lift the flow
field can be computed by replacing the surface of the
body with an appropriate distribution of source panels
(Figure 7.31). These source panels effectively form a
source sheet whose strength varies over the body sur-
face in such a way that the velocity normal to the
body surface just balances the normal component of
the free stream velocity. This condition ensures that no
flow passes through the body and its surface becomes a
streamline of the flow field. For practical computation
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Figure 7.31 Source panel solution method

purposes, the source strength λj is assumed to be con-
stant over the length of the jth panel but allowed to
vary from one panel to another. The mid-point of the
panel is taken as the control point at which the resultant
flow is required to be a tangent to the panel surfaces,
thereby satisfying the flow normality condition defined
above. The end points of each panel, termed the bound-
ary points, are coincident with those of the neighbouring
panels and consequently form a continuous surface.

From an analysis of this configuration of n panels as
shown in Figure 7.31, the total velocity at the surface at
the ith control point, located at the mid-point of the ith
panel, is given by the sum of the contributions of free
stream velocity V and those of the source panels:

Vi = V∞ sin δ +
n
∑

j=1

λj

2π

∫

j

∂

∂s
(ln rij)dsj (7.57)

Figure 7.32 Vortex panel solution method

from which the associated pressure coefficient is
given by

CPi = 1 −
(

Vi

V∞

)2

(7.57a)

In equation (7.57) r is the distance from any point on
the jth panel to the mid-point on the ith panel and s is
the distance around the source sheet.

When the body for analysis is classified as a lifting
body, the alternative concept of a vortex panel must be
used since the source panel does not possess the cir-
culation property which is essential to the concept to
lift generation. The modelling procedure for the vortex
panel is analogous to that for the source panel in that
the body is replaced by a finite number of vortex panels
as seen in Figure 7.32. On each of the panels the cir-
culation density is varied from one boundary point to
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the other and is continuous over the boundary point. In
these techniques the Kutta condition is easily introduced
and is generally stable unless large numbers of panels
are chosen on an aerofoil with a cusped trailing edge.

As in the case of the source panels the boundary
points and control points are located on the surface of
the body; again with control points at the mid-panel
position. At these control points the velocity normal to
the body is specified so as to prevent flow through the
aerofoil. Using this approach the velocity potential at
the ith control point (xi, yi) is given by

φ(xi, yi) = V∞(xi cos α + yi sin α)

−
m
∑

j=1

∫

γ(sj)

2π
tan−1

(

yi − yj

xi − xj

)

dsj

(7.58)

for a system of m vortex panels, with

γ(sj) = γj + (γj+1 − γj)
sj

Sj
(7.58a)

Methods of this type – and the outline discussed here
is but one example – can be used in place of the clas-
sical methods, for example Theodorsen or Weber, to
calculate the flow around aerofoils. Typically for such
a calculation one might use fifty or so panels to obtain
the required accuracy, which presents a fairly extensive
numerical task as compared to the classical approach.
However, the absolute number of panels used for a
particular application is dependent upon the section
thickness to chord ratio in order to preserve the stability
of the numerical solution. Nevertheless, methods of this
type do have considerable advantages when consider-
ing cascades or aerofoils with flaps, for which exact
methods are not available.

In a similar manner to the classical two-dimensional
methods, source and vortex panel methods can be
extended to three-dimensional problems. However, for
the panel methods the computations become rather
more complex but no new concepts are involved.
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The proceeding chapter introduced and discussed the
basic building blocks upon which the theory of pro-
peller action has been based. This chapter, as outlined
in Table 7.1, will now build upon that foundation and
outline the important theories. However, as only a curs-
ory glance at the propeller literature will reveal, this
is a vast subject, and therefore in this chapter we will
discuss classes of propeller theory and use one method
from the class as being representative of that class for
discussion purposes. The choice of method for this pur-
pose will perhaps say more about the author’s own usage
and preferences rather than represent any general con-
sensus about the superiority of the method. In each case,
however, references will be given to other methods in
the class under discussion.

The theoretical methods have, as far as possible, been
introduced in their chronological order so as to under-
line the thread of development of the subject through
time. Consequently, it is logical to start with the earliest
attempt by Rankine (Reference 1) at producing a basis
for propeller action.

8.1 Momentum theory – Rankine
(1865); R.E. Froude (1887)

Rankine proposed a simple theory of propeller action
based on the axial motion of the water passing through
the propeller disc. Hence his theory did not concern
itself with the geometry of the propeller which was pro-
ducing the thrust, and consequently, his work is not
very useful for blade design purposes. It does, however,
lead to some general conclusions about propeller action
which have subsequently been validated by more recent
propeller theoretical methods and experiment.

The assumptions upon which Rankine based his
original theory are as follows:

1. The propeller works in an ideal fluid and, therefore,
does not experience energy losses due to frictional
drag.

2. The propeller can be replaced by an actuator disc,
and this is equivalent to saying that the propeller has
an infinite number of blades.

3. The propeller can produce thrust without causing
rotation in the slipstream.

The actuator disc concept is very common in earlier
propeller theories and can be considered to be a notional
disc having the same diameter as the propeller but of
infinitesimal thickness. This disc, which is located at
the propeller plane, is considered to absorb all of the
power of the engine and dissipate this power by causing
a pressure jump, and hence an increase of total head of
the fluid, across the two faces of the disc.

Rankine’s original theory, which is based on the
above three assumptions, is generally known as the
‘axial momentum theory’. R.E. Froude in his subse-
quent work (Reference 2) removed the third assumption
and allowed the propeller to impart a rotational velocity

to the slipstream, and thereby to become a more real-
istic model of propeller action. The subsequent theory
is known either as the Rankine–Froude momentum the-
ory or the general momentum theory of propellers. Here
was shall follow the more general case of momentum
theory, which is based on the first two assumptions only.

Figure 8.1 shows the general case of a propeller which
has been replaced by an actuator disc and is working
inside a streamtube; in the figure the flow is proceed-
ing from left to right. Stations A and C are assumed
to be far upstream and downstream respectively of the
propeller, and the actuator disc is located at station B.
The static pressure in the slipstream at stations A and C
will be the local static pressure p0, and the increase in
pressure immediately behind the actuator disc is �p, as
also shown in Figure 8.1. Now the power PD absorbed
by the propeller and the thrust T generated are equal
to the increase in kinetic energy of the slipstream per
unit time and the increase in axial momentum of the
slipstream respectively:

PD = (ṁ/2)[V 2
C − V 2

A]

T = ṁ[VC − VA]

}

(8.1)

where ṁ is the mass flow per unit time through the disc,
from which it can be shown that

PD = 1
2 T [VC + VA] (8.2)

However, the power PD is also equal to the work done
by the thrust force of the propeller:

PD = TVB (8.3)

Then, by equating equaitons (8.2) and (8.3), we find that
the velocity at the propeller disc is equal to the mean
of the velocities far upstream and downstream of the
propeller:

VB = 1
2 [VC + VA] (8.4)

If VB and VC are expressed in terms of the velocity VA
far upstream as follows:

VB = VA + aVA

VC = VA + a1VA

}

(8.5)

where a and a1 are known as the axial inflow fac-
tors at the propeller disc and in the ultimate wake
(far upstream), then by combining equation (8.4) with
equation (8.5) we derive that

a1 = 2a (8.6)

Equations (8.4) to (8.6) lead to the important result that
half the acceleration of the flow takes place before the
propeller disc and the remaining half after the propeller
disc. As a consequence of this result it follows that the
slipstream must contract between the conditions exist-
ing far upstream and those existing downstream in order
to satisfy the continuity equation of fluid mechanics.
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Figure 8.1 Basis of momentum theory

From equation (8.1) the thrust is given by

T = ṁ[VC − VA]

and by combining this equation with equation (8.4) and
the continuity equation

̺VBAB = ̺VAAA (8.7)

we can derive that

CT = T

̺ABV 2
A

= 2

(

DA

DB

)2
[

(

DA

DB

)2

− 1

]

from which it can be shown that the contraction at the
propeller plane DB/DA is given in terms of the propeller
thrust coefficient CT as
(

DB

DA

)

= 1
√

[ 1
2 (1 + √

(1 + 2CT))]
(8.8)

A similar, although slightly more complex, result can
be derived for the contraction of the slipstream after
the propeller. Figure 6.21 showed some experimental
correlation by Nagamatsu and Sasajima with this for-
mula which, as can be seen, is derived purely from axial
momentum consideration.

If it is conjectured that the increase in pressure �p
is due to the presence of an angular velocity ω in the
slipstream immediately behind the propeller disc, then
the angular velocity of the water relative to the propeller
blades, immediately ahead and astern of the propeller,

is respectively � and � − ω. Then from Bernoulli’s
theorem the increase in pressure �p at a particular
radius r is given by

�p = ̺(� − 1
2ω)ωr2

Also the elemental thrust dT acting at some radius r is

dT = 2πr�p dr

which, by writing ω = 2a′�, where a′ is a rotational
inflow factor, reduced to

dT = 4π̺r3�2(1 − a′)a′ (8.9)

Now the elemental torque dQ at the same radius r is
equal to the angular momentum imparted to the slip-
stream per unit time within the annulus of thickness dr,
namely

dQ = ṁωr2 = 2π̺r3ω dr

= 4π̺r3VA�(1 + a)a′ dr (8.10)

The ideal efficiency of the blade element (ηi) is given by

ηi = thrust horsepower

delivered horsepower
= VA dT

� dQ
(8.11)

hence, by substituting equations (8.9) and (8.10) into
equation (8.11), we have

ηi = (1 − a′)

(1 + a)
(8.12)
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It can further be shown from this theory that for max-
imum efficiency the value of ηi should be the same for
all radii. Equation (8.12) leads to the second impor-
tant result of momentum theory, which is that there is
an upper bound on the efficiency of an ideal, friction-
less propeller. The ideal efficiency is a measure of the
losses incurred by the propeller because the changes in
momentum necessary to generate the required forces are
accompanied by changes in kinetic energy. Figure 8.2
shows the relationships obtained from general momen-
tum theory between ηi and the normal propulsion
coefficients of Bp and δ for comparison purposes with

Figure 8.2 Ideal propeller efficiency from general
momentum theory

Figure 8.3 Blade element theory

actual experimental propeller results, remembering of
course that the curves of ηi represent an upper bound
for the efficiency value.

If the rotational assumption had not been removed
in the derivation for ηi, then the ideal efficiency would
have been found to be

ηi = 1

(1 + a)
(8.13)

8.2 Blade element theory –
W. Froude (1878)

In contrast to the work of Rankine, W. Froude (Refer-
ence 3) developed a quite different model of propeller
action, which took account of the geometry of the pro-
peller blade. In its original form the theory did not
take account of the acceleration of the inflowing water
from its far upstream value relative to the propeller disc.
This is somewhat surprising, since this could have been
deduced from the earlier work of Rankine; nevertheless,
this omission was rectified in subsequent developments
of the work.

Blade element theory is based on dividing the blade
up into a large number of elementary strips, as seen in
Figure 8.3. Each of these elementary strips can then be
regarded as an aerofoil subject to a resultant incident
velocity W .

The resultant incident velocity was considered to
comprise an axial velocity V together with a rotational
velocity �r, which clearly varies linearly up the blade.
In the normal working condition the advance angle β is
less than the blade pitch angle θ at the section, and hence
gives rise to the section having an angle of incidence α.
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The section will, therefore, experience lift and drag
forces from the combination of this incidence angle and
the section zero lift angle, from which one can deduce
that, for a given section geometry, the elemental thrust
and torques are given by

dT = 1
2̺ZcW 2(c1 cos β − cd sin β) dr

dQ = 1
2̺ZcW 2(c1 sin β + cd cos β)r dr

}

(8.14)

where Z and c are the number of blades and the chord
length of the section respectively.

Now since the efficiency of the section η is given by

η = V dT

� dQ

then by writing cd/c1 = γ and substituting equation
(8.14) into this expression for efficiency, we derive that

η = tan β

tan(β + γ)
(8.15)

Consequently, this propeller-theoretical model allows
the thrust and torque to be calculated provided that the
appropriate values of lift and drag are known. This, how-
ever, presented another problem since the values of c1
and cd could not be readily calculated for the section
due to the difficulty in establishing the effective aspect
ratio for the section.

The basic Froude model can, as mentioned previ-
ously, be modified to incorporate the induced velocities
at the propeller plane. To do this the advance angle β
is modified to the hydrodynamic pitch angle βi, and
the velocity diagram shown in Figure 8.3 is amended
accordingly to incorporate the two induced velocities,
as shown in the inset to the figure.

Although Froude’s work of 1878 failed in some
respects to predict propeller performance accurately, it
was in reality a great advance, since it contained the
basic idea upon which all modern theory is founded.
It was, however, to be just over half a century later
before all of the major problems in applying these early
methods had been overcome.

8.3 PropellerTheoretical development
(1900–1930)

Immediately prior to this period propeller theory was
seen to have been developing along two quite sepa-
rate paths, namely the momentum and blade element
theories. This led to inconsistent results; for example,
blade element theory suggests that propeller efficiency
will tend towards 100 per cent if the viscous forces are
reduced to zero, whereas momentum theory, which is an
inviscid approach, defines a specific limit on efficiency
which is dependent upon speed of advance and thrust
coefficient (Figure 8.2). This and other discrepancies
led to a combination of the two theories by some engi-
neers in which the induced velocities are determined by
momentum theory and the analysis then conducted by

the blade element theory. Although this was successful
in many respects, none of these combined theories were
entirely satisfactory.

In Chapter 7 we saw how Lanchester and Prandtl put
forward the concept that the lift of a wing was due to the
development of circulation around the section and that
a system of trailing vortices emanated from the blade
and its tips. However, it was not until 1919 that Prandtl
had the necessary experimental confirmation of this new
vortex theory. The application of this method to the pro-
peller problem led to the conclusion that free vortices
must spring from the tips of the propeller when operat-
ing, and that if due allowance is made for the induced
velocities caused by these free vortices, which have a
helical form, the forces at the blade elements will be the
same as in two-dimensional flow. Consequently, the lift
and drag coefficients for the section could be obtained
from two-dimensional wind tunnel test data provided
the results were corrected for aspect ratio according to
Prandtl’s formula. As this is standard wind tunnel tech-
nique, this then opened up a fund of aeronautical data
for propeller design purposes.

The total energy loss experienced by the propeller
comprises the losses caused by the creation of kinetic
energy in the slipstream due to the effects of induced
drag and the losses resulting from the motion of sections
in a viscous fluid; that is, their profile drag. This latter
component can be minimized by proper attention to the
design of the blade sections; however, this is not the
case with the losses resulting from the induced drag.
The induced drag is a function of the design conditions,
and in order to maximize the efficiency of a propeller
it is necessary to introduce a further parameter which
will ensure that the induced drag is minimized. Betz
(References 4 and 5) established the basic minimum
energy loss condition by analysing the vortex system
in the slipstream of a lightly loaded propeller having
an infinite number of blades and working in a uniform
stream. He established that the induced drag is min-
imized when the vortex sheets far behind the propeller
are of constant pitch radially; in formal terms this leads
to the condition for each radius:

xπD tan βε = constant (8.16)

where βε is the pitch angle of the vortex sheet at each
radius far behind the propeller in the ultimate wake.

It follows from the Betz condition that for a uniform
stream propeller the vortex sheets will leave the lifting
line at constant pitch and undergo a deformation down-
stream of the propeller until they finally assume a larger
constant pitch in the ultimate wake. Furthermore, for
the propeller working in the uniform stream condition
the direction of the resultant induced velocity arW , in
the inset of Figure 8.3, is normal to the direction of the
inflow velocity W at the lifting line. This result is known
as the ‘condition of normality’ for a propeller working
in an ideal fluid. In an appendix to Betz’s paper Prandtl
established a simple method for correcting the results
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Figure 8.4 Goldstein correction factors for a four-bladed propeller

for propellers having a small number of blades. This
was based on the results of a model which replaced a
system of vortex sheets by a series of parallel lines with
a regular gap between them.

The total circulation at any radius on a propeller blade
derived from the Betz condition relates to the infinitely
bladed propeller. For such a propeller it can be shown
(Reference 6) that the induced velocities at the propeller
disc are the same as those derived from simple axial
momentum theory. In the case of the ‘infinite’ blade
number the helical vortex sheets emanating from each
blade are ‘very close’ together; however, for the real
case of a propeller with a small number of blades, the
trailing vortices are separated from each other. Hence,
the mean induced velocity in the latter case, when con-
sidered about a circumferential line at some radius in
the propeller disc, is less than the local induced velocity
at the blades. Prandtl’s earlier relationship for the mean

velocity at a particular radius, when compared to the
velocity of the lifting line, was

K = 2

π
cos−1

[

exp

{

− Z

2 tan βi
(1 − x)

√
(1 + tan2 βi)

}]

(8.17)

This important effect was studied later by Goldstein
(Reference 7) who considered the flow past a series of
true helicoidal surfaces of infinite length. He obtained
an expression for the ratio between the mean circula-
tion taken around an annulus at a particular radius and
the circulation at the helicoidal surfaces. These values
take the form of a correction factor K and an example
is shown in Figure 8.4 for a four-bladed propeller. From
this figure it is readily seen that the corrections have
more effect the greater the non-dimensional radius of
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Table 8.1 Goldstein–Tachminji correction factors for xn = 0.167

Blade number = 3 Blade number = 5
r/R r/R

0.950 0.900 0.800 0.700 0.600 0.500 0.400 0.300 0.900 0.800 0.700 0.600 0.500 0.400 0.300

0 1.000 1.000 1.000 1.000 1.000 1.000 1.000 1.000 0 1.000 1.000 1.000 1.000 1.000 1.000 1.000 1.000
5 0.729 0.902 0.990 0.999 1.000 1.000 1.000 1.000 5 0.858 0.973 0.992 1.000 1.000 1.000 1.001 1.002

10 0.543 0.732 0.916 0.979 0.995 0.997 0.996 0.988 10 0.681 0.864 0.980 0.998 0.999 0.999 0.999 1.000
15 0.443 0.612 0.818 0.925 0.971 0.985 0.982 0.963 15 0.572 0.759 0.932 0.984 0.995 0.997 0.996 0.992
20 0.372 0.523 0.725 0.854 0.928 0.961 0.963 0.934 20 0.496 0.675 0.872 0.957 0.985 0.991 0.990 0.980
25 0.320 0.454 0.645 0.782 0.876 0.929 0.943 0.911 25 0.438 0.606 0.811 0.919 0.968 0.982 0.982 0.966
30 0.280 0.401 0.578 0.716 0.822 0.893 0.923 0.896 30 0.393 0.549 0.753 0.876 0.944 0.971 0.975 0.956
35 0.249 0.358 0.523 0.658 0.771 0.857 0.904 0.888 35 0.356 0.502 0.701 0.834 0.918 0.960 0.970 0.949
40 0.225 0.325 0.479 0.609 0.726 0.823 0.888 0.886 40 0.326 0.462 0.656 0.794 0.891 0.948 0.969 0.949
45 0.206 0.298 0.442 0.569 0.686 0.793 0.874 0.891 45 0.302 0.430 0.617 0.758 0.865 0.937 0.971 0.957
50 0.191 0.277 0.413 0.536 0.654 0.767 0.863 0.902 50 0.282 0.403 0.584 0.727 0.842 0.928 0.977 0.972
55 0.179 0.260 0.390 0.509 0.627 0.745 0.855 0.916 55 0.266 0.382 0.557 0.700 0.822 0.920 0.986 0.994
60 0.170 0.247 0.372 0.488 0.605 0.728 0.850 0.935 60 0.258 0.364 0.535 0.678 0.805 0.914 0.997 1.023
65 0.162 0.236 0.357 0.471 0.589 0.715 0.849 0.957 65 0.243 0.351 0.571 0.660 0.791 0.911 1.011 1.058
70 0.157 0.228 0.347 0.459 0.577 0.707 0.850 0.982 70 0.235 0.331 0.503 0.646 0.781 0.909 1.025 1.095

Blade number = 4 Blade number = 6
r/R r/R

0.950 0.900 0.800 0.700 0.600 0.500 0.400 0.300 0.950 0.900 0.800 0.700 0.600 0.500 0.400 0.300

0 1.000 1.000 1.000 1.000 1.000 1.000 1.000 1.000 0 1.000 1.000 1.000 1.000 1.000 1.000 1.000 1.000
5 0.804 0.949 0.997 0.999 1.000 1.000 1.000 1.001 5 0.897 0.986 1.000 1.000 1.000 1.000 1.001 1.002

10 0.620 0.810 0.959 0.993 0.998 0.999 0.999 0.997 10 0.730 0.902 0.990 0.999 1.000 1.000 1.000 1.001
15 0.514 0.696 0.890 0.966 0.989 0.994 0.992 0.983 15 0.620 0.808 0.958 0.992 0.998 0.998 0998 0.997
20 0.440 0.609 0.813 0.921 0.969 0.983 0.982 0.964 20 0.543 0.728 0.912 0.976 0.992 0.994 0.993 0.989
25 0.385 0.539 0.742 0.868 0.938 0.967 0.970 0.946 25 0.484 0.661 0.859 0.949 0.982 0.989 0.988 0.979
30 0.341 0.483 0.679 0.814 0.902 0.948 0.959 0.933 30 0.437 0.604 0.808 0.917 0.967 0.983 0.983 0.970
35 0.307 0.437 0.624 0.763 0.864 0.927 0.950 0.926 35 0.398 0.556 0.761 0.883 0.949 0.976 0.980 0.964
40 0.279 0.400 0.578 0.717 0.828 0.906 0.944 0.927 40 0.367 0.516 0.718 0.849 0.930 0.970 0.980 0.964
45 0.257 0.369 0.539 0.678 0.795 0.886 0.941 0.935 45 0.341 0.483 0.680 0.818 0.911 0.965 0.985 0.970
50 0.240 0.345 0.507 0.644 0.766 0.869 0.941 0.951 50 0.320 0.455 0.647 0.789 0.893 0.961 0.993 0.982
55 0.225 0.325 0.481 0.617 0.741 0.854 0.944 0.973 55 0.303 0.432 0.620 0.765 0.878 0.959 1.004 1.002
60 0.214 0.309 0.460 0.594 0.721 0.843 0.949 1.000 60 0.289 0.413 0.598 0.744 0.864 0.958 1.019 1.029
65 0.205 0.297 0.440 0.576 0.705 0.834 0.956 1.033 65 0.278 0.398 0.579 0.727 0.854 0.959 1.036 1.061
70 0.198 0.288 0.431 0.562 0.694 0.829 0.965 1.068 70 0.269 0.386 0.565 0.714 0.845 0.961 1.053 1.098

Complied from Reference 8.

the propeller. This is to be expected, since the dis-
tance between the blade sections is greater for the outer
radii, and since the induced velocity at the lifting line
would normally be a maximum it follows that the mean
induced velocity through an annulus at a particular
radius will be less than the value at the lifting line, the
ratio being given by the Goldstein factor. At zero pitch
angle the value of the correction factor is clearly unity.

Goldstein’s work was based on the model of a pro-
peller which has zero boss radius. In practice this is
clearly not the case and Tachmindji and Milam (Refer-
ence 8) subsequently made a detailed set of calculations
for propellers with blade numbers ranging from 3 to
6 and having a finite hub radius of 0.167R. Table 8.1
defines these values, from which it is seen that val-
ues at the outer radii are broadly comparable, as might
be expected, whereas those at the inner radii change
considerably.

With the work of Goldstein, Betz, Prandtl and Lanch-
ester, the basic building blocks for a rational propeller

theory were in place by about 1930. Although Perring
(Reference 9) and Lockwood Taylor (Reference 10)
established theories of propeller action, it was left to
Burrill (Reference 11) to establish an analytical method
which gained comparatively wide acceptance within
the propeller community. Indeed the analysis proce-
dure that Burrill published in 1944 is still used quite
widely today for general non-specialist, moderately
loaded propellers; largely because it lends itself to rapid
hand calculation.

8.4 Burrill’s analysis procedure (1944)

Burrill’s procedure is essentially a strip theory method
of analysis which combines the basic principles of the
momentum and blade element theories with certain
aspects of the vortex analysis method. As such the
method works quite well for moderately loaded pro-
pellers working at or near their design condition;
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however, for heavily and lightly loaded propellers the
correlation with experimental results is not so good,
although over the years several attempts have been made
to improve its performance in these areas; for example,
Sontvedt (Reference 12).

In developing his theory, Burrill considered the
flow through an annulus of the propeller, as shown in
Figure 8.5. From considerations of continuity through
the three stations identified (far upstream, propeller disc
and far downstream) one can write, for the flow through
the annulus in one revolution of the propeller,

2π̺r0

Va

n
δr0 = 2π̺r1

Va(1 + Kβi a)

n
δr1

= 2π̺r2

Va(1 + 2Kεa)

n
δr2

where Kβi and Kε are the Goldstein factors at the pro-
peller disc and in the ultimate wake respectively. Also
Va is the speed of advance of the uniform stream and a
is the axial induction factor.

From this relation, by assuming that the inflow is con-
stant at each radius, that is a = constant, it can be shown
that the relationship between the radii of the slipstream
is given by

r0 = r1(1 + Kβi a)1/2 = r2(1 + Kεa)1/2 (8.18)

Furthermore, it is also possible, by considering the
momentum of the fluid in relation to the quantity flow-
ing through the annular region, to define a relation for
the thrust acting on the fluid.

dT = V dQ

for which the thrust at the propeller disc can be shown
to be

dT = 4πr1KεaV 2
A[1 + Kβi a]̺ dr1 (8.19)

However, by appealing to the blade element concept,
an alternative expression for the elemental thrust at a
particular radius r1 can be derived as follows:

dT = ρ

2
Zc(1 + a)2

× V 2
A

sin2βi
[c1 cos βi − cd sin βi] dr1 (8.20)

and then by equating these two expressions, equations
(8.19) and (8.20), and in a similar manner deriving two
further expressions for the elemental torque acting at
the particular radius, one can derive the following pair
of expressions for the axial for tangential inflow factors
a and a′ respectively.

a

1 + a

(

1 + Kβi a

1 + a

)

=
(

c1σs

2Kε

)

cos(βi + γ)

2sin2βi cos γ

a′

1 − a′

(

1 − Kβi a

1 + a

)

=
(

c1σs

2Kε

)

sin(βi + γ)

sin 2βi cos γ

⎫

⎪

⎪

⎬

⎪

⎪

⎭

(8.21)

in which σs is the cascade solidity factor defined by
Zc/(2πr) and γ is the ratio of drag to lift coefficient cd/c1.

In equations (8.21) the lift coefficient c1 is estimated
from the empirical relationships derived from wind tun-
nel tests on aerofoil sections and applied to the results
of thin aerofoil theory as discussed in the preceding
chapter. Thus the lift coefficient is given by

cl = 2πks · kgs(α + α0) (8.22)

where ks and kgs are the thin aerofoil to single aerofoil
and single aerofoil to cascade correction factors for lift
slope derived from wind tunnel test results and α0 is
the experimental zero lift angle shown in Figure 8.5(b).
The term α is the geometric angle of attack relative to
the nose–tail line of the section as seen in Figure 8.5(c).
Form equation (8.22) it can be seen that the lift slope
curve reduces from 2π in the theoretical thin aerofoil
case to 2πkskgs in the experimental cascade situation;
that is, the line CC in Figure 8.5(b). Burrill chooses to
express ks as a simple function of thickness to chord
ratio, and kgs as a function of hydrodynamic pitch angle
βi and cascade solidity σs. Subsequently work by van
Oossanen, discussed in Chapter 7, has shown that these
parameters, in particular ks and kgs, are more reliably
expressed as functions of the section boundary layer
thicknesses at the trailing edge of the sections.

With regard to the effective angle of attack of the
section, this is the angle represented by the line CD
measured along the abscissa of Figure 8.5(b) and the
angle (α + α0) on Figure 8.5(c). This angle αe is again
calculated by appeal to empirically derived coefficients
as follows:

αe = α + α0 = α + α0TH (Kα0 − Kgα0
) (8.23)

where α0TH is the two-dimensional theoretical zero lift
angle derived from equation (7.27) and Kα0 and Kgα0

are the single aerofoil to theoretical zero lift angle cor-
relation factor and cascade allowance respectively. The
former, as expressed by Burrill, is a function of thick-
ness to chord ratio and position of maximum camber
whilst the latter is function of hydrodynamic pitch angle
βi and solidity of the cascade σs.

Now by combining equations (8.21) and (8.22)
and noting that the term (1 + Kβi a)/(1 + a) can be
expressed as

1 − [(1 − Kβi )tan(βi − β)/tan βi]

it can be shown that the effective angle of attack (α + α0)
is given by

α + α0 = 2

KsKgsπσs
Kε sin βi tan(βi − β)

×
[

1 − tan(βi − β)

tan βi
(1 − Kβi )

]

(8.24)

This equation enables, by assuming an initial value,
the value of the effective angle of attack to be calculated
for any given value of (βi − β), by means of an iterative
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Figure 8.5 The Burrill analysis procedure: (a) slipstream contraction model; (b) lift evaluation and (c) flow vectors and
angles
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process. Once convergence has been achieved the lift
can be calculated from equation (8.22). The drag coef-
ficient again is estimated from empirical data based on
wind tunnel test results and this permits the calculation
of the elemental thrust and torque loading coefficients:

dKQ = π3x4σs

8
(1 − a′)2(1 − tan2βi)c1

sin(βi + γ)

cos γ
dx

dKT =
(

dKQ

dx

)

2

x tan(βi + γ)
dx

⎫

⎪

⎪

⎬

⎪

⎪

⎭

(8.25)

where the rotational induced velocity coefficient a′ can
most conveniently be calculated from

a′ = (tan βi − tan β) tan(βi + γ)

1 + tan βi tan(βi + γ)
(8.26)

Figure 8.6 shows the algorithm adopted by Burrill to
calculate the radial distribution of loading on the pro-
peller blade, together with certain modifications, such
as the incorporation of the drag coefficients from his
later paper on propeller design (Reference 13).

Burrill’s analysis procedure represents the first coher-
ent step in establishing a propeller calculation proced-
ure. It works quite well for the moderately loaded
propeller working at or near its design condition; how-
ever, at either low or high advance the procedure does
not behave as well. In the low advance ratios the con-
stant radial axial inflow factor, consistent with a lightly
loaded propeller, must contribute to the underpredic-
tion of thrust and torque coefficient for these advance
ratios. Furthermore, the Goldstein factors rely on the
conditions of constant hydrodynamic pitch and conse-
quently any significant slipstream distortion must affect
the validity of applying these factors. Alternatively, in
the lightly loaded case it is known that the theory breaks
down when the propeller conditions tend toward the
production of ring vortices.

Clearly since the Goldstein factors are based on the
concept of zero hub radius, the theory will benefit from
the use of the Tachmindiji factors, which incorporate
a boss of radius 0.167R. Additionally, the use of the
particular cascade corrections used in the method were
criticized at the time of the method’s publication; how-
ever, no real alternative for use with a method of this
type has presented itself to this day.

The Burrill method represents the final stage in the
development of a combined momentum–blade element
approach to propeller theory. Methods published sub-
sequent to this generally made greater use of the lifting
line, and subsequently lifting surface concepts of aero-
dynamic theory. The first of these was perhaps due to
Hill (Reference 14) and was followed by Strscheletsky
(Reference 15); however, the next significant devel-
opment was that due to Lerbs (Reference 16), who
laid the basis for moderately loaded lifting line theory.
Strscheletsky’s work, although not generally accepted at

the time of its introduction, due to the numerical com-
plexity of his solution, has subsequently formed a basis
for lifting line heavily loaded propeller analysis.

8.5 Lerbs analysis method (1952)

Lerbs followed the sequence of lifting line development
by proposing a method of analysis for the moderately
loaded propeller working in an inviscid fluid. The mod-
erately loaded assumption requires that the influence
of the induced velocities are taken into account, and as
such the vortex sheets emanating from each blade differ
slightly from the true helical form, this latter form only
being true for the lightly loaded propeller.

The development of the model, which has to some
extent become regarded as a classic representation of
lifting line models, followed the work of Kawada.
Kawada considered the problem of a propeller whose
blades were represented by a line of constant bound
vorticity from the root to the tip with a system of free
helical tip vortices, one from each blade, and an axial
hub vortex whose strength is equal to the sum of the tip
vortex strengths. Lerbs considered the more advanced
case of the blades being represented by a line of radially
varying bound vorticity Ŵ(x). In this case, in order to
satisfy Stokes’ theorem, this must give rise to the pro-
duction of a vortex sheet whose strength is a variable
depending upon the radius. The strength of a particular
element of the vortex sheet is given by

ŴF(x) =
(

∂Ŵ

∂r

)

dr (8.27)

Figure 8.7 outlines in schematic form the basis of Lerbs’
model. Within the model centrifugal and slipstream
contraction effects are ignored, and so the sheets com-
prise cylindrical vortex lines of constant diameter and
pitch in the axial direction.

Unlike some previous work, within the model, prior
assumptions with respect to the pitch of the vortex
sheets are avoided, and consequently it is necessary
to evaluate both the axial and induced velocity com-
ponents, since no unique relation between them exists
when the sheet form differs from the truly helical. In his
approach Lerbs also considered the presence of a pro-
peller hub in the calculation procedure, but assumed
the circulation at the hub to be zero. This latter assump-
tion clearly does not represent actual conditions on a
propeller but is a computational convenience.

Lerbs showed, by appealing to the Biot–Savart law,
that Kawada’s expressions for induced velocity, based
on infinite vortices extending from −∞ in one direction
to +∞ in the other, are valid for the calculation of the
induced velocities at the propeller disc (X = 0) provided
that the resultant induced axial and tangential velocities
are divided by two. For points in the slipstream that are
not in the plane of the propeller disc, the relations gov-
erning the induced velocity is less simple. Lerbs gives
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Figure 8.6 Burrill calculation algorithm
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Figure 8.7 Basis of the Lerbs model

the following set of equations for the axial and tangen-
tial induced velocities at a radius r in the propeller disc
induced by a single free helical vortex line emanating
from a radius r0 in the propeller disc (Figure 8.7):

Axial induced velocities:
Internal points (r < r0)
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4πk0

{

1 − 2Z
r0

k0

∞
∑

n=1

nInz

(

nZ

k0
r

)

K ′
nz

(

nZ

k0
r0

)

}

External points (r > r0)

w̄ae = −Z2ŴFr0

2πk2
0

∞
∑

n=1

nKnz

(

nZ

k0
r

)

I ′
nz

(

nZ

k0
r0

)

Tangential induced velocities:
Internal points (r < r0)
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where k0 = r0 tan βi0 and Inz and Knz are the modified
Bessel functions of the first and second kind respect-
ively. In order to evaluate these expressions, use is
made of Nicholson’s asymptotic formulae to replace
the Bessel functions, from which it is then possible
to derive the following set of expressions after a little
manipulation of the algebra involved:

(r < r0)w̄ai = ZŴF

2πk0
(1 + B2); w̄ti = −ZŴF

4πr
B2

(r > r0)w̄ae = −ZŴF
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4πr
(1 + B1)
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√
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in which

y0 = 1

tan βi0
and y = x

x0tan βi0
(8.28)

The distinction between the two conditions of (r < r0)
and (r > r0) is made since when the point of interest
coincides with the radius at which free vortex emanates,
that is when r = r0, the velocity components tend to an
infinite magnitude. To avoid this problem Lerbs intro-
duces the concept of an induction factor, which is a
non-dimensional parameter and is the ratio of the vel-
ocity induced by a helical vortex line to that produced by
a semi-infinite straight line vortex parallel to the shaft
axis at radius r0. A semi-infinite vortex is, in this con-
text, one that ranges from z = 0 to + ∞, and the velocity
induced by such a straight line vortex at a radius r in the
propeller disc is given by ŴF/[4π(r − r0)]. The induc-
tion factors in the axial and tangential directions are
formally defined as

w̄a = ŴF

4π(r − r0)
ia; w̄t = ŴF

4π(r − r0)
it (8.29)

It will readily be seen from equation (8.29) that the
velocity induced by a straight line vortex also tends to an
infinite magnitude when r = r0. However, when r → r0,
both the velocities induced by the straight line and hel-
ical vortices are of the same order consequently, the ratio
of the velocities and hence the induction factors remain
finite. When interpreted in the context of the expressions
for the axial and tangential induced velocities given in
equation (8.28), we have

iai = Zx

x0tan βi0

(x0

x
− 1

)

(1 + B2)

iae = − Zx

x0tan βi0

(x0

x
− 1

)

B1 (8.30)

iti = Z
(x0

x
− 1

)

B2

ite = −Z
(x0

x
− 1

)

(1 + β1)

in which the suffices i and e refer to internal and exter-
nal radii relative to the nominal value x0.

From these equations it is apparent that the induction
factors do not depend upon the circulation but are sim-
ply a function of the geometry of the flow. The induction
factors defined by equation (8.30) describe the induc-
tion of Z free helical vortices of non-dimensional radius
x0 at a point in the propeller plane at a non-dimensional
radius x. There are, however, other induced velocities
acting in this plane. These come from the bound vor-
tices on the lifting lines, but in the case of uniform flow
these cancel out provided the blades are symmetrically
arranged.

In introducing the concept of a propeller hub into the
analysis procedure, Lerbs used as a representation an
infinitely long cylinder of radius rh. This leads to two
effects, first the definition of the circulation at the root of

the blades and secondly the effect on the induced flow.
With respect to the problem of the circulation at the root
it is argued that for any two adjacent blades, the pressure
on the face of one will tend to equalize with the suction
on the back of the other. Consequently, it follows that
for the purposes of this theory the circulation at the root
of the blade can be written to zero. For the induced flow
effect this clearly leads to the condition that the radial
component of flow at the hub must be zero, since no
flow can pass through the hub. Lerbs had some difficulty
in incorporating this last effect; however, he derived a
tentative solution by appealing to Kawada’s equation for
the radial component of flow, and treated the problem
as though the boss were located in the ultimate wake.

Equations (8.30) relate to the effects of a single vor-
tex emanating from each blade of a propeller at a given
radius. In order to generalize these relations so as to
incorporate the effect of all the free vortices emanating
from the propeller, it is necessary to sum the contribu-
tions of all of the free vortices at the point of interest.
For example, in the case of the tangential component,

wt(r) =
∫ R

rh

w̄t(r̄0) dr0

which, when expanded in association with equations
(8.27) and (8.29), gives

wt

V
= 1

2

∫ 1.0

xh

(

dG

dx0

)

it

(x − x0)
dx0 (8.31)

where G is the non-dimensional circulation coefficient
given by Ŵ/(πDV ). The improper integrals representing
the values of wt and in the analogous expression for wa
are similar to those encountered in aerofoil theory, the
difference being that in the propeller case the induc-
tion factors allow for the curvature of the vortex sheets.
To establish a solution for the propeller problem Lerbs
extended the work of Glauert and introduced a variable
(φ) defined by equation (8.32), which allows a circular
representation of the radial location on the lifting line:

x = 0.5[(1 + xh) − (1 − xh)cos φ] (8.32)

The distribution of circulation G(x) is continuous for
all but very few propellers, which must be treated sep-
arately, and the boundary vales at the tip and root
are known. As a consequence of this the circulation
distribution can be represented by an odd Fourier series:

G =
∞
∑

m=1

Gm sin(m, φ)

in addition, the induction factors depends upon φ and
φ0, equation (8.32), and can be represented by an even
Fourier series:

i(φ, φ0) =
∞
∑

n=0

In(φ)cos(nφ0)

Now by combining these expressions with equation
(8.31), one is able to write expressions for the tangential
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and, analogously, the axial induced velocities at a radial
location φ as follows:

wa

V
= 1

1 − xh

∞
∑

m=1
mGmha

m(φ)

wt

V
= 1

1 − xh

∞
∑

m=1
mGmht

m(φ)

⎫

⎪

⎪

⎬

⎪

⎪

⎭

(8.33)

where

ha
m(φ) = π

sin φ

[

sin(mφ)
m
∑

n=0
I t
n (φ)cos(nφ)

+ cos(mφ)
∞
∑

n=m+1
I t
n(φ)sin(nφ)

]

and

ht
m(φ) = π

sin φ

[

sin(mφ)
m
∑

n=0
I t
n (φ)cos(nφ)

+ cos(mφ)
∞
∑

n=m+1
I t
n(φ)sin(nφ)

]

It should be noted that at the hub and root the functions
become indefinite, that is when φ = 0◦ or 180◦. From
l’Hôpital’s rule the limits for the function become

h
a,t
m (0) = π

[

m
m
∑

n=0
I

a,t
n (0) +

∞
∑

n=m+1
nI

a,t
n (0)

]

ha,t(180◦) = −π cos(mπ)

[

m
m
∑

n=0
I

a,t
n cos(nπ)

+
∞
∑

n=m+1
nI

a,t
n cos(nπ)

]

These equations enable the induced velocity compon-
ents to be related to the circulation distribution and also
to the induction factors.

More recently Morgan and Wench (Reference 99)
made a significant contribution to the calculation of
Lerbs’ induction factors, and their method is used by
many modern lifting line procedures.

Lerbs, having proposed the foregoing general theor-
etical model, then proceeded to apply it to two cases in
Reference 16. The first was the moderately loaded, free-
running propeller, whilst the second application was for
wake adapted propellers.

In the first case, it is deduced from a consideration of
the energy balance over the propeller and its slipstream
that the pitch of the vortex sheets coincides with the
hydrodynamic pitch angle of the section. Furthermore,
it is shown that the Betz condition holds at the lifting
line as well as in the ultimate wake, which implies the
regularity of the vortex sheets in terms of their helical
shape, so that the condition of normality holds. That is,
that the induced velocities are normal to the incident
flow on to the section. Lerbs then applied this basis to
the solution of optimum and non-optimum propellers,
and in this respect a strong agreement was shown to exist
between this work and the earlier studies of Goldstein.

For the case of the wake adapted propeller, the pro-
peller is considered to operate in a wake field which
varies radially, but is constant circumferentially; that is,
the normal design condition. For this case the optimum
and non-optimum loading cases were considered which
led, in the former case, to the condition

tan β

tan βi
= c

√

1 − wT(x)

1 − t(x)
(8.34)

where wT(x) and t(x) are the Taylor wake fraction
and thrust deduction respectively and c is a constant
which requires to be determined in each case. An
approximation to c can be calculated according to

c = ηi

√

1 − t

1 − w0
(8.35)

where ηi is the ideal propeller efficiency and w0 and
t0 are the effective wake and thrust deduction factors
respectively. In the case of the non-optimum propeller,
in which the problem is that of determining the induced
velocity components when the powering conditions,
wake field and the character of the circulation distri-
bution are known, the induced velocity components
become

wa,t

V
= k

1 − xh

∞
∑

m=1

mFmha,t
m (8.36)

in which the constant k , defined by equation (8.37),
is determined from the given powering conditions
characterized by the power coefficient Cp:

k2 + k(1 − xh)

∫ 1

xh

Fx[1 − w(x)]dx

∫ 1

xh

Fx

( ∞
∑

m=1
mFmha

m

)

dx

− Cpi

(

1 − xh

4z

)

Js
∫ 1

xh

Fx

( ∞
∑

m=1
mFmha

m

)

dx

= 0

and in order to determine the functions ha
m the hydro-

dynamic pitch angle βi is derived from

tan βi =
[1 − w(x)] + k

(1 − xh)

∞
∑

m=1
mFmha

m

x

Js
− k

(1 − xh)

∞
∑

m=1
mFmht

m

The values of k and hm are in this procedure determined
from an iterative procedure. In the above equation
the circulation characterizing function F is used since
the exact distribution is unknown. The characterizing
function is related to the circulation distribution by a
constant term k such that

G(x) = kF(x) (8.37)
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Clearly in the case of the open water propeller the
terms t(x) and w(x) are zero for all values of the non-
dimensional radius x. Hence equation (8.34) reduces
to the simpler expression tan β/tan βi = constant, and
equation (8.36) also reduces accordingly.

8.6 Eckhardt and Morgan’s design
method (1955)

The mid-1950s saw the introduction of several new
design methods for propellers. This activity was largely
driven by the increases in propulsive power being trans-
mitted at that time coupled with the new capabilities in
terms of the mathematical analysis of propeller action.
Among these new methods were those by Burrill (Ref-
erence 13), which to a large extent was an extension
to his earlier analysis procedure, van Manen and van
Lammeren (Reference 17) and Eckhart and Morgan
(Reference 18). This later procedure found consider-
able favour at the time of its introduction, as did the
other methods in their countries of origin, and is today
a method that is still occasionally used in design, either
in its original form or as a basic vehicle to which other
more recent developments have been appended.

Eckhardt and Morgan’s method is an approximate
design method which relies on two basic assumptions
of propeller action. The first is that the slipsteam does
not contract under the action of the propeller, whilst the
second is that the condition of normality of the induced
velocity applies. Both of these assumptions, therefore,
confine the method to the design of light and moderately
loaded propellers.

The design algorithm is outlined in Figure 8.8. In
their paper the authors put forward two basic procedures
for propeller design: one for open water propellers and
the other for a wake adapted propeller. In either case
the design commences by choosing the most appro-
priate diameter, obtained perhaps from standard open
water series data such as the Troost series, and also the
blade number which will have been selected, amongst
other considerations on the basis of the ship and machin-
ery natural vibration frequencies; see the discussion in
Chapter 22. Additionally, at this preliminary stage in the
design the hub or boss diameter will have been chosen,
as will also the initial ideas on the radial distributions
of rake and skew. At the time that this work was first
proposed the full hydrodynamic implications of rake,
but more particularly skew, were very much less well
understood than they are today.

In outlining the Eckhardt and Morgan procedure, the
wake adapted version of the procedure will be followed,
since the open water case is a particular solution of the
more general wake adapted problem. For wake adapted
design purposes the circumferential average wake frac-
tion w̄x at each radius is used as an input to the design
procedure. Hence the radial distribution of advance
angle β can readily be calculated using equation (6.20),
as can the propeller thrust loading coefficient CTS,

equation (6.6), but based on ship speed Vs rather than
advance speed Va. Lerbs derived a relationship for the
non-viscous flow case which can be deduced from equa-
tions (8.34) and (8.35) for the hydrodynamic pitch angle
based on the ideal efficiency:

tan βi ≃ tan β

ηi

√

1 − w̄

1 − w̄x
(8.38)

The ideal efficiency ηi is estimated from Kramer’s dia-
grams, assuming a non-viscous thrust coefficient CTSi,
which is some 2 to 6 per cent greater than that based on
the ship speed and calculated above. Kramer’s diagrams
are based on an extension of Goldstein’s approach, and
whilst some reservations have been expressed concern-
ing their accuracy, especially at high blade numbers,
they are suitable for a first approximation purpose. Fol-
lowing on from this initial estimate of the radial hydro-
dynamic pitch distribution, the elemental ideal thrust
loading coefficients for each section are computed and
the ideal propeller thrust coefficient CTSi evaluated from

CTSi = 8

∫ 1.0

xh
Kx

ut

2Vs

(

xπ

Js
− ut

2Vs

)

dx (8.39)

where

ut

2Vs
= (1 − wx) sin βi sin (βi − β)

sin β

and K is the Goldstein function. The latter equation
follows from the implied condition of normality.

The value of CTSi can then be compared to the original
design assumption of being within the range of 2 to 6
per cent greater than CTS, and if there is a significant
difference a new value of the hydrodynamic pitch angle
βi at 0.7R can be estimated from the relationship

(tan βi)j+1 ≃ (tan βi)j

[

1 − (CTi)desired − (CTi)calc

5(CTi)desired

]

(8.40)

Hence, upon convergence of the values of the ideal ship
thrust coefficient, the product cc1, which effectively
represents the load of the section under a given inflow
condition, see equation (7.3), can be evaluated from

cc1 = 4πD

Z

[

Kx(ut/2Vs)

xπ/Js − ut/2Vs

]

cos βi (8.41)

Now in order to derive the propeller blade chord lengths
from equation (8.41) it is necessary to ensure compati-
bility with the cavitation criteria relating to the design.
Eckhardt and Morgan did this by making use of incipient
cavitation charts which had been derived from theo-
retical pressure distribution calculations for a series of
standard sections forms. The forms presented in their
paper relate to the National Advisory Committee for
Aeronautics (NACA) 16 section with either an a = 0.8
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Figure 8.8 Edhardt–Morgan design algorithm
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or a = 1.0 mean line and the NACA 66 section with an
a = 0.8 mean line. Figure 8.9 shows the essential fea-
tures of the diagram in which the minimum cavitation
number at which cavitation will occur, σmin, is plotted
as abscissa and the function cc1/t forms the ordinate.
The thickness to chord and camber chord ratios act
as parameters in the manner shown in Figure 8.9. As
far as the propeller blade section cavitation criteria are
concerned these are calculated at the top dead centre
position in the propeller disc. Consequently, the blade
section cavitation numbers, based on the velocities at
the lifting line, are calculated for this location in the
propeller disc since these will represent a combination
of the worst static head position coupled with a mean
dynamic head.

With regard to section thickness, Eckhardt and Mor-
gan base this on the calculation of the root thickness
using Taylor’s approach, from which they derive the
radial distribution of thickness. Chapters 18 and 21 dis-
cuss these concepts in more detail. Consequently, since
the section thicknesses and their cavitation numbers are
known the values of (t/c) and (y/c) can be deduced from
inception diagrams of the type shown in Figure 8.9,
and hence the radial distribution of chord length can be
determined by a process of direct calculation followed
by fairing.

The values of camber chord ratio derived from the
inception diagram are in fact two-dimensional values
operating in rectilinear flow, and therefore need to be
corrected for flow curvature effects. This is done by
introducing a relationship of the form

y

c
= k1k2

(y

c

)′
(8.42)

Figure 8.9 Cavitation inception diagram

in which (y/c) is the actual section camber chord ratio,
(y/c)′ is the two-dimensional value and k1 and k2
are correction factors derived from the work of Lud-
wieg and Ginzel (Reference 19). The factor k1 = f (Ji,
AE/AO) whilst k2 = g(x, AE/AO). Ludwieg and Ginzel
addressed themselves to the relative effectiveness of a
camber line in curved and straight flows; in a curved
flow the camber is less effective than in a straight or
rectilinear flow. Their analysis was based on the effec-
tiveness of circular arc camber lines operating at their
shock-free entry conditions by evaluating the streamline
curvature, or the change in downwash in the direction
of the flow.

In addition to the camber correction factor, the pitch
of the sections needs corrections for viscosity, for the
ideal angle of attack of the camber line, and for the
change in curvature over the chord, for which the Lud-
wieg and Ginzel corrections are insufficient. The first
two corrections are dealt with by the authors by the
use of a single correction factor to determine a pitch
correction:

α1 = k3c1 (8.43)

where k3 depends upon the shape of the mean line. With
regard to the latter effect, Lerbs, using Wessinger’s sim-
plified lifting surface theory, defined the further pitch
correction angle α2.

This correction is necessary since the Ludwieg and
Ginzel correction was made upon considerations of the
flow curvature at the mid-point of the section, and exper-
iments with propellers showed that they were under-
pitched with this correction: Lerbs used Weissinger’s
theory in reverse since the bound circulation is known
from lifting line theory. Lerbs satisfied the boundary
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condition at the 0.75c position on the chord by an addi-
tional angle of attack, assuming that the bound vortex
was sited at the 0.25c point. This correction is made
in two parts: one due to the effects of the bound vor-
tices and the other due to the free vortex system, such
that

α2 = αb = αf − (αi − αo) (8.44)

The bound vortex contribution αb is defined by the
equation

αb = sin βi

2

z
∑

1

[

( c

D
sin θz − 0.7 cos βi cos θz

)

×
∫ 1.0

xh

c dx

(P/R)3

]

(8.45)

in which θz is the angular position of the blade and

(

P

R

)3

=
[

x2 +
( c

D

)2
+ 0.49 − 2

×
( c

D
cos θz cos βi + 0.7 sin θz

)

x

]3/2

In evaluating equation (8.45) the calculation is made for
the blade in the 90◦, or athwart ship position, and the
effects of the other blades on the bound vortex of this
blade are determined.

For the free vortex contribution αf this is determined
from the approximation

αf ≃ (βi − β)
2

1 + cos2βi
( 2

h
− 1

) rad (8.46)

in which the parameter h is a function of θβ, and θβ is
defined as

θβ = tan−1
(

0.7

sin βi

D

c

)

Given these two correction factors αb and αf, equation
(8.44) can be evaluated to give a total pitch correction
factor �P/D. This factor is applied at 0.7R, and the
same percentage correction applied to the other blade

Table 8.2 Minimum energy loss assumptions

Variable wake Uniform wake

Burrill xπ tan ε = constant xπ tan ε = constant

Eckhardt and Morgan
tan β

tan βi
= ηi

√

1 − w̃x

1 − w

tan β

tan βi
= ηi = constant

Hill
tan β

tan βi
= ηi = constant

tan β

tan βi
= ηi = constant

van Manen et al.
tan β

tan βi
= ηi = constant

tan β

tan βi
= ηi = constant

radii. The correction is defined as

1 + �P/D

P/D
= tan(βi + α2)0.7

(tan βi)0.7
(8.47)

Using this and incorporating the correction α1 for vis-
cosity and ideal angle of attack the final pitch can be
computed as

P/D = πx tan (βi + α1)

(

1 + �P/D

P/D

)

(8.48)

With equation (8.48) the design is essentially complete;
however, it is indeed essential to ensure that the final
values of thrust and power coefficients agree with the
initial design parameters. If this is the case, then the
blade section geometry can be calculated; if not, then
another iteration of the design is required.

A design method of this type produces an answer to a
particular design problem; it does not, however, produce
a unique solution relative to other methods. To illus-
trate this problem McCarthy (Reference 20) compared
four contemporary design methods and the solutions
they produced for two particular design problems – a
single-screw tanker and a twin-screw liner. The meth-
ods compared were those of Burrill (Reference 13),
Eckhardt and Morgan, van Manen and van Lammeren
(Reference 17) and the earlier work of Hill (Reference
14). Each of the methods used contemporary calculation
procedures; however, they differed in their initial mini-
mum energy loss assumptions and also in the correction
factors applied to the camber line and the section pitch
angle. In this later respect Burrill used the Gutsche data,
Eckhardt and Morgan as we have seen used both the
Ludwieg and Ginzel camber correction and the Lerbs
lifting surface correction, van Manen used Ludwieg and
Ginzel and Hill used empirically derived factors. With
regard to the minimum energy loss assumptions these
are shown in Table 8.2.

The Burrill condition is essentially the Betz condi-
tion, whilst the methods of Eckhardt and Morgan and
van Manen use the Betz condition for uniform wake.
Hill initially used the Betz conditions; however, the
thrust distribution is then altered so as to reduce tip load-
ing, which then moves away from the initial assumption.
For the variable wake case Burrill and also Eckhardt and
Morgan assume the local thrust deduction factor to be
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Figure 8.10 Comparison of propeller design methods
(Reference 20)

constant over the disc, whereas, in contrast to this, the
van Manen method assumes a distribution

1 − tx

1 − t̄
=
(

1 − wx

1 − w̄

)1/4

(8.49)

The changes caused by these various assumptions and
corrections can be seen, for example, in Figure 8.10,
which shows the radial distribution of ccL/D for the liner
example of McCarthy. In this example all the propellers
had the same blade number and diameter, and all were
designed for the same powering condition assuming a
van Lammeren radial distribution of mean wake frac-
tion. Whilst Figure 8.10 is instructive in showing the
non-convergence of the methods to a single solution
the relative trends will tend to change from one design
example to another; consequently, when using design
methods of this type the experience of the designer is
an important input to the procedure, as is the analysis
of the design, either by advanced mathematical models
in the various positions around the propeller disc or by
model test.

8.7 Lifting surface correction
factors – Morgan et al.

Figure 8.10 showed a divergence between design
methods in the calculation of the radial loading parame-
ter cc1/D. If this is carried a stage further the divergence
becomes increasingly larger in the determination of
camber and angle of attack and hence section pitch.
This is in part due to the variety of correction procedures

Figure 8.11 Lifting surface concept: (a) lifting surface
model for a propeller blade; (b) lifting surface concept at
section A–A to simulate blade loading and (c) source–sink
distribution to simulate section thickness

adopted for the lifting line model: for example, those
by Gutsche, Ludwieg and Ginzel, Lerbs, etc.

To help in rationalizing these various methods of cor-
recting lifting line results Morgan et al. (Reference 21)
derived a set of correction factors, based on the results
of lifting surface theory, for camber, ideal angle due to
loading and ideal angle due to thickness.

In general terms the lifting surface approach to pro-
peller analysis can be seen from Figure 8.11, which
shows the salient features of the more recent models.
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Earlier models adopted a fan lattice approach and dis-
tributed singularities along the camber line, which
clearly was not as satisfactory as the more recent
theoretical formulations.

The mathematical model that Morgan et al. used
was based on the work of Cheng (Reference 22) and
Kerwin and Leopold (Reference 23) and comprised two
distinct components. The blade loading model assumed
a distribution of bound vortices to cover the blades
and a system of free vortices to be shed from these
bound vortices downstream along helical paths. The
second part of the model, relating to the effects of blade
thickness, assumed a network of sources and sinks to
be distributed over the blades. In addition to the nor-
mal inviscid and incompressible assumptions of most
propeller theories, the free stream inflow velocity was
assumed to be axisymmetric and steady; that is, the pro-
peller is assumed to be proceeding at a uniform velocity.
Furthermore, in the model each of the blades is replaced
by a distribution of bound vortices such that the circula-
tion distribution varied both radially and chordally over
the blades. The restriction on these bound vortices is,
therefore, that the integral of the local circulation at a
particular radial location between the leading and trail-
ing edges is equal to the value G(r) required by the
lifting line design requirement:
∫ LE

TE
Gb(r, c)dc = G(r) (8.50)

This is analogous to the thin aerofoil theory require-
ment discussed in the previous chapter. In their work the
authors used the NACA a = 0.8 mean line distribution,
since this line has the benefit of developing approxi-
mately all of its theoretical lift in viscous flow whereas
the a = 1.0 mean line, for example, develops only about
74 per cent of its theoretical lift, which would, therefore,
introduce viscous flow considerations, leading to con-
siderably more complicated numerical computations.
Since the bound vorticity varies at each point on the
blade surface, by Helmholtz’s vortex theorems a free
vortex must be shed at each point on the blade. Hence,
at any given radius the strength of the free vorticity
builds up at the radius until it reaches the trailing edge,
where its strength is equal to the rate of change of bound
circulation at that radius

Gf(r) = −dG(r)

dr
dr (8.51)

which is analogous to equation (8.27).
With regard to the free vortex system at each radius

they are considered to lie on a helical path defined by
a constant diameter and pitch; the pitch, however, is
allowed to vary in the radial direction. Therefore, since
the slipstream contraction and the centrifugal effects on
the shape of the free vortex system are ignored, their
analysis is consistent with moderately loaded propeller
theory. In their model, as with many others of this type,
the boundary conditions on the blade are linearized and

this implies that only small deviations exist between
the lifting surface representing the blade and the hydro-
dynamic pitch angle. This is an analogous situation
to that discussed for this aerofoil theory in Chapter 7,
where the conditions are satisfied on the profile chord
and not on the profile. Finally the hub is assumed to
be small in this approach and is, consequently, ignored;
also the propeller rake is not considered. With respect
to blade pitch angles it is assumed that the pitch of
the blades and of the free trailing vortex sheets is the
hydrodynamic pitch angle obtained from lifting line
considerations.

The method of analysis essentially used the basis of
equations (8.50) and (8.51) to define the circulation act-
ing on the system from which the velocities at points
on the lifting surface, representing the blade, can be
calculated by applications of the Biot–Savart law to
each of the vortex systems emanating from each blade.
In this analysis the radial components of velocity are
neglected. The analysis, in a not dissimilar way to that
outlined previously for the thin aerofoil theory, derives
from lifting surface theory the relevant flow velocities
and compares them to the resulting induced velocity
derived from lifting line theory. From this comparison
it develops two geometric correction factors, one for the
maximum camber ordinate and the other for the ideal
angle of attack for use when these have been derived
from purely lifting line studies. This is done using the
boundary condition at each section:

αi(r) + ∂yp(r, xc)

∂xc
= un

Vr
(r, xc) − u

Vr
(r) (8.52)

where αi is the ideal angle of attack, yp is the chordwise
camber ordinate at a position xc along the chord. Vr is the
resultant inflow velocity to the blade section and un and
u are resultant induced velocities normal to the section
chord and induced velocities from lifting line theory;
Figure 8.12 demonstrates these parameters for the sake
of clarity. It is of interest to compare equation (8.52)
with equation (7.15) so as to appreciate the similarities
in the two computational procedures.

The camber correction kc(r) derived form this proce-
dure is defined by

kc(r) = maximum camber ordinate

maximum 2D camber ordinate
(8.53)

in which the maximum two-dimensional camber or-
dinate is that derived from a consideration of the section
lift coefficient in relation to the aerofoil data given in,
say, Reference 24. At other positions along the chord
the camber ordinates are scaled on a pro rata basis.

The second correction for the ideal angle of attack
kα(r), to give shock-free entry, is defined as follows:

kα(r) = section ideal angle of attack

section 2D ideal angle of attack for c1 = 1.0

(8.54)
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Figure 8.12 Boundary condition for determination of camber line

In keeping with the mathematical model the denomina-
tor of equation (8.54) relates to the NACA a = 0.8 mean
line at an ideal angle of attack for c1 = 1.0.

For the final correction of the three developed by
Morgan et al., that relating to blade thickness effects,
this was determined by introducing a source–sink sys-
tem distributed after the manner developed by Kewin
and Leopold (Reference 23) and demonstrated by
Figure 8.11(c). In this case the induced velocities were
again calculated at a point on the lifting surface since
the source strength distribution is known from the nor-
mal linearized aerofoil theory approximation. As with
the previous two corrections the radial component of
velocity is ignored. The effects of blade thickness over
the thin aerofoil case can then be studied by defining a
further linear boundary condition, which is analogous
to equation (8.52):

αt(r) +
∂ypt

∂xc
(r, xc) = unt

Vr
(r, xc) (8.55)

where αt is the ideal angle induced by thickness, ypt is
the change in camber along the chord xc due to thickness
effects and unt is the induced velocity normal to the
section chord.

Calculations show that introducing a finite blade sec-
tion thickness causes an increase in the inflow angle to
maintain the same loading together with a change in the
camber: this latter effect is, however, small for all cases
except for small values of pitch ratio. The thickness
correction factor kt(r) is made independent of the mag-
nitude of the thickness by dividing it by blade thickness
fraction (tF):

kt(r) = 1

tF

∫ 1

0

unt

Vr
(r, xc) dxc (8.56)

From equation (8.56) the required correction to the
ideal angle of attack, which is added to the sum of the
hydrodynamic pitch and ideal angles, is calculated by

αit = kt(r)tF (8.57)

It will be seen that kt(r) is a function of propeller load-
ing, since Vr is also a function of loading; however, this
is small and can be ignored.

To provide data for design purposes Morgan et al.
applied the Cheng and Kerwin and Leopold procedures
to a series of open water propellers of constant hydro-
dynamic pitch having a non-dimensional hub diameter
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Table 8.3 Blade chord coefficient for
Morgan et al. series

r/R C(r)

1.0 0
0.95 1.5362
0.90 1.8931
0.80 2.1719
0.70 2.2320
0.60 2.1926
0.50 2.0967
0.40 1.9648
0.30 1.8082
0.20 1.6338

Figure 8.13 Lifting surface correction factors derived by
Morgan et al.

of 0.2R. The lifting line calculations were based on the
induction factor method of Lerbs, and then the lifting
surface calculations were made on the basis of the load-
ing and pitch distributions derived from Lerbs’ method.

The lifting surface corrections were calculated for
propellers having four, five and six blades, expanded
area rations from 0.35 to 1.15, hydrodynamic pitch
ratios of 0.4 to 2.0, and for symmetrical and skewed
blades, the latter having skew angles of 7◦, 14◦ and
21◦. The design of the propellers was based on the
NACA a = 0.8 mean line together with the NACA 66
(modified) thickness distribution. The radial thickness
distribution was taken to be linear and the blade outlines
were chosen to be slightly wider toward the tip than
the Wageningen B series, as can be seen by comparing
Table 8.3 with the appropriate data in Table 6.5.

The radial distribution of skew was chosen for this
series such that the blade section mid-chord line fol-
lowed a circular arc in the expanded plane. Figure 8.13
shows a typical example of the correction factors for

a five-bladed propeller at 0.7R and having a propeller
skew angle of 21◦.

In general terms the three-dimensional camber and
ideal angles are usually larger than the two-dimensional
values when developing the same lift coefficient. The
correction factors tend to increase with expanded area
ratio and kc and kα decrease with increasing blade
number. Blade thickness, in general, tends to induce a
positive angle to the flow. This addition to the ideal angle
is largest near the blade root and decreases to negligible
values towards the blade tip: the correction increases
with increasing blade number. Skew induces an inflow
angle which necessitates a pitch change which is posi-
tive towards the blade root and negative towards the tip.

A polynomial representation of these correction fac-
tors offers many advantages for design purposes. van
Oossanen (Reference 25) derived by means of mult-
iple regression analysis a polynomial representation of
the correction factors calculated both by Morgan et al.
(Reference 21) and Minsaas and Slattelid (Reference
26), resulting in an expression of the form.

kc, kα, kt =
∑

i=1

CiZ
Si(tan θsx)ti(AE /AO)ui(λi)

vi (8.58)

van Oossanen found that although no data was given
for a blade number of seven, because of the regularity
of the curves extrapolation to a blade number of seven
was possible. Hence, the limits for equation (8.58) are
suggest by Oossanen as being

3 ≤ Z ≤ 7
0.35 ≤ AE /AO ≤ 1.15
0.4 ≤ πλi ≤ 2.0
0 ≤ tan θsx ≤ 1.0256 − [1.0518 − (x − 0.2)2]

where θsx is the blade section skew angle and λi is the
hydrodynamic advance coefficient x tan βi.

These polynomials are limited to moderate skew
propellers. Cummings et al. (Reference 27) extended
the range of these corrections into the highly skewed
propeller range. Unfortunately however, the range of
applicability is not so great as in the previous works:
blade numbers for 4 to 6, the parameter πλi = 0.8 and
1.2 and a single expanded area ratio of 0.75. van Oos-
sanen using similar techniques developed polynomials
for each of the cases πλi = 0.8 and 1.2, of the form

kc, kα, kt =
∑

i=1

cix
ai
i zbi(θsx)di (8.59)

The original factors published by Cummings, Morgan
and Boswell are given in Table 8.4.

8.8 Lifting surface models

Figure 8.11 showed in a conceptual way the basis of the
lifting surface model. Essentially the blade is replaced
by an infinitely thin surface which takes the form of
the blade camber line and upon which a distribution
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Table 8.4 k c, kα and k t factors derived by Cummings for highly skewed propellers

Skew θs (%) Correction factors for highly skewed propellers, πλi = 0.8, EAR = 0.75
Z = 4 Z = 5 Z = 6

r kc kα kt kc kα kt kc kα kt

0 0.3 1.540 1.961 0.521 1.490 1.795 0.783 1.469 1.699 1.080
0.4 1.237 1.711 0.370 1.169 1.549 0.540 1.129 1.452 0.732
0.5 1.259 1.591 0.253 1.143 1.430 0.357 1.076 1.311 0.474
0.6 1.338 1.589 0.166 1.185 1.396 0.225 1.090 1.285 0.291
0.7 1.498 1.682 0.105 1.307 1.468 0.137 1.190 1.318 0.172
0.8 1.778 1.844 0.067 1.534 1.623 0.084 1.376 1.449 0.103
0.9 2.389 2.356 0.046 2.062 2.057 0.058 1.842 1.832 0.070

50 0.3 1.588 7.227 0.491 1.517 5.985 0.719 1.476 5.148 0.971
0.4 1.310 4.737 0.350 1.219 3.909 0.499 1.165 3.383 0.660
0.5 1.310 4.182 0.237 1.186 3.504 0.328 1.110 3.050 0.425
0.6 1.422 3.257 0.151 1.249 2.789 0.204 1.145 2.432 0.257
0.7 1.602 1.948 0.091 1.389 1.778 0.119 1.240 1.636 0.147
0.8 1.881 0.613 0.057 1.619 0.808 0.071 1.435 0.884 0.086

0.9 2.557 −5.100 0.045 2.188 −3.607 0.056 1.935 −2.718 0.064
100 0.3 1.838 11.914 0.477 1.683 9.804 0.683 1.585 8.396 0.912

0.4 1.562 7.580 0.354 1.396 6.166 0.499 1.286 5.235 0.657
0.5 1.608 6.625 0.247 1.398 5.481 0.345 1.266 4.700 0.448
0.6 1.747 4.969 0.161 1.493 4.179 0.221 1.333 3.697 0.284
0.7 1.949 2.427 0.097 1.648 2.258 0.432 1.154 2.039 0.167
0.8 2.219 −0.105 0.059 1.867 0.281 0.079 1.640 0.547 0.097
0.9 2.944 −11.674 0.050 2.446 −8.766 0.064 2.164 −6.923 0.076

Skew θs (%) Correction factors for highly skewed propellers, πλi = 1.2, EAR = 0.75
Z = 4 Z = 5 Z = 6

r kc kα kt kc kα kt kc kα kt

0 0.3 1.640 1.815 0.382 1.565 1.687 0.580 1.532 1.607 0.827
0.4 1.330 1.691 0.308 1.257 1.556 0.459 1.223 1.469 0.631
0.5 1.354 1.636 0.237 1.242 1.483 0.341 1.176 1.394 0.458
0.6 1.431 1.674 0.174 1.285 1.493 0.241 1.196 1.390 0.315
0.7 1.573 1.749 0.122 1.392 1.556 0.161 1.277 1.416 0.205
0.8 1.803 1.886 0.083 1.580 1.661 0.106 1.430 1.530 0.131
0.9 2.360 2.320 0.063 2.030 2.029 0.080 1.818 1.817 0.098

50 0.3 1.714 7.726 0.345 1.605 6.187 0.517 1.552 5.610 0.733
0.4 1.427 5.124 0.277 1.318 4.131 0.404 1.270 3.402 0.572
0.5 1.434 4.439 0.211 1.319 3.960 0.298 1.217 3.133 0.419
0.6 1.538 3.433 0.150 1.365 2.884 0.206 1.253 3.104 0.285
0.7 1.703 2.078 0.101 1.485 1.889 0.134 1.361 1.596 0.179
0.8 1.930 0.486 0.067 1.684 0.778 0.087 1.509 0.802 0.111
0.9 2.560 −5.527 0.053 2.169 −4.112 0.069 1.918 −2.549 0.090

100 0.3 2.028 12.649 0.340 1.826 10.337 0.510 1.737 8.784 0.701
0.4 1.733 8.241 0.274 1.548 6.645 0.401 1.347 5.612 0.540
0.5 1.779 7.034 0.203 1.551 5.826 0.293 1.350 5.036 0.389
0.6 1.913 5.206 0.136 1.646 4.496 0.195 1.433 3.933 0.256
0.7 2.090 2.555 0.082 1.781 2.343 0.117 1.554 2.241 0.155
0.8 2.337 −0.212 0.047 1.981 0.241 0.068 1.719 0.641 0.090
0.9 2.998 −12.356 0.040 2.488 −5.222 0.057 2.006 −7.293 0.073

Taken from Reference 27.
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of vorticity is placed in both the spanwise and chordal
directions. Early models of this type used this basis for
their formulations and the solution of the flow prob-
lem was in many ways analogous to the thin aerofoil
approach discussed in Chapter 7. Later lifting surface
models then introduced a distribution of sources and
sinks in the chordal directions so that, in conjunction
with the incident flow field, the section thickness dis-
tribution could be simulated and hence the associated
blade surface pressure field approximated. The use of
lifting surface models, as indeed for other models of
propeller action, is for both the solution of the design
and analysis problems. In the design problem the geom-
etry of the blade is only partially known in so far as
the radial distributions of chord, rake skew and section
thickness distributions are known. The radial distribu-
tion of pitch and the chordwise and radial distribution
of camber remain to be determined. In order to solve
the design problem the source and vortex distribu-
tions representing the blades and their wake need to
be placed on suitable reference surfaces to enable the
induced velocity field to be calculated. Linear theories
assume that the perturbation velocities due to the pro-
peller are small compared with the inflow velocities. In
this way the blades and their wake can simply be pro-
jected onto stream surfaces formed by the undisturbed
flow. However, in the majority of practical design cases
the resulting blade geometry deviates substantially from
this assumption, and as a consequence the linear theory
is generally not sufficiently accurate.

The alternative problem, the analysis problem, differs
from the design solution in that the propeller geometry is
completely known and we are required to determine the
flow field generated under known conditions of advance
and rotational speed. The analysis exercise divides into
two comparatively well-defined types: the steady flow
and the unsteady flow solutions. In the former case the
governing equations are the same as in the design prob-
lem, with the exception that the unknowns are reversed.
The circulation distribution over the blades is now the
unknown. As a consequence, the singular integral which
gives the velocity induced by a known distribution of
circulation in the design problem becomes an inte-
gral equation in the analysis problem, which is solved
numerically by replacing it with a system of linear alge-
braic equations. In the case of unsteady propeller flows
their solution is complicated by the presence of shed
vorticity in the blade wake that depends on the past his-
tory of the circulation around the blades. Accordingly,
in unsteady theory the propeller blades are assumed to
generate lift in gusts, for which an extensive literature
exists for the general problem: for example, McCroskey
(Reference 28), Crighton (Reference 29) and the widely
used Sear’s function. The unsteadiness of the incident
flow is characterized by the non-dimensional parameter
k , termed the reduced frequency parameter. This param-
eter is defined as the product of the local semichord,
and the frequency of encounter divided by the relative

inflow speed. For the purposes of unsteady flow calcula-
tions the wake or inflow velocity field is characterized
at each radial station by the harmonic components of
the circumferential velocity distribution (Figure 5.3),
and with the assumption that the propeller responds
linearly to changes in inflow, the unsteady flow prob-
lem reduces to one of estimating the response of the
propeller to each harmonic. In the case of a typical
marine propeller the reduced frequency k correspond-
ing to the first harmonic is of the order of 0.5, whilst
the value corresponding to the blade rate harmonic will
be around two or three. From classical two-dimensional
theory of an aerofoil encountering sinusoidal gusts, it
is known that the effects of flow unsteadiness become
significant for values of k greater than 0.1. As a conse-
quence the response of a propeller to all circumferential
harmonics of the wake field is unsteady in the sense
that the lift generated from the sections is consider-
ably smaller than that predicted from the equivalent
quasi-steady value and is shifted in phase relative to the
inflow.

In the early 1960s many lifting surface procedures
made their appearance due mainly to the various
computational capabilities that became available gen-
erally at that time. Prior to this, the work of
Strscheletsky (Reference 15), Guilloton (Reference 30)
and Sparenberg (Reference 31) laid the foundations for
the development of the method. Pien (Reference 32) is
generally credited with producing the first of the lifting
surface theories subsequent to 1960. The basis of this
method is that the bound circulation can be assumed
to be distributed over the chord of the mean line, the
direction of the chord being given by the hydrodynamic
pitch angle derived from a separate lifting line calcu-
lation. This lifting line calculation was also used to
establish the radial distribution of bound circulation. In
Pien’s method the free vortices are considered to start at
the leading edge of the surface and are then continued
into the slipstream in the form of helical vortex sheets.
Using this theoretical model the required distortion of
the chord into the required mean line can be determined
by solving the system of integral equations defining
the velocities along the chord induced by the system
of bound and free vortices. The theory is linearized in
the sense that a second approximation is not made using
the vortex distribution along the induced mean line.

Pien’s work was followed by that of Kerwin
(Reference 33), van Manen and Bakker (Reference
34), Yamazakji (Reference 35), English (Reference
36), Cheng (Reference 22), Murray (Reference 37),
Hanaoka (Reference 38), van Gent (References 39 and
40) and a succession of papers by Breslin, Tsakonas and
Jacobs spanning something over thirty years’ continuo-
us development of the method. Indeed, much of this
latter development is captured in the book by Breslin
and Anderson (Reference 100). Typical of modern lift-
ing surface theories is that by Brockett (Reference 41).
In this method the solid boundary effects of the hub are
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ignored; this is consistent with the generally small mag-
nitude of the forces being produced by the inner regions
of the blade. Furthermore, in Brockett’s approach it is
assumed that the blades are thin, which then permits
the singularities which are distributed on both sides of
the blades to collapse into a single sheet. The source
strengths, located on this single sheet, are directly pro-
portional to the derivative of the thickness function in
the direction of flow, conversely the vortex strengths are
defined. In the method a helicoidal blade reference sur-
face is defined together with an arbitrary specified radial
distribution of pitch. The trailing vortex sheet comprises
a set of constant radius helical lines whose pitch is to be
chosen to correspond either to that of the undisturbed
inflow or to the pitch of the blade reference surface.
Brockett uses a direct numerical integration procedure
for evaluating the induced velocities. However, due to
the non-singular nature of the integrals over the other
blades and the trailing vortex sheets the integrands are
approximated over prescribed sets of chordwise and
radial intervals by trigonometric polynomials. The inte-
grations necessary for both the induced velocities and
the camber line form are undertaken using predeter-
mined weight functions. Unfortunately the integral for
the induced velocity at a point on the reference blade
contains a Cauchy principle-value singularity. This is
solved by initially carrying out the integration in the
radial direction and then factoring the singularity out
in the chordwise integrand. A cosine series is then
fitted to the real part of the integrand, the Cauchy
principal value of which was derived by Glauert in
1948.

8.9 Lifting-line–lifting-surface
hybrid models

The use of lifting surface procedures for propeller
design purposes clearly requires the use of computers
having a reasonably large capacity. Such capabilities
are not always available to designers and as a con-
sequence there has developed a generation of hybrid
models essentially based on lifting line procedures and
incorporating lifting surface corrections together with
various cavitation prediction methods.

It could be argued that they very early methods of
analysis fell, to some extent, into this category by rely-
ing on empirical section and cascade data to correct
basic high aspect ratio calculations. However, the real
evolution of these methods can be considered to have
commenced subsequent to the development of the cor-
rection factors by Morgan et al. (Reference 21). The
model of propeller action proposed by van Oossanen
(Reference 25) typifies an advanced method of this type
by providing a very practical approach to the problem
of propeller analysis. The method is based on the Lerbs
induction factor approach (Reference 16), but because
this was a design procedure the Lerbs method has to be
used in the inverse sense, which is notoriously unstable.

To overcome this instability in order to determine the
induced velocities and circulation distribution for a
given propeller geometry, van Oossanen introduced an
additional iteration for the hydrodynamic pitch angle.
In order to account for the effects of non-uniform flow,
the average of the undisturbed inflow velocities over the
blade sections is used to determine the advance angle at
each blade position in the propeller disc, and the effect
of the variation of the undisturbed inflow velocities is
accounted for by effectively distorting the geometric
camber distribution. The effect of the bound vortices
is also included because of their non-zero contribution
to the induced velocity in a non-uniform flow. The cal-
culation of the pressure distribution over the blades at
each position in the propeller disc is conducted using
the Theodorsen approach after first distorting the blade
section camber and by defining an effective angle of
attack such that a three-dimensional approximation is
derived by use of a two-dimensional method.

So as to predict propeller performance correctly,
particularly in off-design conditions, van Oossanen
calculates the effect of viscosity on the lift and drag
properties of the blade sections. The viscous effects on
lift are accounted for by boundary layer theory, in which
the lift curve slope is expressed in terms of the boundary
layer separation and the zero lift angle is calculated as
a function of the relative wake thickness on the suction
and pressure sides. In contrast, the section drag coef-
ficient is based on an equivalent profile analysis of the
experimental characteristics of the Wageningen B series
propellers.

The cavitation assessment is calculated from a bound-
ary layer analysis and is based on the observation that
cavitation inception occurs in the laminar–turbulent
transition region of the boundary layer. The extent of the
cavitation is derived by calculating the value of Knapp’s
dynamic similarity parameter for spherical cavities for
growth and decline, based on the results of cavitation
measurements on profiles.

This method has proved a particularly effective
analysis tool for general design purposes and Fig-
ure 8.14 underlines the value of the method in esti-
mating the extent of cavitation and its comparison with
observations.

8.10 Vortex lattice methods

The vortex lattice method of analysis is in effect a
subclass of the lifting surface method. In the case of
propeller design and analysis it owes its origins largely
to Kerwin, working at the Massachussetts Institute of
Technology, although in recent years others have taken
up the development of the method: for example, Szantyr
(Reference 42).

In the vortex lattice approach the continuous distri-
butions of vortices and sources are replaced by a finite
set of straight line elements of constant strength whose
end points lie on the blade camber surface (Figure 7.31).



Theoretical methods – propeller theories 193

Figure 8.14 Comparison of observed and predicted cavitation by van Oossanen’s hybrid method of propeller analysis
(Courtesy: MARIN)
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Figure 8.15 Basic components of lifting surface models

From this system of line vortices the velocities are com-
puted at a number of suitably located control points
between the elements. In the analysis problem the
vortex distributions (Figure 8.15) are unknown func-
tions of time and space, and as a consequence have
to be determined from the boundary conditions of the
flow condition being analysed. The source distributions,
however, can be considered to be independent of time,
and their distribution over the blade is established using
a stripwise application of thin aerofoil theory at each
of the radial positions. As such, the source distribu-
tion is effectively known, leaving the vortex distribution
as the principal unknown. Kerwin and Lee (Reference
43) consider the vortex strength at any point as a vec-
tor lying in the blade or vortex sheet which can be
resolved into spanwise and chordwise components on
the blades, with the corresponding components termed
shed and trailing vorticity in the vortex sheets em-
anating from the blades (Figure 8.15). Based on this
approach the various components of the vortex sys-
tem can be defined with respect to time and position by
applying Kelvin’s theorem in association with the pres-
sure continuity condition over the vortex wake. Hence
the distributed spanwise vorticity can be determined
from the boundary conditions of the problem.

In essence there are four principal characteris-
tics of the vortex lattice model which need careful
consideration in order to define a valid model. These
are as follows:

1. The element’s orientation.
2. The spanwise distribution of elements and control

points.
3. Chordwise distribution of elements and control

points.
4. The definition of the Kutta condition in numerical

terms.

With regard to element distribution Greeley and
Kerwin (Reference 44) proposed for steady flow

analysis that the radial interval from the hub rh to the tip
R be divided into M equal intervals with the extremities
of the lattice inset one-quarter interval from the ends
of the blade. The end points of the discrete vortices are
located at radii rm given by

rm = (R − rh)(4m − 3)

4M + 2
+ rh (m = 1, 2, 3, . . . , M + 1)

(8.60)

In the case of the chordwise distribution of singu-
larities they chose a cosine distribution in which the
vortices and control points are located at equal intervals
of s̃, where the chordwise variable s is given by:

S = 0.5(1 − cos s̃) (0 ≤ s̃ ≤ π)

If there are N vortices over the chord, the positions of
the vortices, Sv(n), and the control points, Sc(i), are
given by

Sv(n) = 0.5

{

1 − cos

[

(n − 1
2 )π

N

]}

n = 1, 2, . . . , N

and

Sc(i) = 0.5
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(8.61)

With this arrangement the last control point is at the
trailing edge and two-dimensional calculations show
that this forces the distribution of vorticity over the
chord to have the proper behaviour near the trailing
edge; that is, conformity with the Kutta condition. In the
earlier work (Reference 43) Kerwin and Lee showed that
for the solution of both steady and unsteady problems
the best compromise was to use a uniform chordwise
distribution of singularities together with an explicit
Kutta condition:

Sn(n) = n − 0.75

N
(n = 1, 2, . . . , N ) (8.62)

Lan (Reference 45) showed that chordwise spacing
of singularity and control points proposed by equation
(8.61) gave exact results for the total lift of a flat plate
or parabolic camber line and was more accurate than
the constant spacing arrangement equation (8.62), in
determining the local pressure near the leading edge.
This choice, as defined by equation (8.61), commonly
referred to as cosine spacing, can be seen as being
related to the conformal transformation of a circle into
a flat or parabolically cambered plate by a Joukowski
transformation.

The geometry of the trailing vortex system has an
important influence on the accuracy of the calculation
of induced velocities on the blade. The normal approach
in lifting surface theories is to represent the vortex sheet
emanating from each blade as a pure helical surface with
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Figure 8.16 Deformation of wake model

a prescribed pitch angle. Cummings (Reference 46),
Loukakis (Reference 47) and Kerwin (Reference 48)
developed conceptually more advanced wake models
in which the roll-up of the vortex sheet and the contrac-
tion of the slipstream were taken into account. Current
practice with these methods is to consider the slipstream
to comprise two distinct portions: a transition zone and
an ultimate zone as shown in Figure 8.16. The transition
zone of the slipstream is the one where the roll-up of
the trailing vortex sheet and the contraction of the slip-
stream are considered to occur and the ultimate zone
comprises a set of Z helical tip vortices together with
either a single rolled-up hub vortex or Z helical hub vor-
tices. Hence the slipstream model is defined by some
five parameters as follows (see Figure 8.16):

1. Radius of the rolled-up tip vortices (rw).
2. Angle between the trailing edge of the blade tip and

the roll-up point (θw).
3. Pitch angle of the outer extremity of the transition

slipstream (βT).
4. Pitch angle of the ultimate zone tip vortex helix (βw).
5. Radius of the rolled-up hub vortices (rwh) in the

ultimate zone if this is not considered to be zero.

In using vortex lattice approaches it had been found
that whilst a carefully designed lattice arrangement
should be employed for the particular blade which
is being analysed, the other Z − 1 blades can be
represented by significantly coarser lattice without
causing any important changes in the computed results.
This, therefore, permits economies of computing time
to be made without loss of accuracy. Kerwin (Refer-
ence 49) shows a comparison of the radial distributions
of pitch and camber obtained by the vortex lattice
approach and by traditional lifting surface methods

Figure 8.17 Comparison of results obtained between
traditional lifting surface and vortex lattice methods
(Kerwin)

(Reference 41) (Figure 8.17). Although the results are
very similar, some small differences are seen to occur
particularly with respect to the camber at the inner radii.

The problem of vortex sheet separation and the theo-
retical prediction of its effects at off-design conditions
are currently occupying the attention of many hydro-
dynamicists around the world. At these conditions the
vortex sheet tends to form from the leading edge at
some radius inboard from the tip rather than at the tip.
Kerwin and Lee (Reference 43) developed a somewhat
simplified representation of the problem which led to a
substantial improvement in the correlation of theoretical
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predictions with experimental results. In essence their
approach is shown in Figure 8.18, in which for a conven-
tional vortex lattice arrangement the actual blade tip is
replaced by a vortex lattice having a finite tip chord. The
modification is to extend the spanwise vortex lines in the
tip panel as free vortex lines which join at a ‘collection
point’, this then becomes the origin of the outermost
element of the discretized vortex sheet. The position of
the collection point is established by setting the pitch
angle of the leading-edge free vortex equal to the mean
of the undisturbed inflow angle and the pitch angle of the
tip vortex as it leaves the collection point. Greeley and
Kerwin (Reference 44) developed the approach further
by establishing a semi-empirical method for predict-
ing the point of leading-edge separation. The basis of

Figure 8.18 Simplified leading-edge vortex separation
model (Kerwin and Lee)

Figure 8.19 Empirical relationship between the value of the leading-edge suction force coefficient at the point of
flow breakdown as a function of leading-edge Reynolds number (Reproduced with permission from Reference 44)

this method was the collapsing of data for swept wings
in a non-dimensional plotting of critical leading-edge
suction force, as determined from inviscid theory as a
function of a local leading-edge Reynolds number, as
shown in Figure 8.19. This then allowed the develop-
ment of an approximate model in which the free vortex
sheet was placed at a height equal to 16-blade boundary-
layer thickness and the resulting change in the calculated
chordwise pressure distribution found.

Lee and Kerwin et al. developed the vortex lattice
code PUF-3 in its original form. However, in recent
years the code was extended to include a number of
further features amongst which were wake alignment
and shaft inclination, mid-chord cavitation, thickness-
load coupling, the influence of the propeller boss, duct
effects and right- and left-handed rotational options.
This extended form of the code is known as MPUF-3A
which is also coupled to a boundary element method
to solve for the diffraction potential on the ship’s hull.
This latter process is done once the propeller problem
has been solved and then determines the unsteady pres-
sure fluctuations acting on the hull due to the action of
the propeller.

More recently a three dimensional Euler equation
solver based on a finite volume method has been
developed at the University of Texas. This capability,
assuming that the inflow velocity field is known suffi-
ciently far upstream of the propeller from model tests
or computations, estimates the effective wake field at
the propeller. Currently, the propeller is represented
by time-averaged body forces over the volume that the
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propeller forces are covering while they are rotating.
This procedure is coupled to the MPUF-3A code in an
iterative manner such that the Euler solver defines the
global flow and effective wake field while the MPUF-
3A code solves for the flow around the blades, including
cavitation, and provides the propeller body forces to be
used in the Euler solver.

8.11 Boundary element methods

Boundary element methods for propeller analysis have
been developed in recent years in an attempt to over-
come two difficulties of lifting surface analyses. The
first is the occurrence of local errors near the lead-
ing edge and the second in the more widespread errors
which occur near the hub where the blades are closely
spaced and relatively thick. Although the first problem
can to some extent be overcome by introducing a local
correction derived by Lighthill (Reference 49), in which
the flow around the leading edge of a two-dimensional,
parabolic half-body is matched to the three-dimensional
flow near the leading edge derived from lifting surface
theory, the second problem remains.

Boundary element methods are essentially panel
methods, which were introduced in Chapter 7, and
their application to propeller technology began in the
1980s. Prior to this the methods were pioneered in the
aircraft industry, notably by Hess and Smith, Maskew
and Belotserkovski. Hess and Valarezo (Reference 50)
introduced a method of analysis based on the earl-
ier work of Hess and Smith (Reference 51) in 1985.
Subsequently, Hoshino (Reference 52) has produced a
surface panel method for the hydrodynamic analysis of
propellers operating in steady flow. In this method the
surfaces of the propeller blades and hub are approxi-
mated by a number of small hyperboloidal quadrilateral
panels having constant source and doublet distributions.
The trailing vortex sheet is also represented by similar
quadrilateral panels having constant doublet distribu-
tions. Figure 8.20, taken from Reference 52, shows a
typical representation of the propeller and vortex sheet
combination using this approach. The strengths of the

Figure 8.20 Panel arrangement on propeller and trailing
vortex wake for boundary element representation
(Reproduced with permission from Reference 52)

source and doublet distributions are determined by solv-
ing the boundary value problems at each of the control
points which are located on each panel. Within this
solution the Kutta condition is obviously obeyed at the
trailing edge.

Using methods of this type good agreement between
theoretical and experimental results for blade pressure
distributions and open water characteristics has been
achieved. Indeed a better agreement of the surface pres-
sure distributions near the blade–hub interface has been
found to exist than was the case with conventional lifting
surface methods.

Kinnas and his colleagues at the University of Texas,
Austin, have in recent years done a considerable amount
of development on boundary element codes. The initial
development of the PROPCAV code in 1992 developed
the boundary element method to solve for an unsteady
cavitating flow around propellers which were sub-
ject to non-axisymmetric inflow conditions (Reference
101). Subsequently this approach has been extended to
include the effects of non-cylindrical propeller bosses,
mid-chord cavitation on the back and face of the pro-
peller (Reference 102), the modelling of unsteady
developed tip vortex cavitation (Reference 103) and
the influence of fully unsteady trailing wake alignment
(Reference 104). Good correlation has been shown to
exist between the results of this computational method
and the measured performance of the DTMB 4383, 72◦

skew propeller at model scale for both non-cavitating
and cavitating flows. Currently the effects of viscos-
ity are estimated by using uniform values of friction
coefficient applied to the wetted parts of the propeller
blades; however, the code is being coupled to an integral
boundary layer solver in order to better account for
the effects of viscosity. This solver will both determine
the friction acting on the propeller blades and estimate
the influence of the viscous effects on the blade pres-
sure distributions. Such a capability may also permit
the influence of viscosity on the location of the cavity
detachment in the case of mid-chord cavitation as well
as on the location of the leading vortex.

A method proposed by Greco et al. (Reference 105)
aimed at enhancing the slip stream flow prediction when
using a boundary element method showed that the esti-
mated position of the tip vortex was in good agreement
with experimental data. In essence the propeller induced
trailing wake was determined as part of the flow field
solution using an iterative method in which the wake
surface is aligned to the local flow. The numerical pre-
dictions from this method were then correlated with
the vorticity field derived from laser Doppler velocity
measurements made in a cavitation tunnel.

Within the framework of the MARIN based Coopera-
tive Research Ships organization Vaz and Bosschers
have been developing a three-dimensional sheet cav-
itation model using a boundary element model of
the marine propeller (Reference 106). This develop-
ing approach has been tested against the results from
two model propellers under steady flow conditions: the
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propellers being the MARIN S and the INSEAN E779A
propellers. In the case of the former propeller which was
designed to exhibit only sheet cavitation, two conditions
were examined. At low loading the cavity extent was
underpredicted but at moderate loadings the correlation
was acceptable. In the second case, the INSEAN pro-
peller had a higher tip loading than the S propeller with
the cavitation having partial and super-cavitation in the
tip region together with a cavitating tip vortex. For this
propeller the cavity extents were predicted reasonably
well. This method is currently still in its development
phase and it is planned to extend the validation to behind
conditions and also cavity volume variations, the lat-
ter being done through the low-frequency hull pressure
pulses which are, in addition to the contribution from
the non-cavitating propeller, mainly influenced by the
cavity volume accelerations.

8.12 Methods for specialist propulsors

The discussion in this chapter has so far concentrated
on methods of design and analysis for conventional
propellers. It is also pertinent to comment on the appli-
cation of these methods to specialist propulsor types:
particularly controllable pitch propellers, ducted pro-
pellers, contra-rotating propellers and supercavitating
propellers.

The controllable pitch propeller, in its design
pitch conditions, is in most respects identical to the
conventional fixed pitch propeller. It is in its off-design
conditions that special analysis procedures are required
to determine the blade loads, particularly the blade
spindle torque and hence the magnitude of the actuating
forces required. Klaassen and Arnoldus (Reference 53)
made an early attempt at describing the character of
these forces and the methods of translating these into
actuating forces. This work wad followed by that of
Gutsche (Reference 54) in which he considered the
philosophical aspects of loading assumptions for con-
trollable pitch propellers Rusetskiy (Reference 55),
however, developed hydrodynamic models based on
lifting line principles to calculate the forces acting on
the blades during the braking, ring vortex and contra-
flow stages of controlled pitch propeller off-design
performance. This procedure whilst taking into account
section distortion by means of the effect on the mean
line is a straightforward procedure which lends itself
to hand calculation. The fundamental problem with the
calculation of a controllable pitch propeller at off-design
conditions is not that of resolving the loadings act-
ing on the blades into their respective actuating force
components, but of the calculating the blade loadings
on surface pressure distributions under various, and in
some cases extreme, flow regimes and with the effects
of blade section distortion; see Chapter 3. The basic
principles of Rusetskiy’s method were considered and
various features enhanced by Hawdon et al. (Refer-
ence 56), particularly in terms of section deformation

and the flow over these deformed sections. Lifting-
line-based procedures continued to the main method of
approaching the calculation of the hydrodynamic load-
ing components until the 1980s: the centrifugal spindle
torque is a matter of propeller geometry and the fric-
tional spindle torque, dependent on mechanics and the
magnitude of the resultant hydrodynamic and centrifu-
gal components. Pronk (Reference 57) considered the
calculation of the hydrodynamic loading by the use of
a vortex lattice approach based on the general princi-
ples of Kerwin’s work. In this way the computation of
the blade hydrodynamics lost many of the restrictions
that the earlier methods required to be placed on the
calculation procedure.

As early as 1879 Parsons fitted and tested a screw
propeller having a complete fixed shrouding and guide
vanes. However, the theoretical development of the
ducted propeller essentially started with the work of
Kort (Reference 58). In its early form the duct took the
form of a long channel through the hull of the ship but
soon gave way to the forerunners of the ducted pro-
pellers we know today, comprising an annular aerofoil
placed around the outside of a fixed or controllable pitch
propeller.

Following Kort’s original work, Steiss (Reference
59) produced a one-dimensional actuator disc theory
for ducted propeller action; however, development of
ducted propeller theory did not really start until the
1950s. Horn and Amtsberg (Reference 60) developed
an earlier approach by Horn, in which the duct was
replaced by a distribution of vortex rings of varying
circulation along the length of the duct, and in 1955
Dickmann and Weissinger (Reference 61) considered
the duct and propeller to be a single unit replaced by a
vortex system. In this system the propeller is assumed to
have an infinite number of blades and constant bound
vortex along the span of the blade. The slipstream is
assumed to be a cylinder of constant radius and no
tangential induced velocities are present in the slip-
stream. Despite the theoretical work the early design
methods, several of which are used today, were essen-
tially pseudo-empirical methods. Typical of these are
those presented by van Manen and co-workers (Refer-
ences 62 to 64) and they represent a continuous develop-
ment of the subject which was based on the development
of theoretical ideas supported by the results of model
tests, chiefly the Ka ducted propeller series. Theoretical
development, however, continued with contributions
by Morgan (Reference 65), Dyne (Reference 66) and
Oosterveld (Reference 67) for ducted propellers work-
ing in uniform and wake adapted flow conditions.

Chaplin developed a non-linear approach to the
ducted propeller problem and subsequently Ryan and
Glover (Reference 68) presented a theoretical design
method which avoided the use of a linearized theory
for the duct by using surface vorticity distribution tech-
niques to represent both the duct and the propeller boss.
The representation of the propeller was by means of an
extension of the Strscheletsky approach and developed
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by Glover in earlier studies on heavily loaded propellers
with slipstream contraction (Reference 69). The treat-
ment of the induced velocities, however, was modified
in order to take proper account of the induced velocities
of the duct to achieve good correlation with experimen-
tal results. In this way the local hydrodynamic pitch
angle at the lifting line was defined as

βi = tan−1
[

Va + uap + uad

ωr − utp

]

where uap is the axial induced velocity of the
propeller,
uad is the axial induced velocity of the duct
and
utp is the tangential induced velocity of the
propeller.

Subsequently, Caracostas (Reference 70) extended the
Ryan and Glover work to off-design operation condi-
tions using some of the much earlier Burrill (Reference
11) philosophies of propeller analysis.

Tsakonas and Jacobs (Reference 71) extended the
theoretical approach to ducted propeller operation by
utilizing unsteady lifting surface theory to examine the
interaction of the propeller and duct when operating
in a non-uniform wake field. In this work they mod-
elled the duct and propeller geometry in the context
of their camber and thickness distributions. In add-
ition to the problem of the interactions between the
duct and propeller there is also the problem of the
interaction between the ducted propulsor and the body
which is being propelled. Falcao de Campos (Reference
72) has recently studied this problem in the context of
axisymmetric flows. The basic approach pursued in this
study assumes the interaction flow between the ducted
propulsor and the hull, which ultimately determines
the performance of the duct and propeller, is inviscid
in nature and can, therefore, be treated using Euler’s
equations of motions. Whilst this approach is valid
for the global aspects of the flow, viscous effects in
the boundary layers on the various components of the
ducted propulsor system can be of primary importance
in determining the overall forces acting on the system.
As a consequence Falcao de Campos considers these
aspects in some detail and then moves on to consider the
operation of a ducted propeller in axisymmetric shear
flow. The results of his studies led to the conclusion
that inviscid flow models can give satisfactory predic-
tions of the flow field and duct performance over a wide
range of propeller loadings, provided that the circulation
around the duct profile can be accurately determined
and a detailed account of the viscous effects on the
duct can be made in the establishment of the criteria
for the determination of the duct circulation. Addition-
ally, Kerwin et al. (Reference 107) in their extension of
the MPUF-3A code to ducted propellers developed an
orifice equation model in order to take account of the
viscous flow through the propeller tip to duct gap.

The main thrust of ducted propeller research has
been in the context of the conventional accelerating
or decelerating duct forms, including azimuthing sys-
tems, although this latter aspect has been treated largely
empirically. The pumpjet is a closely related member of
the ducted propeller family and has received close atten-
tion for naval applications. Clearly, as a result much of
the research is classified but certain aspects of the work
are published in open literature. Two particularly good
treatments of the subject are to be found in References
73 and 74, and a more recent exposition of the sub-
ject is given by Wald (Reference 75). In this latter work
equations have been derived to describe the operation
of a pumpjet which is closely integrated into the hull
design and ingests a portion of the hull boundary layer.
From this work it is shown that maximum advantage of
this system is attained only if full advantage is taken of
the separation inhibiting effect of the propulsor on the
boundary layer of the afterbody, a fact not to be under-
estimated in other propulsor configurations. Another
closely related member of the ducted propeller family
is the ring propeller, which comprises a fixed pitch pro-
peller with an integrally mounted or cast annular aero-
foil, with low length to diameter ratio, at the blade tips.
In addition to the tip-mounted annular aerofoil designs,
some of which can be found in small tugs or coasters,
there have been design proposed where the ring has
been sited at some intermediate radial location on the
propeller: one such example was the English Channel
packet steamer Cote d’Azur, built in 1950. Work on
ring propellers has mainly been confined to model test
studies and reported by van Gunsteren (Reference 76)
and Keller (Reference 77). From these studies the ring
propeller is shown to have advantages when operating
in off-design conditions, with restricted diameter, or by
giving added protection to the blades in ice, but has the
disadvantage of giving a relatively low efficiency.

Contra-rotating propellers, as discussed in Chapter 2,
have been the subject of interest which has waxed and
waned periodically over the years. The establishment of
theoretical methods to support contra-rotating propeller
development has a long history starting with the work
of Greenhill (Reference 78) who produced an analy-
sis method for the Whitehead torpedo; however, the
first major advances in the study was made by Rota
(Reference 79) who carried out comparative tests with
single and contra-rotating propellers on a steam launch.
In a subsequent paper (Reference 80) he further devel-
oped this work by comparing and contrasting the results
of the work contained in his earlier paper with some
propulsion experiments conducted by Luke (Reference
81). Little more appears to have been published on
the subject until Lerbs introduced a theoretical treat-
ment of the problem in 1955 (Reference 82), and a
year later van Manen and Sentic (Reference 83) pro-
duced a method based on vortex theory supported by
empirical factors derived from open water experiments.
Morgan (Reference 84) subsequently produced a step-
by-step design method based on Lerbs’ theory, and in
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addition he showed that the optimum diameter can be
obtained in the usual way for a single-screw propeller
but assuming the absorption of half the required thrust
of power and that the effect on efficiency of axial spac-
ing between the propellers was negligible. Whilst Lerbs’
work was based on lifting line principles, Murray (Ref-
erence 37) considered the application of lifting surface
to the theory of contra-rotating propellers.

Van Gunsteren (Reference 85) developed a method
for the design of contra-rotating propellers in which
the interaction effects of the two propellers are largely
determined with the aid of momentum theory. Such
an approach allows the slipstream contraction effects
and an allowance for the mutually induced pressures in
the cavitation calculation to be taken into account in
a relatively simple manner. The radial distributions of
the mutually induced velocities are calculated by lifting
line theory; however, the mutually induced effects are
separated from self-induced effects in such a way that
each propeller of the pair can be designed using a pro-
cedure for simple propellers. Agreement between this
method and experimental results indicated a reasonable
level of correlation.

Tsakonas et al. (Reference 86) has extended
the development of lifting surface theory to the
contra-rotating propeller problem by applying lin-
earized unsteady lifting surface theory to propeller
systems operating in uniform or non-uniform wake
fields. In this latter approach the propeller blades lie
on helicoidal surfaces of varying pitch, and have finite
thickness distributions, together with arbitrary defini-
tions of blade outline, camber and skew. Furthermore,
the inflow field of the after propeller is modified by
accounting for the influence of the forward propeller
so that the potential and viscous effects of the forward
propeller are incorporated in the flow field of the after
propeller. It has been shown that these latter effects
play an important role in determining the unsteady load-
ing on the after propeller and as a consequence cannot
be ignored. Subsequently, work at the Massachussetts
Institute of Technology has extended panel methods to
rotor–stator combinations.

High-speed and more particularly supercavitating
propellers have been the subject of considerable
research effort. Two problems present themselves: the
first is the propeller inflow and the second is the blade
design problem. In the first case of the oblique flow
characteristics these have to some extent been dealt
with empirically, as discussed in Chapter 6. In the
case of calculating the performance characteristics,
the oblique flow characteristics manifest themselves
as an in-plane flow over the propeller disc, whose
effect needs to be taken into account. Theoretical work
on what was eventually to become a design method
started in the 1950s with the work of Tulin on steady
two-dimensional flows over slender symmetrical bod-
ies (Reference 87), although supercavitating propellers
had been introduced by Posdunine as early as 1943. This
work was followed by other studies on the linearized

theory for supercavitating flow past lifting foils and
struts at zero cavitation number (References 88 and 89),
in which Tulin used the two-term Fourier series for the
basic section vorticity distribution. Subsequently John-
son (Reference 90) in developing a theoretical analysis
for low drag supercavitating sections used three- and
five-term expressions. Tachmindji and Morgan (Ref-
erence 91) developed a practical design method based
on a good deal of preceding research work which was
extended with additional design information (Reference
92). The general outline of the method essentially fol-
lowed a similar form to the earlier design procedure set
down by Eckhardt and Morgan in Reference 18.

A series of theoretical design charts for two-,
three- and four-bladed supercavitating propellers was
developed by Caster (References 93 and 94). This work
was based on the two-term blade sections and was aimed
at providing a method for the determination of optimum
diameter and revolutions. Anderson (Reference 95)
developed a lifting line theory which made use of induc-
tion factors and was applicable to normal supercavi-
tating geometry and for non-zero cavitation numbers.
However, it was stressed that there was a need to develop
correction factors in order to get satisfactory agreement
between the lifting line theory and experimental results.

Supercavitating propeller design generally requires
an appeal to theoretical and experimental results –
not unlike many other branches of propeller technol-
ogy. In the case of theoretical methods Kinnas et al.
(References 108 and 109) have extended their bound-
ary element code to the modelling of supercavitating
and surface piercing propellers analysis. With regard
to the experimental data to support the design of
supercavitating propellers the designer can make appeal
to the works of Newton and Radar (Reference 96), van
den a Voorde and Esveldt (Reference 97) and Taniguchi
and Tanibayashi (Reference 98).

8.13 Computational fluid dynamics
methods

During the last ten years considerable advances have
been made in the application of computational fluid
dynamics to the analysis and design of marine pro-
pellers. This has now reached a point where in the
analysis case useful insights into the viscous and cav-
itating behaviour of propellers can be obtained from
these methods. While progress has been made with the
codes in the design case, these have not yet reached a
level where these methods have gained wide acceptance
but, no doubt, this will happen in the coming years.

A number of approaches for modelling the flow
physics have been developed. Typically for the analy-
sis of the flow around cavitating and non-cavitating
propellers these approaches are the Reynolds Aver-
aged Navier–Stokes (RANS) method, Large Eddy
Simulation (LES) techniques, Detached Eddy Simula-
tions (DES) and Direct Numerical Simulations (DNS).
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However, in terms of practical propeller computations,
as distinct from research exercises, the application of
many of these methods is limited by the amount of
computational effort required to derive a solution. As
such, the RANS codes appear to have found most favour
because the computational times are rather lower than
for the other methods. Most of the approaches have a
number of common basic features in that they employ
multi-grid acceleration and finite volume approxima-
tions. There are, nevertheless, a number of differences
to be found between various practitioners in that a
variety of approaches are used for the grid topology,
cavitating flow modelling and turbulence modelling. In
this latter context there is a range of turbulence models
in use, for example k − ε, k − ω, and Reynolds stress
models are frequently seen being deployed, with results
from the latter two methods yielding good correlations.

Computational grid formation has proved a difficult
area in marine propeller analysis, particularly in terms
of achieving a smooth distribution of grid cells. More-
over, important structures in the flow field such as shaft
lines andA-bracket structures require careful modelling
with localized grid refinements. These considerations
also apply to flow structures such as propeller blade tip
vortices. Notwithstanding these issues, when consider-
ing propulsion test simulations these are characterized
by widely different spatial and time scales for the hull
and propeller.

If structured curvilinear grids are used in the mod-
elling process this may result in a large number of
cells which, in turn, may produce a complicated and
time-consuming grid generation process. This has led
to unstructured grids being favoured since these can
easily handle complex geometries and the clustering
of grid cells in regions of the flow where large param-
eter gradients occur. Rhee and Joshi (Reference 110)
analysed a five-bladed c.p.p. propeller in open water
conditions using hybrid unstructured meshes in which
they used prismatic cells in the boundary layer with a
system of tetrahedral cells filling in the remainder of
the computational domain far from the solid bound-
aries. This approach allowed them to have a detailed
model of the boundary layer flows while retaining many
of the advantages of an unstructured mesh. In this for-
mulation of the problem they used a k − ω turbulence
model. When correlating their computed results the KT
and KQ values were 8 per cent and 11 per cent different
from the measured model test values, and while good
agreement was found between the circumferential aver-
aged axial and tangential velocities the predicted radial
velocities were less accurate. Additionally, the turbu-
lent velocity fluctuations in the wake region were also
found to be underpredicted. An alternative grid gener-
ation approach for complex geometries, the Chimera
technique, is becoming relatively popular (Reference
111). In this approach simple structured grids, called
sub-grids, are used for limited parts of the fluid domain
and these sub-grids may overlap each other. All of these
sub-grids are then embedded into a parent grid that

extends across the whole fluid domain. This method
has been used to address tip vortex and propeller flows
as described in References 112 and 113.

Notwithstanding the present difficulties in the com-
putational fluid dynamics method at this relatively early
stage in its development, one of the underlying values
of these types of study is in giving insights into phe-
nomenological behaviour where classical extrapolation
techniques are not applicable. For example, Abdel-
Maksoud and his colleagues have examined the scale
effects on ducted propellers and also the influence of
the hub cap shape on propeller performance (References
114 and 115). Similarly, Wang et al. (Reference 116)
has examined the three-dimensional viscous flow field
around an axisymmetric body with an integrated ducted
propulsor and other work has been done on podded
propulsors which will be discussed in a later chapter.

In developing the method further in order to reach its
full potential research is required in a number of areas.
In particular, it is necessary to achieve a robust and
reliable modelling of the boundary layer and similarly
with wakes and two-phase flow behaviour. In addition,
as discussed by Kim and Rhee (Reference 117) who ana-
lysed the interaction between turbulence modelling and
local mesh refinements it is apparent that an adequate
grid resolution of the flow field regions where vertical
flow dominates is particularly important.
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Cavitation is a general fluid mechanics phenomenon
that can occur whenever a liquid is used in a machine
which induces pressure and velocity fluctuations in the
fluid. Consequently, pumps, turbines, propellers, bear-
ings and even the human body, in for example the heart
and knee-joints, are all examples of machines where the
destructive consequences of cavitation may occur.

The history of cavitation has been traced back to the
middle of the eighteenth century, when some attention
was paid to the subject by the Swiss mathematician
Euler (Reference 1) in a paper read to the Berlin
Academy of Science and Arts in 1754. In that paper
Euler discussed the possibility that a phenomenon that
we would today call cavitation occurs on a particular
design of water wheel and the influence this might have
on its performance.

However, little reference to cavitation pertaining
directly to the marine industry has been found until the
mid-nineteenth century, when Reynolds wrote a series
of papers (Reference 2) concerned with the causes of
engine racing in screw propelled steamers. These papers
introduced the subject of cavitation as we know it today
by discussing the effect it had on the performance of the
propeller: when extreme cases of cavitation occur, the
shaft rotational speed is found to increase considerably
from that expected from the normal power absorption
relationships.

The trial reports of HMS Daring in 1894 noted this
overspeeding characteristic, as did Sir Charles Parsons,
shortly afterwards, during the trials of his experimental
steam turbine ship Turbinia. The results of the vari-
ous full-scale experiments carried out in these early
investigations showed that an improvement in propeller
performance could be brought about by the increase in
blade surface area. In the case of the Turbinia, which
originally had a single propeller on each shaft and ini-
tially only achieved just under twenty knots on trials,
Parsons found that to absorb the full power required on
each shaft it was necessary to adopt a triple propeller
arrangement to increase the surface area to the required
proportions. Consequently, he used three propellers
mounted in tandem on each shaft, thereby deploying
a total of nine propellers distributed about the three
propeller shafts. This arrangement not only allowed
the vessel to absorb the full power at the correct shaft
speeds, but also permitted the quite remarkable trial
speed of 32.75 knots to be attained.

In an attempt to appreciate fully the reasons for the
success of these decisions, Parsons embarked on a series
of model experiments designed to investigate the nature
of cavitation. To accomplish this task, Parsons con-
structed in 1895 an enclosed circulating channel. This
apparatus allowed the testing of 2 in. diameter pro-
pellers and was a forerunner of cavitation tunnels as
we know them today. However, recognizing the limita-
tions of this tunnel, Parsons constructed a much larger
tunnel fifteen years later in which he could test 12 in.
diameter propeller models. Subsequently, other larger
tunnels were constructed in Europe and America during

the 1920s and 1930s, each incorporating the lessons
learned from its predecessors. More recently a series
of very large cavitation facilities have been constructed
in various locations around the world. Typical of these
are the depressurized towing tank at MARIN in Ede;
the large cavitation tunnel at SSPA in Gothenburg, the
HYCAT at HSVA in Hamburg; the Grande Tunnel
Hydrodynamique atVal de Reuil in France and the Large
Cavitation Channel (LCC) in Memphis, Tennessee.

9.1 The basic physics of cavitation

The underlying physical process which governs the
action of cavitation can, at a generalized level, be con-
sidered as an extension of the well-known situation in
which a kettle of water will boil at a lower tempera-
ture when taken to the top of a high mountain. In the
case of cavitation development the pressure is allowed
to fall to a low level while the ambient temperature is
kept constant, which in the case of a propeller is that of
the surrounding sea water. Parsons had an early appre-
ciation of this concept and he, therefore, allowed the
atmospheric pressure above the water level in his tun-
nels to be reduced by means of a vacuum pump, which
enabled cavitation to appear at much lower shaft speeds,
making its observation easier.

If cavitation inception were to occur when the local
pressure reaches the vapour pressure of the fluid then
the inception cavitation number σi would equal the min-
imum pressure coefficient Cpmin. However, a number
of other influencing factors prevent this simple rela-
tionship from being valid. For example, the ability of
the fluid to withstand tensions; nuclei requiring a finite
residence time in which to grow to an observable size
and measurement and calculation procedures normally
produce time averaged values of pressure coefficients.
Consequently, the explanation of cavitation as being
simply a water boiling phenomenon, although true, is
an oversimplification of the actual physics that occur. To
initially appreciate this, consider first the phase diagram
for water shown in Figure 9.1. If it is assumed that the

Figure 9.1 Phase diagram for water
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temperature is sufficiently high for the water not to enter
its solid phase, then at either point B or C one would
expect the water to be both in its liquid state and have
an enthalpy equivalent to that state. For example, in the
case of fresh water at standard pressure and at a tem-
perature of 10 C this would be of the order of 42 kJ/kg.
However, at point A, which lies in the vapour phase, the
fluid would be expected to have an enthalpy equivalent
to a superheated vapour, which in the example quoted
above, when the pressure was dropped to say 1.52 kPa,
would be in excess of 2510 kJ/kg. The differences in
these figures is primarily because the fluid gains a latent
enthalpy change as the liquid–vapour line is crossed, so
that at points B and C the enthalpies are

hB,C hfluid(p, t)

and at the point A the fluid enthalpy becomes

hA hfluid hlatent hsuperheat

Typically for fresh water the liquid–vapour line is
defined by Table 9.1.

Table 9.1 Saturation temperature of fresh water

Pressure 0.689 6.894 13.79 27.58 55.15 101.3 110.3
(kPa)
Saturation 1.6 38.72 52.58 67.22 83.83 100.0 102.4
temperature
( C)

Secondly, it is important to distinguish between two
types of vaporization. The first is the well-known pro-
cess of vaporization across a flat surface separating the
liquid and its vapour. The corresponding variation in
vapour pressure varies with temperature as shown in
Table 9.1, and along this curve the vapour can coex-
ist with its liquid in equilibrium. The second way in
which vaporization can occur is by cavitation, which
requires the creation of cavities within the liquid itself.
In this case the process of creating a cavity within the
liquid requires work to be done in order to form the new
interface. Consequently, the liquid can be subjected to
pressures below the normal vapour pressure, as defined
by the liquid–vapour line in Figure 9.1, or Table 9.1,
without vaporization taking place. As such, it is possible
to start at a point such as C, shown in Figure 9.1, which
is in the liquid phase, and reduce the pressure slowly
to a value well below the vapour pressure, to reach the
point A with the fluid still in the liquid phase. Indeed, in
cases of very pure water, this can be extended further, so
that the pressure becomes negative; when a liquid is in
these over-expanded states it is said to be in a metastable
phase. Alternatively it is possible to bring about the
same effect at constant pressure by starting at a point B
and gradually heating the fluid to a metastable phase at
the point A. If either of these paths, constant pressure
or temperature, or indeed some intermediate path, is
followed, then eventually the liquid reaches a limiting

condition at some point below the liquid–vapour line in
Figure 9.1, and either cavitates or vaporizes.

The extent to which a liquid can be induced
metastably to a lower pressure than the vapour pressure
depends on the purity of the water. If water contains
a significant amount of dissolved air, then as the pres-
sure decreases the air comes out of the solution and
forms cavities in which the pressure will be greater
than the vapour pressure. This effect applies also when
there are no visible bubbles; submicroscopic gas bub-
bles can provide suitable nuclei for cavitation purposes.
Hence cavitation can either be vaporous or gaseous
or, perhaps, a combination of both. Consequently, the
point at which cavitation occurs can be either above or
below the vapour pressure corresponding to the ambient
temperatures.

In the absence of nuclei a liquid can withstand consid-
erable negative tensions without undergoing cavitation.
For example, in the case of a fluid, such as water, which
obeys van der Waals’ equation:
(

p
a

V 2

)

(V b) RT (9.1)

a typical isotherm is shown in Figure 9.2, together
with the phase boundary for the particular tempera-
ture. In addition, the definition of the tensile strength
of the liquid is also shown on this figure. The resulting
limiting values of the tensions that can be withstood
form a wideband; for example, at room temperature,
by using suitable values for a and b in equation (9.1),
the tensile strength can be shown to be about 500 bars.
However, some researchers have suggested that the ten-
sile strength of the liquid is the same as the intrinsic
pressure a/V 2 in equation (9.1); this yields a value of
around 10 000 bars. In practice, water subjected to rigor-
ous filtration and pre-pressurization seems to rupture at
tensions of the order of 300 bars. However, when solid,
non-wetted nuclei having a diameter of about 10 6 cm
are present in the water it will withstand tensions of only

Figure 9.2 Van der Waals’ isotherm and definition of
tensile strength of liquid
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Figure 9.3 Nucleation model for a crevice in an entrained microparticle (Harvey)

the order of tens of bars. Even when local pressure con-
ditions are known accurately it is far from easy to predict
when cavitation will occur because of the necessity to
estimate the size and distribution of the nuclei present.

Despite the extensive literature on the subject, both
the understanding and predictability of bubble nucle-
ations is a major problem for cavitation studies. There
are in general two principal models of nucleation; these
are the stationary crevice model and the entrained nuclei
models. Nuclei in this sense refers to clusters of gas or
vapour molecules of sufficient size to allow subsequent
growth in the presence of reduced pressure. The sta-
tionary nuclei are normally assumed to be harboured
in small crevices of adjacent walls whilst, in contrast,
the travelling nuclei are assumed to be entrained within
the mainstream of the fluid. Consequently, entrained
nuclei are considered the primary source of cavitation,
although of course cavitation can also be initiated from
stationary nuclei located in the blade surface at the
minimum pressure region. Of the nucleation models
proposed those of Harvey et al. (References 3 to 6)
and subsequently by others (References 7 to 10) are
probably the most important. These models propose
that entrained microparticles in the liquid, containing in
themselves unwetted acute angled microcrevices, are a
source of nucleation. This suggests that if a pocket of
gas is trapped in a crevice then, if the conditions are
correct, it can exist in stable equilibrium rather than
dissolve into the fluid. Consider first a small spherical
gas bubble of radius R in water. For equilibrium, the
pressure difference between the inside and outside of
the bubble must balance the surface tension force:

pv pl
2S

R
(9.2)

where pv is the vapour and/or gas pressure
(internal pressure)
p1 is the pressure of the liquid
(external pressure)
S is the surface tension.

Now the smaller the bubble becomes, according to
equation (9.2), the greater must be the pressure differ-
ence across the bubble. Since, according to Henry’s law,
the solubility of a gas in a liquid is proportional to gas

pressure, it is reasonable to assume that in a small bubble
the gas should dissolve quickly into the liquid. Harvey
et al., however, showed that within a crevice, provided
the surface is hydrophobic, or imperfectly wetted, then
a gas pocket can continue to exist. Figure 9.3 shows
in schematic form the various stages in the nucleation
process on a microparticle. In this figure the pressure
reduces from left to right, from which it is seen that
the liquid–gas interface changes from a convex to con-
cave form and eventually the bubble in the crevice of
the microparticle grows to a sufficient size so that a part
breaks away to form a bubble entrained in the body of
the fluid.

Other models of nucleation have been proposed – for
example those of Fox and Herzfeld (Reference 11) and
Plesset (Reference 14) – and no doubt these also play a
part in the overall nucleation process, which is still far
from well understood. Fox and Herzfeld suggested that
a skin of organic impurity, for example fatty acids, accu-
mulates on the surface of a spherical gas bubble in order
to inhibit the dissolving of the gas into the fluid as the
bubble decreases in size; this reduction in size causes
the pressure differential to increase, as seen by equa-
tion (9.2). In this way, it is postulated that the nuclei
can stabilize against the time when the bubble passes
through a low-pressure region, at which point the skin
would be torn apart and a cavity initiated. The ‘skin’
model has in latter years been refined and improved
by Yount (References 12 and 13). Plesset’s unwetted
mote model suggested that such motes can provide bub-
ble nucleation without the presence of gases other than
the inevitably present vapour of the liquid. The motes,
it is suggested, would provide weak spots in the fluid
about which tensile failure of the liquid would occur at
pressures much less than the theoretical strength of the
pure liquid.

An additional complicating factor arises from the
flow over propeller blades being turbulent in nature,
consequently any nuclei in the centre of the turbulent
eddies may experience localized pressures which are
rather lower than the mean or time averaged pressure
that has been either calculated or measured. As a result
the local pressure within the eddy formations may fall
below the vapour pressure of the fluid while the average
pressure remains above that level.
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Cavitation gives rise to a series of other physical
effects which, although of minor importance to ship
propulsion, are interesting from the physical viewpoint
and deserve passing mention especially with regard to
material erosion. The first is sonoluminescence, which
is a weak emission of light from the cavitation bub-
ble in the final stage of its collapse. This is generally
ascribed to the very high temperatures resulting from
the essentially adiabatic compression of the permanent
gas trapped within the collapsing cavitation bubbles.
Schlieren and interferometric pictures have succeeded
in showing the strong density gradients or shock waves
in the liquid around collapsing bubbles. When bub-
bles collapse surrounding fluid temperatures as high
as 100 000 K have been suggested and Wheeler (Ref-
erence 15) has concluded that temperature rises of the
order of 500 to 800 C can occur in the material adjacent
to the collapsing bubble. The collapse of the bubbles is
completed in a very short space of time (milli- or even
microseconds) and it has been shown that the result-
ing shock waves radiated through the liquid adjacent to
the bubble may have a pressure difference as high as
4000 atm.

The earliest attempt to analyse the growth and col-
lapse of a vapour or gas bubble in a continuous liquid
medium from a theoretical viewpoint appears to have
been made by Besant (Reference 16). This work was
to some extent ahead of its time, since bubble dynam-
ics was not an important engineering problem in the
mid-1800s and it was not until 1917 that Lord Rayleigh
laid the foundations for much of the analytical work
that continues to the present time (Reference 17). His
model considered the problem of a vapour-filled cav-
ity collapsing under the influence of a steady external
pressure in the liquid, and although based on an over-
simplified set of assumptions, Rayleigh’s work provides
a good model of bubble collapse and despite the exist-
ence of more modern and advanced theories is worthy
of discussion in outline form.

In the Rayleigh model the pressure pv within the cav-
ity and the pressure at infinity p0 are both considered
to be constant. The bubble is defined using a spheri-
cal coordinate system whose origin is at the centre of
the bubble whose initial steady state radius is R0 at time
t 0. At some later time t, under the influence of the
external pressure p0 which is introduced at time t 0,
the motion of the bubble wall is given by

d2R

dt2

3

2R

(

dR

dt

)2 1

̺R
(pv p0) (9.3)

where ̺ is the density of the fluid. By direct integration
of equation (9.3), assuming that both pv and p0 are con-
stant, Rayleigh described the collapse of the cavity in
terms of its radius R at a time t as being

(

dR

dt

)2 2

3

(p0 pv)

̺

(

(

R0

R

)3

1

)

(9.4)

By integrating equation (9.4) numerically it is found
that the time to collapse of the cavity t0, known as the
‘Rayleigh collapse time’, is

t0 0.91468 R0

(

̺

p0 pv

)1/2

(9.5)

This time t presupposes that at the time t 0, the bubble
is in static equilibrium with a radius R0. The relation-
ship between bubble radius and time in non-dimensional
terms is derived from the above as being

t

t0
1.34

∫ 1

R/R0

dx

(1/x2 1)1/2
(9.6)

and the results of this equation, shown in Figure 9.4,
have been shown to correspond to experimental obser-
vations of a collapsing cavity.

Figure 9.4 Collapse of a Rayleigh cavity

The Rayleigh model of bubble collapse leads to a
series of significant results from the viewpoint of cavi-
tation damage; however, because of simplifications
involved it cannot address the detailed mechanism of
cavitation erosion. The model shows that infinite veloci-
ties and pressures occur at the point when the bubble
vanishes and in this way points towards the basis of
the erosion mechanism. The search for the detail of
this mechanism has led to considerable effort on the
part of many researchers in recent years. Such work
has introduced not only the effects surface tension,
internal gas properties and viscosity effects, but also
those of bubble asymmetries which predominate during
the collapse process. Typical of these advanced stud-
ies is the work of Mitchell and Hammitt (Reference
18) who also included the effects pressure gradient and
relative velocity as well as wall proximity. An alter-
native approach by Plesset and Chapman (Reference
19) used potential flow assumptions which precluded
the effects of viscosity, which in the case of water is
unlikely to be of major importance. Plesset and Chap-
man focused on the bubble collapse mechanism under
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the influence of wall proximity, which is of major sig-
nificance in the study of cavitation damage, as will be
seen in Section 9.5. Their approach was based on the
use of cylindrical coordinates as distinct from Mitchell’s
spherical coordinate approach, and this allowed them to
study the microjet formation during collapse to a much
deeper level because the spherical coordinates required
the numerical analysis to be terminated as the microjet
approaches the initial bubble centre. Figure 9.5 shows
the results of a computation of an initially spherical

Figure 9.5 Computed bubble collapse (Plesset–
Chapman)
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Figure 9.6 Influence of cavity rebound on a hull radiated pressure signature

bubble collapsing close to a solid boundary, together
with the formation of the microjet directed towards
the wall.

Subsequently, Chahine has studied cloud cavity
dynamics by modelling the interaction between bub-
bles. In his model he was able to predict the occur-
rence of high pressures during collapse principally by
considering the coupling between bubbles in an ideal-
ized way through symmetric distributions of identically
sized bubbles.

Bark in his researches at Chalmers University has
demonstrated the effects of cavity rebound following
the initial collapse of a cavity. Figure 9.6 shows this
effect over a sequence of four-blade passages in terms
of a propeller radiated hull pressure signature.

From the figure it is immediately obvious that the
hull pressure signature is very variable, particularly in
terms of amplitude, from blade passage to blade pas-
sage. Moreover, the influence of the cavity rebound
in comparison to the cavity growth and initial decay
parts of the signature is significant and, can if the
physical conditions are correct, one or more rebound
events can take place. This variability in the signature
which comprises spatial, temporal and phenomenolog-
ical attributes underlines the importance of analysing
these signatures correctly in order that information
is not inadvertently lost when analysing hull surface
pressure signatures.

In extending the study of the physics of cavitation
and, in particular, its aggressiveness towards material
erosion, Fortes-Patella and her colleagues have been
developing a model of cavitation action (References 55
to 65). In essence the method is based on the study of
the pressure wave characteristics emitted during bubble
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Figure 9.7 Basis of the Fortes-Patella et al. model

collapse: in particular, focusing on the relationship
between the initial and collapsing states. Within this
work a better agreement was found between experiment
and calculation for pressure wave models of erosion.
They also showed that there was no influence of mater-
ial on the flow pressure pulse histogram and that the
number of pits normalized by surface area and time was
found by experiment to be proportional to λ2.7, where
λ is the geometric scaling factor. This result is close to
the cubic law which was noted by Lecoffre (Reference
66) and it was found that volume damage rate does not
appear to significantly change with scale. It was shown
that the flow speed (V ) does, however, have a significant
influence on the erosion in that the number pits per unit
area and time is proportional to V 5 and the pit volume,
normalized on the same basis, is proportional to V 7. In
this context pit depth did not seem to significantly vary
with the flow speed.

The computational model developed is based on
a series of energy transformations within an overall
energy balance scenario as outlined in Figure 9.7.

Within this model the terms Ppot , Ppot
mat , Pwaves

mat

represent the potential power of the vapour structure,
the flow aggressiveness potential and the pressure wave
power, respectively, while the η and η represent
transmission efficiencies and β is the transmission
factor for fluid–material interaction.

9.2 Types of cavitation experienced
by propellers

Cavitating flows are by definition multi-phase flow
regions. The two phases that are most important are
the water and its own vapour; however, in almost all
cases there is a quantity of gas, such as air, which has
significant effects in both bubble collapse and incep-
tion – most importantly in the inception mechanism. As
a consequence cavitation is generally considered to be a
two-phase, three-component flow regime. Knapp et al.

(Reference 20) classified cavitation into fixed, travelling
or vibratory forms, the first two being of greatest interest
in the context of propeller technology.

A fixed cavity is one in which the flow detaches from
the solid boundary of the immersed object to form a
cavity or envelope which is fixed relative to the object
upon which it forms, and in general such cavities have
a smooth glassy appearance. In contrast, as their name
implies, travelling cavities move with the fluid flowing
past the body of interest. Travelling cavities originate
either by breaking away from the surface of a fixed cav-
ity, from which they can then enter the flow stream,
or from nuclei entrained within the fluid medium. Fig-
ure 9.8 differentiates between these two basic types of
cavitation.

The flow conditions at the trailing edge of a cav-
ity are not dissimilar, but rather more complicated, to
those of water passing over a weir. The cavity shed-
ding mechanism is initiated by the re-entrant jet in that
it forms between the underside of the cavity and the
propeller blade surface. The behaviour of the re-entrant
jet, therefore, is of importance in the phenomenologi-
cal behaviour of the cavitation on the blades. In studies
on twisted aerofoils undertaken by Foeth and van Ter-
wisga (References 67 and 68) they have concluded that
the cavity topology principally determines the direc-
tion of the re-entrant flow and that convex cavity shapes
appear to be intrinsically unstable. Moreover, the con-
dition when the re-entrant jet reaches the leading edge
of the aerofoil is not the only determinant in shedding
because the side entrant jets of convex cavities have
both a chordal and spanwise motion. These motions
focus in the closure region of the sheet cavity where
they tend to disturb the flow which then initiates a
break-off from the main sheet cavity structure. Interest-
ingly, during the collapse of the sheet cavity structures
it was noted that they degenerated into vortical struc-
tures which leads to the conclusion that a mixing layer
exists with its characteristic spanwise and streamwise
vortices.
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Figure 9.8 Fixed and travelling cavities

Uhlman (Reference 82), has studied the fully non-
linear axisymmetric potential flow past a body of
revolution using the boundary integral method and
devised a model for the exact formulation of the re-
entrant jet cavity closure condition. The results of this
modelling approach were shown to be in good agree-
ment with experimental results and were consistent
with momentum flux requirements. This re-entrant jet
model represents an enhancement over the earlier
Riabouchinsky-type cavity closure model (Figure 9.17),
since the boundary conditions entail the physical con-
ditions of constant pressure and no flux.

The cavitation patterns which occur on marine pro-
pellers are usually referred to as comprising one or more
of the following types: sheet, bubble, cloud, tip vortex
or hub vortex cavitation.

Sheet cavitation initially becomes apparent at the
leading edges of the propeller blades on the back or
suction surface of the blades if the sections are working
at positive incidence angles. Conversely, if the sections
are operating at negative incidence this type of cavita-
tion may initially appear on the face of the blades. Sheet
cavitation appears because when the sections are work-
ing at non-shock-free angles of incidence, large suction
pressures build up near the leading edge of the blades of
the ‘flat plate’ type of distribution shown in Figure 7.18.
If the angles of incidence increase in magnitude, or
the cavitation number decreases, then the extent of the
cavitation over the blade will grow both chordally and
radially. As a consequence the cavitation forms a sheet
over the blade surface whose extent depends upon the
design and ambient conditions. Figure 9.9(a) shows an
example of sheet cavitation on a model propeller, albeit
with tip vortex cavitation also visible. Sheet cavitation is
generally stable in character, although there are cases in
which a measure of instability can be observed. In these

cases the reason for the instability should be sought, and
if it is considered that the instability will translate to full
scale, then a cure should be sought, as this may lead to
blade erosion or unwanted pressure fluctuations.

Bubble cavitation (Figure 9.9(b)), is primarily influ-
enced by those components of the pressure distribution
which cause high suction pressures in the mid-chord
region of the blade sections. Thus the combination of
camber line and section thickness pressure distributions
identified in Figure 7.18 have a considerable influence
on the susceptibility of a propeller towards bubble cavi-
tation. Since bubble cavitation normally occurs first in
the mid-chord region of the blade, it tends to occur in
non-separated flows. This type of cavitation, as its name
implies, appears as individual bubbles growing, some-
times quite large in character, and contracting rapidly
over the blade surface.

Cloud cavitation is frequently to be found behind
strongly developed stable sheet cavities and generally in
moderately separated flow in which small vortices form
the origins for small cavities. This type of cavitation
(Figure 9.9(a) with traces on Figure 9.9(b)) appears as
a mist or ‘cloud’ of very small bubbles and its presence
should always be taken seriously.

The vortex types of cavitation, with few exceptions,
occur at the blade tips, the leading edge and hub of the
propeller and they are generated from the low-pressure
core of the shed vortices. The hub vortex is formed by
the combination of the individual vortices shed from
each blade root, and although individually these vor-
tices are unlikely to cavitate, under the influence of a
converging propeller cone the combination of the blade
root vortices has a high susceptibility to cavitate. When
this occurs the resulting cavitation is normally very sta-
ble and appears to the observer as a rope with strands
corresponding to the number of blades of the propeller.
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Figure 9.9 Types of cavitation on propellers (MARIN): (a) sheet and cloud cavitation together with a tip vortex;
(b) mid-chord bubble cavitation together with a tip vortex and some leading edge streak cavitation; (c) hub vortex
cavitation with traces of LE and tip vortex in top of propeller disc (Courtesy: MARIN) and (d) tip vortex cavitation

Tip vortex cavitation is normally first observed some
distance behind the tips of the propeller blades. At
this time the tip vortex is said to be ‘unattached’, but
as the vortex becomes stronger, either through higher
blade loading or decreasing cavitation number, it moves
towards the blade tip and ultimately becomes attached.
Figures 9.9(c) and (d) shows typical examples of the
hub and tip vortices, respectively.

In addition to the principal classes of cavitation, there
is also a type of cavitation that is sometimes referred to
in model test reports as ‘streak’ cavitation. This type of
cavitation, again as its name implies, forms relatively
thin streaks extending from the leading edge region of
the blade chordally across the blades.

Propulsor–HullVortex (PHV) cavitation was reported
by Huse (Reference 21) in the early 1970s. This type
of cavitation may loosely be described as the ‘arcing’
of a cavitating vortex between a propeller tip and the
ship’s hull. Experimental work with flat, horizontal

plates above the propeller in a cavitation tunnel shows
that PHV cavitation is most pronounced for small tip
clearances. In addition, it has been observed that the
advance coefficient also has a significant influence on its
occurrence; the lower the advance coefficient the more
likely PHV cavitation is to occur. Figure 9.10 shows a
probable mechanism for PHV cavitation formation. In
the figure it is postulated that at high loading the pro-
peller becomes starved of water due to the presence of
the hull surface above and possibly the hull in the upper
part of the aperture ahead of the propeller. To overcome
this water starvation the propeller endeavours to draw
water from astern, which leads to the formation of a
stagnation streamline from the hull to the propeller disc,
as shown. The PHV vortex is considered to form due to
turbulence and other flow disturbances close to the hull,
causing a rotation about the stagnation point, which is
accentuated away from the hull by the small radius of
the control volume forming the vortex. This theory of
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Figure 9.10 Basis for PHV cavitation

PHV action is known as the ‘pirouette effect’ and is
considered to be the most likely of all the theories pro-
posed. Thus the factors leading to the likelihood of the
formation of PHV cavitation are thought to be:

1. low advance coefficients,
2. low tip clearance,
3. flat hull surfaces above the propeller.

Van der Kooij and co-workers (References 53 and 54)
studied the problem of propeller–hull vortex cavitation
for the ducted propeller case and concluded that the
occurrence of PHV cavitation depended strongly on
hull–duct clearance and propeller blade position.

Methods of overcoming the effects of PHV cavitation
are discussed in Chapter 23.

The foregoing observations relate principally to indi-
cations gained from undertaking model tests. In recent
years, however, considerably more full-scale obser-
vations have been made using both the conventional
hull window penetrations and more recently using the
boroscope technique. This has increased the under-
standing of the full-scale behaviour of cavitation and its
correlation to model-scale testing. Figure 9.11, taken
from Reference 69, shows a consecutive sequence of
boroscope images taken under natural daylight condi-
tions of the tip vortex development emanating from the

propeller blades of an 8500 teu container ship. This con-
tinuous sequence, comprising eight images, was taken
at a time interval of 1/25 seconds. In the figure the rising
propeller blade can be clearly seen on the right-hand side
of the images and the behaviour of the vortices eman-
ating from the two blades immediately preceding the
rising blade can be observed on the left. The observa-
tion was made from the hull above the propeller over
a period of 0.28 seconds with the ship proceeding on a
steady course at constant speed. At the arbitrary time
t 0 the vortex from the blade immediately leading
the rising blade exhibits a well-formed structure having
some circumferential surface texture and small vari-
ations in radius with slight tendency towards expansion
near the top of the picture. By 0.04 seconds later the
cavitating structural expansion has started to grow with
the expansion showing a distinct asymmetric behaviour
towards the propeller station. In the subsequent frames
this asymmetric expansion progressively increases and
exhibits a tendency for the principal area of asymmetry
to become increasingly distinct from the main vortex
structure. By the time t 0.16 seconds a new vortex is
clearly following the tendency of its predecessor as
indeed the described vortex followed the behaviour of
its own predecessor shown at time t 0.

The complexity of the tip vortex mechanisms was dis-
cussed by Carlton and Fitzsimmons (Reference 70) in
relation to observations made on a number of ships. In
that paper a mechanism derived from full-scale obser-
vation of LNG ship propeller cavitation was described
to explain an expansive mechanism for the tip vortex
structure. This was in effect an interaction between the
tip vortex and the supercavitating parts of the sheet cav-
ity at the blade tip region where the supercavitating part
of the blade sheet cavity was rapidly expanded under
the action of the tip vortex. It is, therefore, interesting
to note that Lücke (Reference 71) has identified from
model tests two mechanisms for tip vortex bursting:
one following the conventional aerodynamic treatment
of vortex bursting and the other very similar to that
described at full scale above, thereby, suggesting a
possible model to full scale similarity. While the ear-
lier descriptions of this phenomenon centred on steady
course ship operation at constant speed, the complexity
of the tip vortex development was found to increase sig-
nificantly when the ship began to undertake open water
turning manoeuvres. An example of this behaviour is
shown in Figure 9.12 in which the expansive cloud seen
in Figure 9.12(a) and developed during the cavity col-
lapse phase under uniform straight course conditions
has, in the turning manoeuvre, extended its trailing vol-
ume region and developed a system of ring-like vortex
structures circumscribing this trailing part of the cavitat-
ing volume (Figure 9.12(b)). However, in interpreting
these structures it must be recalled that only the cav-
itating part of the vortex structure is visible in these
images and the complete vortex structure, including
the cavitating and non-cavitating parts, is considerably
larger.
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t � 0 t � 0.04s

t � 0.08s t � 0.12s

t � 0.16s t � 0.20s

t � 0.24s t � 0.28s

Figure 9.11 A sequence of images of the tip vortex emanating from the propeller of an 8500 teu container ship
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(a) (b)

Figure 9.12 Full-scale cavitating sheet and vortex cavitation on an LNG ship: (a) cavitation on a straight course and
(b) tip vortex behaviour during turning

Figure 9.13 Cavitation interaction between propellers

Manoeuvres have been found to generate extremely
complex interactions between cavitation structures on
a propeller blade and also between the propeller and
the hull as well as between propellers in multi-screw
ships. In the case of a high speed, twin-screw passenger
ship when undertaking berthing manoeuvring in port
strong cavitation interaction was observed between the
propellers. This interaction took the form of vortic-
ity shed from one propeller blade and directing itself
transversely across the ship’s afterbody to interact with
the cavity structures on the adjacent propeller blades.
Figure 9.13 captured this interaction taking place by
means of a digital camera viewing through a conven-
tional hull window arrangement. The complexity of the
cavity structure and the locus of its travel is immediately
apparent.

In the case of propeller–hull interaction Figure 9.14
shows a cavitating propeller–hull vortex captured by
a boroscope observation in a steep buttock flow field

Figure 9.14 Example of a propeller–hull vortex
emanating from a podded propulsion unit

which then entered the propeller disc of a podded
propulsor. In this image the relatively strong tip vortices
can be seen emanating from the propeller blades while
the tip vortex rises vertically towards the hull.

Vortex interaction, particularly at off-design con-
ditions may cause troublesome excitation of the ship
structure by generating a combined harmonic and
broadband signature. Figure 9.15 shows a series of
images demonstrating the interaction of vortex cavi-
tation emanating from one of the propellers of a
twin-screw ship when operating at full shaft speed and
reduced blade pitch at 8 knots: this is discussed further
in terms of its effects and consequences in Chapter 22.
From the images it can be seen that the propeller is emit-
ting both a cavitating tip and a leading edge vortex from
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Figure 9.15 Vortex interaction mechanisms from a use ship propeller

the blades. At first these vortices travel back in the flow
field largely independently, certainly as far as perturb-
ation to the cavitating part of the vortex structures are
concerned (3:39:28): however, even at this early stage
some small influence on the tip vortex can be seen.

As the vortices coexist the mutual interference builds
up (3:39:06) with the cavitating part of the vortices
thickening and becoming less directionally stable as
well as inducing some ring vortices which encircle both
of the vortex structures. A short time later (3:39:07) ring
vortex structures are being developed to a far greater
degree with the vortices thickening and being sur-
rounded by much greater coaxial cloudiness; although
some cloudiness, as can be seen, was present one second
earlier.

Finally, due to the interaction of the two vortices they
eventually destroy their basic continuous helical form
and break up into intermittent ring formations follow-
ing each other along a helical track (3:22:02). However,
even at this late stage some of the earlier encircling ring
structures are still present together with coaxial cloudy
regions around the main core of the vortex. As these
new ring structures pass downstream (3:39:28) their

cavitating cores lose thickness and gain a strong cloudy
appearance.

In the case of a patrol boat which was powered by
a triple screw, fixed pitch propeller arrangement the
underlying problem was a poor design basis for the pro-
peller: principally a large slow-running propeller with a
high P/D ratio. The propellers experienced high angles
of attack due to the variations in the tangential compon-
ent of the velocity field induced by the shaft angle,
ten degrees, which gave rise to a set of face and root
cavitation erosion problems which could not be recon-
ciled without recourse to artificial means. The blades
were designed and manufactured to ISO 484 Class S,
however, the cavitation problem was exacerbated by a
lack of consistent definition of the blade root section
geometry, which is outside the ISO standard, and which
permitted arbitrary section forms to result in the root
regions. The blade roots originally were also very close
to the leading edge of the boss which caused problems in
blending the blade leading edge onto the hub. This initial
hub was designed with a small leading edge radius.

Figure 9.16(a) shows a typical cavitation pattern
observed on the propeller blades when near the top dead
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centre position with the propeller operating at close to
its sprint condition. From the figure a large, but rela-
tively benign, back sheet cavity can be seen which
spreads over a significant portion of the blade chord
length. In the root region this sheet cavity transforms
itself into a complex thick structure having a much more
cloudy nature together with embedded vortex struc-
tures. Indeed, whenever the ring type structures as seen
in the centre of the picture have been observed, at either
model or full scale, these have often indicated a strong
erosion potential. Root cavitation structures of this type
are extremely aggressive in terms of cavitation erosion
and being shed from the downstream end of a root cavity
may indicate a mechanism which, in association with
ship speed, can produce two or more isolated erosion
sites along the root chord.

Kennedy et al. (Reference 82) studied the cavitation
performance of propeller blade root fillets. They found
that the critical region of the fillet as far as cavitation

Figure 9.16 Root cavitation on a high speed propeller:
(a) in the sprint condition and (b) below the sprint
condition

inception was concerned was from its leading edge to
around 20 per cent of the chord length. Moreover fillet
forms, for example those with small radii, which give
rise to vortex structures should be avoided. However,
the relatively low Reynolds number at which typical
propeller model tests are conducted may not permit
the observation of vortex cavitation structures in the
blade roots and this presents a further difficulty for the
designer.

9.3 Cavitation considerations in
design

The basic cavitation parameter used in propeller design
is the cavitation number which was introduced in
Chapter 6. In its most fundamental form the cavitation
number is defined as

cavitation number
static pressure head

dynamic pressure head
(9.7)

The relationship has, however, many forms in which the
static head may relate to the shaft centre line immersion
to give a mean value over the propeller disc, or may
relate to a local section immersion either at the top
dead centre position or some other instantaneous pos-
ition in the disc. Alternatively, the dynamic head may
be based upon either single velocity components such
as the undisturbed free stream advance velocity and the
propeller rotational speed or the vectorial combination
of these velocities in either the mean or local sense.
Table 9.2 defines some of the more common cavita-
tion number formulations used in propeller technology:
the precise one chosen depends upon the information
known or the intended purpose of the data.

The cavitating environment in which a propeller oper-
ates has a very large influence not only on the detail of
the propeller design but also upon the type of propeller
that is used. For example, whether it is better to use
for a given application a conventional, supercavitating
or surface piercing propeller. A useful initial guide to
determining the type of propeller most suited to a par-
ticular application is afforded by the diagram shown
in Figure 9.17, which was derived from the work of
Tachmindji and Morgan. The diagram is essentially con-
cerned with the influence of inflow velocities, propeller
geometric size and static head and attempts from these
parameters, grouped into advance coefficient and cavi-
tation number, to give guidance on the best regions in
which to adopt conventional and supercavitating pro-
pellers. Clearly the ‘grey’ area in the middle of the
diagram is dependent amongst other variables on both
the wake field fluctuations and also shaft inclination
angle. Should neither the conventional nor supercav-
itating propeller option give a reasonable answer to
the particular design problem, then the further options
of waterjet or surface piercing propulsors need to be
explored, since these extend the range of propulsion
alternatives.
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Table 9.2 Common formulations of cavitation numbers

Definition Symbol Formulation

Free stream-based cavitation no. σ0
p0 pv

1
2 ̺υ2

A

Rotational speed-based cavitation no. σn
p0 pv

1
2 ̺(πxnD)2

Mean cavitation no. σ
p0 pv

1
2 ̺[υ2

A (πxnD)2]

Local cavitation no. σL
p0 pv xRg cos θ

1
2 ̺[ υA(x, θ) uA(x, θ) 2 πxnD υT(x, θ) uT(x, θ) 2]

uA and uT are the propeller-induced velocities
υA and υT are the axial and tangential wake velocities

Sometimes the local cavitation number is calculated without the influence of uA and uT , and also υT when
this is not known.

Figure 9.17 Zones of operation for propellers

From the early works of Parsons and Barnaby and
Thornycroft on models and at full scale it was correctly
concluded that extreme back or suction side cavitation
of the type causing thrust breakdown could be avoided
by increasing the blade surface area. Criteria were sub-
sequently developed by relating the mean thrust to the
required blade surface area in the form of a limit-
ing thrust loading coefficient. The first such criterion
of 77.57 kPa (11.25 lbf/in.2) was derived in the latter
part of the last century. Much development work was
undertaken in the first half of the century in deriving
refined forms of these thrust loading criteria for design

purposes; two of the best known are those derived by
Burrill (Reference 22) and Keller (Reference 23).

Burrill’s method, which was proposed for fixed pitch,
conventional propellers, centres around the use of the
diagram shown in Figure 9.18. The mean cavitation
number is calculated based on the static head relative to
the shaft centre line, and the dynamic head is referred
to the 0.7R blade section. Using this cavitation num-
ber σ0.7R, the thrust loading coefficient τc is read off
from Figure 9.18 corresponding to the permissible level
of back cavitation. It should, however, be remembered
that the percentage back cavitation allowances shown
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Figure 9.18 Burrill cavitation diagram for uniform flow (Reproduced from Reference 22)
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in the figure are based on cavitation tunnel estimates in
uniform axial flow. From the value of τc read off from
the diagram the projected area for the propeller can be
calculated from the following:

AP
T

1
2τc̺[V 2

A (0.7πnD)2]
(9.8)

To derive the expanded area from the projected area,
Burrill provides the empirical relationship which is
valid for conventional propeller forms only:

AE
AP

(1.067 0.229P/D)
(9.9)

The alternative blade area estimate is due to Keller and
is based on the relationship for the expanded area ratio:

AE

AO

(1.3 0.3Z)T

(p0 pv)D2
K (9.10)

where p0 is the static pressure at the shaft centre line
(kgf/m2)

pv is the vapour pressure (kgf/m2)
T is the propeller thrust (kgf)
Z is the blade number and
D is the propeller diameter (m)

The value of K in equation (9.10) varies with the number
of propellers and ship type as follows: for single-screw
ships K 0.20, but for twin-screw ships it varies within

Figure 9.19 Typical section velocity distributions: (a) positive incidence; (b) ideal incidence and (c) negative incidence

the range K 0 for fast vessels through to K 0.1 for
the slower twin-screw ships.

Both the Burrill and Keller methods have been used
with considerable success by propeller designers as a
means of estimating the basic blade area ratio associ-
ated with a propeller design. In many cases, particularly
for small ships and boats, these methods and even
more approximate ones perhaps form the major part
of the cavitation analysis; however, for larger ves-
sels and those for which measured model wake field
data is available, the cavitation analysis should proceed
considerably further to the evaluation of the pressure
distributions around the sections and their tendency
towards cavitation inception and extent.

In Chapter 7 various methods were discussed for
the calculation of the pressure distribution around an
aerofoil section. The nature of the pressure distribution
around an aerofoil is highly dependent on the angle of
attack of the section. Figure 9.19 shows typical velocity
distributions for an aerofoil in a non-cavitating flow at
positive, ideal and negative angles of incidence. This
figure clearly shows how the areas of suction on the
blade surface change to promote back, mid-chord or
face cavitation in the positive, ideal or negative inci-
dence conditions, respectively. When cavitation occurs
on the blade section the non-cavitating pressure distri-
bution is modified with increasing significance as the
cavitation number decreases. Balhan (Reference 24)
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Figure 9.20 The effect of cavitation on an aerofoil section pressure distribution (Reference 24)

showed, by means of a set of two-dimensional aerofoil
experiments in a cavitation tunnel, how the pressure
distribution changes. Figure 9.20 shows a typical set of
results at an incidence of 5 for a Karman–Trefftz pro-
file with thickness and camber chord ratios of 0.0294
and 0.0220, respectively. From the figure the change in
form of the pressure distribution for cavitation numbers
ranging from 4.0 down to 0.3 can be compared with the
results from potential theory; the Reynolds number for
these tests was within the range 3 106 to 4 106. The
influence that these pressure distribution changes have
on the lift coefficient can be deduced from Figure 9.21,
which is also taken from Balhan and shows how the lift
coefficient varies with cavitation number and incidence
angle of the aerofoil. From this figure it is seen that
at moderate to low incidence the effects are limited to
the extreme low cavitation numbers, but as incidence
increases to high values, 5 in propeller terms, this
influence spreads across the cavitation number range
significantly.

For propeller blade section design purposes the use of
‘cavitation bucket diagrams’is valuable, since they cap-
ture in a two-dimensional sense the cavitation behaviour
of a blade section. Figure 9.22(a) outlines the basic
features of a cavitation bucket diagram. This diagram
is plotted as a function of the section angle of attack
against the section cavitation number, however, several
versions of the diagrams have been produced: typically,
angle of attack may be replaced by lift coefficient and

cavitation number by minimum pressure coefficient.
From the diagram, no matter what its basis, four pri-
mary areas are identified: the cavitation-free area and
the areas where back sheet, bubble and face cavitation
can be expected. Such diagrams are produced from sys-
temic calculations on a parent section form and several
cases are supported by experimental measurement (see
e.g. Reference 25). The width of the bucket defined
by the parameter αd is a measure of the tolerance of
the section to cavitation-free operation. Figure 9.22(b)
shows an example of a cavitation bucket diagram based
on experimental results using flat-faced sections. This
work, conducted by Walchner and published in 1947,
clearly shows the effect of the leading edge form on
the section cavitation inception characteristics. Further-
more, the correlation with the theoretical limiting line
can be seen for shockless entry conditions.

Whilst useful for design purposes the bucket diagram
is based on two-dimensional flow characteristics, and
can therefore give misleading results in areas of strong
three-dimensional flow; for example, near the blade tip
and root.

Propeller design is based on the mean inflow condi-
tions that have either been measured at model scale or
estimated empirically using procedures as discussed in
Chapter 5. When the actual wake field is known, the
cavitation analysis needs to be considered as the pro-
peller passes around the propeller disc. This can be done
either in a quasi-steady sense using procedures based
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Figure 9.21 The effect of cavitation on the section lift coefficient (Reference 24)

on lifting line methods with lifting surface corrections,
or by means of unsteady lifting surface and boundary
element methods. The choice of method depends in
essence on the facilities available to the analyst and both
approaches are commonly used. Figure 8.14 shows the
results of a typical analysis carried out for a twin-screw
vessel (Reference 26). Figure 8.14 also gives an appre-
ciation of the variability that exists in cavitation extent
and type on a typical propeller when operating in its
design condition.

The calculation of the cavitation characteristics can
be done either using the pseudo-two-dimensional aero-
foil pressure distribution approach in association with
cavitation criteria or using a cavitation modelling tech-
nique; the latter method is particularly important in
translating propeller cavitation growth and decay into
hull-induced pressures. The use of the section pressure
distributions calculated from either a Theodoressen or
Weber basis to determine the cavitation inception and
extent has been traditionally carried out by equating the
cavitation number to the section suction pressure con-
tour as seen in Figure 9.23(a). Such analysis, however,
does not take account of the time taken for a nucleus
to grow from its size in the free stream to a visible
cavity and also for its subsequent decline as well as
the other factors discussed in Section 9.1. Although
these parameters of growth and decline are far from
fully understood, attempts have been made to derive
engineering approximations for calculation purposes.
Typical of these is that by van Oossanen (Reference
26) in which the growth and decay is based on Knapp’s
similarity parameter (Reference 27). In van Oossanen’s
approach (Figure 9.23(b)), at a given value of cavitation

number σ the nuclei are expected to grow at a position
xc1/C on the aerofoil and reach a maximum size at
xc2/C, whence the cavity starts to decline in size until it
vanishes at a position xc3/C. Knapp’s similarity param-
eter, which is based on Rayleigh’s equation for bubble
growth and collapse, defines a ratio Kn as follows:

Kn
tD (�p)D

tG (�p)G
(9.11)

where t and �p are the total change times and effective
liquid tension producing a change in size, respectively,
and the suffixes D and G refer to decline and growth.
Van Oossanen undertook a correlation exercise on the
coefficient Kn for the National Advisory Committee for
Aeronautics (NACA) 4412 profile, which resulted in a
multiple regression-based formula for Kn as follows:

log10 Kn 9.407 84.88(σ/σi)
2 75.99(σ/σi)

3

0.5607

(σ/σi)
log10(θinc/c)

[

1.671 4.565(σ/σi) 32(σ/σi)
2

25.87(σ/σi)
3 0.1384

(σ/σi)

]

(9.12)

in which θinc is the momentum thickness of the lami-
nar boundary layer at the cavitation inception location.
For calculation purposes it is suggested that if the ratio
(θinc/c) is greater than 0.0003 bubble cavitation occurs
and for smaller values sheet cavitation results. As a
consequence of equation (9.12) it becomes possible to
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Figure 9.22 Cavitation ‘bucket’ diagrams: (a) basic features of a cavitation bucket diagram and (b) Walchner’s foil
experiments with flat-faced sections

solve equation (9.11) iteratively in order to determine
the value of xc3 since equation (9.11) can be rewritten as

Kn

∫ xc3/c

xc2/c

d(xc/c)

Vxc
(xc/c)

√

∫ xc3/c

xc2/c

[σ CP(xc/c)] d(xc/c)

∫ xc2/c

xc1/c

d(xc/c)

Vxc
(xc/c)

√

∫ xc2/c

xc1/c

[σ CP(xc/c)] d(xc/c)

where Vxc is the local velocity at xc.

The starting point xc1 for the cavity can, for high
Reynolds numbers in the range 1 105 < Rxtr < 6 107,
be determined from the relationship derived by Cebeci
(Reference 28) as follows:

Rθtr 1.174

[

1
22 400

Rxtr

]

R0.46
xtr

(9.13)

where Rθtr is the Reynolds number based on momentum
thickness and local velocity at the position of transition,
and Rxtr is the Reynolds number based on free stream
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Figure 9.23 Determination of cavitation extent:
(a) traditional approach to cavitation inception and
(b) van Oossanen’s approach to cavitation inception

velocity and the distance of the point of transition from
the leading edge. For values of Rxtr below this range, the
relationship

Rθci 4.048 R0.368
xci

(9.14)

holds in the region 1 104 < Rxci < 7 105. In this
case Rθci is the Reynolds number based on local vel-
ocity and momentum thickness at the point of cavitation
inception, and Rxci is the Reynolds number based on dis-
tance along the surface from the leading edge and free
stream velocity at the position of cavitation inception.

Having determined the length of the cavity, van Oos-
sanen extended this approach to try and approximate the
form of the pressure distribution on a cavitating section,
and for these purposes assumed that the cavity length is
less than half the chord length of the section. From work
on the pressure distribution over cavitating sections it is
known that the flat part of the pressure distribution, Fig-
ure 9.20 for example, corresponds to the location of the

Figure 9.24 Van Oossanen’s approximate construction
of a cavitation pressure distribution on an aerofoil section

actual cavity. Outside this region, together with a suit-
able transition zone, the pressure returns approximately
to that of a non-cavitating flow over the aerofoil. Van
Oossanen conjectured that the length of the transition
zone is approximately equal to the length of the cavity
and the resulting pressure distribution approximation is
shown in Figure 9.24.

Ligtelijn and Kuiper (Reference 29) conducted a
study to investigate the importance of the higher har-
monics in the wake distribution on the type and extent
of cavitation, and as a consequence give guidance on
how accurately the wake should be modelled. Their
study compared the results of lifting surface calcula-
tions with the results of model tests in a cavitation tunnel
where the main feature of the wake field was a sharp
wake peak. It was concluded that the lower harmonics
of the wake field principally influence the cavity length
prediction and that the difference between two sepa-
rate calculations based on four and ten harmonics was
negligible.

Considerable work has been done in attempting to
model cavitation mathematically. The problem is essen-
tially a free streamline problem, since there is a flow
boundary whose location requires determination as an
integral part of the solution. Helmholtz and Kirchoff
in the latter part of the nineteenth century attempted a
solution of the flow past a supercavitating flat plate at
zero cavitation number using complex variable theory.
Subsequently, Levi-Civita extended this work to include
the flow past curved bodies. The zero cavitation number
essentially implied an infinite cavity, and the next step
in the solution process was to introduce finite cavitation
numbers which, as a consequence, introduce finite sized
cavities. The finite cavity, however, requires the cav-
ity to be terminated in an acceptable mathematical and
physical manner. Several models have been proposed,
amongst which the Riabouchinsky cavity termination
model, which employs a ‘wall’ to provide closure of the
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Figure 9.25 Riabouchinsky-type cavity termination ‘wall’

cavity (Figure 9.25), and the more physically realistic
re-entrant jet model (Figure 9.8), are examples. These
models, most of which were developed in the late
1940s, are non-linear models which satisfy the precise
kinematic and dynamic boundary conditions over the
cavity surface. As a consequence considerable analyt-
ical complexity is met in their use. Tulin (Reference 30)
developed a linearized theory for zero cavitation num-
ber and this was extensively applied and extended such
that Geurst (Reference 31) and Geurst and Verbrugh
(Reference 32) introduced the linearized theory for par-
tially cavitating hydrofoils operating at finite cavitation
numbers, and extended this work with a corresponding
theory for supercavitating hydrofoils (Reference 33).

Three-dimensional aspects of the problem were con-
sidered by Leehey (Reference 34) who proposed a
theory for supercavitating hydrofoils of finite span.
This procedure was analogous to the earlier work of
Geurst on two-dimensional cavitation problems in that
it uses the method of matched asymptotic expansions
from which a comparison can be made with the earlier
work. Uhlman, using a similar procedure (Reference
35), developed a method of analysis for partially cav-
itating hydrofoils of finite span. With the advent of
large computational facilities significantly more com-
plex solutions could be attempted. Typical of these is
the work of Jiang (Reference 36) who examined the
three-dimensional problem using an unsteady numer-
ical lifting surface theory for supercavitating hydrofoils
of finite span using a vortex source lattice technique.

Much of the recent work is based on analytical models
which incorporate some form of linearizing assump-
tions. However, techniques now exist, such as boundary
integral or surface singularity methods, which permit
the solution of a Neumann, Dirichlet or mixed boundary
conditions to be expressed as an integral of appropri-
ate singularities distributed over the boundary of the
flow field. Uhlman (Reference 37), taking advantage
of these facilities, has presented an exact non-linear
numerical model for the partially cavitating flow about a
two-dimensional hydrofoil (Figure 9.26). His approach
uses a surface vorticity technique in conjunction with
an iterative procedure to generate the cavity shape and
a modified Riabouchinsky cavity termination wall to
close the cavity. Comparison with Tulin and Hsu’s
earlier thin cavity theory (Reference 38) shows some

Figure 9.26 Uhlman’s non-linear model of a
two-dimensional partially cavitating flow

significant deviations between the calculated results of
the non-linear and linear approaches to the problem.

Stern and Vorus (Reference 39) developed a non-
linear method for predicting unsteady sheet cavitation
on propeller blades by using a method which sepa-
rates the velocity potential boundary value problem
into a static and dynamic part. A sequential solu-
tion technique is adopted in which the static potential
problem relates to the cavity fixed instantaneously rel-
ative to the blade whilst the dynamic potential solution
addresses the instantaneous reaction of the cavity to
the static potential and predicts the cavity deforma-
tion and motion relative to the blades. In this approach,
because the non-linear character of the unsteady cav-
itation is preserved, the predictions from the method
contain many of the observed characteristics of both
steady and unsteady cavitation behaviour. Based on this
work two modes of cavity collapse were identified, one
being a high-frequency mode where the cavity collapsed
towards the trailing edge whilst the second was a low-
frequency mode where the collapse was towards the
leading edge.

Isay (Reference 40), in association with earlier work
by Chao, produced a simplified bubble grid model
in order to account for the compressibility of the
fluid, surrounding a single bubble. From this work the
Rayleigh–Plesset equation (9.3) was corrected to take
account of the compressibility effects of the ambient
fluid as follows:

d2R

dt2

3

2R

(

dR

dt

)2 1

̺R

(

pG

2S

R
p∞e α/α

pve α/α

)

(9.15)

where pv and p∞ are vapour pressure and local pressure
in the absence of bubbles, α is the local gas volume ratio
during bubble growth, α is an empirical parameter
and S is the surface tension. Furthermore, Isay showed
that bubbles growing in an unstable regime reach the
same diameter in a time-dependent pressure field after
a short distance. This allows an expression to be derived
for the bubble radius just prior to collapse. Mills (Ref-
erence 41) extended the above theory, which was based
on homogeneous flow, to inhomogeneous flow condi-
tions met within propeller technology and where local
pressure is a function of time and position on the blade.
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Following this theoretical approach equation (9.3) then
becomes

3ω2

2

(

∂Rφo

∂χ

)2

Rφoω
2
(

∂2Rφo

∂χ2

)

1

̺
[ p(Rφo) p(χ, φ0 χ)] (9.16)

from which computation for each class of bubble radii
can be undertaken.

In equation (9.16) χ is the chordwise coordinate, ω is
the rate of revolution and φ0 is the instantaneous blade
position.

For computation purposes the gas volume αφ0 at a
position on the section channel can be derived from

αφ0(χ)

1 αφ0(χ)

4π

3

J
∑

j 1

ξ0j R3
0j(χ, φ0 χ) (9.17)

in which ξ0j is the bubble density for each class and R0 is
the initial bubble size. Using equations (9.16) and (9.17)
in association with a blade undisturbed pressure dis-
tribution calculation procedure (Chapter 8), the cavity
extent can be estimated over the blade surface.

Vaz and Bosschers (Reference 72) have adapted a
partially non-linear model in which the kinematic and
dynamic boundary conditions are applied in the par-
tially cavitating flow case on the surface of the blade
below the cavity surface. In contrast for the super-
cavitating case the conditions are applied at the cavity
surface. While the method can, in the case of the two-
dimensional partial cavitation, be improved by a Taylor
expansion of the velocities on the cavity surface based
on the cavity thickness, this has yet to be implemented
in their present three-dimensional formulation of the
problem. Nevertheless, their analysis and cavitation
modelling procedure when applied to the prediction
of sheet cavitation in steady flow for the MARIN S
propeller, designed such that sheet cavitation is only
present, has shown good correlation with the experi-
mental observations although this correlation appeared
to be load dependent: showing underprediction at lower
loadings. In an alternative correlation exercise with the
INSEAN E779A propeller which has a higher tip load-
ing leading to both partial and supercavitation in the
outer regions of the blade in addition to a cavitating
tip vortex the blade cavitation extent was reasonably
well predicted. This method is being extended to the
prediction of unsteady cavitation prediction.

In an alternative approach to propeller sheet cavi-
tation prediction, Sun and Kinnas (Reference 73) have
used a viscous–inviscid interactive method of analy-
sis. In their approach the inviscid wetted and cavitating
flows are analysed using a low-order potential bound-
ary element analysis based on a thin cavity modelling
approach. Then by making the assumption of a two-
dimensional boundary layer acting in strips along the
blade, the effects of viscosity on the wetted and cavitat-
ing flows are taken into account by coupling the inviscid

model with a two-dimensional integral boundary layer
analysis procedure. Comparison of the results from this
procedure with the first iteration of a fully non-linear
cavity approach (References 74 and 75), which itself
had been validated from a FLUENT Computational
Fluid Dynamics (CFD) modelling, has shown good cor-
relation with the differences being negligible when the
cavities are thin.

The importance of CFD in cavitation prediction has
been increasing. The current multi-phase flow capabil-
ities of some of the more advanced Reynolds Averaged
Navier–Strokes (RANS) solvers are being found to be
helpful in gaining insights into the cavitation perform-
ance of marine propellers. Moreover, the current pace
of development of this branch of the technology is per-
mitting more quantitative evaluations to be undertaken
with confidence. For example, Bulten and Oprea (Refer-
ence 76) consider the use of CFD methods for propeller
tip cavitation inception. They have found that provided
that local mesh refinement is utilized in the tip region
which enables a detailed analysis of the flow in the tip
vortex, then at model-scale cavitation inception can be
predicted reasonably in the case of the DTRC 4119
propeller. Furthermore they have extended their stud-
ies to the consideration of McCormick’s scaling law
for cavitation inception but suggest that further work is
necessary before definitive conclusions can be drawn
on the correlation. In the corresponding case of rud-
der cavitation prediction the multi-phase capabilities
of the more advanced commercial packages have been
shown to give good agreement with observation given
that the inflow from the propeller is modelled with some
accuracy (Section 9.8).

9.4 Cavitation inception

Cavitation inception is defined as taking place when
nuclei, due to being subjected to reduced pressure, reach
a critical size and grow explosively.

The mechanisms underlying cavitation inception are
important for a number of reason; for example, in pre-
dicting the onset of cavitation from calculations and
interpreting the results of model experiments to make
full-scale predictions.

Cavitation inception is a complex subject which is
far from completely understood at the present time. It is
dependent on a range of characteristics embracing the
nuclei content of the water (see Chapter 4) the growth of
the boundary layer over the propeller sections and the
type of cavitation experienced by the propeller. Thus
it is not only related to the environment in which the
propeller is working but also to intimate details of the
propeller geometry and the wake field.

The nuclei content of the water has been shown to be
important in determining the cavitation extent over the
blades of a propeller in a cavitation tunnel. In particu-
lar, the free air content as a proportion of the nuclei
content, rather than oxygen or total air content, should
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be measured during cavitation experiments. Figure 23.4
demonstrates this somewhat indirectly in terms of the
cavitation erosion rate and its variability with air content
of the water. This figure implies that the structure and
perhaps extent of the cavity changes with air or gas con-
tent. Kuiper (Reference 42) explored the effect of arti-
ficially introducing nuclei into the water by electrolysis
techniques. When electrolysis is used the water is
decomposed into its hydrogen and oxygen components,
the amount of gas produced being dependent only on the
current applied. The governing equations for this are

4H2O 4e 2H2 4OH (at the cathode)

4OH 4e 2H2O O2 (at the anode)

Since the electrolysis method produces twice the
amount of hydrogen when compared to the amount of
oxygen, the cathode is generally used for the produc-
tion of the bubbles. This method is also known under the
name of the ‘hydrogen bubble technique’ for flow visu-
alization. Kuiper has shown that this technique, when
introduced into the flow, can have a significant effect
on the observed cavitation over the blades; the extent
clearly depends on the amount of nuclei present in the
water initially. Figure 9.27 demonstrates this effect for
sheet cavitation observed on a propeller; similar effects
can be observed with bubble cavitation – to the extent
of its not being present with low nuclei concentrations
and returns with an enhanced nuclei content. Care, how-
ever, needs to be taken in model tests not to overseed
the flow with nuclei such that the true cavitation pattern
is masked.

In the case of a full-scale propeller the boundary
layer is considered to be fully turbulent except for a
very small region close to the leading edge of the blade.
This is not always the case on a model propeller, also
shown by Kuiper (Reference 42) using paint pattern
techniques on models. The character of the boundary
layer on the suction side of a propeller blade is shown
in Figure 9.28. In the region where the loading is gen-
erally highest, in the outer radii of the blade, a short
laminar separation bubble AB can exist near the leading
edge, causing the boundary layer over the remainder of

Figure 9.27 Effect of electrolysis (nuclei content) on
cavitation inception

Figure 9.28 Schematic representation of the boundary
layer on the suction side of a model propeller in open
water

the blade at the tip to be turbulent. A separation radius
BC, whose position is dependent on the propeller load-
ing, may also be found, as shown in the figure, below
which the flow over the blade is laminar. The region CD
is then a transition region whose chordwise location is
dependent on Reynolds number but is generally located
at some distance from the leading edge. The region aft
of the line DE is a region of laminar separation at mid-
chord due to the very low sectional Reynolds numbers
at those radii in combination with thick propeller sec-
tions. The locations of the points B, C and D in specific
cases are strongly dependent on the propeller geometric
form, the propeller loading and flow Reynolds number.
The boundary layer on the pressure face of the blades
is generally considerably less complex: under normal
operating conditions no laminar separation occurs and
a significant laminar region may exist near the lead-
ing edge. Transition frequently occurs more gradually
than on the suction surface due to the more favourable
pressure gradient.

Because the boundary layer can be laminar over a
considerable region of the blade and an increase in
Reynolds number does not generally move the tran-
sition region to the leading edge of the blade, some
testing establishments have been undertaking experi-
ments using artificial stimulation of the boundary layer
to induce turbulent flow close to the leading edge. Such
stimulation is normally implemented by gluing a small
band of carborundum grains of the order of 60 µm at the
leading edge of the blades. Figure 9.29 shows the effect
of stimulating a fully turbulent boundary layer over the
blades for the same propeller conditions as shown in
Figure 9.27; in this case the introduction of electroly-
sis in addition to the leading edge roughening had little
further significant effect. The use of leading edge rough-
ening is, however, not a universally accepted technique
of cavitation testing among institutes. Consequently, the
interpretive experience of the institute in relation to its
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Figure 9.29 Effect of LE roughening (turbulence
stimulation) on cavitation inception

testing procedure is an important factor in estimating
full-scale cavitation behaviour.

It is frequently difficult to separate out the effects
due to nuclei changes and Reynolds effects since the
parameters involved change simultaneously if the tun-
nel velocity is altered. Furthermore, the cavitation
patterns expected at full scale are normally estimated
from model test results, and consequently it is neces-
sary to interpret the model test results. The International
Towing Tank Conference (ITTC) Proceedings (Refer-
ence 43) give a distillation of the current knowledge
on this subject, detailed below, and in so doing con-
sidered the cases of a peaked pressure distribution, a
shock-free entrance condition and a ‘flat’ pressure dis-
tribution. Figure 9.30, taken from Reference 43, shows
these three cases, and for each case considers the fol-
lowing: (i) a typical boundary layer distribution over
the suction surface; (ii) a typical cavitation pattern with
few nuclei at moderate Reynolds numbers, of the order
of 2 105; (iii) the effect of increasing nuclei; (iv)
the effect of increasing Reynolds number and (v) the
expected full-scale extrapolation.

For a peaked pressure distribution, Figure 9.30(a),
if the flow is separated a smooth glassy sheet will be
observed, whereas if the flow is attached no cavitation
inception may occur, although the minimum pressure
may be below the vapour pressure. In the latter case
the flow is sensitive to surface irregularities and these
can cause some streaks of cavitation as seen in the fig-
ure. With the water speed held constant the effect of
increasing the nuclei content on the sheet cavitation
in a region with a laminar separation bubble is negli-
gible. In this case only a few nuclei enter the cavity, and
therefore the increase of the partial pressure of the gas
is small and cavitation inception is hardly affected. In
the case of an attached laminar boundary layer in asso-
ciation with a peaked pressure distribution, the effect
of increasing nuclei content is also small, although the
number of streaks may increase. Furthermore, if the
pressure peak is not too narrow some bubble cavitation
may also be noticed. The effect of Reynolds number

on sheet cavitation in a separated region is small; how-
ever, the appearance of the cavity becomes rather more
‘foamy’ at higher Reynolds numbers. In the alterna-
tive case of a region of attached laminar flow the effect
of Reynolds number is indirect, as the boundary layer
becomes thinner and, as a consequence, the surface
irregularities become more pronounced. This has the
effect of increasing the number of streaks, which at very
high Reynolds numbers or speeds will tend to merge into
a ‘foamy’ sheet. In these cases the character of the cav-
ity at the leading edge remains streaky, with perhaps
open spaces between the streaks. When extrapolating
the observations of cavitation resulting from a peaked
pressure distribution in the case of a smooth sheet cavity
the boundary layer at model scale normally has a lam-
inar separation bubble. As a consequence scale effects
on inception and developed cavitation are likely to be
small in most cases. When regions of attached lami-
nar flow occur, then scale effects tend to be large. In
such cases the application of leading edge roughness
may be necessary or, alternatively, the tests should be
conducted at higher Reynolds numbers. The cavitation
streaks found in attached laminar flow regions indicate
the presence of a sheet cavity at full scale, as seen in
Figure 9.30(a).

In the case of a shock-free entry pressure distribu-
tion, that shown in Figure 9.30(b), the boundary layer
over the model propeller for Reynolds numbers of the
order of 2 105 at 0.7R changes from that seen from
the peaked pressure distribution in Figure 9.30(a). For
this type of pressure distribution bubble cavitation can
be expected, and its extent is strongly dependent on the
nuclei content of the water, as seen in Figure 9.30(b). In
contrast the effect of Reynolds number is small for this
kind of pressure distribution. Nevertheless, it must be
remembered that the nuclei content may change with
speed, as does the critical pressure of the nuclei, and
this can result in an increase in bubble cavitation. Also
due to the thinner boundary layer at the higher Reynolds
number, surface irregularities may generate nuclei more
readily, which can result in streak-like rows of bubble
or spot-like cavitation. The scale effects for this type
of pressure distribution often occur at both inception
and with developed cavitation. Clearly the nuclei con-
tent at model scale should be as high as possible, as
should the Reynolds number. Furthermore, the appli-
cation of leading edge roughness can assist in reducing
scale effect. When bubble cavitation occurs at model
scale, the full-scale cavity is expected to take the form
of a ‘frothy’ cloud which can have consequences for the
erosion performance of the blades, as will be seen in
Section 9.5.

In the case of a flat pressure distribution
(Figure 9.30(c)), bubble cavitation can also be expected
to occur. The bubbles reach their maximum size at or
beyond the constant pressure region and long streaks of
cavitation, which originate at the leading edge, may also
occur. These streaks may give the appearance of mer-
ging bubble rows, so that they have a cloudy appearance,
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Figure 9.30 Interpretation of model test observations in cavitation tunnels: (a) peaked pressure distribution; (b)
shock-free pressure distribution and (c) flat pressure distribution (Reproduced from Reference 43)



232 Marine propellers and propulsion

and the cavities are found to be very unstable. The effect
of increasing the nuclei content has a similar effect to
that for bubble cavitation in that the bubbles become
smaller and more extensive. In addition, the number of
streaks may increase and the cavities remain unstable. If
roughness is applied, a sheet cavity is formed, and this
has a somewhat cloudy appearance at its trailing edge.
The influence of Reynolds number on a flat pressure
distribution is particularly pronounced: the number of
streaks increases, which frequently results in the for-
mation of a sheet cavity instead of bubble cavitation.
The extrapolation to full-scale results is a cloudy sheet
cavitation, as seen in Figure 9.30(c).

In the foregoing discussion of cavitation inception, no
mention has been made of tip vortex cavitation. Cavi-
tation of the vortices which emanate from propeller
blade tips is a rather poorly understood phenomenon,
this is partly due to a general lack of understanding of the
complex flow regime which exists at the propeller tip.
Tip vortex cavitation is very often one of the first forms
of cavitation to be observed in model tests, and the
prediction of the onset of this type of cavitation is par-
ticularly important in the design of ‘silent’ propellers,
as a cavitating vortex represents a significant source of
noise. The cavitating tip vortex is subject to Reynolds
scaling effects and McCormick (Reference 77) pro-
posed a scaling procedure to predict the full-scale
behaviour. The relationship he derived is given by:

σfs/σms (Refs/Rems)
0.35

where the Reynolds number is conventionally defined
as Re nD2/υ and the suffices fs and ms refer to full
and model scale, respectively. Resulting from the use of
this relationship at various institutes a number of vari-
ants are seen depending upon their experience in that
indices ranging from about 0.25 to 0.4 are in use. In cur-
rent practice values closer to the higher end of the range
tend to be favoured. Tip vortex cavitation occurs in the
low-pressure core of the tip vortex; in a recent exper-
imental study Arakeri et al. found a strong coupling
effect between velocity and the dissolved gas content
in a cavitation tunnel on the tip vortex cavitation incep-
tion. Observations in a cavitational tunnel show that
the radius of the cavitating core of a tip vortex near
inception is relatively constant with the distance from
the blade tip. However, the strength of the tip vortex
increases with distance behind the tip of the propeller
due to the roll-up of the vortex sheets: this increase
in strength occurs rapidly with distance in the initial
stages. This explains why cavitation of the tip vortex
is sometimes noticed to commence some distance from
the propeller tip; however, this depends on the nature of
the boundary layer over the blade in the tip region. If the
boundary layer separates near the tip, then an attached
tip vortex results, whereas if the boundary layer is lam-
inar near the tip then the tip vortex is detached. Kuiper
(Reference 42) suggests that the radius of the cavitating
core of a tip vortex is independent of Reynolds number

and nuclei content, and consequently this can be used
as a basis for the determination of cavitation inception,
both on the model and on the full-scale propeller. Based
on data from Chandrashekhara (Reference 44) and also
tests on a propeller especially designed to study tip
vortex phenomena, Kuiper suggests the following rela-
tionship to give an approximation to the inception index
for a tip vortex:

σni 0.12(P/D J )1.4
0.9R R0.35

n (9.18)

It is also suggested that this relationship gives a good
initial estimate for both conventional and strongly tip
unloaded propellers at model scale.

Within the general field of fluid mechanics and aero-
dynamics the phenomenon of vortex bursting has been
extensively researched. This effect manifests itself as a
sudden enlargement of the vortex, which then gives rise
to a particularly confused flow regime. English (Ref-
erence 45) discusses this phenomenon in relation to
the cavitating tip vortices of a series of container ship
propellers.

Face cavitation has long been an anathema to pro-
peller designers, principally because of its link with
erosion coupled with the face of the propeller having
a tensile stress field distributed over its surface. Con-
sequently the margin in design against face cavitation
has normally been reasonably robust, perhaps of the
order of 0.25KT, but opinion in recent years has been
rather less conservative: in part due to a greater phe-
nomenological understanding of cavitation, experience
from modern propeller designs in finding that face cavi-
tation is not as erosive as it was originally thought and
also in order to give a greater flexibility to deal with
the problems of back cavitation. Face sheet cavitation
can have some rather different properties from those
encountered on the suction side, or back, of the pro-
peller blade. First, it should be noted that the surface
pressure distribution over the section giving rise to face
cavitation will normally be rather different to that caus-
ing suction side cavitation and this tends to result in the
production of a rather less stable cavity formation due
to it being relatively thicker. A further difference is to
be found in the behaviour of the re-entrant jet because
face cavitation tends towards a more two-dimensional
character than back sheet cavitation. Consequently, the
shedding mechanism is likely to be different in the case
of face cavitation which is, usually found to occur in the
inner radii of the propeller as distinct from back cavita-
tion, leaving to one-side blade root situations, which is
normally found in the outer regions of the blade. Con-
siderations of this type have led Bark (Reference 78) to
develop a working hypothesis relating to the number ns
of sheet cut-offs from the leading edge stated as follows:

A sheet cavity, particularly on the pressure side,

behaving locally 2-D has a low risk for generation

of erosion if for the number ns of shed cavities per

global cavitation cycle it holds that ns > a, where a is
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an empirically determined acceptable number of shed

cavities per global cavitation cycle T cav as defined by

the periodic inflow to the propeller blade. In the limit-

ing case of one shedding per global cavitation cycle,

a 1, the erosion can be severe, and for a low risk of

erosion significantly higher values of a are required,

possibly a > 10 or more.

There is an upper limit of a above which the

shed cavities can be synchronized according to the

behaviour discussed in Section 3.1.5, p. 53 (of Ref-
erence 78) and the cavitation instead can become

erosive.

This criterion has been considered by Moulijn et al.
in Reference 79 in relation to a series of full-and model-
scale observations and computational studies in relation
to a Ro/Ro container ship and they concluded that this
is a very promising tool for the prediction of the ero-
siveness of face cavitation but that it will require some
further development.

9.5 Cavitation-induced damage

There have been very few propellers designed which
do not induce cavitation at some point in the propeller
disc; not all propellers, however, exhibit cavitation ero-
sion and, therefore, it is wrong to simply equate the
presence of cavitation on the blades with the erosion of
the material. Cavitation erosion in the greater majority
of cases is thought to derive from the action of trav-
elling bubbles which either pass around the aerofoil,
pass around a fixed cavity or break off from a fixed
cavity. Figure 9.31(a) shows a schematic drawing of
the collapse of a bubble which in this case has passed
around the outside of a fixed part of a cavity located
on the surface of an aerofoil section. As the pressure
recovers the bubble reaches the collapse point in the
stagnation region behind the downstream end of the
fixed cavity. The collapse mechanism generates a set
of shock pressure contours, the magnitude of the pres-
sure on each contour being inversely proportional to
the radius from the point of collapse. In addition to the
pressures generated by bubble collapse, if the collapse
mechanism takes place close to a solid boundary surface
a microjet is formed which is directed towards the sur-
face (Figure 9.31(b)). The formation of a microjet in the
proximity of a wall can be explained as follows, albeit
in somewhat simplified terms, by assuming a spherical
bubble close to a rigid wall starting to collapse. If the
spherical form of the bubble were to be maintained dur-
ing collapse the radial motion of the water would need
to be uniform at all points around the bubble during
collapse. However, the presence of the wall restricts the
water flow to the collapsing bubble in the regions of the
bubble adjacent to the wall. As a consequence the upper
part of the bubble, that remote from the wall, tends to
collapse faster, leading to a progressive asymmetry of

Figure 9.31 Erosive mechanisms formed during bubble
collapse: (a) pressure waves from bubble collapse and (b)
microjet formation close to surface

the bubble as shown in Figure 9.5 and 9.31(b), which
induces a movement of the bubble centroid towards the
wall and creates a linear momentum of the bubble cen-
troid towards the wall. This leads to an acceleration of
the virtual mass of the bubble towards the wall as the
collapse progresses, resulting eventually in the forma-
tion of a high-velocity microjet: with velocities thought
to be up to the order of 1000 m/s (Reference 46).

However, in addition to these mechanisms, the
potential to encounter cavity rebound activity is also
considered to be of importance. Rebound as discussed
earlier is the regrowth of the vapour phase of the cavity
and this mechanism is thought to provide an important
contribution to the damaging process originating from
the microjet and pressure wave attack.

Erosion damage on a propeller blade often starts
with a surface deterioration or roughening, and this
is followed by a plastic deformation of the blade sur-
face so as to give the surface of the blade under attack
the appearance of orange peel: hence this stage is
known generally as orange peeling of the surface. This
deformation of the surface is essentially caused by a
large-scale and essentially random bombardment of the
surface by microjet impact and pressure waves from
collapsing cavities. This deformation continues until
large-scale fatigue failure eventually occurs over the
surface and the blade material starts to erode. Typical
observations in propeller bronze materials are shown
in Figures 9.32(a) and (b). In Figure 9.32(a) is seen
a scanning electron microscope image of established
cavitation erosion at a very low magnification of 35.
However, in the corresponding image, Figure 9.32(b)
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(a) (b)

Figure 9.32 Scanning electron microscope images of cavitation erosion: (a) established erosion ( 37) and (b) early
damage erosion ( 1640)

the very early stages of erosion damage can be seen
on a small portion of the blade surface at a magnifi-
cation of 1640. During the more advanced stages of
cavitation erosion development it can be seen from Fig-
ure 9.33 that a subsurface system of cracking sometimes
develops which is transgranular in nature.

Figure 9.33 An example of subsurface cracking due to
cavitation erosion

Cavitation erosion damage occurs in many forms
and at many different rates. The erosion damage first
occurs in the vicinity of the cavity collapse regions
and not generally at the inception point of the cavity.
Thus it is travelling or shed cavities that are normally
considered responsible for erosion within the limits of
present understanding, and as a consequence, bubble
and cloud cavitation, rather than stable sheet cavitation,
is thought to be most responsible for material erosion
attack. The speed with which erosion can take place
is also a variable: in some extreme cases significant

material damage can occur as rapidly as in a few hours,
whereas in other instances the erosion develops slowly
over a period of months or years. Furthermore, in some
other cases the erosion starts and then the rate of ero-
sion falls off, so as to stabilize with no further erosion
occurring. This stabilization takes place when a certain
critical depth is reached and the profile of the cavity
is such as to cause and promote favourable flow con-
ditions with the material boundary out of reach of the
destructive mechanisms of the cavity collapse. In other
instances the formation of a primary erosion cavity will
cause a flow disturbance sufficient to re-introduce cavi-
tation further downstream, and this may give rise to the
secondary erosion upon the collapse of this additional
cavitation. Much further research work is required into
the field of propeller erosion before prediction can be
achieved with confidence.

Cavitation can lead to the phenomenon of ‘trailing
edge curl’. This type of cavitation damage, shown in
Figure 9.34, is, as its name implies, a physical bending
of the trailing edge of the blade. This bending of the
blade is caused by the ‘peening’ action of cavitation
collapse in the vicinity of the thinner sections of blade

Figure 9.34 Trailing edge curl
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in the region of the trailing edge. Van Manen (Reference
47) discusses this effect in some detail.

9.6 Cavitation testing of propellers

In order to study cavitation and its effects using pro-
peller models it is necessary to ensure both geometric
and flow similarity, as any deviation from these simi-
larity requirements causes a scale effect to occur. Geo-
metric similarity requires that the model is a geosim
of its full-scale counterpart and that considerable care
has been taken in the model manufacture to ensure that
the tolerances on design dimensions are satisfactory for
model testing purposes. If the tolerances are not sat-
isfactory, then false cavitation patterns and inception
behaviour will result from the model tests.

Flow or dynamic similarity is fully obtained when the
effects of gravitation, viscosity, surface tension, vapor-
ization characteristics, static pressure, velocity, fluid
density, gas diffusion and so on are properly accounted
for. Unfortunately, in a real flow situation using a model
to represent a full-scale propeller, it is impossible to sat-
isfy all of these parameters simultaneously. In Chapter 6
the main propeller non-dimensional groupings were
derived from dimensional analysis and for the purposes
of cavitation testing the primary groupings are

Froude number Fn
Va

(gD)

Reynolds number Rn
̺VaD

η

Weber number Wn
̺V 2

a D

S

Advance ratio J
Va

nD

Cavitation number σ0
p pv

̺V 2
a

By making the assumption that the properties of sea
water and the water in the cavitation facility are iden-
tical, this being a false assumption but a close enough
approximation for these present discussion purposes, it
can be seen that simultaneous identity can be obtained
only for the following non-dimensional groups:

1. Fn, σ0 and J when the pressure and propeller
rotational speed can be freely chosen.

2. Rn, σ0, J and ψ (where ψ is the gas content num-
ber d/(VD)) where again the pressure and rotational
speed can be freely chosen and the high flow speeds
required for Rn present no problem.

3. Wn, σ0, J and φ (where φ is the gas content num-
ber cD/(̺V 2

a )) where once again the pressure and
rotational speed can be chosen freely.

Cavitation tunnel model testing with marine pro-
pellers is normally undertaken using a KT identity basis.

This essentially requires that the cavitation number and
advance coefficient are set. As the simultaneous sat-
isfaction of the Reynolds and Froude identity is not
possible, water speeds are normally chosen as high as
possible to minimize the differences between model-
and full-scale Reynolds number. However, running at
the correct full-scale Reynolds number is generally not
possible in most laboratories. Nevertheless, cavitation
testing frequently attempts to follow the second group
of non-dimensional coefficients identified above.

The implications of ignoring the Froude identity is
that for a given radial position on the blade and angu-
lar position in the disc the local cavitation number will
not be the same for model and ship. Indeed, the cavi-
tation number identity for model and ship under these
conditions is obtained at only one point, normally taken
as the shaft centre line. Although this secures a mean
cavitation number, it does not model the cavitation
conditions correctly since the conditions for cavitation
inception are not the same as those required once cavita-
tion has been formed. Newton (Reference 48) discusses
the influence of the effect of Froude number on the
onset of tip vortex cavitation, from which it is seen that
this is significant. As a consequence, when undertaking
cavitation inception studies for propellers, the correct
Froude number should be modelled. In order to improve
the simulation of the pressure field over the propeller
disc Newton suggests using a nominal cavitation num-
ber based on the 0.7R position in the top dead centre
position.

The walls of a cavitation tunnel have an effect on the
flow conditions in the test section. If the propeller is
considered to be an actuator disc, that is having an infi-
nite number of blades, then the corrections for the effect
of the tunnel walls can be calculated for a non-cavitating
propeller using the Wood and Harris method (Reference
49). Van Manen has shown that, if a finite number of
blades are considered, this influence is negligible for the
normal ratios of propeller disc area to tunnel cross sec-
tion. Equivalent and validated corrections for cavitating
propellers have, however, yet to be derived. The cavita-
tion experienced by a propeller at the various positions
in the propeller disc is fundamentally influenced by the
inflow velocities and hence, by implication, the simula-
tion of the wake field. Many methods of simulating the
wake field of the vessel are used. The simplest of these
is through the use of a wire gauge arrangement, termed
a wake screen, located upstream of the propeller. The
design of the wake screen is done on a trial and error
basis in attempting to simulate the required wake fields.
A more favoured approach is to use a dummy model
comprising a forebody and afterbody with a shortened
parallel mid-body section. This produces the general
character of the wake field and the ‘fine tuning’ is
accomplished with a simplified wake screen attached to
the dummy hull body. In several institutes a full model
hull form can now be used in the cavitation facility.

However, by representing the measured nominal
wake field of the model only part of the inflow problem
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is solved, since there are both scale effects on ship
wake and propeller induction effects to be considered, as
discussed in Chapter 5. As a consequence these other
effects need to be accounted for if a proper represen-
tation of the inflow velocity field is to be correctly
simulated: the methods for doing this, however, can
still only be regarded as being tentative.

The nuclei content of the water is an important aspect,
as already discussed. Although a traditional way of mea-
suring the total gas content in a cavitations tunnel is by
the van Slyke method, various means exist by which the
nuclei content can be measured; these can be divided
into two main types. The first type is where a sample of
the water is taken from the main flow and forced to cavi-
tate, thereby providing information on the susceptibility
of the liquid to cavitate. The second type consists of
those employing holographic and light-scattering meth-
ods and giving information on the nuclei distribution
itself. An example of the first type of method is where
the tunnel water is passed through a glass venturi tube
whose pressure has been adjusted in such a way that a
limited number of bubbles explode in the throat of the
venturi, the bubble explosions being limited to the order
of twenty per second. The detection of the bubbles pass-
ing through the venturi tube is by optical means. With
regard to the second group of methods, the holographic
method discriminates between particulates and bubbles,
and can therefore be regarded as an absolute method,
and is extremely useful for calibration purposes. How-
ever, the analysis of holograms is tedious, and therefore
makes the method less useful for routine work. In the
case of light-scattering techniques, these have improved
considerably since the mid-1920s and their reliability
for routine measurements is now adequate for practical
purposes.

The science, or art, of cavitation testing of model
propellers was initiated by Sir Charles Parsons in his
attempts to solve the cavitation problems of his steam
turbine proptype vessel Turbinia. He constructed the
first cavitation tunnel from a copper rectangular con-
duit of uniform section. This conduit was formed into
an ‘oval’ so as to form a closed circuit having a major
axis of the order of 1 m. The screw shaft was inserted
horizontally through a gland in the upper limb and
driven externally, initially by a small vertical steam
engine and later by an electric motor. Within the tunnel
Parsons installed windows on either side of the tun-
nel and a plane mirror was fixed to an extension of the
shaft, which reflected light from an arc lamp in order
to illuminate the model propeller for a fixed period
each revolution. The propeller diameter was 2 in. and
cavitation commenced at about 1200 rpm. In construct-
ing the tunnel Parsons recognized the importance of
static pressure and made provision for the reduction
of the atmospheric pressure by an air pump in order
to allow cavitation to be observed at lower rotational
speeds. This forerunner of the modern cavitation tun-
nel, constructed in 1895, is today preserved in working
order in the Department of Marine Technology at the

University of Newcastle upon Tyne. It is frequently
cited alongside the current facility of the University,
and in this way provides an interesting contrast in the
developments that have taken place over the interven-
ing years. In 1910 Parsons constructed a larger facility
at Wallsend, England, in which he was able to test pro-
peller models of up to 12 in. in diameter. The tunnel,
which was a closed conduit, had a working section of
cross section 0.7 m 0.76 m, and the flow rate in the
test section was controlled by a circulating pump of
variable speed. The propeller model was mounted on a
dynamometer which was capable of measuring thrust,
torque and rotational speed. Unlike its predecessor, this
tunnel has not survived to the present day.

In the years that followed, several cavitation facil-
ities were constructed in Europe and the USA. In
1929 a tunnel capable of testing 12 in. diameter pro-
pellers was built at the David Taylor Model Basin. This
was followed by the building of facilities in Hamburg,
Wageningen, Massachusetts Institute of Technology,
Haslar (UK) and so on.

Today there are what might be termed traditional cav-
itation tunnels and the new breed of large tunnels that are
being constructed around the world. Typical of the tra-
ditional tunnels, traditional in the sense of their size, is
that shown in Figure 9.35. The tunnel is usually mounted
in the vertical plane and is formed from a closed recir-
culating conduit having a variable speed and pressure
capability. Typical of the speed and pressure ranges of
this kind of tunnel are speeds of up to 10 to 11 m/s
and pressure ranges of 10 to 180 kPa, giving cavitation
number capabilities in the range 0.2 to 6.0.

Some modern cavitation facilities also have variable
test sections, thereby allowing the one of the appropriate
dimensions to be installed into the tunnel body so as
to meet the particular requirements of a measurement
assignment. One such facility is that owned by SSPA, in
which the test section can be varied from 2.5 to 9.6 m,
thereby allowing hull models to be inserted into the
facility. Clearly, in such cavitation tunnels the maximum
velocity attainable in the working section is dependent
on the test section body deployed for the measurement.

To meet the increasingly stringent demands of naval
hydrodynamic research and modern merchant ship
design requirements a new breed of large cavitation tun-
nel is making its appearance; facilities have been con-
structed in the USA, Germany and France. Figure 9.36
shows the grand tunnel hydrodynamique located at Le
Val de Reuil, France and owned by Bassin d’Essais
des Carenes de Paris. This tunnel has two parallel test
sections: the larger of the two has a cross section of
2.0 m 1.35 m and is 10 m long, whilst the smaller
section has a 1.14 m square section and is 6 m long.
The larger and smaller sections can give maximum
flow velocities of 12 and 20 m/s, respectively, and the
larger limb can be used as either a free surface or fully
immersed test section. In Figure 9.36 the large down-
stream tank is used to remove the air produced in, or
injected into, the test section. This tank has a total
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Figure 9.35 Typical modern cavitation tunnel (Reproduced with permission from Reference 42)

volume of 1600 m3 and can remove the air from dis-
persions with void fractions of up to 10 per cent. No
bubbles larger than 100 µm can pass through the tank at
its maximum flow rate. In this facility cavitation nuclei
concentrations are automatically controlled by nuclei
generators and measurement systems. In addition to
the larger downstream tank a resorber, 5 m in diame-
ter, ensures that no nuclei return to the test section after
one revolution, and in order to reduce flow noise, the
water velocities are kept below 2.5 m/s except in the
test section. A second large European facility built in
Germany at HSVA and called the HYKAT has been
commissioned and has working section dimensions of
2.8 m 1.6 m 11.0 m with a maximum flow velocity
of 12.6 m/s. Apart from being able to insert complete
hull models of towing tank size into the tunnel, one
of the major benefits of these larger tunnel facilities is
their quiet operation, thereby allowing greater opportu-
nities for noise measurement and research. Figure 9.37,
from data supplied by Wietendorf and Friesel for differ-
ent water gas contents, shows the measured background
noise levels of the HYKAT in relation to conventional
tunnels.

The recently built facility in the USA, known as
the Large Cavitation Channel (LCC) and operated by
DTRC, is currently the largest facility in the world. It
has a working section having a cross section of the order
of 3 m square.

Apart from cavitation tunnels, there is also the depres-
surized towing tank facility which, in essence, is a

conventional towing tank contained within a concrete
pressure vessel which can be evacuated in order to
reduce the internal air pressure. This depressurization
capability has a series of air locks in order to allow per-
sonnel to travel with the carriage to make observations.
This facility, owned by MARIN, has a tank dimension of
240 m 18 m 8 m and was designed to be evacuated
to a pressure of 0.04 atm in around eight hours: it exists
on a separate site at Ede in the Netherlands. The depres-
surized towing tank allows testing at the correct Froude
number, cavitation number and advance coefficient. In
addition, as is the case with the large and variable test
section cavitation facilities, the flow around the com-
plete model hull helps considerably in modelling the
inflow into the propeller, although the scale effects on
wake are still present. In the depressurized facility the
free surface effects are readily modelled and the tank
boundaries are comparatively remote from the model.

In cavitation facilities around the world, of which
the above are a few European examples for illustra-
tion purposes, several measurement and visualization
capabilities exist for a variety of cavitation related
measurements. The basic method of viewing cavitation
is by the use of stroboscopic lighting. The stroboscopic
lighting circuitry is triggered from the model propeller
shaft rotational speed together with a multiplier and
phase adjustment to account for differences in blade
number and position around the disc. The traditional
method of recording cavitation is to use the cavita-
tion sketch, Figure 9.38, which is the experimenter’s
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Figure 9.36 Grand tunnel hydrodynamique (GTH) (Courtesy: DCN)

Figure 9.37 Comparison of background noise levels of the HYKAT facility with other tunnels
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Figure 9.38 Typical cavitation sketch

interpretation of the cavitation type and extent observed
at various positions of the blade around the propeller
disc. In many cases this method has been replaced or
supplemented with the use of photographs taken under
stroboscopic lighting or by video cameras, the latter
being particularly useful. The developments in com-
puter technology have now made the superimposition of
cavitation images from video recording and measured
model hull surface pressure information possible. Laser
methods have increased in recent years for measur-
ing flow velocities around the propeller and have very
largely taken over from the intrusive measurements of
pitot tubes and pitot rakes; although these latter methods
are still generally retained for reference and special
purpose measurements.

Over the years several attempts have been made to
predict cavitation erosion qualitatively using ‘soft sur-
face’ techniques which are applied to the blade surface:
typical of this work is that of Kadoi and Sasajima (Ref-
erence 50), Emerson (Reference 51) and Lindgren and
Bjarne (Reference 52). The techniques used have been
based on the application of marine paint, soft aluminium
and stencil ink. The ITTC have proposed the use of the
latter. Care has, however, to be exercised in interpreting
the results, in terms of both the surface used and the

cavitation formation at model scale due to the various
scale effects. The method currently has goal correlation
experience for propellers but less so for rudders.

At the present time research is being undertaken on
the use of sonoluminescence in the use of cavitation
studies. Sonoluminescence is generally ascribed to the
high internal temperatures resulting from the essentially
adiabatic compression of the permanent gas and vapour
which is trapped within a collapsing cavitation bubble.

In recent years several full-scale observations of cavi-
tation have been made. These require either the placing
of observation windows in the hull, usually in sev-
eral locations or the use of boroscopes as discussed in
Chapter 17.

9.7 Analysis of measured pressure
data from a cavitating propeller

The basis of the development of the radiated hull
pressure signature is the acceleration of the cavity vol-
ume with respect to time modified by the self-induced
component of pressure generation arising from the
vibration of the ship structure or model test equipment
at the point of measurement. The phenomenological
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processes giving rise to the hydrodynamic-based radi-
ated parts of the signature are closely linked to the type
of cavity collapse and rebound events. As such, the
hydrodynamic excitation process is a time domain event
and can be understood best through the pressure time
series and its manipulations.

In experimental studies the pressure time signature
is most commonly analysed using a Fourier-based tech-
nique, due largely to the need to relate excitation
sources to ship hull and structural response charac-
teristics. Fourier techniques, originally developed as a
curve fitting process, have as their underlying tenet the
requirement of piecewise continuity of the function that
is being analysed; whether this is over a long or short-
time frame. Given that this condition is satisfied, then
assuming a sufficient number of terms are taken and the
numerical stability of the algorithm is sufficient then the
method will satisfactorily curve fit the function as a sum
of transcendental functions.

To gain a phenomenological understanding of cavi-
tation rather more than a Fourier-based curve fitting
algorithm is necessary. This is for two reasons: first, a
set of coefficients of transcendental component func-
tions tell little about the structure of the underlying
cavitation causing the signature and secondly, and per-
haps more importantly, cavitation-based signatures are
rarely uniform with respect to time. There are blade sur-
face pressure changes which vary from blade to blade
in a single revolution and changes from one revolution
to the next. These changes are random in nature and
result from the interaction of the temporal changes in
the flow homogeneity; the flow field, these being the
sum of the steady nominal inflow field and the seaway-
induced velocities, and the blade-to-blade geometric
variations due to the manufacturing tolerances of the
propeller blades. These changes influence both the gen-
eral form of the cavity volume variation and the higher
frequencies and noise generated from the random per-
turbations of the topological form of the underlying
cavity structure. The Fourier analysis method tends,
by its formulation, to average these variations out and
thereby valuable information is lost.

If a phenomenological approach is to be adopted
for the analysis of radiated hull pressure signatures,
this being the most appropriate for engineering pur-
poses, then other analytical approaches are required
based on the fundament data set of the time series,
samples of which should always be shown in any
report. A number of candidate analysis approaches offer
themselves and among these are short form Fourier
transforms, joint time-frequency analysis, wavelet tech-
niques and a double integral analysis of the underlying
pressure signature. Experience has shown that each
of these methods has shortcomings due, for the most
part, to the near adiabatic collapse of the cavity vol-
umes in adverse wake gradients. Nevertheless, wavelet
methods and the double integral technique have been
shown to have some advantages when considering dif-
ferent aspects of the problem. While in the case of the

wavelets most work has focused on standard applica-
tions of Daubechies formulations which have allowed
some progress to be made, further discrimination is
believed to be possible if purpose designed wavelet
forms are used to describe different cavity phenomena.

Notwithstanding the wavelet class of methods, the
double integral approach has been shown to be the
most successful at phenomenological discrimination.
The pressure integration approach is essentially a time
domain process, which together with visual observa-
tions of cavitation can link the dynamics of visual events
with the dynamics of pressure pulses. It is clear from
both ship and model-scale analysis of such data that the
more severe excitation events are generated by cavita-
tion which grows, collapses and rebounds in a small
cylindrical sector of the propeller disc and slipstream
which spans the wake peak. It is the passage of the
propeller blades through this slow-speed region which
causes the flare-up and collapse of cavity volumes on the
blade and in the tip vortex shed by the advancing blade.

9.8 Propeller–rudder interaction

Propeller–rudder interaction essentially takes two
forms. The first is the interference to the pressure field
in which the propeller is operating by the presence of the
rudder in the flow field. In general this influence is rela-
tively small unless the propeller–rudder clearances are
particularly small and would not normally be taken into
account in undertaking propeller calculations unless a
full RANS computational study were being undertaken
of the afterbody and propulsion system. Nevertheless
it is a real effect which can be demonstrated in model
tests. The second influence is the effect that the propeller
flow field has on the rudder and this sometimes mani-
fests itself in cavitation erosion of the rudder structure,
particularly in the case of container, LNG, and other
fast ships and craft.

Reference 80 discussed the problem of rudder ero-
sion and its avoidance together with a number of other
related matters. Figure 9.39 shows a typical example of
cavitation erosion on a rudder.

To address the rudder cavitation problem there
are two principal CFD-based approaches available;
the single-phase and two-phase approach and both
have shown good correlation with model- and full-scale
performance.

9.8.1 The single-phase approach

In this approach a numerical model of the rudder is
set up based on the assumption of a steady, single-
phase flow condition with vapour phase of the fluid
not explicitly modelled. When generating the compu-
tational domain it has been found that a trimmed-cell
technology, to optimize the quality and distribution of
cells in the flow volume, provides a useful basis for the
analysis. The mesh comprises two parts, the extrusion
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Figure 9.39 Example of rudder erosion

Figure 9.40 Detail of the mesh at the rudder–horn
connection

layer adjacent to specified surfaces and the core volume.
The mesh structure contains regular hexahedral cells, of
zero skewness, in the core volume and trimmed cells,
hexahedra with corners and edges removed, adjacent to
the outer edge of the extrusion layer. Figure 9.40 shows
a typical detail of the trimmed cells at the surfaces of
the horn–rudder connection and the fine mesh needed
to resolve curved edges is visible through the gap. The
extrusion layer, which can be imagined as a thick wrap
around the surface, is made up of regular hexahedral
cells which are orthogonal to the surface of the rudder
thus ensuring high-quality cells to resolve the boundary
layer flow.

With regard to the detail of the mesh it has been
found that an unstructured grid with a finer mesh applied
throughout the main region of the flow development, in
particular near the rudder surface, and with a coarser
grid applied towards the edges of the domain proves

satisfactory for these types of computation. Typically,
the required size for the final computational mesh would
require the use of around 1.4 106 cells.

The boundary conditions for this type of computa-
tional model are derived from the velocity field gener-
ated by the propeller and hull boundary layer. In most
cases it has been found satisfactory to use the nominal
wake components measured in a towing tank and then
convert these to an effective wake field for input into a
suitable propeller lifting surface capability in order to
define the inflow into the rudder. Scaling of the regions
outside the propeller slipstream is also required.

The rudder surfaces are modelled using a combined
hybrid approach which switches between low Re and
high Re modelling options depending on the size of y
in the near-wall cell. This approach has been found to
produce better results in the near-wall region as it is less
influenced by the quality of the grid distribution. A two-
equation k ω turbulence model in this approach is the
basis for modelling turbulence. Typical results in the
form of contour plots of the cavitation number, based
on the local total static pressure and the free stream
velocity over the surface of the rudder, is presented in
Figure 9.41.

In addition to the computational results, Figure 9.41
shows a comparison between the computations and the
model test observations for 4 of inboard rudder rota-
tion. Results of this type suggest that a single-phase
modelling approach can be used to identify problem
areas on the rudder and indicate the possibility of
cavitation inception. Furthermore, since this type of
computation is not too computationally demanding it
can be routinely used as a design tool.

9.8.2 The two-phase approaches

While the cavitation number or some derivative of it, as
discussed in Section 9.8.1, can be used as an indicator
of the likelihood of cavitation occurring, it is preferable,
although computationally more expensive, to model the
propeller–rudder interaction problem with the single-
phase restriction. This is because the existence of
cavitation can change both the local and global flow
behaviour and this is not taken into account by single-
phase flow computations. The type of computational
model described previously can be further enhanced by
utilizing a cavitation model based on the Rayleigh bub-
ble model, equation (9.3), combined with a free surface
interface-capturing method. In this approach the liquid–
vapour mixture is treated as a continuum with varying
material properties; for example, density and viscos-
ity. Within this process a scalar variable is defined to
represent the cavitation strength, its value denoting the
volume ratio of vapour over the fluid mixture and cavi-
tation is assumed to take place when the pressure in the
liquid falls below a critical pressure, pcrit: expressed as:

pcrit pv
4σ

3R
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Figure 9.41 Comparison between model tests and computations for a 4 inboard rudder rotation

where pv is the saturation vapour pressure at the local
temperature, σ is the liquid surface tension coefficient
and R is the characteristic size of the cavitation nuclei.

Figure 9.42 shows computed results for the same
4 inboard rudder rotation case that was shown in
Figure 9.41, but at ship scale. The cavitation zones
appearing on the rudder surface are clearly identifiable.
This is because the inside part of the rudder exhibits
cavitation mainly along the gap edges and at the bottom
surface of the rudder, again in good agreement with
observations.

This type of capability to predict cavitation occur-
rence can be exploited at the rudder design stage in order
to improve the design and achieve a significant reduc-
tion in likelihood of cavitation erosion. Moreover, it is
possible to use predictive modelling techniques of this
type to explore the presence of cavitation during nor-
mal ship operation. This can be accomplished through
the construction of an operation diagram which shows
the probability of cavitation occurring at a number of
critical locations on the rudder throughout the typical
auto-pilot range of turning angles. Such analyses have
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Figure 9.42 Full-scale cavitation predictions for the
semi-spade rudder of Figure 9.41

been shown to be most valuable in preventing erosion
from taking place.

9.8.3 Model testing

In some cases of relatively low powered, slow speed
ships a separate model test programme to determine
the cavitation characteristics of the rudder may not be
necessary. However, there are many ships where this is
not the case.

To achieve an acceptable solution for high-powered
ships a careful design strategy comprising elements of
computation and model testing requires implementa-
tion. Such a strategy might involve the measurement of
the rudder incident flow field generated by the propeller
and the ship’s boundary layer, recognizing that this lat-
ter flow field component will require some modification
from model-scale values due to scale effects that will be
present. Having defined this inflow field a first iteration
for the rudder geometry design can then be produced
which may suggest the desirability of a contoured lead-
ing edge, in contrast to the normal straight line leading
edge, in order to permit the greatest cavitation-free inci-
dence ranges to be obtained for the components of the
rudder.

Upon completion of this design definition, large-
scale model cavitation tests should then be carried out
to estimate the full-scale characteristics of the design,
both in overall terms as well as in the detailed behaviour
of the design around the pintle housings and the inter-
faces between the rudder and horn. This latter aspect
may also benefit from an even larger-scale model test,
involving only the centre pintle and gap regions of the
rudder assembly, in cases where particularly onerous
conditions are encountered. Within the testing phase of
the design it is important to carefully evaluate the influ-
ence that the normal range of auto-pilot rudder angles
has on the cavitation dynamics since these angular vari-
ations may strongly influence the erosion potential of
the design. Furthermore, to assess this erosion potential

a paint erosion technique might form an integral part of
the testing programme; nevertheless, the reliability of
this technique for rudder erosion prediction is not yet
as good as similar procedures for propeller blades.

Following the model testing phase then a second
iteration of the design can be made in which detailed
geometric changes can be introduced in the knowl-
edge of the individual cavitation bucket assessments, in
the case of semi-spade rudders, of the horn, pintle and
blade regions of the rudder. Depending on the extent of
the changes required then a further model test may also
be desirable.

9.8.4 Some full-scale remedial measures

When erosion has been experienced after a ship has
entered service there are a number of options available
to attenuate the effects of the cavitation.

Stainless steel cladding: This technique has been
tried both as wide sheets of stainless steel and also as a
sequence of adjacent narrow strips. Recent experience
favours the use of narrow strips since the wider strips
have been found to detach in service. General experi-
ence, however, with this method is mixed and is very
dependent upon the severity of the attack, the quality of
welding and the general flow conditions prevailing.

Twisted rudders: The US Navy developed a design
methodology for continuously twisted full-spade rud-
ders and has proven them in service on the Arleigh
Burke (DDG51) class of Frigates (Reference 81). The
rudder designs were evaluated in the LCC test facility
and provided a 7 increase in cavitation-free envelope
at 31 knots. Stepped and continuously twisted rudders
have also been introduced to merchant ships and appear
to be beneficial in reducing erosion problems induced by
the propeller slipstream and course-keeping operations.

Scissor plates: These flat plates are placed in the hor-
izontal gap between the rudder horn and the blade of
a semi-balanced rudder, and have been successful in
reducing erosion in these regions of the rudder.

Flow spoilers: Such devices have been advocated for
combating erosion on pintle housings and the forward
facing edges of the rudder blade, immediately behind
the rudder horn. There are few reports on their effect-
iveness and experience with these systems has been
inconclusive.

Profiled leading edge transitions between the rudder
leading edge and the base of the rudder: Fast vessels
should avoid a 90 degree angle between the rudder
leading edge and a flat base plate, since sheet and vor-
tex cavitation have been observed in these regions and
resulted in erosion and corrosion of the base plate within
about 25 per cent of the rudder chord from the lead-
ing edge. Fairings in this region need to be carefully
designed to cater for the full range of auto-pilot course-
keeping angles. There is also some evidence that the
provision of a radius on the bottom plate of the rudder
can be helpful in both reducing cavitation erosion and
energy losses due to vortex generation.
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Gaps: These should be as small as practicable
between the rudder horn and the moveable blade of
semi-balanced rudders. The gap at the base of the horn
may be reduced by application of suitable scissor plates.
These plates may also be designed to be sacrificial if the
erosion is particularly aggressive and may be replaced
while the vessel is afloat.

The annular gap: This gap between the aft surface
of the horn and the moveable blade may be reduced in
size by fitting vertical strips which block the passage of
any flow within this gap. This approach seeks to reduce
the cross-flow angle of attack onto the forward facing
edges of the rudder blade.
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The noise produced by a propeller, in terms of both
its intensity and its spectral content, has been of con-
siderable importance to warship designers and military
strategists for many years. However, in recent years
the subject has assumed a growing importance in the
merchant shipping sector, and is likely to maintain and
perhaps increase this importance in the future. An early
compendium of knowledge relating to ship noise is
given in Reference 1.

Before considering the noise characteristics gener-
ated by marine propellers it is first useful to briefly
consider the basic nature and physics of underwater
sound and its propagation.

10.1 Physics of underwater sound

The speed of sound in water is some 4.3 to 4.4 times
greater than that in air, as shown by Table 10.1. The
speeds shown in this table are approximate values, since
some variations occur with ambient conditions, and
relate to locations close to sea level. For a more pre-
cise determination of the speed of sound in sea water
use can be made of an equation based on the work of
Lovett (Reference 2), which relates the speed of sound
to the temperature, salinity, latitude and the depth at
which the speed is required. This relationship has the
following form:

C(z, S, T , φ) = 1449.05 + 4.57T − 0.0521T 2

+ 0.00023T 2 + (1.333 − 0.0126T + 0.00009T 2)

× (S − 35) + (16.23 + 0.0253T )(1 − 0.0026 cos φ)z

+ (0.213 − 0.01T )(1 − 0.0026 cos φ)2z2

+ [0.016 + 0.0002(S − 35)](S − 35)

× (0.1 − 0.00026 cos φ)Tz (10.1)

where T is the ambient temperature (◦C)
S is the salinity in parts per thousand
z is the depth (km)
φ is the latitude (deg)

This regression equation is essentially valid for all
oceanic waters down to a depth of around 4 km with a
standard deviation of 0.02 m/s.

Table 10.1 Speed of sound in air and water close to sea
level

Medium Speed (m/s)

Air at 21◦C 344
Fresh water 1480
Salt water at 21◦C and 3.5% salinity 1520

Figure 10.1 Sound absorption in sea water (Reproduced
with permission from Reference 23)

As a direct consequence of the speed increase in water
over that in air, the acoustic wavelengths in water will
be greater than in air by the same factor, since:

wavelength (λ) = speed of sound

frequency
(10.2)

It is found that the transmissibility of sound in
water is considerably affected by the frequency of the
noise source. In general, high frequencies in water are
strongly attenuated with increasing distance from the
source, whilst the lower frequencies tend to travel fur-
ther, and are therefore considerably more serious from
the ship radiated noise view point. This is demonstrated
in Figure 10.1, which shows the variation in absorption
factor, measured in dB per 1000 m, over the range of
frequencies 102–107 Hz.

Noise levels are measured using the decibel scale.
Whilst the original definition of the decibel was based
on power ratios:

dB = 10 log10(W/W0) dB (10.3)

where W0 is a reference power, the use of the scale
has widened from its original transmission line theory
application to become a basis for many measurements
of different quantities having a dynamic range of more
than one or two decades. In the context of noise assess-
ment, the sound pressure level (Lp) is the fundamental
measure of sound pressure, and it is defined in terms of
a pressure ratio as follows:

Lp = 20 log10(P/P0) dB (10.4)

where P is the pressure measured at a point of interest
and P0 is a reference pressure set normally to 20 µPa
in air and 1 µPa in other media. Table 10.2 shows a
conversion of the decibel scale into pressure ratios; this
can be used when two sound pressure levels Lp1 and Lp2
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are given and their difference (�Lp) can be expressed
independently of the reference pressure P0 as follows:

�Lp = Lp2 − Lp1

= 20[log10(P2/P0) − log10(P1/P0)]

that is

�Lp = 20[log10(P1/P2)] (10.5)

From Table 10.2 it is seen that a change of, say, 6 dB
causes either a doubling or halving of the sound pres-
sures experienced. Similarly, a change of 12 dB effect-
ively either quadruples or quarters the pressure levels.

Table 10.2 Decibel to power ratio conversion

Pressure ratio − dB + Pressure ratio

1.000 0.0 1.000
0.989 0.1 1.012
0.977 0.2 1.023
0.966 0.3 1.035
0.955 0.4 1.047
0.933 0.6 1.072
0.912 0.8 1.096
0.891 1.0 1.122
0.841 1.5 1.189
0.794 2.0 1.259
0.708 3.0 1.413
0.631 4.0 1.585
0.562 5.0 1.778
0.501 6.0 1.995
0.447 7.0 2.239
0.398 8.0 2.512
0.355 9.0 2.818
0.316 10.0 3.162
0.251 12.0 3.981
0.200 14.0 5.012
0.158 16.0 6.310
0.126 18.0 7.943
0.100 20.0 10.000
0.0316 30.0 31.62
0.0100 40.0 100.0
0.0032 50.0 316.2
10−3 60.0 103

10−4 80.0 104

10−5 100.0 105

Because the human ear does not respond equally to
all frequencies within the audible noise range a weight-
ing scale was devised by the industry to correct the
actual physical pressure levels to those interpreted by
the ear. This weighted scale is generally known as the
A-weighting scale and its effect is shown by Figure 10.2
for the audible sound range of about 20 Hz to 20 kHz.
From this figure a marked fall-off in response can be
seen for frequencies less than about 1000 Hz.

In general acoustic measurements make use of third-
octave and octave filters in order to study and define
noise spectra. A third-octave filter is one in which the
ratio of the upper to the lower passband limits, that is the

Figure 10.2 Filter characteristics for A- and C-weighted
sound levels

range of frequencies the filter will allow to pass through
it, is 21/3 (i.e. 1.2599). In the case of the octave filter, this
ratio between the upper and lower passband limits is two
and it is normally centred, as are the third-octave filters,
on one of the preferred centre frequencies in ISO R266.
These centre frequencies are calculated from 10n/10,
where n is the band number; in practice nominal values
are used to identify the centre frequencies andTable 10.3
lists the set of third-octave and octave passbands relating
to the audible range for convenience of reference.

Whilst the subject of propeller noise is important to
both the merchant and naval worlds the reasons for this
importance derive from different origins. The excep-
tion to this statement is in the case of oceanographic and
research vessels, which have similar noise requirements
to naval vessels, in that they require to use instrumen-
tation with ranges of the order of up to 10 kHz. In
the merchant service the increasing awareness of the
health hazards caused by the long-term exposure to high
noise levels has led to the formulation of recommended
levels of noise in different areas of a merchant vessel
by the International Maritime Organization (IMO). The
1981 IMO Code on noise levels (Reference 3) defines
maximum levels of noise for crew spaces as shown in
Table 10.4.

In addition to defined levels of noise of this type
there are further considerations of passenger comfort
and annoyance in, for example, cruise liners and ferries.
In order to appreciate the magnitude of the propeller
noise problem it is instructive to compare the results of
full-scale measurements on a variety of ships, recorded
inside the hull but close to the propeller with the levels
quoted in Table 10.4. The measurements reported by
Flising (Reference 4) are shown in Figure 10.3 for a
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Table 10.3 Third-octave and octave passbands

Bound Nominal centre Third-octave Octave
number frequency passband passband

1 1.25 Hz 1.12–1.41 Hz
2 1.6 1.41–1.78
3 2 1.78–2.24 1.41–2.82 Hz
4 2.5 2.24–2.82
5 3.15 2.82–3.55
6 4 3.55–4.47 2.82–5.62
7 5 4.47–5.62
8 6.3 5.62–7.08
9 8 7.08–8.91 5.62–11.2
10 10 8.91–11.2
11 12.5 11.2–14.1
12 16 14.1–17.8 11.2–22.4
13 20 17.8–22.4
14 25 22.4–28.2
15 31.5 28.2–35.5 22.4–44.7
16 40 35.5–44.7
17 50 44.7–56.2
18 63 56.2–70.8 44.7–89.1
19 80 70.8–89.1
20 100 89.1–112
21 125 112–141 89.1–178
22 160 141–178
23 200 178–224
24 250 224–282 178–355
25 315 282–355
26 400 355–447
27 500 447–562 355–708
28 630 562–708
29 800 708–891
30 1000 891–1120 708–1410
31 1250 1120–1410
32 1600 1410–1780
33 2000 1780–2240 1410–2820
34 2500 2240–2820
35 3150 2820–3550
36 4000 3550–4470 2820–5620
37 5000 4470–5620
38 6300 5620–7080
39 8000 7080–8910 5620–11 200
40 10 kHz 8910–11200
41 12.5 kHz 11.2–14.1 kHz
42 16 kHz 14.1–17.8 kHz 11.2–22.4 kHz
43 20 kHz 17.8–22.4 kHz

Table 10.4 Maximum noise levels permitted on a ship
according to the 1981 IMO Code

Location Level (dBA)

Engine room 110
Workshops 85
Machinery control room 75
Navigating bridge 65
Mess room 65
Recreation room 65
Cabins and hospital 60

variety of ship types ranging from larger tankers to
Rhine push boats, and it can be seen that levels of the
order of a 100 to 110 dBA were frequently noted at the
lower-frequency bands. These measurements have been
recorded in locations close to the propeller, such as in
the aft peak tank and near the aft peak bulkhead. By
considering this figure, which shows noise levels of the
order of 100 dB at the aft peak region of the vessel, it
can be seen by reference to Table 10.4 that these sound
pressure levels have to be considerably reduced by the
time they reach a hospital or cabin location in the vessel
according to the IMO code.

The origins of the naval interest in the subject of noise
stem from a set of rather different constraints. These
are largely twofold: first, there is interference from
the noise generated by the vessel on its own sensors
and weapons systems, and second there is the radiated
noise, which is transmitted from the ship to the far field,
and by which the ship can be detected by an enemy. In
this latter context a ship noise signature of a few tens
of watts could be sufficient to give an enemy valuable
information at a considerable range. Indeed by under-
taking noise signature analysis at remote locations, it is
possible not only to determine which class of vessel has
been located, but if sufficient is known about the char-
acter of each signature, to identify the particular ship.
Clearly the ultimate goal of a warship designer must be
to make the ship’s signature vanish into the background
noise of the sea which comprises contributions from the
weather, marine life and also other shipping from a wide
geographical area.

This leads to an important distinction in the types of
noise that are generated by the various components of
ship. These are termed self- and radiated noise and it is
convenient to define these as follows:

Self-noise The noise, from all shipboard
sources, generated by the subject
vessel, considered in terms of the
effect it has on the vessel’s own
personnel and equipment.

Radiated noise The noise generated by the ship and
experienced at some point distant
from the ship, by which its detection
or recognition could be initiated.

Clearly, most merchant ship considerations, with the
exception of certain specialist vessels, such as research
or hydrographic ships, lie in the field of self-noise,
whilst naval interest spans both categories.

When considering the noise generated by ships it is
useful to place it in the context of the ambient noise level
in deep water. Wenz (Reference 5) and Perrone (Ref-
erence 6) considered the ambient noise levels in deep
water and the results of their work are shown in Figure
10.4, measured from omnidirectional receivers. From
this figure it is seen that below about 20 Hz ocean tur-
bulence and seismic noise predominate, whereas in the
range 20 Hz to around 200 Hz the major contributions
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Figure 10.3 Sound pressure levels in hull close to propeller (Reproduced with permission from Reference 4)

Figure 10.4 Deep-water ambient noise
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are from distant shipping and biological noise. Above
500 Hz to around 20 kHz the agitation of the local sea
surface is the strongest source of ambient noise and
above 50 kHz thermal agitation of the water molecules
becomes an important noise source, where the noise
spectrum level increases at around 6 dB/octave. In the
case of shallow water the noise levels can be consid-
erably higher due to heavier shipping, nearby surf and
waves breaking, higher biological noise, shore-based
noises, and so on.

10.2 Nature of propeller noise

There are four principal mechanisms by which a pro-
peller can generate pressure waves in water and hence
give rise to a noise signature. These are:

1. The displacement of the water by the propeller blade
profile.

2. The pressure difference between the suction and pres-
sure surfaces of the propeller blade when they are
rotating.

3. The periodic fluctuation of the cavity volumes caused
by operation of the blades in the variable wake field
behind the vessel.

4. The sudden collapse process associated with the life
of a cavitation bubble or vortex.

Clearly, the first two causes are associated with
the propeller in either its cavitating or non-cavitating
state, but are non-cavitating effects only. The latter
two causes are cavitation-dependent phenomena, and
therefore occur only when the propeller is experiencing
cavitation.

Propeller noise can, therefore, be considered as com-
prising two principal constituents: a non-cavitating and
a cavitating component. In terms of the noise signature
of a vessel, prior to cavitation inception, all components
of noise arising from the machinery, hull and pro-
peller are important. Subsequent to cavitation inception,
whilst the hull and machinery sources need consider-
ation, the propeller noise usually becomes the dominant
factor. Figure 10.5 typifies this latter condition, in which
the self-noise generated at the sonar dome of a warship
is seen. This figure shows the comparative noise levels at
this position of the hull boundary layer, the machinery,
electrical and the propeller. When studying this figure it
should be remembered that the propeller, in this case, is
at the opposite end of the vessel to the sonar dome, and
hence the importance of the propeller as a noise source
can be appreciated and is seen to dominate at speeds
above 25 knots.

Propeller noise comprises a series of periodic
components, or tones, at blade rate and its multiples,
together with a spectrum of high-frequency noise due to
cavitation and blade boundary layer effects. Figure 10.6
shows a radiated cavitation noise spectrum based on
a 1/3 octave band analysis; the sound pressure levels
are referred to 1 µPa level in keeping with the normal

Figure 10.5 Example of the variations in self-noise as a
function of ship speed due to propeller, boundary layer
machinery (Reproduced with permission from
Reference 24)

practice. Within this noise spectrum the blade rate noise
is commonly below the audible threshold, although not
below sensor detection limits: typically in the case of a
four-bladed propeller operating at say 250 rpm this gives
a blade rate frequency of 16.7 Hz, which is just below
the human audible range of about 20 to 20 000 Hz.

To consider the generation of noise further, it
is convenient to consider separately the issues of
non-cavitating and cavitating noise. The former,
although not practical for most merchant ships, is of
considerable interest in the case of research ships and
naval vessels, such as anti-submarine frigates, who rely
on being able to operate quietly in order to detect poten-
tial threats. For these latter cases, a designer endeavours
to extend the non-cavitating range of operation of the
vessel as far as possible.

Blake (Reference 21) gives a particularly detailed
treatment of the analysis of both non-cavitating and
cavitating noise for marine applications. The reader,
if pursuing the subject in detail, is recommended to
consult this work.

10.2.1 Non-cavitating propeller noise

The marine propeller in its non-cavitating state, in keep-
ing with other forms of turbo-machinery, produces a
noise signature of the type sketched in Figure 10.7.
It is seen from this figure that there are distinct tones
associated with the blade frequencies together with a
broad-band noise at higher frequencies. The broad-
band noise comprises components derived from inflow
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Figure 10.6 Radiated cavitation noise spectra measured outside a hull at full scale

Figure 10.7 Idealized non-cavitating noise spectrum

turbulence into the propeller and various edge effects
such as vortex shedding and trailing edge noise.

For analysis purposes there are certain distinct simi-
larities between the marine propeller as a noise source
and both air propellers and helicopter rotors. A marine
propeller can, for the purposes of noise prediction, be
considered as a compact noise source, since the prod-
uct of the wave number times the radius is much less
than unity, the wave number being defined as the fre-
quency divided by the speed of sound. This considerably
simplifies the analytical assessment of the noise charac-
teristics from that of, say, a helicopter rotor. However,
this simplification is perhaps balanced by the greater
density of water, since this increases the entrained mass
of the blades relative to their mass in air, such that their
flexibility becomes a significant consideration in terms
of the radiation efficiency.

With regard to the blade rate noise, the propeller
is normally operating behind a vessel or underwater
vehicle, and so works in a circumferentially varying
wake field. This causes a fluctuating angle of incidence
to occur on the blade sections, which can be represented
as gust normal to the blade when considered relative to
the propeller blade. From this gust model an expres-
sion can be generated for the far-field radiated source
pressure.

The analysis of the broad-band components is differ-
ent. In the blade rate problem, the unsteadiness is caused
by the circumferential variation in the wake field; how-
ever, in the inlet turbulence case we need to consider
the level of turbulence in the incident flow. This implies
that the wake harmonics associated with this feature
become a function of time and not necessarily just the
analysis position in the propeller disc. To accommodate
this feature, the turbulence velocity spectrum has to be
incorporated into the analysis procedure to describe the
flow and derive an expression for the radiated pressure
due to this component.

Trailing edge noise is perhaps the least well under-
stood of the broad-band noise mechanisms, since it
involves a detailed knowledge of the flow around the
trailing edge of the section. The role of viscosity within
the boundary layer is a crucial parameter in estimating
the levels of radiated noise produced, and is an effect
which is at present the subject of much research. Blake,
however, in his extensive study of the subject gives an
appreciation of the relative levels of trailing edge and
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Figure 10.8 Typical radiated noise levels from a rigid
hydrofoil moving in disturbed water (Reproduced from
Reference 20)

inlet turbulence noise. Figure 10.8 is taken from his
work for illustration purposes.

The problem of optimizing marine propellers for
noise in sub-cavitating conditions by theory is still in
its infancy since the complete solution requires both
a detailed viscous flow calculation over the propeller
blades together with an inlet turbulence spectrum in
addition to the normal wake field data. Jenkins (Refer-
ence 7) discusses this problem further in the context of
the non-cavitating marine propeller.

In addition to the foregoing effects, there are also
hydro-elastic and fouling effects which need consider-
ation in non-cavitating noise terms.

10.2.2 Cavitation noise

Just prior to visible cavitation inception it has been
observed that in a fairly narrow frequency range the
measured noise levels increase.

The collapse of cavitation bubbles creates shock
waves and hence noise. This is essentially ‘white noise’
covering a frequency band up to around 1 MHz. From
the theoretical viewpoint, the problem of noise radi-
ation by cavitation was approached until recently from
the behaviour of a single cavitation bubble such that
the bubble dynamics were considered in a variable
pressure field (Reference 8); for example, along the
surface of a propeller blade section. Under these condi-
tions the bubble will undergo volume fluctuations and
as a consequence radiate acoustic energy. Using this
approach the spectral power density of a set of bub-
bles becomes the product of the number of bubbles
per unit time and the spectral energy density due to
the growth and collapse of a single bubble, assuming
that the bubbles occur as random events. Such models,
however, only partially predict the real behaviour of
cavitating propeller blades, and tend to fail in their pre-
diction capability at very high bubble densities. Work by

Figure 10.9 Measured sound pressure spectra, results
with smooth blades, comparison with results with
roughened blades (I = electrolysis current (Reproduced
with modification from Reference 9, with permission from
ASME))

van der Kooij (Reference 9) and Arakeri and Shanmu-
ganathan (Reference 10) support this conclusion. Van
der Kooij shows by means of model tests on smooth
and roughened blades that the noise generated by bub-
ble cavitation initially increases with increasing number
of bubbles and then falls off very markedly when a
large number of bubbles are present. Figure 10.9, taken
from Reference 8, shows this effect. In the case of the
smooth blade different bubble densities were induced by
a varying electrolysis current ranging from 0 to 2.4A,
and in the case of the roughened blade a large num-
ber of bubbles were generated from the application of
artificial leading edge roughness in association with an
electrolysis current of 2.4A.

Figure 10.10, based on Reference 21, shows in a
schematic way the relative contribution of different
cavitation types to the sound power spectrum. Hence
an appreciation can be gained of the influence a par-
ticular cavitation type has on either the continuous or
discrete spectrum.
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Figure 10.10 Relative contribution of different cavitation
types to the sound power spectrum (Reproduced with
modification from Reference 22, with permission)

The prediction of noise from cavitation by theoretical
means is even more complex than for the non-cavitating
propeller, and as a consequence most prediction is done
using model propellers operating in a cavitation tunnel.
At present the inability of theoretical methods to take
account of the detailed boundary layer and cavitation
dynamics tend to limit their value, notwithstanding their
requirement for large computational facilities.

Matusiak (Reference 25) has developed a theoretical
procedure to evaluate the noise induced by a cavi-
tating propeller having mostly sheet cavitation. The
noise propagation model used in the method is a linear
acoustic approximation giving spherical spreading for
an unbounded homogeneous medium. This approach
produces a broadband propeller-induced pressure spec-
trum which has been shown to generally correlate with
measured results for cavitating propellers. The high-
frequency noise emissions of a non-cavitating propeller
are not considered and because the method is based
on potential flow analysis it does not take into account
viscous flow effects and, therefore, does not predict
the noise measured at low Reynolds numbers. Simi-
larly, the lack of viscous flow computation may also
contribute to prediction problems with leading edge
cavitation effects of highly skewed propellers and the
influence of tip vortices are disregarded. Choi et al.
(Reference 26) has examined the noise emissions from
vortex cavitation bubbles. This has involved the growth,
splitting and collapse of vortex cavitation bubbles for
a single vortex, a vortex that experiences a pressure
drop and recovery and a vortex that is interacting with
another stronger vortex. While the qualitative dynamics
were similar the inception, dynamics and noise pro-
duction of the resulting bubbles suggested that scaling
could not be achieved using the normal flow parame-
ters. They found that the properties of the surrounding

pressure field and the line vortices had a strong influence
on the bubble phenomenology even when the changes
were modest. Salvatore et al. have proposed a method
to model unsteady cavitation and noise (Reference 27).
Their model is based on a potential flow formulation
and a sheet cavitation model is superimposed in order to
estimate the transient cavity patterns over the propeller
blades. With regard to the noise emissions from the pro-
peller these estimates are based on the Ffowcs-Williams
and Hawkings equation which describes the acoustic
pressure field generated by lifting bodies under arbi-
trary motion (Reference 28) and the subsequent work
of di Francescantonio (Reference 29).

The noise emitted by a cavitating propeller depends
on the type of cavitation present at the particular oper-
ating condition. For example, back, face, hub and tip
vortex cavitation types all have different noise signa-
tures, as seen in Figure 10.11, which is taken from
Sunnersjö (Reference 11). From this figure the wide
range of noise spectra derived from the same propeller
for four particular load conditions can be noted.

Noise measurements are now a regular feature of
many cavitation tunnel test programmes. The purpose
of these tests can be to compare the noise spectra derived
from different load conditions for the same propeller or
comparisons between different propellers, or the full-
scale prediction of the noise spectra under different
characteristic load conditions for any particular design.
However, when a noise study is undertaken in a cavi-
tation tunnel the presence of the walls of the tunnel
influences the results to an extent that the results are
not, without correction, representative of the free field
conditions. As a consequence of this a correction factor
has to be developed by substituting a calibrated noise
source in place of the propeller, so that a comparison
can be made as to what the noise level would have been
in the free field without the tunnel walls. This leads to
the definition of a transfer function for the particular
configuration of the form

Pff = φPt (10.6)

where Pff is the required free field noise spectrum,
Pt is the measured noise spectrum in the tunnel and
φ is the transfer function between the tunnel and
free field.

10.3 Noise scaling relationships

The basic requirement for deriving the full-scale noise
prediction from model measurement is that the cavi-
tation dynamics between model and full scale are
identical. Scaling laws and their relation to bubble
dynamics are discussed by many researchers, and for a
full study of these see References 12 and 13. The scaling
laws are based on the production of the pressure waves
produced by a pulsating spherical bubble and immersed
in an infinite volume of water, from which the pressure
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Figure 10.11 Effect of cavitation type of noise spectra (Reproduced with permission from Reference 11)

at some point remote from the cavity, or bubble, can be
expressed as follows:

p(r, t) = ̺

3r

(

d2R3

dt2

)

(10.7)

in which R is the cavity radius, t is the time, r is distance
from the centre of the cavity and ̺ is the water density.

The relevant scaling laws are then derived from the
transformation of the variables in equation (10.7) and a
relationship can be derived, consistent with the approxi-
mation of a first-order model for the scaling of the

continuous part of the power spectrum:

Gs( fs)

Gm( fm)
=
(

rmDs

rsDm

)2 (
̺s

̺m

)1/2 (
�Ps

�Pm

)3/2

λ

(10.8)

where the suffixes m and s refer to model and ship scale
respectively.

If this equation is applied to the measured sound
pressure p in a frequency band �f about a centre fre-
quency f and, furthermore, if the analysis bandwidth
�f is a constant percentage of the centre frequency f
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(i.e. �f = af, where a = constant as in Table 10.3) then
equation (10.8) reduces to
[

ps( fs, afs)

pm( fm, afm)

]2

=
(

rmDs

rsDm

)2 (
�Ps

�Pm

)2

(10.9)

Equation (10.9) can be shown to be valid for both
spectral lines and for the continuous part of the spec-
trum, which reinforces the need to use a constant
percentage bandwidth for the analysis of propeller
noise. Equation (10.9) can be transformed from its
dependence on the pressure difference �p which drives
cavity collapse to a dependence on propeller shaft speed
n by assuming that the cavitation extents are identi-
cal between model and full scale at equal cavitation
numbers:
[

ps( fs, afs)

pm( fm, afm)

]2

=
(

rmDs

rsDm

)2 (
̺s

̺m

)2 (
nsDs

nmDm

)4

(10.10)

With regard to frequency scaling, in relation to
the first two sources of noise mentioned earlier, that
is the displacement of the water by the blade profile and
the pressure difference across the blade, it is clear that
these are linked by the blade rate frequency. As a con-
sequence of this inverse shaft speed provides a suitable
reference. However, in the case of a cavitating blade
the collapse process cannot be directly linked to blade
frequency. To overcome this problem a suitable time
reference can be derived from the Rayleigh formula for
the collapse time of a vapour-filled cavity:

Tc = 0.915Rmax

(

̺

�p

)1/2

(10.11)

in which Rmax is the cavity radius, �p is the pressure dif-
ference and ̺ is the density. If this equation is then made
non-dimensional, the frequency scaling law becomes

fs

fm
= ns

nm

(

σs

σm

)1/2

(10.12)

This is in contrast to the frequency scaling law for
the non-cavitating or indeed the slowly fluctuating
cavitating process:

fs

fm
= ns

nm
(10.13)

However, it can be seen that provided σs and σm are
the same, which is a prerequisite for cavitation simi-
larity, together with the implied assumption concerning
the extents and dynamics, then equations (10.12) and
(10.13) become identical and equation (10.13) suffices,
and then becomes the counterpart of equation (10.10)
for propeller noise scaling.

The assumptions concerning cavity extents at
equal cavitation numbers are reasonable under well-
developed cavitation conditions. However, close to

incipient cavitation this is not always the case, since
many model tests suffer from scale effects, which
require that σs > σm for equivalent cavitation extents.
Under such conditions equations (10.10) and (10.13)
do not apply and appeal should be made to References
13 and 14.

The scaling relationships (10.10) and (10.13) are
entirely applicable for fully developed cavitation states
at multiples of blade frequency below about one-fifth
blade rate. However, above this value, due to simplifica-
tions made in their deviation, they should be considered
as a first approximation only.

10.4 Noise prediction and control

If a definitive prediction of the noise spectra emis-
sion from a particular propeller–ship combination is
required, then model test studies are at the present time
the only realistic means of achieving this. Bark (Ref-
erence 15) discusses the correlation achievable and the
reasons likely for any disparity of correlation between
model and full scale. Figure 10.12, taken from Ref-
erence 15, demonstrates a good correlation of the
non-dimensional noise in 1/3 octave bands using mean
RMS levels. The diagram shows results for several
speed conditions and a single gas content α/αs = 0.4. In
the figure the non-dimensional noise L(Kp) is given by

L(Kp) = 20 log 106; Kp = 20 log

[

prms × 106

̺n2D2

]

(10.14)

In his study, Bark suggests that the best correlation
was found with the highest water velocities and that the
influence of gas content in the range 0.4 < α/αs < 0.7
was not particularly great. Clearly, however, if this
were to be extended to too high a value, then the
high-frequency noise would be damped by the gas bub-
bles. This type of effect was demonstrated by van der
Kooij (Reference 9). From Figure 10.12 it is seen that
the spectrum shape is similar in both model and full
scale, although certain deviations will be noted in the
frequency scaling, which can be attributed to wave
reflection at the hull or to differences in the cavitation
scaling assumptions.

If model tests cannot be undertaken or contemplated,
for whatever reason, it is still possible to make estimates
of the propeller noise based on previous measurements.
This type of prediction is, however, not as accurate as
that based on model tests, and it needs to be used with
great care as the values derived are based on histor-
ical data, sometimes quite old, and therefore may not
be strictly applicable. Typical of this type of method is
data on surface ship radiated noise spectra made during
the Second World War and reported in a compendium
issue by the US Office of Scientific Research and Devel-
opment in 1945. These measurements were based on
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Figure 10.12 Non-dimensional noise presented as L(K p) in 1/3-octave bands (mean RMS levels); Comparison of full-scale
data (filled symbols) with model data at three water velocities (open symbols) (Reproduced with permission from
Reference 15)

results from American, British and Canadian ranges,
and the results converted into source levels at 1 m rela-
tive to 1 µPa using a process with an error bound of
the order of 3 dB. This resulted in an expression for the
noise level Ls at a given frequency being defined by the
relationship

Ls = L′
s + 20(1 − log f ) 100 Hz < f < 10 kHz

(10.15)

where L′
s is the overall level measured in the band from

100 Hz to 10 kHz and f is the frequency in Hz.
Subsequent measurements made after the war on a

variety of cargo vessels and tankers showed that devi-
ations in the overall level L′

s occurred throughout much
of the spectrum of the order of 1 to 3 dB. Reanalysis
of the original measurements by Ross (Reference 16),
together with further more modern data, showed that the
term L′

s could be expressed as a function of the propeller
tip speed and blade number, and the use of the following
expression for ships over 100 m in length was proposed:

L′
s ≃ 175 + 60 log

UT

25
+ log

Z

4
(10.16)

where UT is the tip speed in the range 15 to 50 m/s
and Z is the number of cavitating blades. As a con-
sequence equations (10.15) and (10.16) can be used to
obtain an approximation for the noise spectrum referred
to a source level at 1 m.

The control of the noise emitted from a propeller can
be done either by attempting a measure of control by
redesign at the propeller blade surfaces or, assuming no
further design improvement is possible, by attempting

acoustic suppression through the vessel. Either of the
methods are applicable to the merchant service because
they are concerned with self-noise in the majority of
cases. In the naval applications the concern with radi-
ated noise frequently dictates that the source of the noise
is suppressed.

The suppression of the noise within the vessel is a
matter of calculating the noise paths through the ves-
sel and designing an appropriate suppression system: as
such this aspect lies outside the scope of this text and
reference should be made to documents such as Refer-
ences 17 and 18. Where it is required that the noise be
suppressed at source, this can be achieved by the con-
sideration of any one or a combination of the following
changes:

1. Re-design of the hull form to improve the wake field.
2. Change in radial distribution of skew.
3. Change in radial pitch distribution.
4. Adjustment of the general section profiles.
5. Changes to the leading edge and/or trailing edge

geometry.
6. Changes to the section chord lengths.

10.5 Transverse propulsion unit noise

Transverse propulsion units are recognized as a major
source of noise when they are in use for docking
manoeuvres. A unit of this type, as a source of noise,
is integrated into the hull structure rather than having
a fluid medium between it and the hull surface as in
the case of the propeller. In Chapter 14 the design of
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transverse propulsion units is discussed in some detail;
however, the prediction of the likely levels of noise from
these units is considered here.

A noise prediction method for controllable pitch units
developed by the Institute of Applied Physics, Delft
(Reference 19) is based on a large number of meas-
urements on board different types of ships. In essence
the noise emitted by the transverse propulsion unit is
defined as

Lp(PB, �θ, L/D, L ) = Lp0(PB, L0)

− Lp�(�θ, L/D, �L ) (10.17)

where Lp = level of noise predicted at the point of
interest (dBA).

Lp0 = base level of noise at full power (PB) in a
standard cabin located near the thruster on the tanktop
(L0).

Lp� = the change of noise level due to part load or
pitch (�θ), tunnel length/diameter ratio (L/D) and posi-
tion in ship (�L ) as defined by deck (Dκ) or frame
number (Fr).

From a regression analysis based on the results of
Reference 19 it was found that the base level of noise
in equation (10.17) can be defined by the following
relationship:

Lp0(PB, L0) = 108.013 − 7.074K + 10.029K2

+ (24.058 − 4.689K + 0.615K2)

× log10(PB) (10.17a)

where K = tunnel center line immersion ratio I/D with
K in the range 1 < K < 3.
PB = maximum continuous rating of the unit.

With regard to the change in noise level, Lp� can thus
be defined as

Lp�(�θ, L/D, �L ) = Lp(�θ) + Lp(L/D) + Lp(�L )

(10.17b)

in which

Lp(�θ) = 26.775 − 13.387 log10(�PB)

Lp(L/D) = −4.393 + 14.593 log10(L/D)

and

Lp(�L) = 10 exp[0.904827 + 0.968977 log10(Dκ)

− 0.348142(log10(Dκ))2]

+ 10 exp[−0.222330 − 0.126009(Dκ)

+ 0.007657(Dκ)2]Fr

where �PB = percentage MCR at which the unit is
working

L/D is in the range 1 < L/D < 10
Dκ is in the range 1 < Dκ < 5 (Dκ = 0 = tanktop)
Fr is in the range 1 < Fr < 50.
Clearly in using a formula of the type described by

equation (10.17), care needs to be exercised, particu-
larly in respect of the absolute accuracy; however, the

relationship does provide guidance as to the noise levels
that can be expected.

10.6 Measurement of radiated noise

The measurement of the radiated noise is an important
aspect of the trials of surface warships and submarines
in the context of sonar detection and torpedo navigation
systems. Furthermore, such trials form an important
stage in the development of future designs of vessels.
In addition to warships, certain specialist vessels such
as research ships also have a radiated noise control
requirement, and so benefit from noise emission trials.

Radiated noise measurements are conducted on noise
ranges especially constructed for the purpose. For the
purposes of the measurement two hydrophones should
be used: one directly under the track of the vessel and
another a distance to one side of the track – not less
than 100 m from the track. Water depth is important
and the hydrophone located on the vessel’s track should
not be at a depth of less than 20 m, and if the water depth
lies between 20 and 60 m then it should be planted on
the bottom. For regions where the depth is greater than
60 m, the hydrophone should be located at a depth from
the surface of one-third of the water depth. Furthermore,
the trial noise ranges must be selected so that the acous-
tic background levels are well below the likely levels of
the quietest machinery to be evaluated and the level of
bottom reflection is insignificant.

The purpose of the two hydrophones is different.
The one residing on the track of the vessel is primar-
ily intended for the detailed study of the noise spectra
over the frequency range 10 to 1200 Hz, whereas the
beam hydrophone looks at the wider frequency range of
10 to 80 000 Hz in connection with sonar detection and
torpedo acquisition risk. The performance characteris-
tics of the hydrophones are particularly important and
reference should be made to agreed codes of practice:
Reference 20 details the standardization agreement of
NATO for these purposes and also for the conduct of the
trials.

For the purposes of these trials, as in the case of
normal power absorption trials – Chapter 16, the ves-
sel needs to be maintained at steady conditions with
the minimum use of helm. Records of nominal speed,
actual speed, main engine and propeller shaft speeds,
propeller pitch, vibration characteristics and so on need
to be maintained during and prior to the trials to estab-
lish cavitation inception speeds of the propulsors. In
addition weather records need to be kept since weather
can have a considerable effect on the measured noise
spectrum – particularly if it is raining. Accurate shaft
rotational speeds and vibration spectra of the more
important main and auxiliary items of machinery are
also important measurements to be recorded. Where
large changes in operating draught occur the vessel
should also be ranged in at least the extreme operat-
ing conditions. Additionally it is also useful to measure,



by means of over-side measurements, the noise spectra
from the vessel when the ship is moored between buoys.

When undertaking noise range measurements it is
often desirable to make measurements on reciprocal
ship headings. When this is done and to ensure that the
ship conditions are as near the same as possible for both
runs on the range the turning of the ship at the ends of
the range should be done as gradually as possible in the
manner discussed in Chapter 17. Manoeuvres such as
Williamson Turns which were designed for life-saving
purposes should be avoided when turning the ship at
the end a particular run on a noise range; this is because
they significantly disturb the dynamic equilibrium of
the ship.

As well as the relatively simple measurement con-
figurations for noise measurement, more advanced
capabilities can also be deployed for more detailed
signature analysis purposes. Typical of these latter cap-
abilities are those located in Loch Goil and Loch Fyne
in Scotland.

In addition to the types of fixed location measure-
ment procedures already referenced, there is also a
portable buoy method which can be particularly useful
for making rapid measurements at sea in deep water.
The procedure is essentially to drop a sonar buoy in the
sea during relatively calm weather conditions and then,
knowing the position of the sonar buoy, travel back past
the buoy at the desired speed conditions at a known
distance-off. Then, knowing the co-ordinates and the
ship’s line of path it becomes a relatively simple matter
to derive a noise spectrum for the ship. Moreover, some
buoy-based methods have been calibrated against the
definitive range measurements, such as Loch Goil, and
the results found to compare favourably.
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The propeller and ship interact in a variety of ways.
This interaction is effected either through the coupling
between the shafting system and the vessel or via pres-
sure pulses transmitted through the water from the
propeller to the hull surface. The interaction forces
and moments can be considered to comprise both a
constant and a fluctuating component. The constant
components of the interaction originate from attributes
like propeller weight, inertia and the mean wake field,
whilst the fluctuating interactions derives principally
from the variations in the wake field generated by
the ship and within which the propeller has to oper-
ate. The main exception to the wake field being the
source of the fluctuating interaction is where signifi-
cant propeller out-of-balance forces and moments are
present.

For convenience of discussion propeller–ship inter-
action can be considered in two separate categories.
The first comprises the forces and moments transmitted
through the shafting system, frequently termed, some-
what loosely, ‘bearing forces’, and the second consists
of the forces experienced by the ship that are transmitted
through the water in the form of pressure pulses; these
being termed ‘hydrodynamic forces’. These two classes
of interaction will, therefore, be considered separately
as follows.

11.1 Bearing forces

The loadings experienced by the vessel which come
under the heading of bearing forces are listed under
generalized headings in Table 11.1 It will be seen that
they form a series of mechanical and hydrodynami-
cally based forces and moments, all of which are either
reacted at the bearings of the shafting system or change
the vibratory properties of the shafting system in some
way: for example, by altering the inertia or mass of
the system. In the case of bearing reactions, the pro-
peller generated forces and moments are supported by
the lubrication film in the bearings, which itself is sup-
ported by the mechanical structure of the bearings and
their seatings. As a consequence, in the analysis of
marine shafting systems it is important also to recog-
nize that, in addition to the influence of the propeller,
the stiffness and damping of the lubrication film in the
bearings can have important effects in terms of shafting
response (Reference 1).

Table 11.1 Propeller bearing forces

Propeller weight and centre of gravity
Dry propeller inertia
Added mass, inertia and damping
Propeller forces and moments
Out-of-balance forces and moments

11.1.1 Propeller weight

The weight of a propeller requires to be calculated
for each marine installation and is usually presented
by manufacturers in terms of its dry weight. The dry
weight, as its name implies, is the weight of the propeller
in air, whilst the weight reacted by the shafting when the
vessel is afloat is somewhat less, due to theArchimedean
upthrust resulting from the displacement of the water by
the volume of the propeller. Hence the effective weight
of the propeller experienced by the ship’s tail shaft is

WE = WD − U (11.1)

where WE is the effective propeller weight
WD is the weight of the propeller in air
U is the Archemedean upthrust.

The dry weight of the propeller WD, which represents
a constant downward force by its nature unless any out of
balance occurs, is calculated from the propeller detailed
geometry. This calculation is carried out in two parts;
first the blade weight including an allowance for fillets,
and in the case of a controllable pitch propeller the blade
palm also, and secondly the calculation of the weight of
the propeller boss or hub.

The blade weight calculation is essentially performed
by means of a double integration over the blade form.
The first integration evaluates the area of each helicoidal
section by integration of the section thickness distri-
bution over the chord length. Hence for each helical
section the area of the section is given by

Ax = c

∫ 1

0
t(xc)d xc (11.2)

where xc is the non-dimensional chordal length
t(xc) is the section thickness at each chordal

location
c is the section chord length
Ax is the section area at the radial position

x = r/R.

This integration can most conveniently be accom-
plished in practice by a Simpson’s numerical integration
over about eleven ordinates, as shown in Figure 11.1.
Whilst this procedure will give an adequate estimate of
the section areas for most detailed purposes, it is often
useful to be able to bypass this stage of the calculation
for quick estimates. This can be done by defining an
area coefficient CA which derives from equation (11.2)
as follows:

CA = Ax

ctmax
(11.3)

where tmax is the section maximum thickness.

The area coefficient is the ratio of the section area
to the rectangle defined by the chord length and section
maximum thickness. Table 11.2 gives a typical set of CA
values for fixed and controllable pitch propellers which
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Figure 11.1 Calculation of blade volume and centroid

Table 11.2 Approximate section area coefficient values

Non-dimensional Area coefficient CA
radius
x = r/R Fixed pitch Controllable pitch

0.95 0.78 0.78
0.90 0.74 0.74
0.80 0.72 0.72
0.70 0.71 0.71
0.60 0.71 0.71
0.50 0.71 0.71
0.40 0.70
0.30 0.70 Fair to 0.8 at hub
0.20 0.69 radius

may be used for estimates of the section area Ax using
equation (11.3).

The second integration to be performed is the radial
quadrature of the section areas Ax between the boss,

or hub radius, and the propeller tip. This integration
gives the blade volume for conventional blade forms as
follows:

V ′ =
∫ R

rh

Ax dr (11.4)

Again this integration can best be performed numer-
ically using a Simpson’s procedure as shown in
Figure 11.1. Additionally the radial location of the cen-
tre of gravity of the blade can also be estimated for
conventional blades by the incorporation of a series of
moment arms, also shown in Figure 11.1.

For non-conventional blade forms it is advisable to
evaluate these parameters by means of higher-order
geometric definition and interpolation coupled with
numerical integration procedures.

The blade volume V ′ calculated from equation (11.4)
needs to be corrected for the additional volume of the
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blade fillets and a factor of the order of 2 to 5 per cent
would be reasonable for most cases. The weight of the
blades can then be determined from

Wb = ̺mZV (11.5)

where Z is the number of blades
̺m is the material density
V is the volume of one blade corrected for the

fillets.

For the controllable pitch propeller the blade weight
Wb is further corrected for the weight of the blade palm,
the evaluation of which is dependent upon the specific
geometry of the palm. The dry propeller weight WD is
the sum of the blade weights and the boss or hub weight.
In the case of the fixed pitch propeller the boss weight
can normally be best calculated from approximating the
boss form by a series of concentric annular cylinders or
by the first theorem of Guldemus (i.e. volume = area
times the distance travelled by its centroid). For the
controllable pitch propeller the calculation of the hub
weight is a far more complex matter since it involves
the computation of the weights of the various internal
and external components of the hub and the oil present
in the hub: thus each hub has to be treated on its own
particular merits.

The resulting dry weight of the propeller WD is then
given by

WD = Wb + WH (11.6)

where WH is the boss or hub weight.

TheArchimedean upthrust U is readily calculated for
the blades and the boss of a fixed pitch propeller as

U = ̺

̺m
WD

where ̺ is the density of the water and it is assumed
that the boss is a homogeneous solid mass, such as
might be experienced with an oil injection fitted pro-
peller, in contrast to a conventional key fitted boss with

Table 11.3 Calculation of moment of inertia of a blade

x Ax SM Ax × SM 1st moment Ax × SM × 1st 2nd M.A. Ax × SM × 2nd
arm M.A. M.A.

1.0 A1.0 1/2 A1.0/0.5 0 0 0 0
x2 Ax2 2 2Ax2 1 2Ax2 1 2Ax2

x3 Ax3 1 Ax3 2 2Ax3 2 4Ax3

x4 Ax4 2 2Ax4 3 6Ax4 3 18Ax4

x5 Ax5 1 Ax5 4 4Ax5 4 16Ax5

x6 Ax6 2 2Ax6 5 10Ax6 5 50Ax6

x7 Ax7 1 Ax7 6 6Ax7 6 36Ax7

x8 Ax8 2 2Ax8 7 14Ax8 7 98Ax8

x9 Ax9 1 Ax9 8 8Ax9 8 64Ax9

x10 Ax10 2 2Ax10 9 18Ax10 9 162Ax10

xh Axh
1/2 Axh/0.5 10 5Axh

10 50Axh

∑

1 = _______
∑

2 = _______
∑

3 = _______

a lightning chamber. Hence from equation (11.1) the
effective weight WE of the propeller is given by

WE = WD

[

1 − ̺

̺m

]

(11.7)

Since for sea water and nickel aluminium bronze the
ratio ̺/̺m is about 0.137, it can be seen that the upthrust
is about one-seventh of the dry propeller weight.

In the case of the controllable pitch propeller equa-
tion (11.7) does not apply since the hub weight WH
in equation (11.6) is the sum of the internal weights
and not derived from a homogeneous mass; similarly
for the fixed pitch propeller with the non-homogeneous
boss. As a consequence the upthrust derives from the
following rewrite of the upthrust equation:

U = ̺

̺m
WB + ̺VH

where VH is the external volume of the propeller hub.

11.1.2 Dry propeller inertia

The evaluation of the dry propeller inertia is in effect
an extension of the calculation procedure outlined in
Figure 11.1. At its most fundamental the mechanical
inertia is the sum of all of the elemental masses in
the propeller multiplied by the square of their radii of
gyration. This, however, is not a particularly helpful
definition in calculating the inertia of a propeller.

For many practical purposes it is sufficient for con-
ventional propellers to extend the table shown by
Figure 11.1 to that shown by Table 11.3. From this table
the moment of inertia of a blade can be estimated about
the blade tip from the following equation:

ITip = 2

3

∑

3

(

R − rh

10

)3

and by using the parallel axes theorem of applied
mechanics the moment of inertia of the blade can be
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deduced about the shaft centre line as

IOX = ̺mk

[

ITip − 2

3

∑

1
(R − rh){l2

gt − l2
g0

}
]

(11.8)

where ̺m is the density of the material
lgt is the distance of the centroid from the

blade tip
lg0 is the distance of the centroid from the shaft

centre line
k is the allowance for the fillets.

For a fixed pitch propeller, the estimation of the boss
inertia is relatively straightforward, since it can be
approximated by a series of concentric cylinders to
derive the inertia IH about the shaft centre line. In the
case of the controllable pitch propeller hub, the con-
tribution of each component of IH has to be estimated
separately. When this has been done the dry moment of
inertia of the propeller can be found as follows:

IO = IH + ZIOX (11.9)

11.1.3 Added mass, inertia and damping

When a propeller is immersed in water the effective
mass and inertia characteristics of the propeller when
vibrating as part of a shafting system change due to the
presence of water around the blades. In addition, there is
also a damping term to consider deriving from the
propeller’s vibration in water. This mode of vibration
considers the global properties of the propeller as a
component of the line shafting, and so is a vibratory
behaviour distinct from the individual vibration of the
blades which is discussed separately in Chapter 21.

The global vibrational characteristics of a propeller
are governed by two hydrodynamic effects. The first is
that the propeller is excited by variations of hydrody-
namic loading due to its operation in a non-uniform
wake field. The second is a reaction loading caused
by the vibrational behaviour of the propeller, which
introduces a variation in the section angle of attack,
which in turn produces variations to the hydrodynamic
reaction load. Now for a metal propeller provided the
variations in angle of attack are small, the vibratory
loading can be considered to vary linearly, and the
principle of superposition applied, which means that
independent evaluations of the excitation load and reac-
tion load are possible. This is unlikely to be the case for
a composite propeller. As a consequence, to derive the
excitation load caused by a metal propeller working in
a wake field in the absence of any vibrational motion,
only the steady state rotation of the propeller is con-
sidered. To derive the reaction loading the propeller
is considered to be a rigid body vibrating in a homo-
geneous steady flow. Since the forces and moments
generated by a vibrating propeller are assumed to vary
linearly with the magnitude of the vibratory motion the

forces and moments can be determined per unit motion,
and so are termed propeller coefficients, whose magni-
tude can be determined either by calculation from lifting
surface or vortex lattice methods or by experiment.

In general terms a propeller vibrates in the six rigid
body modes defined in Figure 11.2, where δi and φi

refer to the displacements and rotations respectively.
Assuming that the propeller vibrates as a rigid body and
operates in a non-homogeneous wake field the conse-
quent vibratory component of lift gives rise to forces Fi

and moments Qi about the Cartesian reference frame.
Now as the propeller is vibrating in water, it experi-
ences the additional hydrodynamic force and moment
loadings fi and qi due to its oscillating motion: these
additional terms give rise to the added mass and damp-
ing coefficients. Because of the linearizing assumption,
these forces and moments can be considered as deriv-
ing from the propeller’s vibratory motion in a uniform
wake field, and the equation of motion for the vibrating
propeller can be written as

M ẍ = fe + fH + fS (11.10)

where x, f e, fH and fS are the displacement, excitation,
additional hydrodynamic force and the external excita-
tion (e.g. shaft forces and moments from the engine and
transmission) vectors respectively given by

x = [δx, δy, δz , φx, φy, φz]T

fe = [Fx, Fy, Fz , Qx, Qy, Qz]T

fH = [ fx, fy, fz , qx, qy, qz]T

and the propeller mass matrix M is the diagonal matrix

M =

⎡

⎢

⎢

⎢

⎢

⎢

⎢

⎣

m 0 0 0 0 0
0 m 0 0 0 0
0 0 m 0 0 0
0 0 0 Ixx 0 0
0 0 0 0 Iyy 0
0 0 0 0 0 Izz

⎤

⎥

⎥

⎥

⎥

⎥

⎥

⎦

in which Iyy = Izz since they are the diametral mass
moments of interia, Ixx is the polar moment about the
shaft axis and m the mass of the propeller.

Now the additional hydrodynamic force vector fH

depends upon the displacements, velocities and accel-
erations of the propeller, and so can be represented by
the relationship from classical vibration theory as

fH = −Maẍ − Cpẋ − Kpx (11.11)

in which the matrices Ma and Cp are the added mass
and damping matrices respectively and Kp is a stiffness
matrix depending upon the immersion of the propeller.
If the propeller is fully immersed, then the matrix Kp = 0
and need not be considered further: this would not be
the case, for example, with a surface piercing propeller.
As a consequence, equation (11.11) can be simplified to

fH = −Maẍ − Cpẋ (11.11(a))
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Figure 11.2 Propulsion shafting vibration parameters

Now by combining equations (11.11(a)) and (11.10) the
resulting equation of motion for the propeller is derived:

[M + Ma]ẍ + Cpẋ − fS = fe (11.12)

The forms of the matrices Ma and Cp are identical, each
having a full leading diagonal of linear and rotational
terms with a set of non-diagonal coupling terms. The
added mass matrix has the form

Ma =

⎡

⎢

⎢

⎢

⎢

⎢

⎢

⎢

⎣

m11 0 0 m41 0 0

0 m22 −m32 0 m52 −m62

0 m32 m22 0 m62 m52

m41 0 0 m44 0 0

0 m52 −m62 0 m55 −m65

0 m62 m52 0 m65 m55

⎤

⎥

⎥

⎥

⎥

⎥

⎥

⎥

⎦

(11.13)

From this matrix it can be seen that several of
the terms, for example m22 and m33, have identi-
cal values, and hence this represents the simplest
form of interactions between orthogonal motions.
The matrix, as can be seen, is symmetrical, with
the exception of four sign changes which result
from the ‘handedness’ of the propeller. An alterna-
tive form of the matrix in equation (11.13) which
demonstrates the physical meaning of the terms
in relation to Figure 11.2 can be seen in equa-
tion (11.13(a)). In addition the physical correspondence

of the terms is also revealed by this comparison:

Ma =

⎡

⎢

⎢

⎢

⎢

⎢

⎢

⎣

Fx/δ̈x 0 0 Fx/φ̈x 0 0

0 Fy/δ̈y −Fy/δ̈z 0 Fy/φ̈y −Fy/φ̈z

0 Fz/δ̈y Fz/δ̈z 0 Fz/φ̈y Fz/φ̈z

Mx/δ̈x 0 0 Mx/φ̈x 0 0

0 My/δ̈y −My/δ̈z 0 My/φ̈y −My/φ̈z

0 Mz/δ̈y Mz/δ̈z 0 Mz/φ̈y Mz/φ̈z

⎤

⎥

⎥

⎥

⎥

⎥

⎥

⎦

(11.13(a))

Similarly for the damping matrix Cp the same compari-
son can be made as follows:

Cp =

⎡

⎢

⎢

⎢

⎢

⎢

⎢

⎢

⎢

⎣

c11 0 0 c41 0 0

0 c22 −c32 0 c52 −c62

0 c32 c22 0 c62 c52

c41 0 0 c44 0 0

0 c52 −c62 0 c55 −c65

0 c62 c52 0 c65 c55

⎤

⎥

⎥

⎥

⎥

⎥

⎥

⎥

⎥

⎦

=

⎡

⎢

⎢

⎢

⎢

⎢

⎢

⎢

⎢

⎣

Fx/δ̇x 0 0 Fx/φ̇x 0 0

0 Fy/δ̇y −Fy/δ̇z 0 Fy/φ̇y −Fy/φ̇z

0 Fz/δ̇y Fz/δ̇z 0 Fz/φ̇y Fz/φ̇z

Mx/δ̇x 0 0 Mx/φ̇x 0 0

0 My/δ̇y My/δ̇z 0 My/φ̇y My/φ̇z

0 My/δ̇y Mz/δ̇z 0 Mz/φ̇y Mz/φ̇z

⎤

⎥

⎥

⎥

⎥

⎥

⎥

⎥

⎥

⎦

(11.14)



270 Marine propellers and propulsion

When considering the vibratory characteristics of the
propulsion shafting the coefficients in equations (11.13)
an (11.14) need careful evaluation and it is insufficient
to use arbitrary values, for example 0.25 times the polar
dry inertia for m44 in equation (11.13), as many of these
parameters vary considerably with differences in pro-
peller design. Six added mass and damping terms are
needed for coupled torsional axial motion, and these are

{m11, m44, m41, c11, c44 and c41}
Alternatively
{

Fx

δ̈x

,
Mx

φ̈x

,

(

Fx

φ̈x

= Mx

δ̈x

)

,
Fx

δ̇x

,
Mx

φ̇x

,

(

Fx

φ̇x

= Mx

δ̇x

)}

For lateral motion of the shafting system twelve terms
are needed, which can be separated into two groups. The
first group is where the forces and moments in the lateral
directions are in the same direction as the motion:

{m22, m55, m52, c22, c55 and c52}
that is,
{(

Fy

δ̈y

= Fy

δ̈z

)

,

(

My

φ̈y

= Mz

φ̈z

)

,

(

Fy

φ̈y

= Fz

φ̈z

= My

δ̈y

= Mz

δ̈z

)

,

(

Fy

δ̇y

= Fz

δ̇z

)

,

(

My

φ̇y

= Mz

φ̇z

)

and

(

Fy

φ̇y

= Fz

φ̇z

= My

δ̇y

= Mz

δ̇z

)}

and the second group has forces and moments in the
lateral directions which are normal to the direction of
motion:

{m32, m65, m62, c32, c65 and c62}
that is,
{(

Fy

δ̈z

= Fz

δ̈y

)

,

(

My

φ̈z

= Mz

φ̈y

)

,

(

Fy

φ̈z

= Fz

φ̈y

= My

δ̈z

= Mz

δ̈y

)

,

(

Fy

δ̇z

= Fz

δ̇y

)

,

(

My

φ̇z

= Mz

φ̇y

)

and

(

Fy

φ̇z

= Fz

φ̇y

= My

δ̇z

= Mz

δ̇y

)}

In the past considerable research efforts have been
devoted to determining some or all of these coeffi-
cients. In the early years, the added axial mass, polar
entrained inertia and the corresponding damping coef-
ficients were the prime candidates for study (i.e. m11,
m44, c11 and c44). However, latterly all of the coeffi-
cients have been studied more easily due to the advent
of modern analytical and computational capabilities.
Whilst a knowledge of these components is a prerequis-
ite for shafting system analysis, it must be emphasized

that they should be applied in conjunction with the cor-
responding coefficients for the lubrication films in the
bearings, particularly the stern tube bearing, as these are
known to have a significant effect on the shaft vibration
characteristics in certain circumstances.

Archer (Reference 2) in attempting to solve marine
shafting vibration problems considered the question of
torsional vibration damping coefficient, c44. Archer
derived an approximation based on the open water char-
acteristics of the Wageningen B-screw series as they
were presented at that time. He argued that when tor-
sional vibration is present the changes in rotational
speed of the shaft are so rapid and the inertia of the
ship so great that they can be regarded as taking place
at constant advance speed. This implies that the pro-
peller follows a law in which the torque Q and rotational
speed n are connected by a law of the form Q ∝ nr ,
where r > 2. If such a relation is assumed to hold over
the range of speed variation resulting from the torsional
vibration of the propeller, then by differentiating at a
constant speed of advance Va

∂Q

∂ω

∣

∣

∣

∣

Va=const.
= 1

2π

∂Q

∂n

∣

∣

∣

∣

Va=const.
= K

where K , the propeller damping coefficient, is a con-
stant. Hence

K = 1

2π

∂

∂n
(bnr)

where b is constant, and

K = a
Q

N

where a is constant and equal to 9.55r.

Now by taking KQ = f (J ), Archer derived an expres-
sion for the index r as:

r =
[

2 − J (dKQ/d J )

KQ

]

which can be solved by appeal to the appropriate open
water torque characteristic of the propeller under con-
sideration. To this end, Archer gives a series of some
nine diagrams to aid solution.

Lewis and Auslander (Reference 3) considered the
longitudinal and torsional motions of a propeller, and as
a result of conducting a series of experiments, supported
by theory, derived a set of empirically based formulae
for the entrained polar moment of inertia, the entrained
axial mass both with and without rotational constraint,
and a coupling inertia factor.

Burrill and Robson some two years later (Reference
4) again considered this problem and produced a method
of analysis – again based on empirical relations, albeit
supported by a background theory – which has found
favour for many years in some areas of the propeller
manufacturing and consultancy industry. The basis of
the Burrill and Robson approach was the derivation of
experimental coefficients for a series of some forty-nine
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Table 11.4 Derivation of Burrill blade form parameters for entrained inertia and mass

x = r/R p θ = tan−1 ( p/2πr) (cx sin θ)2 SM (SM × (cx sin θ)2) (c cos θ)2 SM (SM × (c cos θ)2)

0.250 p1 θ1 1/2 1/2
0.375 p2 θ2 2 2
0.500 p3 θ3 1 1
0.625 p4 θ4 2 2
0.750 p5 θ5 1 1
0.875 p6 θ6 2 2
1.000 p7 θ7 1/2 1/2

∑

1 = ______________ =
∑

A = ______________

16 in. propellers which were subject to torsional and
axial excitation. To apply this approach to an arbitrary
propeller design Burrill generalized the procedure as
shown in Table 11.4.

From which the entrained inertial Ie about the shaft
axis, equivalent to the m44 term in equation (11.13), can
be estimated as

Ie = π̺

48
ZKIR

3
∑

1
(11.15)

Similarly, for the axial entrained mass ma, equivalent to
m11 in equation (11.13),

ma = π̺

48
ZKAR

∑

A
(11.16)

From Table 11.4 it can be seen that the blade form
parameters

∑

I and
∑

A are the result of two integrations
radially along the blade. The empirical factors KA and
KI are given in Table 11.5.

An analysis of the hydrodynamic coefficients based
on unsteady propeller theory was undertaken by Schwa-
necke (Reference 5). This work resulted in the produc-
tion of a set of calculation factors based on principal
propeller dimensions such as blade area ratio, pitch
ratio and blade number. The equations derived by
Schwanecke are as follows:

(A) Added mass coefficients

m11 = 0.2812
π̺D3

Z

(

Ae

Ao

)2

kg s2/m

m22 = m33 = 0.6363
̺D3

πZ

(

P

D

)2 (
Ae

Ao

)2

kg s2/m

m44 = 0.0703
̺D5

πZ

(

P

D

)2 (
Ae

Ao

)2

kp s2m

m55 = m66 = 0.0123
π̺D5

Z

(

Ae

Ao

)2

kp s2 m

m41 = −0.1406
̺D4

Z

(

P

D

)(

Ae

Ao

)2

kp s2

Table 11.5 The Burrill and Robson KA and K I factors

BAR
Z

KI KA

0.11 0.893 0.969
0.12 0.845 0.920
0.13 0.805 0.877
0.14 0.772 0.841
0.15 0.741 0.808
0.16 0.714 0.773
0.17 0.691 0.750
0.18 0.670 0.725
0.19 0.650 0.702
0.20 0.631 0.691
0.21 0.611 0.660
0.22 0.592 0.639
0.23 0.573 0.619
0.24 0.555 0.600
0.25 0.538 0.582
0.26 0.522 0.564
0.27 0.506 0.546
0.28 0.490 0.529
0.29 0.476 0.512
0.30 0.462 0.498
0.31 0.448 0.484
0.32 0.435 0.470
0.33 0.423 0.457
0.34 0.412 0.444
0.35 0.400 0.432
0.36 0.398 0.420

m52 = 0.0703
̺D4

Z

(

P

D

)(

Ae

Ao

)2

kp s2

m62 = 0.0408
̺D4

Z2

(

P

D

)(

Ae

Ao

)3

kp s2

m65 = 0.0030
π̺D5

Z2

(

Ae

Ao

)3

kp s2 m

(B) Damping coefficients

c11 = 0.0925π̺ωD3
(

Ae

Ao

)

kp s/m

c22 = c33 = 0.1536
̺ωD2

π

(

P

D

)2 (
Ae

Ao

)

kp s/m
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c44 = 0.0231
̺ωD5

π

(

P

D

)2 (
Ae

Ao

)

kp s m

c55 = c66 = 0.0053π̺ωD5
(

Ae

Ao

)

kp s m

c41 = −0.0463̺ωD4
(

P

D

)(

Ae

Ao

)

kp s

c52 = 0.0231̺ωD4
(

P

D

)(

Ae

Ao

)

kp s

c62 = 0.0981
̺ωD4

Z

(

P

D

)(

Ae

Ao

)2

kp s

c65 = 0.0183
π̺ωD5

Z

(

Ae
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)2

kp s m

c35 = 0.1128
̺ωD4

Z

(

P
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)2

kp s

With regard to the damping coefficients, Schwaneke
draws a distinction between the elements C26 and C35
which is in contrast to some other contemporary works.

The foregoing discussion relates specifically to fixed
pitch propellers and the dependency on pitch is clearly
evident in all of the formulations. Clearly, therefore, a
controllable pitch propeller working at a reduced off-
design pitch setting has a lower entrained inertia than
when at design pitch. Van Gunsteren and Pronk (Ref-
erence 6) suggested a reduction, of the order of that
shown in Table 11.6, based on results from a series of
controllable pitch propellers.

The provision of a reliable data base of either theoret-
ical or experimental results has always been a problem in
attempting to correlate the calculations of the elements
of the matrices defined in equations (11.13) and (11.14)
with experimental data. Experimental data, either at full
or model scale, is difficult to obtain, and only limited
data is available – notably the work of Burrill and
Robson (Reference 4). Hylarides and van Gent (Ref-
erence 7), however, attempted to rectify this problem
to some extent from the theoretical viewpoint by con-
sidering calculations based on a number of propellers
from the Wageningen B-Screw series. The calculations
were based on unsteady lifting surface theory for four-
bladed propellers of the series in order to derive the
coefficients shown in Table 11.7. Examination of this

Table 11.6 Typical reduction in entrained inertia at
off-design pitch settings

Percentage of design 0 20 40 60 80 100
pitch setting

Percentage of entrained 4 5 15 36 66 100
polar moment (m44)
at design pitch

table clearly shows the fallacy, noted earlier, of using
fixed percentages in vibration calculations for rigorous
shafting behaviour analysis purposes.

Parsons and Vorus (Reference 8) using the work of
Hylarides and van Gent as a basis, investigated the
correlation that could be achieved by calculating the
added mass and damping estimates from lifting sur-
face and lifting line procedures. In addition they also
examined the implications of changing the blade skew
from the standard B screw series design, as well as
that of changing the vibration frequency. Their work
resulted in a series of regression based formula based on
the Wageningen-B screw series geometry and suitable
for initial design purposes. These regression equations,
which are based on a lifting line formulation, have
the form
{

mij

cij

}

= C1 + C2(AE/AO) + C3(P/D) + C4(AE/AO)2

+ C5(P/D)2 + C6(AE/AO)(P/D) (11.17)

The coefficients C1 to C6 are given in Tables 11.8 to
11.11 for the four-, five-, six-, and seven-bladed
Wageningen B series propellers respectively. The range
of application of equation (11.17) is for expanded area
ratios in the range 0.5 to 1.0 and pitch ratios in the
range 0.6 to 1.2. Parsons and Vorus also developed a
set of lifting surface corrections which can be applied
to equation (11.17) to improve the accuracy of the esti-
mate, and these are given by Table 11.12. In Table 11.12
the blade aspect ratio AR is given by

AR = 0.22087Z

AE/AO

where Z is the blade number. The corrections given
by Table 11.12 are introduced into equation (11.17) as
follows:
{

mij

cij

}

Lifting
surface

=
{

mij

cij

}

eqn (11.7)
× LSC (11.18)

11.1.4 Propeller forces and moments

The mean and fluctuating forces and moments produced
by a propeller working in the ship’s wake field have to be
reacted at the bearings, and therefore form a substantial
contribution to the bearing forces. In the early stages of
design the main components of the force Fx and moment
Mx (Figure 11.3) are calculated from open water pro-
peller data assuming a mean wake fraction for the ves-
sel. However, as the design progresses and more of the
detailed propeller geometry and structure of the wake
field emerge, then more refined estimates must be made.

The effective thrust force of a propeller is seldom, if
ever, directed along the shaft axis. This is due to the
effects of the wake field and/or the shaft inclination rel-
ative to the flow (see Chapter 6). In general the line of
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action of the effective thrust force will be raised above
the shaft axis as a direct result of the slower water veloc-
ities in the upper part of the propeller disc. Furthermore,
due to the effects of the tangential velocity components,
the effective thrust force is unlikely to lie on the plane of
symmetry of the axial wake field. The thrust eccentri-
city eT(t) is the distance from the shaft centre-line to the
point through which the effective thrust force acts. Thus
it has two components, one in the thwart ship direction
eTy(t) and the other in the vertical direction eTz(t) such
that,

e2
T(t) = e2

Ty(t) + e2
Tz(t) (11.19)

Equation (11.19) also underlines the functionality of
the thrust eccentricity with time (t) since as each blade
rotates around the propeller disc it is continuously
encountering a different inflow field and hence the
moments and forces are undergoing a cyclic change in
their magnitude. In Chapter 5, it was seen that the wake
field could be expressed as the sum of a set of Fourier
components. Since the blade sections operate wholly

Table 11.7 Dimensionless values of the propeller coefficients

Propeller B4-40-50 B4-40-80 B4-40-120 B4-70-50 B4-70-80 B4-70-120 B4-100-50 B4-100-80 B4-100-120
type

AE/AO 0.40 0.40 0.40 0.70 0.70 0.70 1.00 1.00 1.00
P/D 0.50 0.80 1.20 0.50 0.80 1.20 0.50 0.80 1.20

Axial vibrations

Fx/δ̇x −6.24 10−1 −5.95 10−1 −5.42 10−1 −8.37 10−1 −7.27 10−1 −6.30 10−1 −8.53 10−1 −6.71 10−1 −6.12 10−1

Fx/δ̈x −2.91 10−2 −2.74 10−2 −2.31 10−2 −8.37 10−2 −7.34 10−2 −6.01 10−2 −1.34 10−1 −1.18 10−1 −9.68 10−2

Fx/φ̇x 4.96 10−2 7.58 10−2 1.04 10−1 6.66 10−2 9.26 10−2 1.20 10−1 5.82 10−2 8.54 10−2 1.17 10−1

Fx/φ̈x 2.31 10−3 3.48 10−3 4.42 10−3 6.66 10−3 9.34 10−3 1.15 10−2 1.07 10−2 1.50 10−2 1.85 10−2

Mx/δ̇x 4.96 10−2 7.58 10−2 1.04 10−1 6.66 10−2 9.26 10−2 1.20 10−1 5.82 10−2 8.54 10−2 1.17 10−1

Mx/δ̈x 2.31 10−3 3.48 10−3 4.42 10−3 6.66 10−3 9.34 10−3 1.15 10−2 1.07 10−2 1.50 10−2 1.85 10−2

Mx/φ̇x −3.95 10−3 −9.65 10−3 −1.98 10−2 −5.30 10−3 −1.18 10−2 −2.30 10−2 −4.63 10−3 −1.09 10−2 −2.23 10−2

Mx/φ̈x −1.84 10−4 −4.43 10−4 −8.44 10−4 −5.30 10−4 −1.19 10−3 −2.19 10−3 −8.48 10−4 −1.91 10−3 −3.53 10−3

Transverse vibrations, loads and motions parallel

Fy/δ̇y −2.69 10−2 −5.56 10−2 −1.12 10−1 −3.67 10−2 −7.01 10−2 −1.42 10−1 −5.11 10−2 −8.15 10−2 −1.62 10−1

Fy/δ̈y −1.72 10−3 −3.56 10−3 −5.97 10−3 −3.94 10−3 −8.66 10−3 −1.51 10−2 −4.02 10−3 −1.46 10−2 −2.57 10−2

Fy/φ̇y −2.38 10−2 −3.55 10−2 −5.02 10−2 −2.92 10−2 −4.41 10−2 −6.33 10−2 −3.90 10−2 −5.28 10−2 −7.31 10−2

Fy/φ̈y −1.35 10−3 −1.93 10−3 −2.33 10−3 −3.04 10−3 −4.67 10−3 −5.89 10−3 −4.95 10−3 −7.89 10−3 −1.01 10−2

My/δ̇y −2.60 10−2 −3.64 10−2 −5.06 10−2 −3.18 10−2 −4.40 10−2 −6.28 10−2 −4.36 10−2 −5.23 10−2 −7.17 10−2

My/δ̈y −1.31 10−3 −1.88 10−3 −2.28 10−3 −3.12 10−3 −4.64 10−3 −5.82 10−3 −5.06 10−3 −7.86 10−3 −9.97 10−3

My/φ̇y −3.51 10−2 −3.26 10−2 −3.09 10−2 −3.88 10−2 −3.79 10−2 −3.71 10−2 −4.90 10−2 −4.44 10−2 −4.20 10−2

My/φ̈y −1.66 10−3 −1.51 10−3 −1.27 10−3 −3.74 10−3 −3.58 10−3 −3.12 10−3 −5.96 10−3 −5.90 10−3 −5.21 10−3

Transverse vibrations, loads and motions naturally perpendicular

Fz/δ̇y 2.65 10−3 2.23 10−3 2.97 10−3 4.77 10−3 9.99 10−4 9.27 10−4 1.77 10−2 5.26 10−3 2.30 10−3

Fz/δ̈y 6.18 10−5 −6.45 10−5 −8.26 10−5 2.96 10−4 1.42 10−5 1.81 10−6 5.74 10−4 5.50 10−5 −2.14 10−5

Fz/φ̇y 1.23 10−2 1.24 10−2 1.63 10−2 1.62 10−2 1.70 10−2 2.76 10−2 2.70 10−2 2.52 10−2 4.20 10−2

Fz/φ̈y 4.19 10−4 2.75 10−4 7.45 10−5 1.13 10−3 8.79 10−4 5.56 10−4 1.80 10−3 1.49 10−3 1.05 10−3

Mz/δ̇y −6.22 10−3 −6.07 10−3 −4.21 10−3 −5.33 10−3 −6.10 10−3 −1.27 10−3 −1.40 10−3 −4.88 10−3 3.71 10−3

Mz/δ̈y −4.79 10−4 −5.27 10−4 −4.91 10−4 −9.11 10−4 −1.06 10−3 −1.01 10−3 −1.41 10−3 −1.67 10−3 −1.57 10−3

Mz/φ̇y 3.51 10−3 2.64 10−3 3.83 10−3 6.09 10−3 5.18 10−3 9.44 10−3 1.13 10−2 8.91 10−3 1.64 10−2

Mz/φ̈y −1.01 10−4 −1.53 10−4 −1.89 10−4 6.19 10−6 −1.53 10−4 −2.52 10−4 −1.74 10−5 −1.99 10−4 −3.37 10−4

within this wake field the cyclic lift force generated by
the sections and the components of this force resolved
in either the thrust or torsional directions can also be
expressed as the sum of Fourier series expansions:

F(t) = F(0) +
n
∑

k=1
F(k) cos(ωt + φk )

and

M (t) = M(0) +
n
∑

k=1
M(k) cos(ωt + φk )

⎫

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎭

(11.20)

Hence the resulting forces and moments can all be
expressed as a mean component plus the sum of a set of
harmonic components. In the case of high shaft inclin-
ations the movement of the effective thrust force can be
considerable in the athwart direction (see Chapter 6).
In such cases the term thrust eccentricity can also apply
to that direction. Whilst the discussion, for illustration
purposes, so far has centred on the thrust force, a simi-
lar set of arguments also applies to the shaft torque and
the other orthogonal forces and moments.
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Table 11.8 Regression equation coefficients for B4 propellers (E ± N = ×10±N) (taken from Reference 8)

Parameter C1 C2 C3 C4 C5 C6

Component

Torsional/axial
m44 0.30315E−2 −0.80782E−2 −0.40731E−2 0.34170E−2 0.43437E−3 0.99715E−2
m41 0.12195E−2 0.17664E−1 −0.85938E−2 −0.23615E−1 0.94301E−2 −0.26146E−1
m11 −0.62948E−1 0.17980 0.58719E−1 0.17684 −0.21439E−2 −0.15395
c44 −0.35124E−1 0.81977E−1 0.32644E−1 −0.41863E−1 0.60813E−2 −0.37170E−1
c41 0.13925 −0.48179 −0.14175 0.27711 −0.94311E−2 0.17407
c11 0.32017 0.29375E+1 −0.90814 −0.19719E+1 0.53868 −0.65404

Lateral:parallel
m55 −0.26636E−2 0.61911E−2 0.26565E−2 0.77133E−2 −0.66326E−3 −0.40324E−2
m52 −0.19644E−2 −0.47339E−2 0.45533E−2 0.89144E−2 −0.44606E−2 0.11823E−1
m22 0.17699E−1 −0.59698E−1 −0.18823E−1 0.29066E−1 −0.33316E−2 0.73554E−1
c55 −0.63518E−2 0.22851 −0.31365E−1 −0.14332 0.25084E−1 −0.49546E−1
c52 −0.11690 0.36582 0.10076 −0.21326 0.18676E−3 −0.12515
c22 −0.35968 0.87537 0.29734 −0.47961 0.14001E−1 −0.33732

Lateral:perpendicular
m65 0.12333E−3 0.35676E−2 −0.35561E−3 −0.36381E−2 0.65794E−3 −0.17943E−2
m62 −0.17250E−2 0.64561E−2 0.19195E−2 −0.40546E−2 0.40439E−3 −0.47506E−2
m32 −0.99403E−2 0.23315E−1 0.10895E−1 −0.11360E−1 −0.71528E−3 −0.15718E−1
c65 0.59756E−1 −0.18982 −0.17653E−1 0.82400E−1 0.61804E−2 −0.80790E−2
c62 0.78572E−1 −0.18627 −0.37105E−1 0.11053 0.17847E−1 −0.55900E−1
c32 0.14397 −0.32322 −0.15348E−1 0.24992 0.14289E−1 −0.21254

Table 11.9 Regression equation coefficients for B5 propellers (E ± N = ×10±N) (taken from Reference 8)

Parameter C1 C2 C3 C4 C5 C6

Component

Torsional/axial
m44 0.27835E−2 −0.71650E−2 −0.37301E−2 0.30526E−2 0.46275E−3 0.85327E−2
m41 −0.26829E−3 0.17208E−1 −0.55064E−2 −0.21012E−1 0.72960E−2 −0.22840E−1
m11 −0.47372E−1 0.13499 0.43428E−1 0.15666 0.41444E−1 −0.12404
c44 −0.30935E−1 0.69382E−1 0.27392E−1 −0.37293E−1 0.63542E−2 −0.21635E−1
c41 0.14558 −0.44319 −0.17025 0.24558 0.14798E−1 0.12226
c11 0.16202 0.30392E+1 −0.59068 −0.17372E+1 0.37998 −0.71363

Lateral:parallel
m55 −0.18541E−2 0.40694E−2 0.20342E−2 0.72761E−2 −0.47031E−3 −0.33269E−2
m52 −0.20455E−3 −0.73445E−2 0.26857E−2 0.95299E−2 −0.34485E−2 0.10863E−1
m22 0.17180E−1 −0.54519E−1 −0.17894E−1 0.27151E−1 −0.19451E−2 0.62180E−1
c55 −0.25532E−2 0.20018 −0.22067E−1 −0.10971 0.18255E−1 −0.43517E−1
c52 −0.98481E−1 0.28632 0.10154 −0.15975 −0.10484E−1 −0.79238E−1
c22 −0.27180 0.61549 0.24132 −0.33370 0.10475E−1 −0.19101

Lateral:perpendicular
m65 −0.51073E−3 0.36044E−2 0.12804E−3 −0.30064E−2 0.25624E−3 −0.11174E−2
m62 −0.18142E−2 0.56442E−2 0.15906E−2 −0.35420E−2 0.72381E−4 −0.27848E−2
m32 −0.68895E−2 0.16524E−1 0.62244E−2 −0.87754E−2 −0.38255E−3 −0.82429E−2
c65 0.33407E−1 −0.99682E−1 −0.68219E−2 0.22669E−1 0.56635E−2 −0.22639E−1
c62 0.33507E−1 −0.66800E−1 −0.73992E−2 0.33112E−1 0.13061E−1 −0.80862E−1
c32 0.15158E−1 −0.10109E−1 0.63232E−1 0.50161E−1 0.35720E−2 −0.27201
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Table 11.10 Regression equation coefficients for B6 propellers (E ± N = ×10±N) (taken from Reference 8)

Parameter C1 C2 C3 C4 C5 C6

Component

Torsional/axial
m44 0.23732E−2 −0.62877E−2 −0.30606E−2 0.27478E−2 0.29060E−3 0.73650E−2
m41 −0.17748E−2 0.14993E−1 −0.51316E−2 −0.18451E−1 0.64733E−2 −0.19096E−1
m11 −0.39132E−1 0.10862 0.37308E−1 0.13359 −0.33222E−3 −0.10387
c44 −0.27873E−1 0.61760E−1 0.23242E−1 −0.35004E−1 0.70046E−2 −0.11641E−1
c41 0.14228 −0.41189 −0.1770 0.22644 0.26626E−1 0.83269E−1
c11 0.11113 0.29831E+1 −0.44133 −0.15696E+1 0.28560 −0.66976

Lateral:parallel
m55 −0.16341E−2 0.33153E−2 0.19742E−2 0.64129E−2 −0.52004E−3 −0.29555E−2
m52 −0.40692E−4 −0.68309E−2 0.24412E−2 0.86298E−2 −0.30852E−2 0.92581E−2
m22 0.13668E−1 −0.46198E−1 −0.12970E−1 0.24376E−1 −0.29068E−2 0.52775E−1
c55 0.63116E−3 0.18370 −0.17663E−1 −0.92593E−1 0.13964E−1 −0.37740E−1
c52 −0.85805E−1 0.24006 0.10020 −0.13176 −0.16091E−1 −0.52217E−1
c22 −0.24147 0.52269 0.23271 −0.28526 0.68691E−2 0.13848

Lateral:perpendicular
m65 −0.46261E−3 0.27610E−2 0.11516E−3 −0.21853E−2 0.13978E−3 −0.66927E−3
m62 −0.13553E−2 0.40432E−2 0.11434E−2 −0.25422E−2 −0.10052E−4 −0.17182E−2
m32 −0.45682E−2 0.10797E−1 0.41254E−2 −0.57931E−2 −0.33138E−3 −0.50724E−2
c65 0.21438E−1 −0.54389E−1 −0.73262E−2 −0.54776E−2 0.76065E−2 −0.24165E−1
c62 0.14903E−1 −0.10434E−1 −0.40106E−2 −0.31096E−2 0.14738E−1 −0.83101E−1
c32 −0.15579E−1 0.83912E−1 0.52866E−1 −0.24903E−1 0.93828E−2 −0.24420

Table 11.11 Regression equation coefficients for B7 propellers (E ± N = ×10±N) (taken from Reference 8)

Parameter C1 C2 C3 C4 C5 C6

Component

Torsional/axial
m44 0.21372E−2 −0.56155E−2 −0.27388E−2 0.24553E−2 0.26675E−3 0.64805E−2
m41 −0.50233E−3 0.13927E−1 −0.41583E−2 −0.16454E−1 0.56027E−2 −0.17030E−1
m11 −0.32908E−1 0.88748E−1 0.32596E−1 0.11886 −0.96860E−3 −0.87831E−1
c44 −0.24043E−1 0.51680E−1 0.18585E−1 −0.31175E−1 0.75424E−2 −0.10541E−2
c41 0.14003 −0.37358 −0.18904 0.20133 0.40056E−1 0.45135E−1
c11 0.34070E−1 0.29353E+1 −0.24280 −0.13929E+1 0.17571 −0.65123

Lateral:parallel
m55 −0.14132E−2 0.26715E−2 0.18052E−2 0.56906E−2 −0.52314E−3 −0.24846E−2
m52 0.17646E−3 −0.65252E−2 0.19867E−2 0.78350E−2 −0.26907E−2 0.82990E−2
m22 0.12144E−1 −0.40599E−1 −0.11616E−1 0.21395E−1 −0.24429E−2 0.46140E−1
c55 −0.26383E−2 0.17179 −0.29958E−2 −0.79085E−1 0.50612E−2 −0.33233E−1
c52 −0.78069E−1 0.20492 0.10121 −0.10980 −0.21608E−1 −0.28950E−1
c22 −0.20348 0.42553 0.19690 −0.23664 0.11822E−1 −0.69910E−1

Lateral:perpendicular
m65 −0.38383E−3 0.19693E−2 0.17327E−3 −0.15326E−2 0.26748E−4 −0.36439E−3
m62 −0.96395E−3 0.28059E−2 0.80259E−3 −0.17783E−2 −0.37139E−4 −0.10340E−2
m32 −0.29000E−2 0.69281E−2 0.24977E−2 −0.37440E−2 −0.12487E−3 −0.30407E−2
c65 0.10617E−1 −0.24040E−1 −0.19931E−2 −0.20636E−1 0.60272E−2 −0.26183E−1
c62 0.15152E−2 −0.20965E−1 −0.36583E−2 −0.22580E−1 0.11790E−1 −0.80079E−1
c32 −0.36770E−1 0.13433 0.56417E−1 −0.62648E−1 0.74649E−2 −0.22397
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Table 11.12 Lifting surface corrections for Parsons and Vorus added mass and damping equations (Reference 8)

LSC(m44) = 0.61046 + 0.34674(P/D) LSC(m55) = −0.1394 + 0.89760(AR)
+ 0.60294(AR)−1 − 0.56159(AR)−2 + 0.34086(P/D) − 0.15307(AR)2

− 0.80696(P/D)(AR)−1 − 0.36619(P/D)(AR) + 0.70192(P/D)(AR)2

+ 0.45806(P/D)(AR)−2
LSC(m52) = 0.0010398 + 0.66020(AR)

LSC(m41) = 0.65348 + 0.28788(P/D) + 0.39850(P/D) − 0.10261(AR)2

+ 0.39805(AR)−1 − 0.42582(AR)−2 − 0.34101(P/D)(AR) + 0.060368(P/D)(AR)2

− 0.61189(P/D)(AR)−1
LSC(m22) = 0.78170 + 0.36153(AR − 2)

+ 0.33373(P/D)(AR)−2 − 0.19256(P/D)(AR − 2)
LSC(m11) = 0.61791 + 0.23741(PD) + 0.17908(P/D)(AR − 2)2

+ 0.42253(AR)−1 − 0.43911(AR)−2 − 0.16110(AR − 2)2

− 0.46697(P/D)(AR)−1 − 0.061038(P/D)2(AR − 2)
+ 0.25124(P/D)(AR)−2

LSC(c55) = 0.78255 + 0.061046(AR)
LSC(c44) = 0.82761 − 0.41165(AR)−1 − 2.5056(AR)−3 + 1.6426(AR)−4

+ 1.2196(P/D)(AR)−1 + 6.3993(AR)−3 + 1.8440(P/D)(AR)−4

− 13.804(P/D)(AR)−3 − 6.9091(AR)−4
LSC(c52) = 1.0121 + 0.73647(AR)−2

+ 15.594(P/D)(AR)−4 − 3.8691(AR)−3

LSC(c41) = 0.80988 − 0.63077(AR)−2 − 1.5129(P/D)(AR)−3 + 3.0614(AR)−4

+ 1.3909(P/D)(AR)−1 + 7.5424(AR)−3 + 3.0984(P/D)(AR)−4

− 15.689(P/D)(AR)−3 − 8.0097(AR)−4
LSC(c22) = 0.84266 + 6.7849(AR)−2

+ 17.665(P/D)(AR)−4 + 0.12809(P/D)(AR)−1

LSC(c11) = 0.82004 − 0.67190(AR)−2 − 21.030(AR)−3 − 3.3471(P/D)(AR)−3

+ 1.3913(P/D)(AR)−1 + 7.7476(AR)−1 + 15.842(AR)−4 + 5.1905(P/D)(AR)−4

− 16.807(P/D)(AR)−3 − 8.2798(AR)−4

+ 19.121(P/D)(AR)−4

In the absence of high shaft inclination the magnitude
of the bearing forces depend on the characteristics of the
wake field, the geometric form of the propeller (in par-
ticular the skew and blade number), the ship speed, rate
of ship turning and the rotational speed of the propeller.
Indeed, for a given application, the forces and moments
generated by the fixed pitch propeller are, in general,
proportional to the square of the revolutions, since for a
considerable part of the upper operational speed range
the vessel will work at a nominally constant advance
coefficient. Some years ago an investigation by theor-
etical means of the dynamic forces at blade and twice
blade frequency was carried out on some twenty ships
(Reference 9). The results of these calculations are use-
ful for making preliminary estimates of the dynamic
forces at the early stages of design and Table 11.13
shows the results of these calculations in terms of the
mean values and their ranges. From the table it will
be seen that each of the six loading components are
expressed in terms of the mean thrust T0 or the mean
torque Q0.

The majority of the theoretical methods discussed in
Chapter 8 can be applied to calculate the bearing forces.
In essence, the calculation is essentially a classical
propeller analysis procedure conducted at incremen-
tal steps around the propeller disc. However, probably
the greatest bar to absolute accuracy is the imprecision
with which the wake field is known due to the scale
effects between model scale, at which the measurement
is carried out, and full scale. Sasajima (Reference 10)

Figure 11.3 Hydrodynamic forces and moment activity
on a propeller

specifically developed a simplified quasi-steady method
of establishing the propeller forces and moments which
relied on both the definition of the propeller open water
characteristics and a weighted average wake distribu-
tion. A wake field prediction is clearly required for
this level of analysis, and a radial weighting function
is then applied to the wake field at each angular pos-
ition, the weighting, being applied in proportion to the
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Table 11.13 Typical first and second order dynamic forces for preliminary estimation purposes

Blade number

4 5 6

Thrust Fx(1)
Mean 0.084T0 0.020T0 0.036T0
Range ±0.031T0 ±0.006T0 ±0.0024T0

Vertical force Fz(1)
Mean 0.008T0 0.011T0 0.003T0
Range ±0.004T0 ±0.009T0 ±0.002T0

Horizontal force Fy(1)
Mean 0.012T0 0.021T0 0.009T0

Blade rate Range ±0.011T0 ±0.016T0 ±0.004T0
frequency

Torque Mx(1)
Mean 0.062Q0 0.0011Q0 0.030Q0

component Range ±0.025Q0 ±0.0008Q0 ±0.020Q0

Vertical moment Mz(1)
Mean 0.075Q0 0.039Q0 0.040Q0
Range ±0.050Q0 ±0.026Q0 ±0.015Q0

Horizontal moment My(1)
Mean 0.138Q0 0.125Q0 0.073Q0
Range ±0.090Q0 ±0.085Q0 ±0.062Q0

Thrust Fx(2)
Mean 0.022T0 0.017T0 0.015T0
Range ±0.004T0 ±0.003T0 ±0.002T0

Vertical force Fz(2)
Mean 0.008T0 0.002T0 0.001T0
Range ±0.004T0 ±0.002T0 ±0.001T0

Horizontal force Fy(2)
Mean 0.001T0 0.006T0 0.003T0

Twice blade rate Range ±0.001T0 ±0.003T0 ±0.001T0
frequency

Torque Mx(2)
Mean 0.016Q0 0.014Q0 0.010Q0

component Range ±0.010Q0 ±0.008Q0 ±0.002Q0

Vertical moment Mz(2)
Mean 0.019Q0 0.012Q0 0.007Q0
Range ±0.013Q0 ±0.011Q0 ±0.002Q0

Horizontal moment My(2)
Mean 0.040Q0 0.080Q0 0.015Q0
Range ±0.036Q0 ±0.040Q0 ±0.002Q0

anticipated thrust loading distribution. Improved results
in this analysis procedure are also found to exist by
averaging the wake over the chord using a weight func-
tion similar to the vortex distribution over the flat plate.
The expressions derived by Sasajima for the fluctuating
forces around the propeller disc are given below:

K̃T(θ) = 1

z

z
∑

i=1

KT(J (θ + θi))

K̃Q(θ) = 1

z

z
∑

i=1

KQ(J (θ + θi))

F̃y(θ) = − 2

zξf

z
∑

i=1

KQ(J (θ + θi)) · cos (θ + θi)

F̃z(θ) = 2

zξf

z
∑

i=1

KQ(J (θ + θi)) · sin (θ + θi)

M̃y(θ) = − ξf

2z

z
∑

i=1

KT(J (θ + θi)) · cos (θ + θi)

M̃z(θ) = ξf

2z

z
∑

i=1

KT(J (θ + θi)) · sin (θ + θi)

Figure 11.4 Typical propeller thrust fluctuation

where

{F̃y, F̃z} = {Fy, Fz}
ρn2D4

, {M̃y, M̃z} = {My, Mz}
ρn2D5

ξf = rf

R
;

non-dimensional radius of

the loading point.

θi = 2π(i − 1)

z
z = number of blades
J (θ + θi) = advance coefficient at each

angular position of each blade.
KT(J ), KQ(J ) = open-water characteristics of

the propeller.

Figure 11.4 shows a typical thrust fluctuation for a
propeller blade of a single-screw ship; the asymmetry
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Figure 11.5 Typical locus of thrust eccentricity for a single
screw vessel

noted is due to the tangential components of the wake
field acting in conjunction with axial components. Fur-
thermore, Figure 11.5 illustrates a typical locus of the
thrust eccentricity eT(t); the period of travel around this
locus is of course dependent upon the blade number,
because of symmetry, and is therefore 1/nz. The com-
putation of this locus generally requires the computation
of the effective centres of thrust of each blade followed
by a combination of these centres together with their
thrusts to form an equivalent moment arm for the total
propeller thrust.

11.1.5 Out of balance forces and moments

A marine shafting system will experience a set of sig-
nificant out of balance forces and couples if either the
propeller becomes damaged so as to alter the distribu-
tion of mass or the propeller has not been balanced prior
to installation.

For large propellers ISO 484/1 (Reference 11) defines
a requirement for static balancing to be conducted such
that the maximum permissible balancing mass mb at the
tip of the propeller is governed by the equation

mb ≤ C
M

RN 2
kg or KM kg, whichever is the smaller

where M is the mass of the propeller (kg)
R is the tip radius (m)

and N is the designed shaft speed (rpm).

The coefficients C and K are defined in Table 11.14
according to the manufacturing class.

For the larger-diameter propellers a static balance
procedure is normally quite sufficient and will lead to
a satisfactory level of out-of-balance force which can
both be accommodated by the bearing and also will not
cause undue vibration to be transmitted to the vessel.

Table 11.14 ISO balance constants

ISO class S I II III

C 15 25 40 75
K 0.0005 0.001 0.001 0.001

In the case of smaller propellers, ISO 484/2 (Refer-
ence 12) applies for diameters between 0.80 and 2.50 m;
the ISO standard also calls for static balance without
further definition. For many of these smaller propellers
this is a perfectly satisfactory procedure; however, there
exists a small subset of high rotational speed, high blade
area ratio propellers where dynamic balance is advis-
able. With these propellers, because of their relatively
long axial length, considerable out-of-balance couples
can be exerted on the shafting if this precaution is not
taken.

When a propeller suffers the loss of a significant part
or the whole of blade through either blade mechanical
impact or material fatigue and a spare propeller or repair
capability is not available, then in order to minimize the
vibration that will result from the out-of-balance forces
the opposite blade of an even number bladed propeller
should be similarly reduced. In the case of an odd bladed
propeller a corresponding portion should be removed
from the two opposite blades so as to conserve balance.
The amount to be removed can conveniently be calcu-
lated from the tables of Figure 11.1 used in association
with a vectorial combination of the resulting centrifugal
forces. The vibration resulting from the out-of-balance
forces of a propeller will be first shaft order in frequency.

Additional out-of-balance forces can also be gener-
ated by variations in the blade-to-blade tolerances of
built-up and controllable pitch. These are generally first
order and of small magnitude; however, they can on
occasions have noticeable effects. Chapter 25 discusses
these matters further.

11.2 Hydrodynamic interaction

The hydrodynamic interaction between the propeller
and the hull originates from the passage of the blades
beneath or in the vicinity of the hull and also from the
cavitation dynamics on the surfaces of the blades. The
pressure differences caused by these two types of action
are then transmitted through the water to produce a
fluctuating pressure over the hull surface which, due
to its acting over a finite area, produces an excitation
force to the vessel. As a consequence the analysis of
the hydrodynamic interaction can most conveniently be
considered in three parts; each part, however, eventually
combines with the others, provided the phase angles of
each part are respected, to form the total pressure signal
on the hull surface. These component parts are detailed
in Table 11.15.
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Table 11.15 Hydrodynamic interaction components

Pressure from the passage of the non-cavitating blade p0(t)
Pressure from the cavity volume variations on each blade

pc(t)
The effect of the hull surface on the free space pressure

signal – termed the solid boundary factor (SBF)

For the purposes of this discussion we will, in the
main, consider only the pressures produced by the rotat-
ing propeller rather than the resultant force on the hull,
which is the integration of the pressure field over the hull
surface, taking into account the curvature and form of
the hull in the region of the propeller.

11.2.1 Non-cavitating blade contribution

The contribution to the total pressure signal on the hull
from the passage of the non-cavitating blade is in the
form of a continuous time series p0(t) and is generally
considerably smaller than the cavitating component.
Thus in many cases the non-cavitating component will
be overwhelmed by the cavitating component for most
ships once the cavitation inception point is passed; this
is generally well below the design point for the vessel.
The exception to this is where the propeller has been
designed to be non-cavitating, such as may be found in
some naval and research ship applications.

In the case of the non-cavitating propeller the pres-
sure fluctuation derives from the thickness of the pro-
peller blades and the hydrodynamic loading over the
surfaces of the blades. Huse (Reference 13) proposes a
method in which the thickness effect is accounted for
by an equivalent symmetrical profile, which is defined
by a distribution of sources and sinks located along the
chord line of the equivalent profile. The pressure signal
derived in this way varies linearly with the equivalent
profile thickness and the method is shown to give a good
agreement with experiment.

To contribution from the blade loading can be con-
sidered in two portions: a contribution from the mean
hydrodynamic loading and one from the fluctuating load
component. In the case of the mean loading a continu-
ous layer of dipoles distributed along the section mean
line to simulate shockless entry can be used whilst the
fluctuating loading can be simulated by dipoles clus-
tered at the theoretical thin aerofoil aerodynamic centre
of the section; that is, at 0.25c from the leading edge.

The most important of the propeller parameters in
determining the non-cavitating pressure signal are con-
sidered to be the blade number and the blade thickness,
and the pressure p0(t) can be expressed as

p0(t) = −̺
∂φ(t)

∂t

in which ̺ is the density of the water
φ(t) is the velocity potential
t is time.

Several theoretical solutions have appeared in the lit-
erature in addition to the work of Huse (Reference
13). The alternative approach by Breslin and Tsakonas
(Reference 14) provides a good example of these other
approaches.

11.2.2 Cavitating blade contribution

In Chapter 9 it was shown that a propeller may be
subjected to many forms of cavitation that depend on
the propeller operating point, the wake field and the
detailed propeller geometry. Typically the propeller may
experience the following: suction side sheet cavitation;
tip vortex cavitation which may collapse off the blade
and may interact with the tip vortex to produce addi-
tional excitation; pressure face cavitation or propeller–
hull vortex cavitation. Clearly it is difficult to develop a
unifying analytical treatment which will embrace all of
these cavitation types, although the underling physics of
the pressure transmission processes are largely similar.

The need for such an all embracing treatment can to
some extent be reduced by consideration of the cavi-
tation types and their known effects on vibration. For
example, face cavitation does not normally contribute
significantly to the overall hull excitation, although it
contributes to high-frequency noise emissions from the
propeller. Similarly, the hub vortex, unless it is particu-
larly strong, does not normally contribute to the hull
pressure fluctuations, although it may cause excitation
of the rudder which in turn leads to hull excitation. The
tip vortex may contribute to excitation at multiplies of
the blade rate frequency in addition to broadband char-
acteristics and this is of particular concern for vessels
with hull form which extends well aft of the propeller
station. In addition English (Reference 15) has drawn
attention to certain cases in which instabilities can arise
in the tip vortex that caused the apparent expansive
behaviour of the tip vortex. This behaviour is now
thought to be due to supercavitating sheet–tip vortex
interaction. In these cases excitation and noise frequen-
cies above blade rate are experienced. The problem
in calculating the contribution of tip vortex cavitation
effects stems largely from the work necessary to define
reliable tip vortex inception behaviour: indeed much
research is currently progressing in this field.

The cavitating blade contribution to the hull pressure
field is therefore principally considered to derive from
the pulsation of the suction side sheet and tip vortex
cavities. Hence these types of cavitation may collapse
either on or off the blade; in the former case they are
generally responsible for blade rate and the first three
or four harmonic frequencies of its excitation, whereas
in the latter case the collapse occurs at the higher har-
monics of blade rate frequency and broadband. In order
to calculate the effects of the cavity volume variations
on the cavitating pressures it is necessary to model the
volume of the cavity on the blade. This is often done by
constructing a system of sources, the strengths of which
vary with blade angular position, in order to model the
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changing cavitation volume as the propeller rotates in
the wake field. From a model of this type it is pos-
sible to derive an expression for the velocity potential
of the sources with time from which an expression for
the blade rate harmonics of the pressures can be devel-
oped. The expression developed by Breslin (Reference
16) in this way is

pcqz = −̺Z3

2π
· (qω)2

Rp
Re[Vqzeiqzφ] (11.21)

in which q is the harmonic order (blade rate, q = 1)
̺ fluid mass density
Z is the blade number
ω is the angular velocity
Rp is the distance of the field point

√

(r2 + x2)
Vqz is the qzth harmonic component of the

complex amplitude of the cavity volume
and φ is the blade position angle.

Consequently by expressing Vqz in its complex form as

Vqz = aqz + ibqz

and then extracting the real part in can be shown that

pcqz = −̺Z3

2π

(qω)2

Rp

√

(a2
qz + b2

qz) cos (qzφ + ε)

(11.21(a))

where ε = tan−1(bqz/aqz).

From this expression it can be seen that the asymp-
totic pressure due to the cavity volume variation at a
particular blade rate harmonic frequency depends upon
the blade rate harmonic of the cavity volume. Further-
more, the dependence of the field point pressure on the
inverse of the distance Rp:

pcqz ∝ 1

Rp

becomes apparent and clearly demonstrates how the
field point pressure from the cavitating propeller decays
with increasing distance from the propeller – hence
the advantage of providing adequate clearances around
the propeller. This proportionality for the cavitating
propeller of pc ∝ R−1

p is in contrast to that for a non-
cavitating propeller, which is more closely expressed by
p0 ∝ R−2.5

p and as a consequence decays more rapidly
with distance.

Expressions of the type shown in equation (11.21) or
(11.21(a)) are a simplification of the actual conditions
and as such are only valid at distances that are large
compared to the propeller radius. This can lead to some
difficulty when calculating the field point pressures in
cases where the tip clearances are small.

Skaar and Raestad (Reference 17) developed an
expression based on similar assumptions to that of equa-
tion (11.21) which provides further insight into the

behaviour of the cavitating pressure signature. Their
relationship is

pc ≃ ̺

4π

1

Rp

∂2V

∂t2
(11.22)

in which V is the total cavity volume variation.
From this expression it can further be seen that

the cavitating pressure signature is proportional to the
second derivative of the total cavitation volume vari-
ation with time. This demonstrates why the pressures
encountered upon the collapse of the cavity, which is
usually more violent, are greater than those experienced
when the cavity is growing: typically, in a single-
screw vessel with a right-handed propeller the pressures
measured above the propeller plane are greater on the
starboard side than on the port side. Skaar and Raes-
tad show the equivalence of equation (11.22) to that of
(11.21) in the discussion to Reference 17.

The dependence of the pressure on the ∂2V/∂t2 term
shows the implied dependence of the pressure on the
quality of the wake field and hence any steps taken to
improve the wake field are very likely to have a benefi-
cial effect on the pressure signature. The alternative is to
approach the problem from the blade design viewpoint.
In this case, then, attention to the radial and chordal dis-
tribution of loading, the skew distribution and the blade
area are all known parameters that have a significant
influence on the cavitating pressure impulses. Blade
number, unlike the non-cavitating pressure impulses,
in general has a very limited influence on the cavitating
pressure characteristics.

11.2.3 Influence of the hull surface

The discussion so far has concerned itself with the free
field pressures from cavitating and non-cavitating pro-
pellers. When a solid boundary is introduced into the
vicinity of the propeller then the pressures acting on
that boundary are altered significantly. If, for example,
a flat plate is introduced at a distance above the pro-
peller, then the pressure acting on the plate surface is
twice that of the free field pressure which leads to the
concept of a solid boundary factor. The solid boundary
factor is defined as follows:

SBF = pressure acting on the boundary surface

free field pressure in the absence of the
solid boundary

(11.23)

In the case of the flat plate cited above, which is of infi-
nite stiffness, the SBF = 2. However, in the case of a
ship form a lesser value would normally be expected
due to the real hull form being different from a rigid flat
plate and also the influence of pressure release at the
sea surface. Garguet and Lepeix (Reference 18) dis-
cussed the problems associated with the use of a value
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of two for the SBF in giving misleading results to calcu-
lations. Subsequently Ye and van Gent (Reference 19)
using a potential flow calculation with panel methods
suggested a value of 1.8 as being more appropriate for
ship calculations.

In practice the solid boundary factor SBF can be con-
sidered as a composite factor having one component Sb
which takes into account the hull form and another Sf
which accounts for the proximity of the free surface.
Hence equation (11.23) can be written as

SBF = SbSf (11.24)

Wang (Reference 20) and Huse (Reference 21) have
both shown that the dominant factor is Sf . In their work
the variability of the solid boundary factor is discussed,
and it falls from a value of just under 2.0 at the shaft
centre line to a value of zero at the free surface–hull
interface. Huse gives relationships for Sb and Sf for an
equivalent clearance ratio of 0.439 which are as follows:

Sb = 2.0 + 0.0019α − 0.00024α2

Sf = 9.341δ − 30.143δ2 + 33.19δ3, 0 < δ ≤ 0.35
Sf = 1.0 for δ > 0.35

⎫

⎬

⎭

(11.25)

in which α is the inclination of the section with
respect to the horizontal measured in the
thwart direction.

and δ is the ratio of the field point immersion
depth to the shaft immersion depth.

11.2.4 Methods for predicting hull surface
pressures

In essence there are three methods for predicting hull
surface pressures; these are by means of empirical
methods, by calculations using advanced theoretical
methods and by experimental measurements.

With regard to the empirical class of methods the
most well known and adaptable is that due to Holden
et al. (Reference 22). This method is based on the
analysis of some 72 ships for which full-scale measure-
ments were made prior to 1980. The method is intended
for a first estimate of the likely hull surface pressures
using a conventional propeller form. Holden proposes
the following regression based formula for the esti-
mation of the non-cavitating and cavitating pressures
respectively:

p0 = (ND)2

70

1

Z1.5
·
(

K0

d/R

)

N/m2

and

pc = (ND)2

160
· Vs(wTmax − we)
√

(ha + 10.4)
·
(

Kc

d/R

)

N/m2

⎫

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎭

(11.26)

in which

N is the propeller rpm
D is the diameter (m)
Vs is the ship speed (m/s)
Z is the blade number
d is the distance from r/R = 0.9 to a position

on the submerged hull when the blade is at
the T.D.C. position (m)

R is the propeller radius (m)
wTmax is the maximum value of the Taylor wake

fraction in the propeller disc
we is the mean effective full scale Taylor wake

fraction
ha is the depth to the shaft centre line.

and K0 and Kc are given respectively by the relationships

K0 = 1.8 + 0.4 (d/R) for d/R ≤ 2

and Kc = 1.7 − 0.7 (d/R) for d/R < 1

Kc = 1.0 for d/R > 1

The total pressure impulse which combines both the
cavitating and non-cavitating components of equa-
tion (11.26) acting on a local part of the submerged
hull is then found from

pz =
√

( p2
0 + p2

c) (11.27)

Empirical methods of this type are particularly useful as
a guide to the expected pressures. They should not, how-
ever, be regarded as a definitive solution, because dif-
ferences, sometimes quite substantial, will occur when
correlated with full-scale measurements. For example,
equation (11.26) gives results having a standard devia-
tion of the order of 30 per cent when compared to the
base measurements from which it was derived.

In the case of a more rigorous calculation, more
detail can be taken into account which is conducive to
a higher level of accuracy. Theoretical models which
would be used in association with this form of analysis
are those which can be broadly grouped into the lifting
surface or vortex lattice categories (Chapter 8). In par-
ticular unsteady lifting surface theory is a basis for many
advanced theoretical approaches in this field. Notwith-
standing the ability of analytical methods to provide an
answer, care must be exercised in the interpretation of
the results, since these are particularly influenced by
factors such as wake scaling procedures, the descrip-
tion of the propeller model and the hull surface, the
distribution of solid boundary factors and the harmonic
order of the pressure considered in the analysis. Fur-
thermore, propeller calculation procedures assume a
rigid body condition for the hull, and as a consequence
do not account for the self-induced pressures resulting
from hull vibration: these have to be taken into account
by other means, typically finite element models of the
hull structure. As a consequence of all of these factors
considerable care must be exercised in interpreting the
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Figure 11.6 Dummy model and propeller in a cavitation tunnel

results and the method used should clearly be subjected
to a validation process.

In a series of papers, References 23 and 24, Wijngaar-
den has considered the forward and inverse scattering
problem based on an acoustic boundary element solu-
tion of the Hemholtz equation. In the former, once
the propeller source strength is known then the com-
putational procedure is directed towards establishing
the hull surface pressure distribution while in the latter
approach the reverse is the case. Such methods are par-
ticularly useful at various stages in design and analysis.
The forward scattering solution is of value during the
initial design processes since knowing the theoretical
propeller cavitation characteristics an initial estimate
of the hull surface pressure distribution can be made.
However, as the design progresses and model tests have
perhaps been carried out to determine the hull surface
pressures then the inverse solution can be helpful.

Model measurement methods of predicting hull sur-
face pressures can be conducted in either cavitation
tunnels or specialized facilities such as depressurized
towing tanks. Originally the arrangement in a cavita-
tion tunnel comprised a simple modelling of the hull
surface by a flat or angled plate above a scale model
of the propeller. Although this technique is still used
in some establishments a more enlightened practice is
to use a dummy model with a shortened centre body,
as shown in Figure 11.6; however, in some large facil-
ities the towing tank model is used. The advantage of
using a model of the actual hull form is twofold: first
it assists in modelling the flow of water around the hull
surface and requires wake screens, which are essentially
arrangements of wire mesh, for fine tuning purposes of
the wake field, and secondly it makes the interpretation

of the measured hull surface pressures easier since the
real hull form is simulated.

In order to interpret model test results appeal can
be made to dimensional analysis, from which it can be
shown that the pressure at a point on the hull surfaces
above a propeller has a dependence on the following set
of dimensional parameters:

p = ̺n2D2�{J , KT, σ, Rn, Fn, (z/D)} (11.28)

in which J is the advance coefficient
KT is the propeller thrust coefficient
σ is the cavitation number
Rn is the Reynolds number
Fn is the Froude number

and z is the distance from the propeller to
the point on the hull surface.

In equation (11.28), the quantities ̺, n and D have their
normal meaning.

As a consequence of this relationship a pressure
coefficient Kp can be defined as

Kp = p

̺n2D2
(11.29)

which has the functional dependence defined in equa-
tion (11.28).

Equation (11.28) defines the hull surface pressure as
a function of propeller loading, cavitation number, geo-
metric scaling and Reynolds and Froude identity. By
assuming, therefore, that the geometric scaling, cav-
itation and thrust identity have all been satisfied, the
hull surface pressure at ship scale can be derived from
equation (11.29) as follows, using the suffixes m and
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s for model and ship respectively. By assuming the
identity of Kp between model and full scale we may
write

ps

pm
= ̺s

̺m

(

ns

nm

)2 (
Ds

Dm

)2

and for Froude identity (Fns = Fnm)

ps

pm
= ̺s

̺m

(

Dm

Ds

)

· ̺s

̺m
λ (11.30)

where λ is the model scale of the propeller.

Equation (11.30) implies that the Reynolds condition
over the blades has also been satisfied, which is clearly
not the case when the Froude identity is satisfied. Hence
it is important to ensure that the correct flow conditions
exist over the blade in order to ensure a representative
cavitation pattern over the blades and hence pressure
coefficient on the model as discussed in Chapter 9.

Many commercial model experiments have a limited
array of pressure tapping points. When this is the
case accurate estimates of the total resultant force are
difficult and as a consequence the largest matrix of pres-
sure measurement points possible should be employed
in model experiments. As discussed previously, the
hull-induced pressure distribution from the propeller,
excluding the self-induced effect, comprises two parts:
the cavitating and the non-cavitating part. With regard
to the cavitating part the pressure field is approximately
in phase over the ship’s afterbody; however, the non-
cavitating contribution has a strongly varying phase
distribution across the hull surface, particularly in the
athwart ship direction.
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Prior to the mid-nineteenth century comparatively little
was known about the laws governing the resistance of
ships and the power that was required to give a particu-
lar speed. Brown (Reference 1) gives an account of the
problems of that time and depicts the role of William
Froude, who can be justly considered as the father
of ship resistance studies. An extract from Brown’s
account reads as follows:

‘. . . In the late 1860s Froude was a member of a
committee of the British Association set up to study
the problems of estimating the power required for
steamships. They concluded that model tests were
unreliable and often misleading and that a long
series of trials would be needed in which actual ships
were towed and the drag force measured. Froude
wrote a minority report pointing out the cost of such
a series of trials and the fact that there could never
be enough carried out to study all possible forms. He
believed that he could make sense from the results of
model tests and carried out a series of experiments in
the River Dart to prove his point. By testing models
of two different shapes and three different sizes he
was able to show that there were two components of
resistance, one due to friction and the other to wave-
making and that these components obeyed different
scaling laws. Froude was now sufficiently confident
to write to Sir Edward Reed (Chief Constructor of the
Navy) on 24 April 1868, proposing that an experi-
ment tank be built and a two year programme of work
be carried out. After due deliberation, in February
1870, Their Lordships approved the expenditure of
£2000 to build the world’s first ship model experi-
ment tank at Torquay and to run it for two years.
The first experiment was run in March 1872 with
a model of HMS Greyhound. Everything was new.
The carriage was pulled along the tank at constant
speed by a steam engine controlled by a governor of
Froude design. For this first tank he had to design
his own resistance dynamometer and followed this
in 1873 by his masterpiece, a propeller dynamome-
ter to measure thrust, torque and rotational speed
of model propellers. This dynamometer was made of
wood, with brass wheels and driving bands made of
leather boot laces. It continued to give invaluable
service until 1939 when its active life came to an end
with tests of propellers for the fast minelayers. . .

. . . William Froude died in 1879, having established
and developed a sound approach to hull form design,
made a major contribution to the practical design
of ships, developed new experiment techniques and
trained men who were to spread the Froude trad-
ition throughout the world. William was succeeded
as Superintendent AEW by Edmund Froude, his son,
whose first main task was to plan a new establish-
ment since the Torquay site was too small and the
temporary building was nearing the end of its life.
Various sites were considered but the choice fell on

Haslar, Gosport, next to the Gunboat Yard, where
AEW, then known as the Admiralty Marine Technol-
ogy Establishment (Haslar) or AMTE(H),∗ remains
to this day. A new ship tank, 400 ft long, was opened
in 1877 …

. . . Edmund was worried about the consistency of
results being affected by the change to Haslar. He
was a great believer in consistency, as witness a
remark to Stanley Goodall, many years later, ‘In
engineering, uniformity of error may be more desir-
able than absolute accuracy’. As Goodall said ‘That
sounds a heresy, but think it over’. Froude took two
measures to ensure consistent results; the first, a
sentimental one, was to christen the Haslar tank
with water from Torquay, a practice repeated in
many other tanks throughout the world. The flask
of Torquay water is not yet empty – though when
Hoyt analysed it in 1978 it was full of minute ani-
mal life! The more practical precaution was to run
a full series of tests on a model of HMS Iris at
Torquay just before the closure and repeat them at
Haslar. This led to the wise and periodical rou-
tine of testing a standard model, and the current
model, built of brass in 1895, is still known as
Iris, though very different in form from the ship
of that name. Departures of the Iris model resist-
ance from the standard value are applied to other
models in the form of the Iris Correction. With mod-
ern water treatment the correction is very small but
in the past departures of up to 14.5 per cent have
been recorded, probably due to the formation of long
chain molecules in the water reducing turbulence in
the boundary layer. Another Froude tradition, fol-
lowed until 1960, was to maintain water purity by
keeping eels in the tanks. This was a satisfactory pro-
cedure, shown by the certification of the tank water
as emergency drinking water in both World Wars,
and was recognised by an official meat ration, six
pence worth per week, for the eels in the Second
World War! . . .’

So much then for the birth of the subject as we know
it today and the start of the tradition of ‘christening’ a
new towing tank from the water of the first tank, sited
at Froude’s home, Chelston Close, at Torquay: alas, all
that remains today of that first tank is a bronze plaque
in the wall of the Chelston Manor Hotel in Torquay
commemorating its presence.

12.1 Froude’s analysis procedure

William Froude (Reference 2) recognized that ship
models of geometrically similar form would create

∗ As from April 1991 AMTE(H) became part of the Defence
Research Establishment Agency (DREA) and is now part of
Qinetiq.
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similar wave systems, albeit at different speeds. Fur-
thermore, he showed that the smaller models had to be
run at slower speeds than the larger models in order to
obtain the same wave pattern. His work showed that for
a similarity of wave pattern between two geometrically
similar models of different size the ratio of the speeds
of the models was governed by the relationship

V1

V2
=
√

L1

L2
(12.1)

By studying the comparison of the specific resistance
curves of models and ships Froude noted that they
exhibited a similarity of form although the model curve
was always greater than that for the ship (Figure 12.1).
This led Froude to the conclusion that two compo-
nents of resistance were influencing the performance
of the vessel and that one of these, the wave-making
component Rw, scaled with V/

√
L and the other did

not. This second component, which is due to viscous
effects, derives principally from the flow of the water
around the hull but also is influenced by the air flow and
weather acting on the above-water surfaces. This second
component was termed the frictional resistance RF.

Figure 12.1 Comparison of a ship and its model’s
specific resistance curves

Froude’s major contribution to the ship resistance
problem, which has remained useful to the present
day, was his conclusion that the two sources of resis-
tance might be separated and treated independently. In
this approach, Froude suggested that the viscous resist-
ance could be calculated from frictional data whilst
that wave-making resistance Rw could be deduced from
the measured total resistance RT and the calculated
frictional resistance RF as follows:

Rw = RT − RF (12.2)

In order to provide the data for calculating the value of
the frictional component Froude performed his famous
experiments at the Admiralty owned model tank at
Torquay. These experiments entailed towing a series of
planks ranging from 10 to 50 ft in length, having a series
of surface finishes of shellac varnish, paraffin wax, tin
foil, graduation of sand roughness and other textures.
Each of the planks was 19 in. deep and 3

16 in. thick and
was ballasted to float on its edge. Although the results of
these experiments suffered from errors due to tempera-
ture differences, slight bending of the longer planks and
laminar flow on some of the shorter planks, Froude was
able to derive an empirical formula which would act as a
basis for the calculation of the frictional resistance com-
ponent RF in equation (12.2). The relationship Froude
derived took the form

RF = fSV n (12.3)

in which the index n had the constant value of 1.825
for normal ship surfaces of the time and the coefficient
f varied with both length and roughness, decreasing
with length but increasing with roughness. In equation
(12.3), S is the wetted surface area.

As a consequence of this work Froude’s basic pro-
cedure for calculating the resistance of a ship is as
follows:

1. Measure the total resistance of the geometrically
similar model RTM in the towing tank at a series of
speeds embracing the design V/

√
L of the full-size

vessel.
2. From this measured total resistance subtract the cal-

culated frictional resistance values for the model RFM
in order to derive the model wave making resistance
RWM.

3. Calculate the full-size frictional resistance RFS and
add these to the full-size wave making resistance
RWS, scaled from the model value, to obtain the total
full-size resistance RTS.

RTS = RWM

(

�S

�M

)

+ RFS (12.4)

In equation (12.4) the suffixes M and S denote model
and full scale, respectively and � is the displacement.

The scaling law of the ratio of displacements derives
from Froude’s observations that when models of various
sizes, or a ship and its model, were run at correspond-
ing speeds dictated by equation (12.1), their resistances
would be proportional to the cubes of their linear dimen-
sions or, alternatively, their displacements. This was,
however, an extension of a law of comparison which
was known at that time.

Froude’s law, equation (12.1), states that the wave
making resistance coefficients of two geometrically
similar hulls of different lengths are the same when mov-
ing at the same V/

√
L value, V being the ship or model

speed and L being the waterline length. The ratio V/
√

L
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is termed the speed length ratio and is of course dimen-
sional; however, the dimensionless Froude number can
be derived from it to give

Fn = V√
(gL)

(12.5)

in which g is the acceleration due to gravity (9.81 m/s2).
Care needs to be exercised in converting between the
speed length ratio and the Froude number:

Fn = 0.3193
V√

L
where V is in m/s; L is in metres

Fn = 0.1643
V√

L
where V is in knots; L is in metres

Froude’s work with his plank experiments was carried
out prior to the formulation of the Reynolds number
criteria and this undoubtedly led to errors in his results:
for example, the laminar flow on the shorter planks.
Using dimensional analysis, after the manner shown
in Chapter 6, it can readily be shown today that the
resistance of a body moving on the surface, or at an
interface of a medium, can be given by

R

̺V 2L2
= φ

{

VL̺

μ
,

V√
gL

,
V

a
,

σ

g̺L2
,

p0 − pv

̺V 2

}

(12.6)

In this equation the left-hand side term is the resist-
ance coefficient CR whilst on the right-hand side of the
equation:

The 1st term is the Reynolds number Rn.
The 2nd term is the Froude number Fn (equation

(12.5)).
The 3rd term is the Mach number Ma.

Figure 12.2 Components of ship resistance

The 4th term is the Weber number We.
The 5th term is the Cavitation number σ0.

For the purposes of ship propulsion the 3rd and 4th
terms are not generally significant and can, therefore,
be neglected. Hence equation (12.6) reduces to the
following for all practical ship purposes:

CR = φ{Rn, Fn, σ0} (12.7)

in which

̺ is the density of the water
μ is the dynamic viscosity of the water
p0 is the free stream undisturbed pressure
pv is the water vapour pressure.

12.2 Components of calm water
resistance

In the case of a vessel which is undergoing steady
motion at slow speeds, that is where the ship’s weight
balances the displacement upthrust without the sig-
nificant contribution of hydrodynamic lift forces, the
components of calm water resistance can be broken
down into the contributions shown in Figure 12.2. From
this figure it is seen that the total resistance can be
decomposed into two primary components, pressure
and skin friction resistance, and these can then be
broken down further into more discrete components. In
addition to these components there is of course the air
resistance and added resistance due to rough weather:
these are, however, dealt with separately in Sections
12.5 and 12.8, respectively.

Each of the components shown in Figure 12.12 can
be studied separately provided that it is remembered
that each will have an interaction on the others and,
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therefore, as far as the ship is concerned, need to be
considered in an integrated way.

12.2.1 Wave making resistance RW

Lord Kelvin (References 3 to 5) in 1904 studied the
problem of the wave pattern caused by a moving pres-
sure point. He showed that the resulting system of waves
comprises a divergent set of waves together with a trans-
verse system which are approximately normal to the
direction of motion of the moving point. Figure 12.3
shows the system of waves so formed. The pattern of
waves is bounded by two straight lines which in deep
water are at an angle φ to the direction of motion of the
point, where φ is given by

φ = sin−1( 1
3

)

= 19.471◦

The interference between the divergent and transverse
systems gives the observed wave their characteristic
shape, and since both systems move at the same speed,
the speed of the vessel, the wavelength λ between
successive crests is

λ = 2π

g
V 2 (12.8)

The height of the wave systems formed decreases
fairly rapidly as they spread out laterally because the
energy contained in the wave is constant and it has to
be spread out over an increasingly greater length. More

Figure 12.3 Wave pattern induced by a moving-point
pressure in calm water

Figure 12.4 Simple ship wave pattern representation by two pressure points

energy is absorbed by the transverse system than by
the divergent system, and this disparity increases with
increasing speed.

A real ship form, however, cannot be represented
adequately by a single-moving pressure point as anal-
ysed by Kelvin. The simplest representation of a ship,
Figure 12.4, is to place a moving pressure field near the
bow in order to simulate the bow wave system, together
with a moving suction field near the stern to represent
the stern wave system. In this model the bow pressure
field will create a crest near the bow, observation show-
ing that this occurs at about λ/4 from the bow, whilst
the suction field will introduce a wave trough at the
stern: both of these wave systems have a wavelength
λ = 2πV 2/g.

The divergent component of the wave system derived
from the bow and the stern generally do not exhibit any
strong interference characteristics. This is not the case,
however, with the transverse wave systems created by
the vessel, since these can show a strong interference
behaviour. Consequently, if the bow and stern wave
systems interact such that they are in phase a reinforce-
ment of the transverse wave patterns occurs at the stern
and large waves are formed in that region. For such a
reinforcement to take place, Figure 12.5(a), the distance
between the first crest at the bow and the stern must be
an odd number of half-wavelengths as follows:

L − λ

4
= k

λ

2
where k = 1, 3, 5, . . . , (2j + 1)
with j = 0, 1, 2, 3, . . .

From which

4

2k + 1
= λ

L
= 2πV 2

gL
= 2π(Fn)2

that is,

Fn =
√

2

π(2k + 1)
(12.9)

For the converse case when the bow and stern
wave systems cancel each other, and hence produce a
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Figure 12.5 Wave reinforcement and cancellation at stern: (a) wave reinforcement at stern and (b) wave cancellation
at stern

minimum wave making resistance condition, the dis-
tance L − λ/4 must be an even number of half wave
lengths (Figure 12.5(b)):

L − λ

4
= k

λ

2
where k = 2, 4, 6, . . . , 2j
with j = 1, 2, 3, . . .

Hence

Fn =
√

2

π(2k + 1)

as before, but with k even in this case.
Consequently from equation (12.9), Table 12.1 can be

derived, which for this particular model of wave action
identifies the Froude numbers at which reinforcement
(humps) and cancellation (hollows) occur in the wave
making resistance.

Table 12.1 Froude numbers corresponding to maxima
and minima in the wave making resistance component

k Fn Description

1 0.461 1st hump in Rw curve
2 0.357 1st hollow in Rw curve
3 0.301 2nd hump in Rw curve
4 0.266 2nd hollow in Rw curve
5 0.241 3rd hump in Rw curve
.
.
.

.

.

.
.
.
.

Each of the conditions shown in Table 12.1 relates
sequentially to maximum and minimum conditions in
the wave making resistance curves. The ‘humps’ occur
because the wave profiles and hence the wave making
resistance are at their greatest in these conditions whilst
the converse is true in the case of the ‘hollows’. Figure
12.6 shows the general form of the wave making resist-
ance curve together with the schematic wave profiles
associated with the various values of k .

The hump associated with k = 1 is normally termed
the ‘main hump’since this is the most pronounced hump
and occurs at the highest speed. The second hump,
k = 3, is called the ‘prismatic hump’ since it is influ-
enced considerably by the prismatic coefficient of the
particular hull form.

The derivation of Figure 12.6 and Table 12.1 relies on
the assumptions made in its formulation; for example, a
single pressure and suction field, bow wave crest at λ/4;
stern trough exactly at the stern, etc. Clearly, there is
some latitude in all of these assumptions, and therefore
the values of Fn at which the humps and hollows occur
vary. In the case of warships the distance between the
first crest of the bow wave and the trough of the stern
wave has been shown to approximate well to 0.9L, and
therefore this could be used to rederive equation (12.9),
and thereby derive slightly differing values of Froude
numbers corresponding to the ‘humps’ and ‘hollows’.
Table 12.2 shows these differences, and it is clear that the
greatest effect is formed at low values of k . Figure 12.6
for this and the other reasons cited is not unique but is
shown here to provide awareness and guidance on wave
making resistance variations.

A better approximation to the wave form of a vessel
can be made by considering the ship as a solid body
rather than two point sources. Wigley initially used a
simple parallel body with two pointed ends and showed
that the resulting wave pattern along the body could be
approximated by the sum of five separate disturbances
of the surface (Figure 12.7). From this figure it is seen
that a symmetrical disturbance corresponds to the appli-
cation of Bernoulli’s theorem with peaks at the bow and
stern and a hollow, albeit with cusps at the start and
finish of the parallel middle body, between them. Two
wave forms starting with a crest are formed by the action
of the bow and stern whilst a further two wave forms
commencing with a trough originates from the shoul-
ders of the parallel middle body. The sum of these five
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Figure 12.6 Form of wave making resistance curve

Table 12.2 Effect of difference in calculation basis on
prediction of hump and hollow Froude numbers

k 1 2 3 4 5

L − λ/4 basis 0.46 0.36 0.30 0.27 0.24
0.9L basis 0.54 0.38 0.31 0.27 0.24

wave profiles is shown in the bottom of Figure 12.7 and
compared with a measured profile which shows good
general agreement. Since the wavelength λ varies with
speed and the points at which the waves originate are
fixed, it is easy to understand that the whole profile of
the resultant wave form will change with speed length
ratio.

This analysis procedure was extended by Wigley for
a more realistic hull form comprising a parallel middle
body and two convex extremities. Figure 12.8 shows
the results in terms of the same five components and
the agreement with the observed wave form.

Considerations of this type lead to endeavouring to
design a hull form to produce a minimum wave making

resistance using theoretical methods. The basis of these
theories is developed from Kelvin’s work on a travelling
pressure source; however, the mathematical boundary
conditions are difficult to satisfy with any degree of
precision. Results of work based on these theories have
been mixed in terms of their ability to represent the
observed wave forms, and consequently there is still
considerable work to undertake in this field.

12.2.2 The contribution of the bulbous bow

Bulbous bows are today commonplace in the design of
ships. Their origin is to be found before the turn of the
century, but the first application appears to have been
in 1912 by the US Navy. The general use in merchant
applications appears to have waited until the late 1950s
and early 1960s.

The basic theoretical work on their effectiveness was
carried out by Wigley (Reference 6) in which he showed
that if the bulb was nearly spherical in form, then the
acceleration of the flow over the surface induces a low-
pressure region which can extend towards the water
surface. This low-pressure region then reacts with the
bow pressure wave to cancel or reduce the effect of the
bow wave. The effect of the bulbous bow, therefore, is
to cause a reduction, in the majority of cases, of the
effective power required to propel the vessel, the effec-
tive power PE being defined as the product of the ship
resistance and the ship speed at a particular condition.
Figure 12.9 shows a typical example of the effect of a
bulbous bow from which it can be seen that a bulb is,
in general, beneficial above a certain speed and gives
a penalty at low speeds. This is because of the balance
between the bow pressure wave reduction effect and
increase in frictional resistance caused by the presence
of the bulb on the hull.

The effects of the bulbous bow in changing the
resistance and delivered power characteristics can be
attributed to several causes. The principal of these are
as follows:

1. The reduction of bow pressure wave due to the pres-
sure field created by the bulb and the consequent
reduction in wave making resistance.

2. The influence of the upper part of the bulb and its
intersection with the hull to introduce a downward
flow component in the vicinity of the bow.

3. An increase in the frictional resistance caused by the
surface area of the bulb.

4. A change in the propulsion efficiency induced by the
effect of the bulb on the global hull flow field.

5. The change induced in the wave breaking resistance.

The shape of the bulb is particularly important in
determining its beneficial effect. The optimum shape
for a particular hull depends on the Froude number
associated with its operating regime, and bulbous bows
tend to give good performance over a narrow range
of ship speeds. Consequently, they are most com-
monly found on vessels which operate at clearly defined
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Figure 12.7 Components of wave systems for a simple body

Figure 12.8 Wave components for a body with convex ends and a parallel middle body
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Figure 12.9 Influence of a bulbous bow of the effective
power requirement

Figure 12.10 Bulbous bow definition

speeds for much of their time. The actual bulb form,
Figure 12.10, is defined in relation to a series of form
characteristics as follows:

1. length of projection beyond the forward perpendic-
ular;

2. cross-sectional area at the forward perpendicular
(ABT);

3. height of the centroid of cross-section ABT from the
base line (hB);

4. bulb section form and profile;
5. transition of the bulb into the hull.

With regard to section form many bulbs today are
designed with non-circular forms so as to minimize the
effects of slamming in poor weather. There is, however,
still considerable work to be done in relating bulb form
to power saving and much contemporary work is pro-
ceeding. For current design purposes reference can be
made to the work of Inui (Reference 7), Todd (Reference
8), Yim (Reference 9) and Schneekluth (Reference 10).

In addition to its hydrodynamic behaviour the bulb
also introduces a further complication into resistance
calculations. Traditionally the length along the water-
line has formed the basis of many resistance calculation
procedures because it is basically the fundamental
hydrodynamic dimension of the vessel. The bulbous
bow, however, normally projects forward of the for-
ward point of the definition of the waterline length, and
since the bulb has a fundamental influence on some of
the resistance components, there is a case for redefining
the basic hydrodynamic length parameter for resistance
calculations.

12.2.3 Transom immersion resistance

In modern ships a transom stern is now normal prac-
tice. If at the design powering condition a portion of
the transom is immersed, this leads to separation tak-
ing place as the flow form under the transom passes out
beyond the hull (Figure 12.11). The resulting vorticity
that takes place in the separated flow behind the transom
leads to a pressure loss behind the hull which is taken
into account in some analysis procedures.

Figure 12.11 Flow around an immersed transom stern

The magnitude of this resistance is generally small
and, of course, vanishes when the lower part of the tran-
som is dry. Transom immersion resistance is largely a
pressure resistance that is scale independent.

12.2.4 Viscous form resistance

The total drag on a body immersed in a fluid and travel-
ling at a particular speed is the sum of the skin friction
components, which is equal to the integral of the shear-
ing stresses taken over the surface of the body, and the
form drag, which is in the integral of the normal forces
acting on the body.

In an inviscid fluid the flow along any streamline is
governed by Bernoulli’s equation and the flow around
an arbitrary body is predictable in terms of the changes
between pressure and velocity over the surface. In the
case of Figure 12.12(a) this leads to the net axial force
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Figure 12.12 Viscous form resistance calculation: (a)
inviscid flow case on an arbitrary body and (b) pressures
acting on shell plate of a ship

in the direction of motion being equal to zero since in
the two-dimensional case shown in Figure 12.12(a),
∮

p cos θ ds = 0 (12.10)

When moving in a real fluid, a boundary layer is created
over the surface of the body which, in the case of a ship,
will be turbulent and is also likely to separate at some
point in the after body. The presence of the boundary
layer and its growth along the surface of the hull mod-
ifies the pressure distribution acting on the body from
that of the potential or inviscid case. As a consequence,
the left-hand side of equation (12.10) can no longer
equal zero and the viscous form drag RVF is defined for
the three-dimensional case of a ship hull as

RVF =
n
∑

k=1

pk cos θkδSk (12.11)

in which the hull has been split into n elemental areas
δSk and the contribution of each normal pressure pk

acting on the area is summed in the direction of motion
(Figure 12.12(b)).

Equation (12.11) is an extremely complex equation
to solve since it relies on the solution of the boundary
layer over the vessel and this is a solution which at the
present time can only be approached using considerable
computational resources for comparatively simple hull
forms. As a consequence, the viscous form resistance
is normally accounted for using empirical or pseudo-
empirical methods at this time.

12.2.5 Naked hull skin friction resistance

The original data upon which to calculate the skin
friction component of resistance was that provided by
Froude in his plank experiments at Torquay. This data,
as discussed in the previous section, was subject to error
and in 1932 Schoenherr re-evaluated Froude’s original
data in association with other work in the light of the
Prandtl–von Karman theory. This analysis resulted in
an expression of the friction coefficient CF as a func-
tion of Reynolds number Rn and the formulation of a
skin friction line, applicable to smooth surfaces, of the
following form:

0.242√
CF

= log(Rn · CF) (12.12)

This equation, known as the Schoenherr line, was
adopted by the American Towing Tank Conference
(ATTC) in 1947 and in order to make the relationship
applicable to the hull surfaces of new ships an additional
allowance of 0.0004 was added to the smooth surface
values of CF given by equation (12.12). By 1950 there
was a variety of friction lines for smooth turbulent flows
in existence and all, with the exception of Froude’s
work, were based on Reynolds number. Phillips-Birt
(Reference 11) provides an interesting comparison of
these friction formulations for a Reynolds number of
3.87 × 109 which is applicable to ships of the length
of the former trans-Atlantic liner Queen Mary and is
rather less than that for the large supertankers: in either
case lying way beyond the range of direct experimental
results. The comparison is shown in Table 12.3 from
which it is seen that close agreement is seen to exist
between most of the results except for the Froude and
Schoenherr modified line. These last two, whilst giving
comparable results, include a correlation allowance in
their formulation. Indeed the magnitude of the correla-
tion allowance is striking between the two Schoenherr
formulations: the allowance is some 30 per cent of the
basic value.

Table 12.3 Comparison of CF values for different friction
lines for a Reynolds number Rn = 3.87 × 109 (taken from
Reference 11)

Friction line CF

Gerbers 0.00134
Prandtl–Schlichting 0.00137
Kemph–Karham 0.00103
Telfer 0.00143
Lackenby 0.00140
Froude 0.00168
Schoenherr 0.00133
Schoenherr + 0.0004 0.00173

In the general application of the Schoenherr line some
difficulty was experienced in the correlation of large
and small model test data and wide disparities in the
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correlation factor CA were found to exist upon the intro-
duction of all welded hulls. These shortcomings were
recognized by the 1957 International Towing Tank Con-
ference (ITTC) and a modified line was accepted. The
1957 ITTC line is expressed as

CF = 0.075

(log10 Rn − 2.0)2
(12.13)

and this formulation, which is in use with most ship
model basins, is shown together with the Schoenherr
line in Figure 12.13. It can be seen that the present
ITTC line gives slightly higher values of CF at the lower
Reynolds numbers than the Schoenherr line whilst both
lines merge towards the higher values of Rn.

Figure 12.13 Comparison of ITTC (1957) and ATTC (1947)
friction lines

The frictional resistance RF derived from the use of
either the ITTC or ATTC lines should be viewed as
an instrument of the calculation process rather than
producing a definitive magnitude of the skin friction
associated with a particular ship. As a consequence
when using a Froude analysis based on these, or indeed
any friction line data, it is necessary to introduce a cor-
relation allowance into the calculation procedure. This
allowance is denoted by CA and is defined as

CA = CT(measured) − CT(estimated) (12.14)

In this equation, as in the previous equation, the
resistance coefficients CT, CF, CW and CA are non-
dimensional forms of the total, frictional, wave making
and correlation resistances, and are derived from the
basic resistance summation

RT = RW + RV

by dividing this equation throughout by 1
2̺V 2

s S, 1
2̺V 2

s L2

or 1
2̺V 2

s ∇2/3 according to convenience.

12.2.6 Appendage skin friction

The appendages of a ship such as the rudder, bilge keels,
stabilizers, transverse thruster openings and so on intro-
duce a skin friction resistance above that of the naked
hull resistance.

At the ship scale the flow over the appendages is tur-
bulent, whereas at model scale it would normally be
laminar unless artificially stimulated, which in itself
may introduce a flow modelling problem. In addition,
many of the hull appendages are working wholly within
the boundary layer of the hull, and since the model is run
at Froude identity and not Reynolds identity this again
presents a problem. As a consequence the prediction of
appendage resistance needs care if significant errors are
to be avoided. The calculation of this aspect is further
discussed in Section 12.3.

In addition to the skin friction component of
appendage resistance, if the appendages are located on
the vessel close to the surface then they will also con-
tribute to the wave making component since a lifting
body close to a free surface, due to the pressure distri-
bution around the body, will create a disturbance on the
free surface. As a consequence, the total appendage
resistance can be expressed as the sum of the skin
friction and surface disturbance effects as follows:

RAPP = RAPP(F) + RAPP(W) (12.15)

where RAPP(F) and RAPP(W) are the frictional and wave
making components, respectively, of the appendages. In
most cases of practical interest to the merchant marine
RAPP(W) ≃ 0 and can be neglected: this is not the case,
however, for some naval applications.

12.2.7 Viscous resistance

Figure 12.2 defines the viscous resistance as being prin-
cipally the sum of the form resistance, the naked hull
skin friction and the appendage resistance. In the dis-
cussion on the viscous form resistance it was said that its
calculation by analytical means was an extremely com-
plex matter and for many hulls of a complex shape was
not possible with any degree of accuracy at the present
time.

Hughes (Reference 12) attempted to provide a better
empirical foundation for the viscous resistance calcu-
lation by devising an approach which incorporated the
viscous form resistance and the naked hull skin friction.
To form a basis for this approach Hughes undertook a
series of resistance tests using planks and pontoons for
a range of Reynolds numbers up to a value of 3 × 108.
From the results of this experimental study Hughes
established that the frictional resistance coefficient CF
could be expressed as a unique inverse function of
aspect ratio AR and, furthermore, that this function was
independent of Reynolds number. The function derived
from this work had the form:

CF = CF

∣

∣

∣

∣

AR=∞
· f

(

1

AR

)

in which the term CF|AR=∞ is the frictional coeffi-
cient relating to a two-dimensional surface; that is, one
having an infinite aspect ratio.
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This function permitted Hughes to construct a
two-dimensional friction line defining the frictional
resistance of turbulent flow over a plane smooth surface.
This took the form

CF

∣

∣

∣

∣

AR=∞
=

0.066

[ log10 Rn − 2.03]2
(12.16)

Equation (12.16) quite naturally bears a close similarity
to the ITTC 1957 line expressed by equation (12.13).
The difference, however, is that the ITTC and ATTC
lines contain some three-dimensional effects, whereas
equation (12.16) is defined as a two-dimensional line.
If it is plotted on the same curve as the ITTC line, it will
be found that it lies just below the ITTC line for the full
range of Rn and in the case of the ATTC line it also lies
below it except for the very low Reynolds numbers.

Hughes proposed the calculation of the total resis-
tance of a ship using the basic relationship

CT = CV + CW

in which CV=CF|AR = ∞ + CFORM , thereby giving the
total resistance as

CT = CF|AR=∞ + CFORM + CW (12.17)

in which CFORM is a ‘form’resistance coefficient which
takes into account the viscous pressure resistance of the
ship. In this approach the basic skin friction resistance
coefficient can be determined from equation (12.16). To
determine the form resistance the ship model can be run
at a very slow speed when the wave making component
is very small and can be neglected; when this occurs,
that is to the left of point A in Figure 12.14, then the
resistance curve defines the sum of the skin friction and
form resistance components. At the point A, when the
wave making resistance is negligible, the ratio

Figure 12.14 Hughes model of ship resistance

AC

BC
= viscous resistance

skin friction resistance

= skin friction resistance + viscous form resistance

skin friction resistance

= 1 + viscous form resistance

skin friction resistance

and if k = viscous form resistance

skin friction resistance

then
AC

BC
= (1 + k) (12.18)

In equation (12.8), (1 + k) is termed the form factor
and is assumed constant for both the ship and its model.
Indeed the form factor is generally supposed to be
independent of speed and scale in the resistance extrap-
olation method. In practical cases the determination of
(1 + k) is normally carried out using a variant of the Pro-
hashka method by a plot of CT against F4

n and extrapo-
lating the curve to Fn = 0 (Figure 12.5). From this figure
the form factor (1 + k) is deduced from the relationship

1 + k = lim
Fn→0

(

R

RF

)

This derivation of the form factor can be used in the
resistance extrapolation only if scale-independent pres-
sure resistance is absent; for example, there must be
no immersion of the transom and slender appendages
which are oriented to the direction of flow.

Although traditionally the form factor (1 + k) is
treated as a constant with varying Froude number the
fundamental question remains as to whether it is valid to
assume that the (1 + k) value, determined at vanishing
Froude number, is valid at high speed. This is of particu-
lar concern at speeds beyond the main resistance hump
where the flow configuration around the hull is likely
to be very different from that when Fn = 0, and there-
fore a Froude number dependency can be expected for
(1 + k). In addition a Reynolds dependency may also be
expected since viscous effects are the basis of the (1 + k)
formulation. The Froude and Reynolds effects are, how-
ever, likely to effect most the high-speed performance
and have a lesser influence on general craft.

The extrapolation from model to full scale using
Hughes’ method is shown in Figure 12.16(a), from
which it is seen that the two-dimensional skin friction
line, equation (12.16), is used as a basis and the viscous
resistance is estimated by scaling the basic friction line
by the form factor (1 + k). This then acts as a basis
for calculating the wave making resistance from the
measured total resistance on the model which is then
equated to the ship condition along with the recalcu-
lated viscous resistance for the ship Reynolds number.
The Froude approach (Figure 12.15(b)), is essentially
the same, except that the frictional resistance is based
on one of the Froude, ATTC (equation (12.12)) or ITTC
(equation (12.13)) friction lines without a (1 + k) factor.
Clearly the magnitude of the calculated wave making
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Figure 12.15 Determination of (1 + k) using
Prohaska method

Figure 12.16 Comparison of extrapolation approaches: (a) extrapolation using Hughes approach and
(b) extrapolation using Froude approach

resistance, since it is measured total resistance minus
calculated frictional resistance, will vary according to
the friction formulation used. This is also true of the
correlation allowances as defined in equation (12.15),
and therefore the magnitudes of these parameters should
always be considered in the context of the approach and
experimental facility used.

In practice both the Froude and Hughes approaches
are used in model testing; the latter, however, is most
frequently used in association with the ITTC 1957
friction formulation rather than equation (12.16).

12.3 Methods of resistance evaluation

To evaluate the resistance of a ship the designer has
several options available. These ranges, as shown in
Figure 12.17, from what may be termed the tradi-
tional methods through to advanced Computational
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Figure 12.17 Ship resistance evaluation methods and examples

Fluid Dynamics (CFD) methods. The choice of method
depends not only on the capability available but also on
the accuracy desired, the funds available and the degree
to which the approach has been developed. Figure 12.17
identifies four basic classes of approach to the problem;
the traditional and standard series, the regression-
based procedures; the direct model test and the CFD
approach. Clearly these are somewhat artificial distinc-
tions, and consequently break down on close scrutiny;
they are, however, convenient classes for discussion
purposes.

Unlike the CFD and direct model test approaches,
the other methods are based on the traditional naval
architectural parameters of hull form; for example,
block coefficient, longitudinal centre of buoyancy, pris-
matic coefficient, etc. These form parameters have
served the industry well in the past for resistance cal-
culation purposes; however, as requirements become
more exacting and hull forms become more complex
these traditional parameters are less able to reflect the
growth of the boundary layer and wave making com-
ponents. As a consequence much current research is
being expended in the development of form parameters
which will reflect the hull surface contours in a more
equable way.

12.3.1 Traditional and standard series
analysis methods

A comprehensive treatment of these methods would
require a book in itself and would also lie to one side
of the main theme of this text. As a consequence an
outline of four of the traditional methods starting with
that of Taylor and proceeding through Ayer’s analysis
to the later methods of Auf’m Keller and Harvald are
presented in order to illustrate the development of these
methods.

Taylor’s method (1910–1943)

Admiral Taylor in 1910 published the results of model
tests on a series of hull forms. This work has since been
extended (Reference 13) to embrace a range of V /

√
L

from 0.3 to 2.0. The series comprised some 80 models
in which results are published for beam draught ratios
of 2.25, 3.0 and 3.75 with five displacement length
ratios. Eight prismatic coefficients were used spanning
the range 0.48 to 0.80, which tends to make the series
useful for the faster and less full vessels.

The procedure is centred on the calculation of the
residual resistance coefficients based on the data for
each B/T value corresponding to the prismatic and
V /

√
L values of interest. The residual resistance com-

ponent CR is found by interpolation from the three B/T
values corresponding to the point of interest. The fric-
tional resistance component is calculated on a basis of
Reynolds number and wetted surface area together with
a hull roughness allowance. The result of this calcula-
tion is added to the interpolated residuary resistance
coefficient to form the total resistance coefficient CT
from which the naked effective horsepower is derived
for each of the chosen V /

√
L values from the relation

EHPn = ACTV 3
S (12.19)

where A is the wetted surface area.

Ayre’s method (1942)

Ayre (Reference 14) developed method in 1927, again
based on model test data, using a series of hull forms
relating to colliers. In his approach, which in former
years achieved widespread use, the method centres on
the calculation of a constant coefficient C2 which is
defined by equation (12.20)

EHP = �0.64V 3
S

C2
(12.20)
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This relationship implies that in the case of full-sized
vessels of identical forms and proportions, the EHP
at corresponding speeds varies as (�0.64V 3

S ) and that
C2 is a constant at given values of V /

√
L. In this case

Figure 12.18 Definition of ship class

Figure 12.19 Diagram for determining the specific residuary resistance as a function of V s/
√

(CpL) and Cp (Reproduced
with permission from Reference 15)

the use of �0.64 avoids the necessity to treat the fric-
tional and residual resistances separately for vessels of
around 30 m.

The value of C2 is estimated for a standard block
coefficient. Corrections are then made to adjust the
standard block coefficient to the actual value and cor-
rections applied to cater for variations in the beam–
draught ratio, position of the l.c.b. and variations in
length from the standard value used in the method’s
derivation.

Auf’m Keller method

Auf’m Keller (Reference 15) extended the earlier work
of Lap (Reference 16) in order to allow the derivation
of resistance characteristics of large block coefficient,
single-screw vessels. The method is based on the col-
lated results from some 107 model test results for large
single-screw vessels and the measurements were con-
verted into five sets of residuary resistance values. Each
of the sets is defined by a linear relationship between
the longitudinal centre of buoyancy and the prismatic
coefficient. Figure 12.18 defines these sets, denoted by
the letters A to E, and Figure 12.19 shows the residuary
resistance coefficient for set A. As a consequence it is
possible to interpolate between the sets for a particular
l.c.b. versus CP relationship.

The procedure adopted is shown in outline form by
Figure 12.20 in which the correction for ζr and the ship
model correlation CA are given by equation (12.21) and
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Figure 12.20 Auf’m Keller resistance calculation

Table 12.4 Values of CA used in Auf’m Keller method
(taken from Reference 15)

Length of vessel (m) Ship model correlation allowance

50–150 0.0004 → 0.00035
150–210 0.0002
210–260 0.0001
260–300 0
300–350 −0.0001
350–450 −0.00025

Table 12.4, respectively:

% change in ζr = 10.357[e1.129(6.5−L/B) − 1] (12.21)

As in the case of the previous two methods the influ-
ence of the bulbous bow is not taken into account but
good experience can be achieved with the method within
its area of application.

Harvald method

The method proposed by Harvald (Reference 17) is
essentially a preliminary power prediction method

designed to obtain an estimate of the power required
to drive a vessel. The approach used is to define four
principal parameters upon which to base the estimate;
the four selected are:

1. the ship displacement (�),
2. the ship speed (Vs),
3. the block coefficient (Cb),
4. the length displacement ratio (L/∇1/3).

By making such a choice all the other parameters that
may influence the resistance characteristics need to be
standardized, such as hull form, B/T ratio, l.c.b., pro-
peller diameter, etc. The method used by Harvald is to
calculate the resistance of a standard form for a range
of the four parameters cited above and then evaluate
the shaft power using a Quasi-Propulsive Coefficient
(QPC) based on the wake and thrust deduction method
discussed in Chapter 5 and a propeller open water effi-
ciency taken from the Wageningen B Series propellers.
The result of this analysis led to the production of seven
diagrams for a range of block coefficient from 0.55 to
0.85 in 0.05 intervals of the form shown in Figure 12.21.
From these diagrams an estimate of the required power
under trial conditions can be derived readily with the
minimum of effort. However, with such a method it
is important to make allowance for deviations of the
actual form from those upon which the diagrams are
based.

Standard series data

In addition to the more formalized methods of analysis
there is a great wealth of data available to the designer
and analyst in the form of model data and more par-
ticularly in model data relating to standard series hull
forms. That is, those in which the geometric hull form
variables have been varied in a systematic way. Much
data has been collected over the years and Bowden
(Reference 18) gives a very useful guide to the extent
of the data available for single-screw ocean-going ships
between the years 1900 and 1969. Some of the more
recent and important series and data are given in Refer-
ences 19 to 31. Unfortunately, there is little uniformity
of presentation in the work as the results have been
derived over a long period of time in many countries
of the world. The designer therefore has to accept this
state of affairs and account for this in his calculations. In
addition hull form design has progressed considerably
in recent years and little of these changes is reflected
in the data cited in these references. Therefore, unless
extreme care is exercised in the application of such data,
significant errors can be introduced into the resistance
estimation procedure.

In more recent times the Propulsion Committee of
the ITTC have been conducting a cooperative experi-
mental programme between tanks around the world
(Reference 32). The data so far reported relates to the
Wigley parabolic hull and the Series 60, Cb = 0.60 hull
forms.
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Figure 12.21 Harvald estimation diagram for ship power

12.3.2 Regression-based methods

Ship resistance prediction based on statistical regres-
sion methods has been a subject of some interest for
a number of years. Early work by Scott in the 1970s
(References 33 and 34) resulted in methods for pre-
dicting the trial performance of single- and twin-screw
merchant ships.

The theme of statistical prediction was then taken
up by Holtrop in a series of papers (References 35 to
39). These papers trace the development of a power
prediction method based on the regression analysis of
random model and full-scale test data together with, in
the latest version of the method, the published results
of the Series 64 high-speed displacement hull terms. In
this latest version the regression analysis is now based
on the results of some 334 model tests. The results are
analysed on the basis of the ship resistance equation.

RT = RF(1 + k1) + RAPP + RW + RB + RTR + RA

(12.22)

In this equation the frictional resistance RF is calculated
according to the 1957 ITTC friction formulation, equa-
tion (12.13), and the hull form factor (1 + k1) is based
on a regression equation and is expressed as a func-
tion of afterbody form, breadth, draught, length along

the waterline, length of run, displacement, prismatic
coefficient:

(1 + k1) = 0.93 + 0.487118(1 + 0.011Cstern)

× (B/L)1.06806(T/L)0.46106

× (LWL/LR)0.121563(L3
WL/∇)0.36486

× (1 − CP)−0.604247 (12.23)

in which the length of run LR is defined by a separate
relationship, if unknown, as follows:

LR = LWL

(

1 − CP + 0.06CPl.c.b.

(4CP − 1)

)

The sternshape parameter Cstern in equation (12.23)
is defined in relatively discrete and coarse steps for
different hull forms, as shown in Table 12.5.

The appendage resistance according to the Holtrop
approach is evaluated from the equation

RAPP = 1
2̺V 2

S CF(1 + k2)equv

∑

SAPP + RBT (12.24)

in which the frictional coefficient CF of the ship is
again determined by the ITTC 1957 line and SAPP is
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Table 12.5 Cstern parameters according to Holtrop

Afterbody form Cstern

Pram with gondola −25
V-shaped sections −10
Normal section ship 0
U-shaped sections with Hogner stern 10

the wetted area of the particular appendages of the ves-
sel. To determine the equivalent (1 + k2) value for the
appendages, denoted by (1 + k2)equv, appeal is made to
the relationship

(1 + k2)equv =
∑

(1 + k2)SAPP
∑

SAPP
(12.25)

The values of the appendage form factors are tentatively
defined by Holtrop as shown in Table 12.6.

Table 12.6 Tentative appendage form factors (1 + k2)

Appendage type (1 + k2)

Rudder behind skeg 1.5–2.0
Rudder behind stern 1.3–1.5
Twin-screw balanced rudders 2.8
Shaft brackets 3.0
Skeg 1.5–2.0
Strut bossings 3.0
Hull bossings 2.0
Shafts 2.0–4.0
Stabilizer fins 2.8
Dome 2.7
Bilge keels 1.4

If bow thrusters are fitted to the vessel their influence
can be taken into account by the term RBT in equation
(12.24) as follows:

RBT = π̺V 2
S dTCBTO

in which dT is the diameter of the bow thruster and the
coefficient CBTO lies in the range 0.003 to 0.012. When
the thruster lies in the cylindrical part of the bulbous
bow, CBTO → 0.003.

The prediction of the wave making component of
resistance has proved difficult and in the last version
of Holtrop’s method (Reference 39) a three-banded
approach is proposed to overcome the difficulty of find-
ing a general regression formula. The ranges proposed
are based on the Froude number Fn and are as follows:

Range 1: Fn > 0.55
Range 2: Fn < 0.4
Range 3: 0.4 < Fn < 0.55

within which the general form of the regression equa-
tions for wave making resistance in ranges 1 and 2 is

RW = K1K2K3∇̺g exp [K4FK6
n + K5 cos (K7/F2

n )]

(12.26)

The coefficients K1, K2, K3, K4, K5, K6 and K7 are
defined by Holtrop in Reference 39 and it is of interest to
note that the coefficient K2 determines the influence of
the bulbous bow on the wave resistance. Furthermore,
the difference in the coefficients of equation (12.26)
between ranges 1 and 2 above lie in the coefficients
K1 and K4. To accommodate the intermediate range,
range 3, a more or less arbitrary interpolation formula
is used of the form

RW = RW|Fn=0.4 + (10Fn − 4)

1.5
× [ RW|Fn=0.55 − RW|Fn=0.4] (12.27)

The remaining terms in equation (12.22) relate to the
additional pressure resistance of the bulbous bow near
the surface RB and the immersed part of the transom
RTR and are defined by relatively simple regression
formulae. With regard to the model–ship correlation
resistance the most recent analysis has shown the for-
mulation in Reference 38 to predict a value some 9 to
10 per cent high; however, for practical purposes that
formulation is still recommended by Holtrop:

RA = 1
2̺V 2

s SCA

where

CA = 0.006(LWL + 100)−0.16 − 0.00205

+ 0.003
√

(LWL/7.5)C4
BK2(0.04 − c4) (12.28)

in which c4 = TF/LWL when TF/LWL ≤ 0.04
and c4 = 0.04 when TF/LWL > 0.04

where TF is the forward draught of the vessel and S is
the wetted surface area of the vessel.

K2 which also appears in equation (12.26) and deter-
mines the influence of the bulbous bow on the wave
resistance is given by

K2 = exp [−1.89
√

c3]

where

c3 = 0.56(ABT)1.5

BT (0.31
√

ABT + TF − hB)

in which ABT is the transverse area of the bulbous bow
and hB is the position of the centre of the transverse area
ABT above the keel line with an upper limit of 0.6TF (see
Figure 12.10).

Equation (12.28) is based on a mean apparent ampli-
tude hull roughness kS = 150 µm. In cases where the
roughness may be larger than this use can be made of
the ITTC-1978 formulation, which gives the increase
in roughness as

�CA = (0.105k
1/3
S − 0.005579)/L1/3 (12.29)

The Holtrop method provides a most useful estimation
tool for the designer. However, like many analysis pro-
cedures it relies to a very large extent on traditional naval
architectural parameters. As these parameters cannot
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fully act as a basis for representing the hull curvature
and its effect on the flow around the vessel there is a
natural limitation on the accuracy of the approach with-
out using more complex hull definition parameters. At
the present time considerable research is proceeding in
this direction to extend the viability of the resistance
prediction method.

12.3.3 Direct model test

Model testing of a ship in the design stage is an import-
ant part of the design process and one that, in a great
many instances, is either not explored fully or is not
undertaken. In the author’s view this is a false economy,
bearing in mind the relatively small cost of model testing
as compared to the cost of the ship and the potential costs
that can be incurred in design modification to rectify a
problem or the through life costs of a poor performance
optimization.

General procedure for model tests

Whilst the detailed procedures for model testing differ
from one establishment to another the underlying gen-
eral procedure is similar. Here the general concepts are
discussed, but for a more detailed account reference can
be made to Phillips-Birt (Reference 11). With regard to
resistance and propulsion testing there are fewer kinds
of experiment that are of interest: the resistance test, the
open water propeller test, the propulsion test and the
flow visualization test. The measurement of the wake
field was discussed in Chapter 5.

Resistance tests
In the resistance test the ship model is towed by the
carriage and the total longitudinal force acting on the
model is measured for various speeds (Figure 12.22).
The breadth and depth of the towing tank essentially
governs the size of the model that can be used. Todd’s
original criterion that the immersed cross-section of the
vessel should not exceed one per cent of the tank’s cross-
sectional area was placed in doubt after the famous Lucy
Ashton experiment. This showed that to avoid bound-
ary interference from the tank walls and bottom this
proportion should be reduced to the order of 0.4 per cent.

The model, constructed from paraffin wax, wood or
glass-reinforced plastic, requires to be manufactured
to a high degree of finish and turbulence simulators
placed at the bow of the model in order to stimulate the
transition from a laminar into a turbulent boundary layer
over the hull. The model is positioned under the carriage
and towed in such a way that it is free to heave and pitch,
and ballasted to the required draught and trim.

In general there are two kinds of resistance tests:
the naked hull and the appended resistance test. If
appendages are present local turbulence tripping is
applied in order to prevent the occurrence of uncon-
trolled laminar flow over the appendages. Also the
propeller should be replaced by a streamlined cone to
prevent flow separation in this area.

The resistance extrapolation process follows Froude’s
hypothesis and the similarity law is followed. As such
the scaling of the residual, or wave making component,
follows the similarity law

RWship = RWmodelλ
3(̺s/ρM)

provided that VS = VM
√

λ, where λ = LS/LM.
In general, the resistance is scaled according to the

relationship

Rs = [RM − RFM (1 + k)]λ3
(

̺S

̺M

)

+ RFs (1 + k) + RA

= [RM − FD]λ3
(

̺S

̺M

)

(12.30)

in which

FD = 1
2̺MV 2

MSM(1 + k)(CFM − CFS ) − ̺M

̺S

RA/λ3

that is,

FD = 1
2̺MV 2

MSM[(1 + k)(CFM − CFS ) − CA]

(12.31)

The term FD is known as both the scale effect cor-
rection on resistance and the friction correction force.
The term RA in equation (12.30) is the resistance com-
ponent, which is supposed to allow for the following
factors: hull roughness; appendages on the ship but not
present during the model experiment; still air drag of
the ship and any other additional resistance component
acting on the ship but not on the model. As such its
non-dimensional form CA is the incremental resistance
coefficient for ship–model correlation.

When (1 + k) in equation (12.30) is put to unity, the
extrapolation process is referred to as a two-dimensional
approach since the frictional resistance is then taken as
that given by the appropriate line, Froude flat plate data,
ATTC or ITTC 1957, etc.

The effective power (PE) is derived from the resist-
ance test by the relationship

PE = RSVS (12.32)

Open water tests
The open water test is carried out on either a stock or
actual model of the propeller to derive its open water
characteristics in order to derive the propulsion coef-
ficients. The propeller model is fitted on a horizontal
driveway shaft and is moved through the water at an
immersion of the shaft axis frequently equal to the
diameter of the propeller (Figure 12.23).

The loading of the propeller is normally carried out by
adjusting the speed of advance and keeping the model
revolutions constant. However, when limitations in the
measuring range, such as a J -value close to zero or
a high carriage speed needed for a high J -value, are
reached the rate of revolutions is also varied. The meas-
ured thrust values are corrected for the resistance of the
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Figure 12.22 Ship model test facility

hub and streamlined cap, this correction being deter-
mined experimentally in a test using a hub only without
the propeller.

The measured torque and corrected thrust are
expressed as non-dimensional coefficients KTO and KQO
in the normal way (see Chapter 6); the suffix O being
used in this case to denote the open rather than the
behind condition. The open water efficiency and the
advance coefficient are then expressed as

η0 = J

2π

KTO

KQO

and

J = Vc

nD

where Vc is the carriage speed.

Unless explicitly stated it should not be assumed that
the propeller open water characteristics have been cor-
rected for scale effects. The data from these tests are
normally plotted on a conventional open water diagram
together with a tabulation of the data.
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Figure 12.23 Propeller open water test using towing tank carriage

Propulsion tests
In the propulsion test the model is prepared in much the
same way as for the resistance test and turbulence stimu-
lation on the hull and appendages is again applied. For
this test, however, the model is fitted with the propeller
used in the open water test together with an appropri-
ate drive motor and dynamometer. During the test the
model is free to heave and pitch as in the case of the
resistance test.

In the propulsion test the propeller thrust TM, the pro-
peller torque QM and the longitudinal towing force F
acting on the model are recorded for each tested com-
bination of model speed VM and propeller revolutions
nM.

Propulsion tests are carried out in two parts. The first
comprises a load variation test at one or sometimes more
than one constant speed whilst the other comprises a
speed variation test at constant apparent advance coef-
ficient or at the self-propulsion point of the ship. The
ship self-propulsion point being defined when the tow-
ing force (F) on the carriage is equal to the scale effect
correction on viscous resistance (FD), equation (12.31).

The required thrust TS and self-propulsion point of
the ship is determined from the model test using the
equation:

TS =
[

TM + (FD − F)
∂TM

∂F

]

λ3 ̺S

̺M

(12.33)

In equation (12.33) the derivative ∂TM/∂F is determined
from the load variation tests which form the first part

of the propulsion test. In a similar way the local vari-
ation test can be interpolated to establish the required
torque and propeller rotational speed at self-propulsion
for the ship.

In the extrapolation of the propulsion test to full scale
the scale effects on resistance (FD), on the wake field
and on the propeller characteristics need to be taken
into account. At some very high speeds the effects of
cavitation also need to be taken into account. This can
be done by analysis or through the use of specialized
facilities.

Flow visualization tests
Various methods exist to study the flow around the hull
of a ship. One such method is to apply stripes of an
especially formulated paint to the model surface, the
stripes being applied vertical to the base line. The model
is then towed at Froude identity and the paint will smear
into streaks along the hull surface in the direction of the
flow lines.

In cases where the wall shear stresses are insuffi-
cient tufts are used to visualize the flow over the hull.
In general, woollen threads of about 5 cm in length
will be fitted onto small needles driven into the hull
surface. The tufts will be at a distance of between 1
and 2 cm from the hull surface and the observation
made using an underwater television camera. The inter-
action phenomenon between the propeller and ship’s
hull can also be studied in this way by observing the
behaviour of the tufts with and without the running
propeller.
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Model test facilities

Many model test facilities exist around the world almost
all of which possess a ship model towing tank. Some of
the model facilities available are listed in Table 12.7;
this, however, is by no means an exhaustive list of

Table 12.7 Examples of towing tank facilities around the
world (Reproduced with permission from Reference 55)

Facilities Length Width Depth Maximum
(m) (m) (m) carriage

speed (m/s)

European facilities
Qinetiq Haslar (UK) 164 6.1 2.4 7.5

270 12.0 5.5 12.0
Experimental and 76 3.7 1.7 9.1
Electronic Lab. 188 2.4 1.3 13.1
B.H.C. Cowes (UK) 197 4.6 1.7 15.2
MARIN
Wageningen (NL) 100 24.5 2.5 4.5

216 15.7 1.25 5
220 4.0 4.0 15/30
252 10.5 5.5 9

MARIN 240 18.0 8.0 4
Depressurized
Facility, Ede (NL)
Danish Ship 240 12.0 6.0 14
Research
Laboratories
Ship Research 27 2.5 1.0 2.6
Institute of 175 10.5 5.5 8.0
Norway (NSFI)
SSPA. Göteborg, 260 10.0 5.0 14.0
Sweden
Bassin d’Essais de 155 8.0 2.0 5
Carènes, Paris 220 13.0 4.0 10
VWS West 120 8.0 1.1 4.2
Germany 250 8.0 4.8 20
H.S.V. Hamburg 30 6.0 1.2 0.0023–1.9
West Germany 80 4.0 0.7 3.6

80 5.0 3.0 3.6
300 18.0 6.0 8.0

B.I.Z. Yugoslavia 37.5 3.0 2.5 3
23 12.5 6.2 8
293 5.0 3.5 12

North American Facilities
NSRDC Bethesda 845 15.6 6.7 10
USA 905 6.4 3.0–4.8 30
NRC, Marine 137 7.6 3.0 8
Dynamics and Ship
Laboratory, Canada

Far East Facilities
Meguro Model 98 3.5 2.25 7
Basin, Japan 235 12.5 7.25 10

340 6.0 3.0 20
Ship Research 20 8.0 0–1.5 2
Institute, Mitaka 50 8.0 4.5 2.5
Japan 140 7.5 0–3.5 6

375 18.0 8.5 15
KIMM – Korea 223 16.0 7.0
Hyundai – Korea 232 14.0 6.0

facilities but is included here to give an idea of the range
of facilities available.

Two-dimensional extrapolation method

This as discussed previously is based on Froude’s ori-
ginal method without the use of a form factor. Hence
the full-scale resistance is determined from

RS = (RM − FD)λ3
(

̺S

̺M

)

where

FD = 1
2̺MV 2

MSM(CFM − CFS − CA)

and when Froude’s friction data is used CA is set to zero,
but this is not the case if the ATTC-1947 or ITTC-1957
line is used.

When the results of the propulsion test are either inter-
polated for the condition when the towing force (F) is
equal to FD or when FD is actually applied in the self-
propulsion test the corresponding model condition is
termed the ‘self-propulsion point of the ship’. The direct
scaling of the model data at this condition gives the con-
dition generally termed the ‘tank condition’. This is as
follows:

PDS = PDMλ3.5

(

̺S

̺M

)

TS = TMλ3

(

̺S

̺M

)

nS = nM/
√

λ

VS = VM
√

λ

RS = (RM − FD)λ3

(

̺S

̺M

)

⎫

⎪
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⎪

⎪
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⎬
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⎪

⎭

(12.34)

The power and propeller revolutions determined from
the tank condition as given by equation (12.34) require
to be converted into trial prediction figures for the ves-
sel. In the case of the power trial prediction this needs
to be based on an allowance factor for the results of
trials of comparable ships of the same size or alterna-
tively on the results of statistical surveys. The power
trial allowance factor is normally defined as the ratio of
the shaft power measured on trial to the power delivered
to the propeller in the tank condition.

The full-scale propeller revolutions prediction is
based on the relationship between the delivered power
and the propeller revolutions derived from the tank con-
dition. The power predicted for the trial condition is then
used in this relationship to devise the corresponding
propeller revolutions. This propeller speed is corrected
for the over- or underloading effect and often corre-
sponds to around 1

2 per cent decrease of rpm for a 10
per cent increase of power. The final stage in the pro-
peller revolutions prediction is to account for the scale
effects in the wake and propeller blade friction. For the
trial condition these scale effects are of the order of

1
2

√
λ% for single-screw vessels

1−2% for twin-screw vessels

The allowance for the service condition on rotational
speed is of the order one per cent.
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Three-dimensional extrapolation method

The three-dimensional extrapolation method is based
on the form factor concept. Accordingly the resistance
is scaled under the assumption that the viscous resist-
ance of the ship and its model is proportional to the
frictional resistance of a flat plate of the same length
and wetted surface area when towed at the same speed,
the proportionality factor being (1 + k) as discussed in
Section 12.2. In addition it is assumed that the pres-
sure resistance due to wave generation, stable separation
and induced drag from non-streamlined or misaligned
appendages follow the Froude similarity law.

The form factor (1 + k) is determined for each hull
from low-speed resistance or propulsion measurements
when the wave resistance components are negligible. In
the case of the resistance measurement of form factor
then this is based on the relationship:

(1 + k) = lim
Fn→0

(

R

RF

)

In the case of the propulsion test acting as a basis for
the (1 + k) determination then this relationship takes
the form

(1 + k) = lim
Fn→0

[

F − T/(∂T/∂F)

(F|T=0/R)RF

]

The low-speed measurement of the (1 + k) factor can
only be validly accomplished if scale-independent pres-
sure resistance is absent, which means, for example,
that there is no immersed transom. In this way the form
factor is maintained independent of speed and scale in
the extrapolation method.

In the three-dimensional method the scale effect on
the resistance is taken as

FD = 1
2̺MV 2

MSM[(1 + k)(CFM − CFS ) − CA]

in which the form factor is normally taken relative
to the ITTC-1957 line and CA is the ship–model cor-
relation coefficient. The value of CA is generally based
on an empirically based relationship and additional
allowances are applied to this factor to account for
extreme hull forms at partial draughts, appendages
not present on the model, ‘contract’ conditions, hull
roughness different from the standard of 150 µm,
extreme superstructures or specific experience with
previous ships.

In the three-dimensional procedure the measured
relationship between the thrust coefficient KT and the
apparent advance coefficient is corrected for wake scale
effects and for the scale effects on propeller blade fric-
tion. At model scale the model thrust coefficient is
defined as

KTM = f (Fn, J )M

whereas at ship scale this is

KTS = f

(

Fn, J

(

1 − wTS

1 − wTM

)

+ �KT

)

According to the ITTC 1987 version of the manual for
the use of the 1978 performance reduction method, the
relationship between the ship and model Taylor wake
fractions can be defined as

wTS = (t + 0.04) + (wTM − t − 0.04)

× (1 + k)CFS + �CF

(1 + k)CFM

where 0.04 is included to take account of the rudder
effect and �CF is the roughness allowance given by

�CF =
[

105

(

ks

LWL

)1/3

− 0.64

]

× 10−3

The measured relationship between the thrust and
torque coefficient is corrected for the effects of friction
over the blades such that

KTS = KTM + �KT and KQS = KQM + �KQ

where the factors �KT and �KQ are determined from
the ITTC procedure as discussed in Chapter 6.

The load of the full-scale propeller is obtained from
the relationship

KT

J 2
= S

2D2

CTS

(1 − t)(1 − wTS)2

and with KT/J 2 as the input value the full-scale advance
coefficient JTS and torque coefficient KQTS are read
off from the full-scale propeller characteristics and the
following parameters calculated:

nS = (1 − wTS)VS

JTSD

PDS = 2π̺D5n3
S

KQTS

ηR
× 10−3

TS = KT

J 2
J 2

TS̺D4n2
S

QS = KQTS

ηR
̺D5n2

S

(12.35)

The required shaft power PS is found from the deliv-
ered power PDS using the shafting mechanical efficiency
ηS as

PS = PDS/ηS

12.3.4 Computational fluid dynamics

The analysis of ship forms to predict total resistance
using the CFD approach is now an important subject
which is well on the way to becoming mature and
considerable research effort is being devoted to the
topic.

With regard to the wave making part of the total resist-
ance, provided that the viscous effects are neglected,
then the potential flow can be defined by the impos-
ition of boundary conditions at the hull and free surface.
The hull conditions are taken into account by placing
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a distribution of source panels over its surface. The
problem comes in satisfying the free surface/boundary
conditions which ought to be applied at the actual free
surface, which of course is unknown at the start of the
calculation. A solution to this problem was developed by
Dawson (Reference 40) and is one method in the class
of ‘slow-ship’ theories. With this method the exact free
surface condition is replaced by an approximate one
that can be applied at a fixed location such as the undis-
turbed water surface. In such a case a suitable part of the
undisturbed free surface is covered with source panels
and the source strengths determined so as to satisfy the
boundary conditions. Figure 12.24 shows the wave pat-
tern calculated (Reference 41) using a variation of the
Dawson approach for a Wigley hull at a Froude number
of 0.40.

Figure 12.24 Calculated wave profile for Wigley hull at
F n = 0.4 (Courtesy MARIN)

Free surface models in the CFD process pose prob-
lems for integrated solutions for the total resistance
estimation. However, methods based on the transporta-
tion of species concentration are under development
and when successful show promise for an integrated
CFD solution. These transport models are then solved
additionally to the Navier–Stokes equations within the
computational code. A typical example of one such

Figure 12.25 Zones for CFD analysis

model is:

∂/∂t

∫

v
Ci dv +

∫

s

Civ.n ds = 0

with ρ =
∑

ρiCi and μ =
∑

μiCi

and where Ci is the transport species concentration in a
particular grid domain.

In the case of the viscous resistance the flow field
is often considered in terms of three distinct regions:
a potential or, more correctly, nearly potential zone, a
boundary layer zone for much of the forward part of
the hull and a thick boundary layer zone towards the
stern of the ship (Figure 12.25). Analysis by CFD pro-
cedures has matured significantly in the last few years
and as well as now beginning to yield good quanti-
tative estimates of frictional resistance it enables the
designer to gain valuable insights into the flow field
around the ship, particularly in the after-body region
where unpleasant vorticity and separation effects may
manifest themselves. In these analyses turbulence mod-
elling has been problematic in recent years and while
reasonable estimates of the frictional resistance have
been made for fine form ships using k–ε and, more
particularly, k–� models, recent work with the more
computationally intensive Reynolds stress models have
both improved the accuracy of the prediction for the
finer hull forms and, moreover, extended the range of
applicability in terms of quantitative estimates of resist-
ance to full-form ships. Such developments, therefore,
help to relieve concerns as to where the frictional resist-
ance solution starts to diverge significantly from the true
value for a given hull form.

Today when considering the propulsion aspects of a
ship design the use of a combination of model testing
and analysis centred on CFD coupled with sound design
experience is advisable. Moreover, notwithstanding the
advances that have been made with the mathematical
modelling processes, they should not at present replace
the conventional and well-tested model testing proced-
ures for which much correlation data exists: rather they
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should be used to complement the design approach by
allowing the designer to gain insights into the flow
dynamics and develop remedial measures before the
hull is constructed.

12.4 Propulsive coefficients

The propulsive coefficients of the ship performance
form the essential link between the effective power
required to drive the vessel, obtained from the product
of resistance and ship speed, and the power delivered
from the engine to the propeller.

The power absorbed by and delivered to the propeller
PD in order to drive the ship at a given speed VS is

PD = 2πnQ (12.36)

where n and Q are the rotational speed and torque at the
propeller. Now the torque required to drive the propeller
Q can be expressed for a propeller working behind the
vessel as

Q = KQb̺n2D5 (12.37)

where KQb is the torque coefficient of the propeller when
working in the wake field behind the vessel at a mean
advance coefficient J . By combining equations (12.36)
and (12.37) the delivered power can be expressed as

PD = 2πKQb̺n3D5 (12.38)

If the propeller were operating in open water at the
same mean advance coefficient J the open water torque
coefficient KQo would be found to vary slightly from
that measured behind the ship model. As such the ratio
KQo/KQb is known as the relative rotative efficiency ηr

ηr = KQo

KQb
(12.39)

this being the definition stated in Chapter 6.
Hence, equation (12.38) can then be expressed in

terms of the relative rotative efficiency as

PD = 2π
KQo

ηr
̺n3D5 (12.40)

Now the effective power PE is defined as

PE = RVs

= PDQPC

where the QPC is termed the quasi-propulsive
coefficient.

Hence, from the above, in association with equation
(12.40),

RVs = PDQPC

= 2π
KQo

ηr
̺n3D5QPC

which implies that

QPC = RVsηr

2πKQo̺n3D5

Now the resistance of the vessel R can be expressed in
terms of the propeller thrust T as R = T (1 − t), where t is
the thrust deduction factor as explained later. Also from
Chapter 5 the ship speed Vs can be defined in terms of the
mean speed of advance Va as Va = Vs(1 − wt), where wt
is the mean Taylor wake fraction. Furthermore, since
the open water thrust coefficient KTo is expressed as
To = KTo̺n2D4, with To being the open water propeller
thrust at the mean advance coefficient J ,

To

KTo
= ̺n2D4

and the QPC can be expressed from the above as

QPC = To(1 − t)VaKToηr

(1 − wt)2πKQonDTo

which reduces to

QPC =
(

1 − t

1 − wt

)

η0ηr

since, from equation (6.8),

η0 = J

2π

KTo

KQo

The quantity (1 − t)/(1 − wt) is termed the hull effi-
ciency ηh and hence the QPC is defined as

QPC = ηhη0ηr (12.41)

or, in terms of the effective and delivered powers,

PE = PDQPC

that is,

PE = PDηhη0ηr (12.42)

12.4.1 Relative rotative efficiency

The relative rotative efficiency (ηr), as defined by equa-
tion (12.39), accounts for the differences in torque
absorption characteristics of a propeller when operat-
ing in mixed wake and open water flows. In many cases
the value of ηr lies close to unity and is generally within
the range

0.95 ≤ ηr ≤ 1.05

In a relatively few cases it lies outside this range.
Holtrop (Reference 39) gives the following statistical
relationships for its estimation:

For conventional stern single-screw ships:

ηr = 0.9922 − 0.05908(AE /A0)

+ 0.07424(CP − 0.0225 l.c.b.)

For twin-screw ships

ηr = 0.9737 + 0.111(CP − 0.0225 l.c.b.)

− 0.06325 P/D
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(12.43)

If resistance and propulsion model tests are performed,
then the relative rotative efficiency is determined at
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model scale from the measurements of thrust Tm and
torque Qm with the propeller operating behind the
model. Using the non-dimensional thrust coefficient
KTm as input data the values J and KQo are read off from
the open water curve of the model propeller used in the
propulsion test. The torque coefficient of the propeller
working behind the model is derived from

KQb = QM

̺n2D5

Hence the relative rotative efficiency is calculated as

ηr = KQo

KQb

The relative rotative efficiency is assumed to be scale
independent.

12.4.2 Thrust deduction factor

When water flows around the hull of a ship which is
being towed and does not have a propeller fitted a cer-
tain pressure field is set up which is dependent on the
hull form. If the same ship is now fitted with a propeller
and is propelled at the same speed the pressure field
around the hull changes due to the action of the pro-
peller. The propeller increases the velocities of the flow
over the hull surface and hence reduces the local pres-
sure field over the after part of the hull surface. This has
the effect of increasing, or augmenting, the resistance
of the vessel from that which was measured in the towed
resistance case and this change can be expressed as

T = R(1 + ar) (12.44)

where T is the required propeller thrust and ar is the
resistance augmentation factor. An alternative way of
expressing equation (12.44) is to consider the deduc-
tion in propeller effective thrust which is caused by the
change in pressure field around the hull. In this case the
relationship

R = T (1 − t) (12.45)

applies, in which t is the thrust deduction factor. The
correspondence between the thrust deduction factor and
the resistance augmentation factor can be derived from
equations (12.44) and (12.45) as being

ar =
(

t

1 − t

)

If a resistance and propulsion model test has been per-
formed, then the thrust deduction factor can be readily
calculated from the relationship defined in the 1987
ITTC proceedings

t = TM + FD − Rc

TM

in which TM and FD are defined previously and Rc is
the resistance corrected for differences in temperature
between the resistance and propulsion tests:

Rc = (1 + k)CFMC + CR

(1 + k)CFM + CR
RTM

where CFMC is the frictional resistance coefficient at the
temperature of the self-propulsion test.

In the absence of model tests an estimate of the
thrust deduction factor can be obtained from the work
of Holtrop (Reference 39) and Harvald (Reference 17).
In the Holtrop approach the following regression-based
formulas are given:

For single-screw ships:

t = 0.25014(B/L)0.28956(
√

(B/T )/D)0.2624

(1 − Cp + 0.0225 l.c.b.)0.01762

+ 0.0015Cstern

For twin-screw ships:

t = 0.325CB − 0.18885D /
√

(BT )
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(12.46)

In equation (12.46) the value of the parameter Cstern is
found from Table 12.5.

The alternative approach of Harvald to the calcula-
tion of the thrust deduction factor is to assume that it
comprises three separate components as follows:

t = t1 + t2 + t3 (12.47)

in which t1, t2 and t3 are basic values derived from
hull from parameters, a hull form correction and a pro-
peller diameter correction, respectively. The values of
these parameters for single-screw ships are reproduced
in Figure 12.26.

12.4.3 Hull efficiency

The hull efficiency can readily be determined once the
thrust deduction and mean wake fraction are known.
However, because of the pronounced scale effect of the
wake fraction there is a difference between the full-scale
ship and model values. In general, because the ship
wake fraction is smaller than the corresponding model
value, due to Reynolds effects, the full-scale efficiency
will also be smaller.

12.4.4 Quasi-propulsive coefficient

It can be deduced from equation (12.41) that the value of
the QPC is dependent upon the ship speed, pressure field
around the hull, the wake field presented to the propeller
and the intimate details of the propeller design such
as diameter, rate of rotation, radial load distribution,
amount of cavitation on the blade surfaces, etc. As a
consequence, the QPC should be calculated from the
three component efficiencies given in equation (12.41)
and not globally estimated.
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Figure 12.26 Thrust deduction estimation of Harvald for
single-screw ships (Reproduced with permission from
Reference 17)

Of particular interest when considering general
trends is the effect that propeller diameter can have on
the QPC; as the diameter increases, assuming the rota-
tional speed is permitted to fall to its optimum value, the
propeller efficiency will increase and hence for a given
hull from the QPC will tend to rise. In this instance the
effect of propeller efficiency dominates over the hull
and relative rotative efficiency effects.

12.5 The influence of rough water

The discussion so far has centred on the resistance and
propulsion of vessels in calm water or ideal conditions.
Clearly the effect of bad weather is either to slow the
vessel down for a given power absorption or, conversely,
an additional input of power to the propeller in order to
maintain the same ship speed.

In order to gain some general idea of the effect of
weather on ship performance appeal can be made to the
NSMB Trial Allowances 1976 (Reference 42). These
allowances were based on the trial results of 378 vessels
and formed an extension to the 1965 and 1969 dia-
grams. Figure 12.27 shows the allowances for ships with
a trial displacement between 1000 and 320 000 tonnes
based on the Froude extrapolation method and coeffi-
cients. Analysis of the data upon which this diagram
was based showed that the most significant variables
were the displacement, Beaufort wind force, model
scale and the length between perpendiculars. As a
consequence a regression formula was suggested as
follows:

trial allowance = 5.75 − 0.793�1/3 + 12.3Bn

+ (0.0129LPP − 1.864Bn)λ1/3

(12.48)

where Bn and λ are the Beaufort number and the model
scale, respectively.

Apart from global indicators and correction factors
such as Figure 12.27 or equation (12.48) considerable
work has been undertaken in recent years to estab-
lish methods by which the added resistance due to
weather can be calculated for a particular hull form. Lat-
terly particular attention has been paid to the effects of
diffraction in short waves which is a particularly difficult
area.

In general estimation methods range from those
which work on data bases for standard series hull forms
whose main parameter have been systematically varied
to those where the calculation is approached from fun-
damental considerations. In its most simplified form the
added resistance calculation is of the form

RTW = RTC(1 + �R) (12.49)

where RTW and RTC are the resistances of the vessel in
waves and calm water, respectively, and �R is the added
resistance coefficient based on the ship form param-
eters, speed and irregular sea state. Typical of results
of calculation procedures of this type are the results
shown in Figure 12.28 for a container ship operating
in different significant wave heights HS and a range of
heading angles from directly ahead (θ = 0◦) to directly
astern (θ = 180◦).

Shintani and Inoue (Reference 43) have established
charts for estimating the added resistance in waves of
ships based on a study of the Series 60 models. This data
takes into account various values of CB, B/T , L/B and
l.c.b. position and allows interpolation to the required
value for a particular design. In this work the compiled
results have been empirically corrected by comparison
with model test data in order to enhance the prediction
process.

In general the majority of the practical estima-
tion methods are based in some way on model test
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Figure 12.27 NSMB 1976 trial allowances (Reproduced with permission from Reference 42)

Figure 12.28 Estimated power increase to maintain ship
speed in different sea states for a container ship

data: either for deriving regression equations or empir-
ical correction factors.

In the case of theoretical methods to estimate the
added resistance and power requirements in waves,
methods based on linear potential theory tend to under-
predict the added resistance when compared to equiv-
alent model tests. In recent years some non-linear
analysis methods have appeared which indicate that if
the water surface due to the complete non-linear flow is
used as the steady wave surface profile then the accur-
acy of the added resistance calculation can be improved
significantly (References 56 and 57). Although CFD
analyses are relatively limited, those published so far
show encouraging results when compared to measured
results, for example Reference 58.

In the context of added resistance numerical compu-
tations have suggested that the form of the bow above the
calm water surface can have a significant influence on
the added resistance in waves. Such findings have also
been confirmed experimentally and have shown that a
blunt-bow ship could have its added resistance reduced
by as much as 20 to 30 per cent while having minimal
influence on the calm water resistance.
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12.6 Restricted water effects

Restricted water effects derive essentially from two
sources. These are first a limited amount of water under
the keel and secondly, a limitation in the width of water
each side of the vessel which may or may not be in
association with a depth restriction.

In order to assess the effects of restricted water oper-
ation, these being particularly complex to define math-
ematically, the ITTC (Reference 32) have expressed
typical influencing parameters. These are as follows:

1. An influence exists on the wave resistance for values
of the Froude depth number Fnh in excess of 0.7. The
Froude depth number is given by

Fnh = V√
(gh)

where h is the water depth of the channel.
2. The flow around the hull is influenced by the channel

boundaries if the water depth to draught ratio (h/T )
is less than 4. This effect is independent of the Froude
depth number effect.

3. There is an influence of the bow wave reflection from
the lateral boundary on the stern flow if either the
water width to beam ratio (W /B) is less than 4 or the
water width to length ratio (W/L) is less than unity.

4. If the ratio of the area of the channel cross-section to
that of the mid-ship section (Ac/AM) is less than 15,
then a general restriction of the waterway will start
to occur.

In the case of the last ratio it is necessary to specify
at least two of the following parameters: width of water,
water depth or the shape of the canal section because
a single parameter cannot identify unconditionally a
restriction on the water flow.

The most obvious sign of a ship entering into shallow
water is an increase in the height of the wave system
in addition to a change in the ship’s vibration char-
acteristics. As a consequence of the increase in the
height of the wave system the assumption of small wave
height, and consequently small wave slopes, cannot
be used for restricted water analysis. This, therefore,
implies a limitation to the use of linearized wave theory
for this purpose; as a consequence higher-order the-
oretical methods need to be sought. Currently several
researchers are working in this field and endeavouring to
enhance the correlation between theory and experiment.

Barrass (Reference 44) suggests the depth/draught
ratio at which shallow water just begins to have an effect
is given by the equation

h/T = 4.96 + 52.68(1 − Cw)2

in which the Cw is the water-plane coefficient. Alter-
natively, Schneekluth (Reference 45) provides a set
of curves based on Lackenby’s work (Figure 12.29)
to enable the estimation of the speed loss of a vessel
from deep to shallow water. The curves are plotted on
a basis of the square of Froude depth number to the

Figure 12.29 Loss of speed in transfer from deep to
shallow water (Reproduced from Reference 45)

ratio
√

AM/h. Beyond data of this type there is little else
currently available with which to readily estimate the
added resistance in shallow water.

One further effect of shallow water is the phe-
nomenon of ship squat. This is caused by a venturi
effect between the bottom of the vessel and the bot-
tom of the seaway which causes a reduction of pressure
to occur. This reduction of pressure then induces the
ship to increase its draught in order to maintain equi-
librium. Barras developed a relationship for ship squat
by analysing the results from different ships and model
tests with block coefficients in the range 0.5 to 0.9 for
both open water and in restricted channel conditions.
In his analysis the restricted channel conditions were
defined in terms of h/T ratios in the range 1.1 to 1.5.
For the conditions of unrestricted water in the lateral
direction such that the effective width of the water-
way in which the ship is travelling must be greater than
[7.7 + 45(1 − Cw)2]B, the squat is given by

Smax = (Cb(AM/AC)2/3V 2.08
s )/30 for Fnh ≤ 0.7

12.7 High-speed hull form resistance

In the case of a conventional displacement ship the coef-
ficient of wave making resistance increases with the
Froude number based on waterline length until a value
of Fn ≏ 0.5 is reached. After this point it tends to reduce
in value such that at high Froude numbers, in excess of
1.5, the wave making resistance becomes a small com-
ponent of the total resistance. The viscous resistance,
however, increases due to its dependence on the square
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of the ship speed; this is despite the value of CF reducing
with Froude number. As a consequence of this rise in
the viscous resistance a conventional displacement hull
requires excessive power at high speed and other hull
forms and modes of support require to be introduced.
Such forms are the planing hull form, the hydrofoil and
the hovercraft.

The underlying principle of high-speed planing craft
resistance and propulsion have been treated by several
authors: for example, DuCane (Reference 46) and Clay-
ton and Bishop (Reference 47). These authors not only
examine high-speed displacement and planing craft but
also hydrofoils and hovercraft. As a consequence for
the detailed principles of their motion reference can be
made to these works.

The forces acting on a planing hull are shown by
Figure 12.30 in which the forces shown as W , Fp, Fn,
Fs and T are defined as follows:

W is the weight of the craft;
Fp is the net force resulting from the variation of

pressure over the wetted surface of the hull;
Fh is the hydrostatic force acting at the centre of

pressure on the hull;
Fs is the net skin friction force acting on the hull;
T is the thrust of the propulsor.

Figure 12.30 Forces experienced by a planing craft

By the suitable resolution of these forces and noting
that for efficient planing, the planing angle should be
small it can be shown that the total resistance comprises
three components:

RT = RI + RWV + RFS (12.50)

where RI is the induced resistance or drag derived
from the inclination of Fp from the vertical
due to the trim angle of the craft;

RWV is the derives from the wave making and
viscous pressure resistance;

RFS is the skin friction resistance.

At high speed the wave making resistance becomes
small but the vessel encounters an induced drag com-
ponent which is in contrast to the case for conventional
displacement hulls operating at normal speeds.

To estimate the resistance properties of high-speed
displacement and planing craft use can be made of either
standard series data or specific model test results.

12.7.1 Standard series data

A considerable amount of data is available by which an
estimate of the resistance and propulsion characteristics
can be made. Table 12.8 identifies some of the data
published in the open literature for this purpose.

Table 12.8 Published data for displacement and planing
craft

Standard series data

Displacement data Planing data

Norstrom Series (1936) Series 50 (1949)
de Groot Series (1955)
Marwood and Silverleaf (1960) Series 62 (1963)
Series 63 (1963) Series 65 (1974)
Series 64 (1965)
SSPA Series (1968)
NPL Series (1984)
NSMB Series (1984)
Robson Naval Combatants (1988)

In addition to basic test data of this type vari-
ous regression-based analysis are available to help the
designer in predicting the resistance characteristics of
these craft; for example, van Oortmerssen (Reference
48) and Mercier and Savitsky (Reference 49). In add-
ition Savitsky and Ward Brown (Reference 50) offer
procedures for the rough water evaluation of planing
hulls.

12.7.2 Model test data

In specific cases model test data is derived for a particu-
lar hull form. In these cases the principles for model
testing outlined in Reference 51 and the various ITTC
proceedings should be adhered to in order to achieve
valid test results.

Multi-hull resistance

The wave resistance of a multi-hull vessel is commonly
approximated by considering the waves generated by
each hull of the vessel acting in isolation to be super-
imposed on each other (References 59 and 60). If this
approach is followed through then an expression for the
wave resistance for a pair of non-staggered identical
hulls takes the form

RW = 0.5πρV 2
s

∫

|A(θ)|SH
2 · F(θ) · cos3 θ dθ

where
∫

|A(θ)|SH
2 refers to the amplitude function for

the side hull and F(θ) is a hull interference function
and is dependent on the hull separation, ship length and
Froude number. However, it is important to phase the
waves generated by each hull correctly if their transverse
components are to be cancelled. This cancellation effect
is a function of the Froude number and the longitudinal



316 Marine propellers and propulsion

relative positions of the hulls. Moreover, the cancella-
tion effect of the transverse waves will be beneficial for
a range of Froude numbers around that for which the
cancellation is designed to occur.

An approximation of the type discussed above does
not, however, take into account that the waves gen-
erated by one hull will be incident upon another hull
whereupon they will be diffracted by that hull. These
diffracted waves comprise a reflected and transmitted
wave which implies that the total wave system of the
multi-hull ship is not a superposition of the waves gen-
erated by each hull in isolation. In this context it is the
divergent waves at the Kelvin angle that are responsible
for the major part of the interaction. Three-dimensional
Rankine panel methods are helpful for calculating the
wave patterns around multi-hull ships and when this
is done for catamarans, it is seen that in some cases
relatively large wave elevations occur between the
catamaran hulls in the after regions of the ship.

A regression-based procedure was developed (Ref-
erence 61) to assess the wave resistance of hard chine
catamarans within the range:

10 ≤ L/B ≤ 20

1.5 ≤ B/T ≤ 2.5

0.4 ≤ Cb ≤ 0.6

6.6 ≤ L/∇1/3 ≤ 12.6

Within this procedure the coefficient of wave making
resistance Cw is given by

Cw = exp(α)(L/B)β1(B/T )β2Cb
β3(s/L)β4

where the coefficient α, β1, β2, β3 and β4 are functions
of Froude number and s is the spacing between the two
demi-hulls.

In this procedure two interference factors are intro-
duced following the formulation of Reference 62 one
relating to the wave resistance term (τ) and the other
a body interference effect expressed as a modified fac-
tor (1 + βk) = 1.42 as established by Reference 63. This
permits the total resistance coefficient to be expressed as

CT = 2(1 + βk)CF + τCw

Subsequently, an optimization scheme has been devel-
oped (Reference 64) for hard chine catamaran hull form
basic design based on the earlier work of Reference 61.

12.8 Air resistance

The prediction of the air resistance of a ship can
be evaluated in a variety of ways ranging from the
extremely simple to undertaking a complex series of
model tests in a wind tunnel.

At its simplest the still air resistance can be estimated
as proposed by Holtrop (Reference 52) who followed

the simple approach incorporated in the ITCC-1978
method as follows:

RAIR = 1
2̺aV 2

S ATCair (12.51)

in which VS is the ship speed, AT is the transverse area of
the ship and Cair is the air resistance coefficient, taken
as 0.8 for normal ships and superstructures. The density
of air ̺a is normally taken as 1.23 kg/m3.

For more advanced analytical studies appeal can be
made to the works of van Berlekom (Reference 53) and
Gould (Reference 54). The approach favoured by Gould
is to determine the natural wind profile on a power law
basis and select a reference height for the wind speed.
The yawing moment centre is then defined relative to
the bow and the lateral and frontal elevations of the hull
and superstructure are subdivided into so-called ‘uni-
versal elements’. In addition the effective wind speed
and directions are determined from which the Carte-
sian forces together with the yawing moment can be
evaluated.

The determination of the air resistance from wind tun-
nel measurement would only be undertaken in excep-
tional cases and would most probably be associated
with flow visualization studies to, for example, design
suitable locations for helicopter landing and take-off
platforms. For more commercial applications the cost of
undertaking wind tunnel tests cannot be justified since
air resistance is by far the smallest of the resistance
components.
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The 1980s saw a proliferation of hydrodynamically
based energy-saving devices enter the marine market.

For discussion purposes these energy-saving devices
can be considered as operating in three basic zones of
the hull. Some are located before the propeller, some
at the propeller station and some after the propeller.
Figure 13.1 defines these three stages as Zones I, II
and III respectively for devices which act before, at or
astern of the propeller location. Clearly some devices
transcend these boundaries but these three zones are
useful to broadly group the various devices.

In Zone I the thrust augmentation device is reacting
with the final stages of the growth of the boundary layer
over the stern of the ship in order to gain some direct
benefit or present the propeller with a more advan-
tageous flow regime – in some cases perhaps both.
In Zones II and III they are working within both the
hull wake field and the slipstream of the propeller and
attempting to recover energy which would otherwise be
lost. Table 13.1 identifies some of the principal thrust
augmentation devices and attempts to categorize them
into their zones of operation.

To consider the influence of an energy-saving device
its effect on the various components of the Quasi-
Propulsive Coefficient (QPC) needs to be considered.
From Chapter 12 it will be recalled that the QPC is
defined by

QPC = ηoηHηR (13.1)

where PE = PD · QPC. As a consequence, each of the
devices listed in Table 13.1 will be considered briefly

Figure 13.1 Zones for classification of energy-saving devices

Table 13.1 Zones of operation of energy-saving devices

Energy-saving device Zone(s) of operation

Wake equalizing duct I
Asymmetric stern I
Grothues spoilers I
Stern tunnels, semi- or I
partial ducts

Reaction fins I/II
Mitsui integrated ducted I/II
propellers

Hitachi Zosen nozzle I/II
Increased diameter/low rpm II
propellers

Grim vane wheels II
Propellers with end-plates II
Propeller boss fins II/III
Additional thrusting fins III
Rudder-bulb fins III

and, in doing so, an outline explanation will be given
of their modes of operation together with some idea
of the changes that may occur in the components of
equation (13.1).

13.1 Devices before the propeller

Within Zone I it is seen from Table 13.1 that the wake
equalizing duct, asymmetric stern, Grothues spoilers
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Figure 13.2 Zone 1 and Zone 1/2 devices: (a) wake equalizing duct; (b) asymmetric stern–body plan; (c) Grothues
spoilers; (d) stern tunnel; (e) Mitsui integrated ducted propeller; (f) reaction fins and (g) Hitachi Zosen nozzle

and stern tunnels of various forms operate on the flow in
this region. Furthermore, reaction fins, the Mitsui inte-
grated ducted propellers and the Hitachi Zozen nozzle
operate at the boundary of Zones I and II: as a con-
sequence these devices will be considered within this
section. Figure 13.2 illustrates all of these devices in
outline form.

13.1.1 Wake equalizing duct

The wake equalizing duct (References 1 and 2) was
proposed by Schneekluth and aims to improve the over-
all propulsive efficiency by reducing the amount of
separation over the afterbody of the vessel, by helping
to establish a more uniform inflow into the propeller by

accelerating the flow in the upper part of the propeller
disc and by attempting to minimize the tangential veloc-
ity components in the wake field. In addition, it is
claimed that a larger diameter propeller may be applied
in some cases since the wake field is made more uni-
form and hence is likely to give rise to smaller pressure
impulses transmitted to the hull. As a consequence
it may be expected that the mean wake fraction and
thrust deduction may be reduced, the latter probably
more so, thereby giving rise to moderate increase in
hull and open water efficiency components of the QPC.
There is little reason to expect that the relative rota-
tive efficiency component will change significantly in
this or any of the other devices listed in Table 13.1. In
general it can be expected that the power savings with
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a wake improvement duct will depend on the extent
of the flow separation and non-uniformity of the wake
field.

This device was first introduced in 1984 and since that
time many ducts have been built. This device lends itself
to retrofitting on vessels; however, the designs need
to be effected by experienced personnel and preferably
with the aid of model tests at as large scale as possible,
although scale effects are uncertain.

13.1.2 Asymmetric stern

The asymmetric stern (References 3 and 4) was patented
in Germany by Nonnecke and is aimed at reducing
separation in the afterbody of a vessel when the flow
is influenced by the action of the propeller. However,
efficiency gains have occurred where separation has
not been noticed at model scale, and accordingly the
disparity in Reynolds number between model and full
scale must not be overlooked when considering this
type of device in the model tank. Model tests show
that this concept can be mainly expected to influence
the hull efficiency by causing a significant reduction
in the thrust deduction factor coupled with a slight
reduction in the mean wake fraction. In this way the
increase in hull efficiency is translated into an increase
in the QPC for the vessel. Clearly, the asymmetry in the
hull also has an effect on the swirl of the flow into the
propeller.

Whilst such a concept could be fitted to an exist-
ing ship this would entail major hull modification, and
therefore is probably most suitable for a new building.
The design of an asymmetric stern requires to be done in
connection with model tests in order to gain an idea of
the extent of any separation present, subject to the reser-
vations expressed previously and the flow configuration
at the stern.

In the period 1982 to 1987 some thirty vessels were
built or were in the process of construction utilizing the
concept of the asymmetric stern.

13.1.3 Grothues spoilers

The Grothues spoilers (Reference 5) are a hydrody-
namic fin system fitted to the stern of a vessel imme-
diately ahead of the propeller; as a consequence it is
only applicable to single-screw vessels. The mode of
action of these fins is to prevent cross-flow in the vicin-
ity of the hull from reinforcing the bilge vortex and
its consequent energy loss. Each fin is curved with the
intention that the leading edge of the fin aligns with
the local flow directions within the boundary layer flow
over the stern of the vessel whilst the trailing edge is
parallel to the shaft line over the whole span. Conse-
quently, the fin system comprises a plurality of spoilers
that are capable of diverting the downward cross-flow
over the hull surface to a horizontal flow through the
propeller.

The spoilers in general can be expected to cause a
reduction in hull resistance together with an increase of
propeller efficiency caused by the homogenizing effect
of the fins on the wake field. In addition to suppress-
ing the effects of the bilge vortices, thereby giving less
hull resistance, it is also possible that the fins, by chan-
ging the direction for the flow, contribute a component
of thrust in the forward direction to overcome resist-
ance. As a consequence, an effect of the spoiler system
will be a reduction in hull effective power (PE) together
with an increase in hull and open water efficiency of the
propeller.

Since the spoiler system endeavours to inhibit the
bilge vortex formation it can be expected to perform
best on moderately to significantly U-shaped hull forms.
The spoiler needs careful design both in terms of hydro-
dynamic design, preferably with the aid of model tests,
and also in the mechanical design to ensure the cor-
rect strength margin to prevent failure of the fin or hull
structure.

13.1.4 Stern tunnels, semi- or partial ducts

These appendages exist in many forms and have been
applied over a considerable number of years for one
reason or another. Their use has not always been aimed
at propulsive efficiency improvement and originally
they were more frequently used to help with propeller-
induced vibration problems by attempting to reduce the
wake peak effect of pronounced V-form hulls (Ref-
erence 6). Indeed, today this is still perhaps their
principal role.

When used with the purpose of improving efficiency,
their aim is frequently to help accommodate large-
diameter, slow rpm propellers and to ensure that the
propeller is kept sufficiently immersed in the ballast
draught. Their design should be based on model flow
visualization studies, otherwise detrimental influences
on the ship speed have been known to result: a loss of up
to one knot due to poor design of the tunnel has not been
unknown. Since their primary role is in the reduction of
separation, then the chief influences will be a reduction
in ship effective power, thrust deduction and wake frac-
tion. As a consequence the hull efficiency and propeller
open water efficiency can be expected to reflect these
changes.

Bilge vortex fins, Figure 23.5(a), are fitted to the sur-
face of the hull upstream of the propeller. In contrast
to the stern tunnel concept discussed above the role of
the bilge vortex fin is to inhibit the cross-flows on the
hull surface which stimulate the formation of bilge vor-
tices and hence give rise to energy losses, sources of
vibration, etc.

13.1.5 Reaction fins

The reaction fin (References 7 and 8) normally
comprises some six radially located fins which are
reinforced by a slim ring nozzle circumscribing them.
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The device is placed immediately in front of the pro-
peller as shown in Figure 13.2. The diameter of the
nozzle ring, which has an aerofoil profiled section, is
of the order of 10 per cent greater than the propeller
diameter. The radial fins have a uniform aerofoil section
profile along their length; however, the inflow angles are
different for each radial station.

The design of the reaction fin is based on the nominal
wake field measurement at model scale and aims chiefly
at creating a pre-swirl of the flow into the propeller. The
pre-swirl created by the reaction fin needs to be suffi-
ciently strong so that rotational flow aft of the propeller
is prevented from occurring. If the reaction fin is fitted
to an exiting vessel then, due to this pre-swirl initia-
tion, a decrease in propeller rpm will be found to occur:
this is normally of the order of 2 to 3 rpm. As a con-
sequence it is necessary to adjust the propeller design
to prevent it becoming too ‘stiff ’ in the vessel’s later
life. The fitting of a reaction fin does not appear from
either model- or full-scale tests to cause a deterioration
in the cavitation or induced vibration behaviour of the
propeller (see Reference 8).

A further effect which can accrue from the application
of the reaction fin in the mixed wake behind a hull is
the production of a thrust on the fins. This tends to have
greatest effect when the fins are placed in regions of the
wake field having transverse velocity components.

As a consequence the introduction of the reaction fin
can be expected to increase the magnitude of the mean
wake field in which the propeller operates, which will
both increase hull efficiency but also, to some extent,
reduce propeller open water efficiency. At the same
time it can also be expected that the reaction fin will
decrease the rotational losses and gain some benefit, in
certain applications, from a positive thrust on the fins.
In view of this and the proximity of the fin to the pro-
peller care needs to be exercised in the strength aspect
of the reaction fin design.

Recently systems of asymetric reaction fins have been
developed. These have different numbers of fins located
on the part and starboard sides of the ship and do not
have a supporting circumferential ring.

13.1.6 Mitsui Integrated Ducted
Propulsion unit

In principal the Mitsui Integrated Ducted Propulsion
(MIDP) system (Reference 9) comprises a slightly
non-axisymmetric duct which is located immediately
ahead of the propeller. With systems of this type the
interactions between the hull, duct and propeller are
extremely complex and, as a consequence, they cannot
be considered in isolation.

Mitsui, in their development of the concept, have
carried out extensive model tests. In these tests the
effects of varying the axial location of the duct, duct
entrance configuration and duct chord profiles have
all featured. From these tests the propulsive efficiency
of the system is shown to be intimately related to

the longitudinal location of the duct. Furthermore, the
non-axisymmetric units, having larger chords at the
top, appear to perform better than their axisymmetric
counterparts.

To date a considerable number of these units have
been manufactured and installed on relatively full-form
vessels ranging in size from 43 000 to 450 000 dwt.

13.1.7 Hitachi Zosen nozzle

Although developed separately, the Hitachi Zosen sys-
tem (Reference 10) closely resembles the MIDP system
except that the degree of asymmetry in the nozzle
appears far greater.

Kitazawa et al. (Reference 11) made an exten-
sive study of propeller–hull interaction effects and
essentially concluded the following:

1. The resistance of an axisymmetric body increases
after fitting a duct due to the pressure at the
afterbody. However, the required propeller thrust
decreased because the duct thrust is larger than the
change in resistance.

2. For a given propeller thrust and rpm, the duct
thrust increased significantly when placed behind
a body.

3. The total propulsive efficiency of the vessel
increases and of the components which com-
prise this total efficiency the relative rotative effi-
ciency remains constant, the open water efficiency
increases and the hull efficiency decreases.

As is the previous case, several ships have been fitted
with this system, some new buildings and some retrofits,
and the vessels so fitted tend towards having high block
coefficients.

13.2 Devices at the propeller

Zone II devices are those which essentially operate at
the propeller station. As such they include increased
diameter – low rpm propellers, Grim vane wheels, Tip
Vortex Free (TVF) propellers and propeller cone fins.

13.2.1 Increased diameter – low rpm
propellers

It is well known, and can be simply demonstrated with
the aid of a Bp–δ chart that, for a given propulsion
problem, the propeller open water efficiency can be
increased by reducing rpm and allowing the diameter of
the propeller to increase freely. As a consequence pro-
peller design should always take account of this within
the constraints of the design problem.

The constraints which limit the design option are the
available space within the propeller aperture, insuffi-
cient immersion high-wall surface pressures and the
weight of the resulting propeller. Whilst the latter can
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Figure 13.3 Grim vane wheel general arrangement

normally be accommodated by suitable stern bear-
ing design the former constraints generally act as the
limiting criteria for this concept.

The principal effects of these propellers are to be
found in increased open water efficiency; because of
the increased diameter, however, the mean wake frac-
tion decreases slightly which has a reducing effect on the
hull efficiency. The net effect, nevertheless, is generally
an overall increase in QPC.

13.2.2 Grim vane wheel

The Grim vane wheel (References 12 to 14), deriving
its name from its inventor, Professor Grim, is a freely
rotating device which is installed behind the propeller.
In the greater majority of cases it is sited on a stub
shaft bolted to the tail shaft; however, there have been
proposals to locate the stub shaft on the rudder horn.

The diameter of the vane wheel is larger than that of
the propeller and its function is to extract energy from
the propeller slipstream, which would otherwise be
lost, and convert this energy into an additional propul-
sive thrust. As such the inner part of the vane wheel
blades acts as a turbine whilst the outer part acts as
propeller, Figure 13.3. The design basis of the vane

wheel is, therefore, centred on satisfying the following
two relationships:

∫ R

rt

dQ

dr
dr +

∫ rt

r0

dQ

dr
dr = 0 (ignoring bearing

friction)
∫ R

rt

dT

dr
dr +

∫ rt

r0

dT

dr
dr > 0

where dT and dQ are the thrust and torques acting on
the blade section and R, rt and r0 are the vane wheel tip
radius, transition (between propeller and turbine parts)
radius and the boss radius respectively.

In less formal terms the ‘propeller’ and turbine
torques must balance, ignoring the small frictional com-
ponent and the net effect of the ‘propeller’ and turbine
axial forces must be greater than zero.

Vane wheels in general have rather more blades than
the propeller, typically greater than six, and rotate at a
somewhat lower speed which is of the order of 30 to 50
per cent of the propeller rpm. Consequently, the blade
passing frequencies in addition to the blade natural fre-
quencies need careful consideration: blade failure may
result if this is not taken into account.

Figure 13.4 shows the velocity diagrams relating to
the inner and outer portions of the vanes. The in-flow
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Figure 13.4 Velocity diagram of propeller–vane wheel
combination

velocities into the vane wheel are defined from the
induced velocities in the slipstream created by the pro-
peller and, therefore, the in-flow conditions to the vane
wheel are derived from the propeller calculation. In
view of the axial separation of the propeller and vane
wheel these velocities need to be corrected for this
effect in design: the extent of the correction will, how-
ever, depend on the type of mathematical model used
in the propeller design process. The blade design of the
vane wheel, together with an rpm and blade number

optimization, is then effected either on a blade element
or lifting line basis. From these analyses the resulting
blade loadings and radial stress distribution in the vane
wheel blade can be readily determined. The vane wheel
diameter is determined primarily from the geometric
constraints of the ship.

In the design process, if model tests are undertaken,
care needs to be taken in interpreting the results since
differential scale effects between the propeller and vane
wheel can manifest themselves; calculation of the per-
formance of the Grim vane wheel is, therefore, an
essential feature of the design process.

When considering applying a Grim vane wheel to
a vessel the greatest advantage can be gained in cases
where the rotational energy losses are high, hence giving
a greater potential for conversion of this component of
slipstream energy. As a consequence it is to be expected
that single-screw vessels will provide a greater potential
for energy saving than a high-speed twin-screw form. In
real terms the increase in propulsion efficiency is gov-
erned by the value of CT for the parent propeller. In the
author’s experience, the improvement in propulsive effi-
ciency can be as low as 2 per cent or 3 per cent for high-
speed, low-wake fraction vessels to something of the
order of 13 per cent for a full-form, single-screw vessel.

13.2.3 Propellers with end-plates

The reason for the introduction of blade end-plate
technology is to give the designer a greater freedom
in the choice of the distribution of circulation over
the propeller blades. Although the basic concept has
been known for many years it was Perez Gomez who
developed the concept into a practical proposition in the
mid-1970s in the form of the TVF propeller. The early
TVF propellers were designed to work in association
with a duct such that the propeller was located at the aft
end of the duct. This allowed the flow into the propeller
to be controlled so as to create shock-free entry of the
incident flow onto the tip plates (Figure 13.5).

Subsequent to the introduction of the TVF propeller,
considerable development work was undertaken which
gave rise to the present generation of CTL propellers.
The difference between these two propeller types being
that with the CLT propeller the tip plates are intended
to be aligned to the direction of the flow through the
propeller disc which will then minimize the viscous
resistance of the tip plates and allow the desired pres-
sure distribution over the blades to be maintained. This
is in contrast to the TVF propellers whose tip plates
were effectively tangential to the cylindrical sections.

To date, a number of TVF and CTL propellers have
been fitted to ships and an extensive literature has been
published by the designers of the system. References
15 to 17 are examples of this information; the latter
reference provides a much fuller reference list. Theoret-
ical development of the concept has also been provided
by Klaren and Sparenberg (Reference 18) and de Jong
(Reference 19).
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Figure 13.5 Propeller fitted with end plates

Dyne (Reference 24) conducted an investigation into
propellers with end plates which confirmed the calcu-
lated efficiency gains and model test predictions con-
ducted by Anderson and Schwanecke (Reference 25)
and also by de Jong et al. (Reference 26). However,
Dyne was unable to explain why so many full-scale trials
reported gains in excess of 10 per cent.

13.2.4 Propeller cone fins

The idea of fitting fins to the cone of a propeller,
located behind the blades, was proposed by Ouchi et al.
(Reference 20) with the aim of enhancing the efficiency
of the screw propeller by reducing the energy loss asso-
ciated with the propeller hub vortex. In principle a
number of small fins of a flat plate form and having
a span of the order of 10 per cent of the propeller blade
span are fitted at a given pitch angle to the cone of
the propeller. The number of fins corresponds to the
propeller blade number.

The role of the fins is to weaken the strength of the hub
vortex and in so doing recover the kinetic energy from
the rotating flow around the propeller cone. In this way
the fins contribute to an increase in propeller efficiency.

Much model testing of this concept has been under-
taken and flow measurements in the propeller wake have
been made using laser Doppler methods. From such
tests it is clear that the fins have a considerable influ-
ence on the hub vortex and that at model scale there
is a beneficial influence on the open water efficiency

Figure 13.6 Rudder-bulb fins

of the parent MAU standard series propeller. Clearly
scale effects between model- and full-scale manifest
themselves, but the inventors claim that the analysis of
full-scale trial results from several ships show a bene-
ficial improvement in propulsion efficiency by using
these fins.

13.3 Devices behind the propeller

Zone III devices, as implied by Figure 13.1, oper-
ate behind the propeller and, therefore, operate within
the slipstream of the propeller. Rudder-bulb fins and
additional thrusting fins fall into this category.

13.3.1 Rudder-bulb fins systems

This is a system developed by Kawasaki Heavy Indus-
tries and comprises a large bulb, having a diameter of
some 30 to 40 per cent of the propeller diameter, which
is placed on the rudder close behind the propeller boss.
The system appears in two versions, one with just a
bulb and the other comprising a set of four fins in an X-
shape protruding normally from the hub and extending
to about 0.9R as indicated in Figure 13.6.

When applied without the fins, it is not dissimilar
to the Costa bulb which was applied in the 1950s to
some vessels (Reference 21). This system aimed to pre-
vent flow separation and excessive vorticity behind the
hub by effectively extending the propeller boss. When
the fins are fitted to the system these clearly produce
a lift force since they are operating in the helical slip-
stream of the propeller, and therefore receive flow at
incidence. A component of this life force then acts in
the forward direction to produce a thrust augmentation.
The design of the fins needs to be based on fatigue con-
siderations since the fins are working within the flow
variations caused by the vortex sheets emanating from
the propeller.
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Figure 13.7 Additional thrusting fins (Reproduced with permission from Reference 23)

13.3.2 Additional thrusting fins

The additional thrusting fins (References 22 and 23)
were developed and patented by Ishikawajima–Harima
Heavy Industries. The system essentially comprises two
fins, placed horizontally in the athwart ships directions
on the rudder and in line with or slightly above the pro-
peller axis. Figure 13.7 shows this system in schematic
form. The chord length of the fins is of the order of
about half that of the rudder and the span is about 40
per cent of the propeller diameter.

The design of the fins is aimed at optimizing their
life–drag ratio whilst operating in the slipstream of the
propeller and hence use is made of cambered aerofoil
sections of variable incidence. The principle of oper-
ation can be seen from Figure 13.7 by examining the
four positions in the propeller disc: top and bottom
dead centre and port and starboard athwart ships. At
the top dead centre position it can be seen that the flow,
which comprises an axial component Vx and tangential
component Vθ , is incident on the rudder and, therefore,
produces a horizontal force on the rudder, a component
of which is directed in the forward direction. Similarly
with the conditions at the bottom dead centre position.
In the case of fins that are set normally to the rudder
and at an incidence relative to the propeller shaft centre
line, again a similar situation occurs. Now, provided

that the magnitude of the life force can be made suffi-
ciently great, by adjusting the incidence of the fin with
respect to the hydrodynamic pitch angle of the propeller
slipstream to overcome the drag of the fins, a positive
contribution to the thrust of the vessel can be produced
(Figure 13.7).

This system has been applied to full-scale practice
and in doing so attention has to be paid to the system
of steady and non-steady forces acting on the fins;
for example, added mass, slamming forces, lift, drag,
weight, and so on. These factors have important conse-
quences for the rudder strength.

13.4 Combinations of systems

In many cases it is asked whether the various energy-
saving devices are compatible with each other so as to
enable a cumulative benefit to be gained from fitting
several devices to a ship. The general answer to this
question is no, because some devices remove the flow
regimes upon which others work; however, several of
the devices can be used in combination in order to gain a
greater benefit. Table 13.2 outlines in general terms this
compatibility relationship between the various devices
discussed in Table 13.1.
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Table 13.2 Guide to device compatibility
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Many vessels in service depend to a very large extent
for their effectiveness on possessing a good capability
to manoeuvre in confined waters. Figure 14.1 shows just
such a case of ferries manoeuvring in confined waters
and berthing stern first into a set of link spans – in
some cases, in order to maintain schedules, under poor
weather conditions. In addition to the ferry many other
vessels also require a considerable manoeuvring capa-
bility. To satisfy these requirements several methods of
providing a directional thrusting capability are available
to the naval architect; one of these is the provision of
transverse propulsion units. The various options avail-
able and their comparative merits have to be carefully
considered at the vessel’s design stage and the pri-
mary purpose of this chapter is to outline the various
characteristics of these thrusting devices.

Figure 14.1 Ro–Ro ships manoeuvring in ferry terminal

Figure 14.2 Types of thruster units: (a) transverse
propulsion unit and (b) steerable, internal duct thruster

Transverse propulsion units fall principally into two
categories, although of course some propriety designs
transcend these boundaries. For convenience of dis-
cussion, however, these units can be described as
follows:

1. transverse, fixed tunnel systems;
2. steerable, internal duct systems.

These types of units are shown schematically in Fig-
ure 14.2.

14.1 Transverse thrusters

These systems essentially comprise an impeller
mounted inside a tunnel which is aligned athwart the
vessel. The essential features of the system are illus-
trated in Figure 14.3 and it is important to emphasize
that the system must be considered as ‘a whole’; that
is impeller, tunnel, position in the hull, drive unit
fairings, tunnel openings and the protective grid all
need to be evaluated as a complete concept if the unit
is to satisfy any form of optimization criteria. Incor-
rect, or at best misleading results, will be derived if
the individual components are considered in isolation
or, alternatively, some are neglected in the analysis.
Although Figures 14.2 and 14.3 generally show a trans-
verse propulsion unit located in the bow of the vessel,
and in this position the unit is termed a bow thruster,
such units can and are located at the stern of the ship.
The bow location is, however, the more common and
for large vessels and where enhanced manoeuvrability,
such as in the case of a ferry, is required they are often
fitted in pairs: for some larger ships more are fitted. The
decision as to whether to fit one or two units to a vessel
is normally governed by the power or thrust requirement
and the available draught.

The design process for a transverse propulsion unit
for a given vessel has two principal components: first, to
establish the thrust, or alternatively the power, required
for the unit to provide an effective manoeuvring cap-
ability and, secondly, how best to design the unit to give
the required thrust in terms of unit geometry. In the
case of thrusters of this type many manufacturers have
elected to provide standard ranges of units covering,
for example, a power range of 150 to around 4000 hp
and then selecting the most appropriate unit from the
range for the particular duty. Other manufacturers, who
perhaps tend to be in the minority, design a particular
unit for a given application.

In order to determine the size of a transverse propul-
sion unit for a given application two basic philosophical
approaches can be adopted. In both cases the vessel
is considered to be stationary with regard to forward
ahead speed. The first approach is to perform a fairly
rigorous calculation or undertake model tests, or per-
haps a combination of both to determine the resistance
of the hull in lateral and rotational motion. Such an
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Figure 14.3 Transverse propulsion unit – general
arrangement in hull

exercise would also probably be undertaken for a range
of anticipated currents. Additionally the wind resistance
of the vessel would also be evaluated either by calcu-
lation, typically using a method such as Reference 1,
or by model tests in a wind tunnel. The various wind
and hydrodynamic forces on the vessel could then be
resolved to determine the required thrust at a particu-
lar point on the ship to provide the required motion. A
method of this type, whilst attempting to establish the
loading from first principles suffers particularly from
correlation problems, scale effects and not least the cost
of undertaking the exercise. As a consequence, although
this method is adopted sometimes, more particularly
with the azimuthing thruster design problem, it is more
usual to use the second design approach for the majority
of vessels.

This alternative approach uses a pseudo-empirical
formulation of the ship manoeuvring problem coupled

with experience of existing vessels of similar type. In
essence this approach attempts to establish a global
approximation to the relationship between turning time,
required thrust and wind speed for a particular class of
vessel. An approximation to the turning motion of a ship
then can be represented by equation (14.1) assuming the
vessel rotates about a point as seen in Figure 14.4:

JP

(

d2θ

dt2

)

= MH + MW + MP (14.1)

where MH and MW are the hydrodynamic and wind
moments, respectively, and MP is the moment produced
by the thruster about some convenient turning axis. Jp is
the polar moment of inertia of the ship and d2θ/dt2 the
angular acceleration. However, by assuming a constant
turning rate the left-hand side of equation (14.1) can be
put to zero, thereby removing difficulties with the polar
inertia term:

MH + MW + MP = 0 (14.2)

In pursuing this pseudo-empirical approach it can be
argued that the hydrodynamic moment is largely a func-
tion of (θ)2 and the wind moment is a function of
the maximum wind moment times sin 2θ. The thruster
moment is simply the thrust times the distance from the
point of rotation and, assuming a constant power input
to the unit, is a constant k3. Hence, equation (14.2) can
be rewritten as

k1

(

dθ

dt

)2

+ k2 sin 2θ + k3 = 0 (14.3)

where the coefficients k1 and k2 depend on the water
and air densities (̺W and ̺A), the underwater and above
water areas (AU and AA), the vessel’s length (L), wind
speed (V ), etc., as follows:

k1 = 0.5̺wAUL3CMW

and

k2 = 0.5̺AAALV 2CMA|max

⎫

⎪

⎬

⎪

⎭

(14.3(a))

in which CMW and CMA|max are the water and maximum
air moment coefficients, respectively.

Consequently equation (14.3) can be rewritten as
(

dθ

dt

)

= − [(k2 sin 2θ + k3)]0.5

k1

from which the time to turn through 90◦ can be
estimated as follows:

t90 =
∫ π/2

0

(

dt

dθ

)

dθ (14.4)

Several authors have considered this type of relation for
transverse propulsion unit sizing. One such approach
(Reference 2) uses a form of equation (14.4) to derive
a set of approximate turning times for three classes of
vessel in terms of the turning time for a quarter of a turn
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Figure 14.4 Transverse propulsion unit nomenclature: (a) surface area definition and (b) force, moment and
velocity definition

as a function of thruster power and with wind speed as
a parameter. The relationship used in this case is

t90 =
[

0.308CMW̺WAUL2
pp

kTs − 0.5CMA̺AAAV 2

]0.5

in which k is the distance of the thruster from the point
of rotation non-dimensionalized by ship length between
perpendiculars, Ts is the propulsion unit thrust, and
CMA is a mean wind resistive moment coefficient. The
vessels considered by Reference 2 are ferries, cargo
liners and tankers or bulk carriers, and Figure 14.5
reproduces the results of the prediction. Implicit in
this type of prediction is, of course, the coefficient of
performance of the unit which relates the unit thrust T
to the brake horsepower of the motor; however, such
values should not introduce large variations between
units of similar types; that is controllable pitch, con-
stant speed units. Whilst curves such as those shown
in Figure 14.5 can only give a rough estimate of turn-
ing capability they are useful for estimation purposes.
With ships having such widely differing forms, one with
another, due account has to be taken in the sizing pro-
cedure of the relative amounts of the vessel exposed to
the wind and to the water. An alternative approach is to
consider the thrust per unit area of underwater or above
water surface of the vessel. Table 14.1 shows typical
ranges of these parameters, compiled from References
3 and 4.

Clearly in interpreting Table 14.1 one should be
guided by the larger resulting thrust derived from the
coefficients. This is particularly true of the latest gener-
ation of Ro/Ro and Ro/Pax ferries in which considerable
wind exposure is an inherent design feature; further-
more, in the case of tankers and bulk carriers the
assessment of thruster size by the above water area is
not a good basis for the calculation.

The question of an acceptable turning rate is always
a subjective issue and depends on the purpose to which

Figure 14.5 Average relationship between turning time
and power of unit (Reference 2): (a) Ro/Ro and ferries;
(b) cargo ships and (c) tankers and bulk carriers
(Reproduced with permission from Reference 2)
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Table 14.1 Guide to thrust per unit area requirements

Ship type T/AU (kp/m2) T /AA (kp/m2)

Ro/Ro and ferries 10–14 4–7
Cargo, ships, tugs 6–10 4–8
Tankers/bulk carriers 4–7 14–16
Special craft 10–12 5–8

(i.e. dredgers, pilot
vessels, etc.)

Figure 14.6 Band of rotation rates versus displacement
at zero ship speed (Reproduced with permission from
Reference 11)

the vessel is put and the conditions under which it is
expected to operate. Consequently, there is no single
answer to this problem; Hawkins et al. (Reference 5)
made an extensive study of several types of manoeu-
vring propulsion devices for the US Maritime Admini-
stration and Figure 14.6 presents curves based on his
work showing measured turning rates as a function of
displacement. The band shown in the figure represents
turning rates which have been considered satisfactory
in past installations.

14.1.1 Performance characterization

The usual measure of propeller performance defined
by the open water efficiency (η0) and given by equa-
tion (6.2) decreases to zero as the advance coefficient
J tends to zero. However, at this condition thrust is
still produced and as a consequence another measure of
performance is needed in order to compare the thrust
produced with the power supplied.

Several such parameters have been widely used in
both marine and aeronautical applications, in the latter
case to characterize the performance of helicopter rotors
and VTOL aircraft. The most widely used are the static

merit coefficient (C) and the Bendemann static thrust
factor (ζ), these coefficients are defined by the following
relationships:

C = 0.00182T 3/2

SHP
√

(̺πD2/4)
= K

3/2
T

π3/2KQ

ζ = T

P
2/3
s D2/3(̺π/2)1/3

= KT

K
2/3
Q

1

[π(2)1/3]

⎫

⎪

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎪

⎭

(14.5)

In the above equations the following nomenclature
applies:

T is the total lateral thrust taken as being equal
to the vessel’s reactive force (i.e. the impeller
plus the induced force on the vessel)

SHP is the shaft horsepower
Ps is the shaft power in consistent units
D is the tunnel diameter
̺ is the mass density of the fluid

and KT and KQ are the usual thrust and torque coefficient
definitions.

Both of these expressions given in equation (14.5) are
derived from momentum theory and can be shown to
attain ideal, non-viscous maximum values for C =

√
2

and ζ = 1.0 for normal, non-ducted propellers. In the
case of a ducted propeller with no duct diffusion these
coefficients become C = 2 and ζ = 3

√
2.

Clearly it is possible to express the coefficient of
merit (C) in terms of the Bendemann factor (ζ); from
equation (14.5) it can easily be shown that

C = ζ3/2
√

2 (14.6)

14.1.2 Unit design

Having determined the required size of the unit it is
necessary to configure the geometry of the unit to pro-
vide the maximum possible thrust. The fundamental
decision at this stage is to determine whether the unit
will be a controllable pitch, constant speed machine or a
fixed pitch, variable speed unit; the former units being
perhaps the most common amongst larger vessels. In
the case of the controllable pitch unit the blades are
designed as constant pitch angle blades to enable a nom-
inal equality of thrust to be achieved in either direction
for a given pitch angle. The term ‘nominal equality of
thrust’ is used to signify that this is not exactly the case
in practice due to the pod arrangement and its position
in the tunnel. The blades of the controllable pitch unit
are frequently termed ‘flat-plate blades’ on account of
their shape. In the alternative case of the fixed pitch unit
the radial distribution of pitch angle over the blade can
be allowed to vary in order to develop a suitable hydro-
dynamic flow regime over the blades, reversal of thrust
in this case being achieved by a reversal of rotation of
the impeller.

In both the controllable and fixed pitch cases the blade
sections are symmetrical about their nose–tail lines;
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Figure 14.7 Examples of test data from CP transverse propulsion unit tests: (a) effect of AC/AD; (b) effect of blade
number; (c) effect of blade form and (d) effect of hub diameter (Reproduced with permission from Reference 6)

that is the blades do not possess camber. Furthermore,
the fixed pitch blade sections need to be bisymmetri-
cal since both edges of the blade have to act as the
leading edge for approximately equal times, whereas
for the controllable pitch unit a standard National
Advisory Committee for Aeronautics (NACA) or other
non-cambered aerofoil section is appropriate.

Transverse propulsion units are a source of noise and
vibration largely resulting from the onset of cavitation
and the flow of water through a tunnel within the vessel.
The question of noise emission is considered in Chapter
10; however, in order to design a unit which would be
able to perform reliably and not cause undue nuisance,
this being particularly important in passenger vessels,
the blade tip speed should be kept within the band of 30
to 34 m/s.

Blade design can be achieved by use of either model
test data or by theoretical methods. Taniguchi et al.
(Reference 6) undertook a series of model tests on a
set of six transverse thrusters. These models had an

impeller diameter of 200 mm; two had elliptic form
blades whilst the remaining four were of the Kaplan
type, and it is this latter type that is of most inter-
est in controllable pitch transverse propulsion unit
design. Taniguchi considers Kaplan blade designs hav-
ing expanded area ratios of 0.300, 0.450 and 0.600 in
association with a blade number of four and a 0.3375
expanded area ratio version having three blades. Each
of the blades for these units was designed with NACA
16-section thickness forms in association with a non-
dimensional hub diameter of 0.400 and a capability to
vary the pitch ratio between 0 and 1.3. Using these mod-
els Taniguchi evaluated the effects of changes in various
design parameters on performance; Figure 14.7 shows
a selection of these results highlighting the effects of
variations in expanded area ratio and pitch ratio, the
effects of blade number and boss ratio. This latter test
was carried out with an elliptic blade form; the results
show, however, that there is little difference between the
efficiency (η) of the elliptic and Kaplan blade forms with
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Figure 14.8 Taniguchi’s simplified hull form arrangement
(Reproduced with permission from Reference 6)

the exception that the Kaplan form performs marginally
better at all pitch settings. In Figure 14.7 KT and KQ are
the conventional thrust and torque coefficients, respect-
ively, and CF represents the force measured on the
simple block body containing the tunnel (Figure 14.8).
The efficiency of the unit is defined by

η = 1

KQ

(

KT + CF

π

)3/2

(14.7)

The effects of cavitation on these blades forms can be
seen in results from a different series of flat-plate blades
shown in Figure 14.9. This set of curves, which relates
to a blade area ratio of 0.5 and a blade number of four,
shows how the breakdown of the thrust and torque char-
acteristics occurs with reducing cavitation number for
a series of pitch ratios. In comparing the results, it
should be noted that the test configurations between
Figures 14.7 and 14.9 are somewhat different.

With regard to theoretical methods for impeller
design several methods exist. These ranges from empir-
ically based types of approaches such as that by van

Manen et al. (Reference 7) to advanced computa-
tional procedures of the type discussed in Chapter 8.
In this context, in recent years the uses of bound-
ary element and computational fluid dynamics methods
have been particularly helpful in understanding the flow
configurations through transverse propulsion units.

As mentioned earlier the impeller design process is
only one aspect of the system design. The position of the
impeller in the hull presents an equally important design
consideration. Taniguchi et al. (Reference 6) in their
model test study examined this problem using simple
block models of the hull in which the vertical position
of the tunnel relative to the base line, the tunnel length
and the effects of the frame slope in way of the tunnel
opening could be investigated. Figure 14.10 shows the
effects of these changes at model scale, from which it
can be seen that they exert an important influence on the
overall thrust performance of the unit. As a consequence
it is seen that care needs to be exercised in determining
the location of the unit in the hull, both to avoid any
unnecessary losses and also to maximize the turning
moment of the unit. It will be seen from Figure 14.10
that these two constraints are partially conflicting, and
therefore an element of compromise must be achieved
within the design process.

The tunnel openings need to be faired to some degree
in order to prevent any undue thrust losses from the unit
and also to minimize any hull resistance penalty result-
ing from the discontinuity in the hull surface. Again the
type of fairing required to enhance the thrust perform-
ance is not that required to minimize hull resistance
during normal ahead operation and consequently, some
measure of compromise is again required in the design
process.

Transverse propulsion units are at their most effec-
tive when the vessel is stationary in the water with
respect to normal ahead speed. These propulsion units
tend to lose effectiveness as the vessel increases its
ahead, or alternatively astern, speed. English (Refer-
ence 8) demonstrated this effect by means of model
tests, from which it can be seen that the side thruster
loses a significant amount of its effect with ship speeds,
or conversely current speeds, of the order of 2 to 3 knots.
The cause of this fall-off in net thrusting performance
is due to the interaction between the fluid forming the
jet issuing from the thruster tunnel and the flow over the
hull surface, due principally to the translational motion
of the hull but also in part to the rotational motion.
Figure 14.11 shows the effect in diagrammatic form.
This interaction causes a reduced pressure region to
occur downstream of the tunnel on the jet efflux side,
which can extend for a considerable way downstream.
This induces a suction force on that side, which reduces
the effect of the impeller thrust and alters the effective
centre of action of the force system acting on the vessel
(Reference 9). Considerations of this type had led some
designers (Reference 10) to introduce a venting tube,
parallel to the axis of the tunnel, in order to induce a
flow from one side of the hull to the other, as seen in
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Figure 14.9 Effect of cavitation on KT and K Q for a kaplan blade form

Figure 14.12. From this figure the effects of fitting such
a device to two different types of vessel can be seen as
shown by Reference 10.

More recent research, however, has shown that the
fall off in the effectiveness of bow thrusters with increas-
ing ship speed is attenuated when very large units are
employed; typically of the order of 3 MW and above.

Wall effects are also important when considering the
performance of a transverse propulsion unit. A low-
pressure region can be created between the hull surface
and the jetty wall in the presence of a jet from a bow
thruster unit. This causes a suction between the wall
and the hull which, in the case of an idealized flat

plate at about three jet diameters from the wall, experi-
ences a suction of the order of the jet thrust. Such a
magnitude, however, decays rapidly with increasing
separation distance, so that at about six jet diameters
the suction is only about 10 per cent of the jet thrust.

The problem of tunnel openings was previously dis-
cussed and this highlighted the compromise necessary
in designing the opening fairings to suit the nominally
zero speed thrusting condition as well as minimizing
the hull aperture resistance at service speeds. Indeed,
Holtrop et al. made some regression-based estimates
of the aperture size on ship resistance as discussed in
Chapter 12. This compromise can normally be achieved
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Figure 14.10 Effects of tunnel location, frame shape an entrance radius on model scale: (a) tunnel length series;
(b) bottom immersion series; (c) tunnel entrance shape series and (d) hull frame inclination (Reproduced with
permission from Reference 6)

provided that the ship’s service speed is below around 20
to 24 knots, however if a service speed at the top end of
this range or above is contemplated then consideration
should be given to the fitting of tunnel orifice doors.
Figure 14.13 shows such a case in which doors have
been provided to minimize the hull frictional resistance.
Furthermore, it can be seen that the hinges on the doors
are aligned such that the axis about which door opening
occurs approximately aligns with the flow streamlines
generated over the bulbous bow which, in this case, lies
is to the left of the picture. Such an alignment can be
particularly useful in minimizing the ship’s frictional
resistance should a door actuating mechanism fail and
the door cannot be closed after use.

A further advantage of doors fitted to the ends of
thruster tunnels is that the turbulent noise generated
by the water passing over the tunnel orifice is consid-
erably reduced at service ship speeds when compared
to normal thruster openings. Additionally, within the
context of noise generation, the traditional shape of
controllable pitch transverse propulsion unit blades has
been trapezoidal in plan form as seen in Figure 14.9.
The application of moderate skew to the controllable
pitch impeller blades of thruster units, Figure 14.14,

has, by helping to control the effects of cavitation, also
given a further degree of control in minimizing the noise
generated by these units. This can be particularly bene-
ficial to passenger ship operation or other ship types
where the accommodation is located in the vicinity of
the thruster units and where the vessel may be required
to manoeuvre in harbour while people are still sleep-
ing. Furthermore, careful attention to the hydrodynamic
fairing of the pod strut and body and to the changes of
section that occur within the tunnel space make a sig-
nificant difference to the noise generation potential of
the unit.

14.2 Steerable internal duct thrusters

These types of thruster, sometimes erroneously referred
to as pump jets, are particularly useful for navigating
a ship at slow speed as well as for the more conven-
tional docking manoeuvres. In the case of research
ships, for example, when undertaking acoustic trials
of one kind or another it is sometimes helpful not to be
dependent upon the main propellers to drive the ship.
This is because although the propellers may have been
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Figure 14.11 Transverse propulsion unit jet interactions
with forward ship speed

designed to be subcavitating at the speeds of interest
for scientific measurements, there will still be turbu-
lence noise generated by the flow over the propulsor
and its supporting arrangements. Consequently to have
a propulsor driving the ship in the sense of a tractor at
the bow of the ship may be useful since the noise and
disturbance of propulsion can be largely removed from
the scientific measurement positions or towed arrays.

In this type of thruster the water enters the system
through an intake located usually in the vicinity of the
ship’s bow and then passes through an impeller driven
pump from where the water is exhausted to the outlet.
At the outlet, located on the bottom of the ship, the
efflux from the pump passes through a vectoring ring
comprising a cascade of horizontally aligned deflector
vanes which impart a change of direction to the water
flow. The cascade can be rotated to any desired direction
in the horizontal plane, generally through the full 360◦,

Figure 14.12 Effect of AST vent (Reference 10)

Figure 14.13 Doors fitted to a set transverse propulsion
unit openings
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Figure 14.14 Use of skew with transverse propulsion
unit blades

and therefore, resulting from the change in direction of
the flow velocities a thrust force can be generated in the
desired direction. When free running it is often possible,
assuming that the unit has been sized properly and the
ship is not too large, to drive the vessel at speeds of the
order of five knots or so. In the case of berthing, then
due to the azimuthing capability of the thruster unit an
additional directional degree of control is afforded.
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The general class of azimuthing propulsors includes
both azimuthing thrusters and podded propulsors.
Before considering these systems further and to avoid
confusion it is important to be clear on the definition of a
podded propulsor as distinct from other forms of propul-
sion and azimuthing thrusters in particular. A podded
propulsor is defined as a propulsion or manoeuvring
device that is external to the ship’s hull and houses
a propeller powering capability. This, therefore, dis-
tinguishes them from azimuthing thrusters which have
their propulsor powering machinery located within the
ship’s hull and commonly drive the propeller through a
system of shafting and spiral bevel gearing.

15.1 Azimuthing thrusters

Azimuthing thrusters have, as a class of propulsion
units, gained considerable importance over the last
few years due to the increasing demand for dynamic
positioning capabilities and directional thrust require-
ments. These units fall into two distinct classes: the first
is that where a propeller is mounted on a rotatable pod
beneath the ship and the second is theVoith Schneider or
Kirsten–Boeing propulsion concept; this latter concept
was considered in Chapter 2. With regard to the former
class, that where a propeller is mounted on a pod beneath
the ship, Figure 15.1 shows the basic features of the sys-
tem. It can be seen that there are two basic types of unit:
the pusher unit shown in Figure 15.1(a) and the tractor
unit shown in Figure 15.1(b). In general these types of
azimuthing units are fitted with ducted propellers hav-
ing ducts of the Wageningen 19A form since, for many
dynamically positioning applications, it is required to
maintain station against only tide or wind forces and at

Figure 15.1 Azimuthing thruster unit types: (a) pusher
unit and (b) tractor unit

low advance speeds this type of ducted propeller has a
greater thrusting capability. For other applications, such
as canal barge propulsion, the non-ducted propeller may
have the advantage and is commonly used.

The resulting thrust from an azimuthing thruster is
the sum of three components:

T = TP + TD + TG (15.1)

where TP, TD and TG are the component thrusts from
the propeller, duct and the pod, respectively, and T is net
unit thrust. Clearly, as with any other propulsion device,
the effective thrust acting on the ship is the net thrust
adjusted by the augment of resistance (thrust deduction
factor) induced by the unit on the vessel.

These types of unit experience a complex system of
forces and moments which are strongly dependent on
the relative alignment of the unit to the incident flow
as seen in Figure 15.2. The forces and moments which
occur are

Fx is the longitudinal force in the propeller
shaft direction

Fy is the transverse force perpendicular to the
propeller shaft

Q is the propeller torque
Mz is the steering or turning moment of the unit.

All of these forces and moments are dependent upon the
inflow incidence angle δ and of course the magnitude of

Figure 15.2 Forces and moments acting on an
azimuthing thruster in uniform flow
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the inflow velocity. In general, however, six components
of loading {Fx, Fy, Fz , Mx, My and Mz} will be present.

For design purposes two sets of model test data are
commonly used. The first, and most comprehensive
(Reference 1) reports a set of test data conducted in
both the cavitation tunnel and also a towing tank. This
test data considers three blade forms, two with ‘flat
plate blades’ and the other with an elliptical outline and
cambered aerofoil sections, mounted inside a duct of
the Wageningen 19A form in each of the tractor and
pusher configurations. The model propeller diameters
are 250 mm and the only difference between the two pla-
nar blade forms is the radial thickness distribution; all of
the blade forms have the same blade area ratio of 0.55.

The analysis of the model test results shows, as might
be expected, that the open water efficiency of the pro-
peller with the cambered sections is considerably better
than for the propeller with ‘flat plate’ blades. This latter
blade form, however, whilst losing on efficiency, has the
advantage of a nominal equality of thrust in each direc-
tion, as in the case of the transverse propulsion units
discussed in Chapter 14. It also prevents the otherwise
cambered sections from working at negative angles of
incidence.

The pusher unit was shown to have a slightly better
efficiency than the tractor version; however, due to the
uniform inflow conditions experienced by the tractor
unit in the zero azimuthing angle less cyclic variation
in cavitation pattern was observed as compared to the
pusher unit, where the propeller is operating in the wake
of the gear house. With regard to turning moment (Mz)
the tractor unit showed a much higher moment than the
pusher unit under equivalent conditions.

Noise levels on the pusher unit were found to be
some 10 to 20 dB higher than on the tractor unit and
the propeller with cambered sections gave the lowest
noise levels of the propellers tested. Figure 15.3 shows
a typical set of characteristic curves for a propeller unit
of this type. The conventional open water curves are
shown in Figure 15.3(a) from which the behaviour of
the components of Equation (15.1) can be seen; most
notable here is the negative behaviour of the pod thrust
components, indicating that this is a drag. In the corres-
ponding diagram of Figure 15.3(b) we see the way in
which the various force and moment coefficient change
with the angle β. This angle and the force and moment
coefficients are consistent with the definitions given
in Chapter 6. In this diagram the component relat-
ing to the lateral force Fy is plotted to half scale and,
consequently, for large angles of β this force can be
dominant.

The second source of data is due to Oosteveldt (Refer-
ence 2). This data is considerably more limited than the
Minsaas data just discussed and relates to open water
data using the Ka 4-55 propeller in a 19A duct form.
Data of the type shown in Figure 15.3(b) is given for this
single propeller duct combination; however, the force
components are not broken down so as to differentiate
the pod drag.

The model testing of azimuthing units can present
particular scale problems if it is intended to model
experimentally the performance of, for example, an off-
shore structure. In these cases the model propeller size
becomes very small and introduces hydrodynamic scale
effect problems, and in addition, if more than one unit is
fitted, interaction problems can exist between the units.
Consequently, considerable care needs to be exercise in
the design of such experiments, the use to which they
are put and a proper identification of the various thruster
interactions made.

In an attempt to increase the propulsion efficiency
of azimuthing units, contra-rotating propeller versions
have been placed on the market by certain manufactur-
ers. Similarly, tandem units are also available.

15.2 Podded propulsors

Podded propulsors have only recently been introduced
into the marine industry and derive from the concept
of azimuthing thrusters which have been in common
use for many years, the first application being in 1878.
Indeed, many of the early design principles for podded
propulsors were derived from azimuthing thruster prac-
tice. However, the demand from the marine industry
for the growth in podded propulsor size occurred very
rapidly during the latter half of the 1990s with units ris-
ing from a few megawatts in size to the largest which
are currently in excess of 20 MW. Their principal appli-
cations in the early years were for the propulsion of ice
breakers and then cruise ships, but subsequently they
have found application with Ro/Pax ferries, tankers,
cable layers, naval vessels and research ships. Much of
this rapid expansion was fuelled by claims of enhanced
propulsive efficiency and ship manoeuvrability, the
latter having been clearly demonstrated.

In outline terms the mechanical system of a pod-
ded propulsor has normally comprised a short propul-
sion shaft on which an electric motor is mounted and
supported on a system of rolling element radial and
thrust bearings. The motor is likely to be either be an
a.c. machine or, in some cases, a permanent magnet
machine. Also mounted on the shaft line may be an
exciter and shaft brake together with an appropriate
sealing system. The motor power, some control func-
tions and monitoring equipment are supplied by an
arrangement of electrical cables and leads connected to
the inboard ship system by a slip-ring assembly located
in the vicinity of the slewing ring bearing at the interface
between the propulsor and the ship’s hull. The podded
propulsor’s internal machinery is supported within a
structure comprising a nominally axisymmetric body
suspended below the hull by an aerofoil-shaped fin. The
propellers fitted to these units are currently of a fixed
pitch design and are frequently of a built-up configu-
ration in that the blades are detachable from the boss.
As in the case of azimuthing thrusters, podded propul-
sors can be either tractor or pusher units while some
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Figure 15.3 Azimuthing thruster characteristic curves: (a) open water curves with ahead advance and (b) open water
curves for ahead and astern advance with δ = 50◦
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designs have a system of tandem propellers mounted
to the shaft: one propeller mounted at each end of the
propulsor body.

Each manufacturer has variants about these basic
forms, but Figure 15.4 shows a typical schematic layout
for a tractor unit, this being the most common form at
the present time.

Figure 15.4 General arrangement of a podded propulsor

15.2.1 Steady-state running

Assuming that the podded propulsor is of the tractor
type, in its twin-screw propulsion configuration will
operate in relatively clear water disturbed principally
by the boundary layer development over the hull. This
is in contrast to a conventional twin-screw propulsion
arrangement in which the incident wake field is dis-
turbed by the shafting and its supporting brackets or,
alternatively, for a pusher pod configuration which has
to operate in the boundary layer and velocity field gen-
erated by the pod body and strut. Consequently, the
wake field presented to the propeller of a tractor pod-
ded propulsor, in the absence of any separation induced
by the effects of poor hull design, should be rather better
for the ahead free running mode of operation than would
be the case for a conventional twin-screw ship.

Notwithstanding the benefits of an improved wake
field, the citing of the propulsors on the hull and their
attitude relative to the ship’s buttocks and waterlines

needs to be undertaken with care. If this is not done then
propulsion efficiency penalties may be incurred since
propulsion efficiency has been found at model scale
to be sensitive to relatively small changes in propul-
sor location on the hull. Table 15.1 illustrates a typical
example of this sensitivity, in this case relating to the
relative attitude of the propulsor for a cruise ship.

Table 15.1 Typical change in power requirement with pod
attitude angle

Pod tilt angle (◦) 2 4 6
Increase in PD (%) 0 1.3 1.7
Azimuth angle (◦) −2 0 +2
Increase in PD (%) 0.8 0 1.6

Moreover, the optimum pod azimuth angle for ahead
free running has to be derived from a consideration
of the flow streamlines over the afterbody of the ship,
particularly if a range of operating conditions is antici-
pated for the ship. Similarly with the tilt angle, however,
this may be approximated for initial design purposes as
being half the angle of the ship’s buttocks relative to the
baseline at the propulsor station.

The computation of the propeller thrust and torque
at or close to the zero azimuthing position can be sat-
isfactorily accomplished using classical hydrodynamic
lifting line, lifting surface or boundary element meth-
ods. Similarly, estimates can be made of the other
forces and moments about the propeller’s Cartesian ref-
erence frame. However, full-scale trial measurements
conducted some years ago on cruise ships’ propellers
with conventional A-bracket shafting arrangements
suggested that with the then current state of develop-
ment of the propeller codes a greater error bound should
be allowed for when extending the calculation of these
loadings in the other Cartesian directions.

When undertaking manoeuvres, including turns and
stopping, both at sea and when in harbour, and also
when operating in poor weather model tests have indi-
cated that the hydrodynamic loadings can significantly
increase (References 3 and 4). Moreover, the predic-
tions of these loadings do not at present lend themselves
to assessment by the normal classical methods of analy-
sis, but must be estimated from model-or full-scale data.
Similarly, Reynolds Averaged Navier–Stokes (RANS)
codes are currently not at the required state of devel-
opment to confidently make quantitative predictions of
the loads, nevertheless they can give useful qualita-
tive insights into the flow behaviour and the various
interactions involved.

The loadings developed by the pod are complex since
the axisymmetric body and a part of the fin, or strut,
need to be analysed within the helicoidal propeller slip-
stream for a tractor unit. The remainder of the strut lies
in a predominantly translational flow field and for analy-
sis purposes has to be treated as such. Furthermore,
the interaction between the propeller and pod body is
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complex and needs also to be taken into account. A dif-
ferent flow regime clearly exists in the analysis of pusher
units since the propeller then operates in the wake of the
strut, and pod body and the propeller-pod body inter-
action effects are significant. Notwithstanding these
complexities it is possible to make useful quantitative
approximations using earlier empirical data, provided
a proper distinction is made between those parts of the
propulsor which are subjected to translational flow and
those which will operate within the propeller slipstream.
In this context the earlier work of Gutsch (Reference 5)
for inclined propellers can be put to good use provided
that appropriate corrections are made. Alternatively,
systematic model test data, albeit in a limited form, is
now beginning to emerge in the technical literature, for
example that contained in Reference 6.

The forces and moments in the three Cartesian direc-
tions need to be quantitatively estimated as accurately
as possible, either by model test or by calculation for the
full range of different operating conditions, since with-
out such an assessment the reactive loads on the bearings
cannot be properly estimated. Moreover, if these load-
ing estimates are inadequate, then the necessary fatigue
evaluations of the bearing materials will prove unreli-
able and this may then contribute to premature bearing
failure. Figure 15.5, by way of example, illustrates a typ-
ical variation in thrust generated at different azimuthing
angles as a propeller rotates through one revolution.
This should be contrasted with the nearly constant thrust
and torque signature produced at a zero azimuthing
angle.

Notwithstanding the implied reliance on empirical
data from model tests, since full-scale data is diffi-
cult to obtain for podded propulsors, the scale effects
relating to the pod-ship and pod-propeller interaction
mechanisms are significant (Reference 3). Therefore,
when measurements are made in a model facility the
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Figure 15.5 Typical propeller blade-induced thrust fluctuations for different pod azimuthing angles

experiment must be carefully designed in order to min-
imize these effects. However, research effort still needs
to be expended in refining the analysis of scale effects
in order to gain a fuller understanding of their influ-
ence both in terms of the propeller loading and also for
ship propulsion studies (Reference 7). Nevertheless, the
ITTC, in Appendix A of Reference 7, have developed
and draft procedure and guidance for extrapolation and
podded propulsor model tests. Within the general prob-
lem is the treatment of scaling of the pod housing drag
where currently a number of methods exist. Sasaki et al.
(Reference 8) have shown that a considerable scatter
exists between the various methods that have been pro-
posed. However, this scatter does not necessarily imply
a similar scatter in the final power prediction for the ship.

Computational fluid dynamic RANS methods poten-
tially offer a means whereby scale effects can be
considered free from the constraints imposed by model
testing and institutional practices. Chicherin et al. (Ref-
erence 9) have endeavoured to draw conclusions from
studies using RANS codes. First he considered that
the numerical analyses do not support the application
of the conventional appendage scaling procedures for
full-scale pod housing drag estimates. Secondly, the
form factor concept is inappropriate for pod housing
drag scaling and finally the most suitable extrapolation
parameter is the non-dimensional resistance coefficient
used as a correction to the drag of the complete pod unit.

In testing podded propulsor configurations at model
scale care must be taken to correct the results for the gap
effect that is present between the propeller and the pod
body. Corrections of this type have been known to have
been necessary for similar configurations in ducted pro-
pellers, pump-jets and azimuthing thrusters for many
years, and their importance lies in the correct estimation
of thrust. Similarly, there is also a gap effect between
the top of the strut and the lower end-plate of the model
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test setup. Within the present knowledge this is thought
to be relatively small.

The pod body design is important in terms of min-
imizing boundary layer separation and vorticity devel-
opment. Islam et al. (Reference 10) have made a useful
model test examination of the influence of the various
pod body geometric features. In particular, the radius of
the axisymmetric pod body requires to be minimized,
but this is dependent on the electrodynamic design of
the propulsion motor which is, in turn, both motor speed
and length dependent. Furthermore, the motor speed
along with the unit’s speed of advance and power
absorption governs the propeller efficiency. In terms of
future development, high-temperature superconducting
motor research offers a potential for significant reduc-
tions in motor diameter and hence, if realized, will
facilitate pod body drag reductions.

Full-scale experience shows that for twin-screw
propulsion systems podded propulsors, when operat-
ing close to the zero azimuthing position, generally
have a superior cavitation performance when compared
to conventional propulsion alternatives. This, there-
fore, implies that the propeller radiated hull surface
pressures will be significantly reduced. Typically for
a non-ice classed, tractor podded propulsion system
operating on a well-designed cruise ship hull form,
the blade rate harmonic hull surface pressures can be
maintained to around 0.5 kPa with the higher blade
rate harmonics being insignificant. Such a finding is
compatible with the expected enhanced wake field in
which the podded propeller operates. However, while
not generally reaching these low levels, it should be
recalled that the radiated hull surface pressures for con-
ventionally designed ship afterbodies with shaft lines
and A-brackets have improved significantly in recent
years, typically returning values in the region of 1 kPa.
Notwithstanding this benefit, it has been found that
broadband excitation can have a tendency to manifest
itself more frequently with podded propulsors. When
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Figure 15.6 Variation in thrust and torque coefficient when turning at constant rpm

significant azimuthing angles are encountered or large
incidence buttock flows are encountered then the effects
of cavitation can be rather more significant and this may
involve the propeller blades and the pod body.

15.2.2 Turning manoeuvres

When turning at speed in calm open sea conditions a
complex flow regime is generated in the vicinity of the
propeller which significantly alters the inflow velocity
field. For a twin-screw ship undertaking a turn the resul-
tant forces and moments generated by the propellers
located on the port and starboard sides of the hull are
different. This difference depends upon whether the
propeller is on the inside or outside of the turn and
on the extent of the influence of the ship’s skeg on
the transverse components of the global flow field in
way of the propellers. Figure 15.6 shows an example of
these differences, measured at model scale on the star-
board propeller, during turns to port and starboard when
operating at constant shaft speed. Analogous variations
are seen for the other force and moment components
generated by the propeller in these types of manoeuvre.

By implication Figure 15.6 underlines the importance
of implementing a proper speed control regime for pod-
ded propulsion systems. It can be seen that if the shaft
speed were not reduced during the turn to port the star-
board motor would be in danger of being overloaded
if the shaft speed at the beginning of the manoeuvre
was close to the normal service rating. Furthermore,
in this context accelerations and decelerations of the
ship are also of importance. In this latter case the rate
of change of shaft speed during such a manoeuvre
considerably influences the loadings generated by the
propeller.

The thrust, torque, lateral forces and moments also
vary significantly throughout a turning manoeuvre. A
typical result measured from the model test programmes
discussed in Reference 1 is shown in Figure 15.7.
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Figure 15.7 relates to a manoeuvre which changes the
heading of the ship though 180◦. It can be seen that rela-
tive to the steady values recorded on the approach to the
turn, as soon as the propulsors change their azimuthing
angle the torque and thrust increase. Similarly, the fluc-
tuating shaft bending moment measured on the shaft
increases in amplitude and then decays to an extent dur-
ing the turn but then maintains steady amplitude. In
contrast the thrust and torque maintain their enhanced
amplitude throughout the turn and then when correct-
ive helm is applied to return the ship on a reciprocal
course these parameters then decay back to their normal
ahead values. However, this is not the case for the bend-
ing moment amplitudes which upon applying corrective
helm then sharply increase before decaying back to their
pre-manoeuvre values. When analysing this data during
constant shaft speed turns over a number of similar tests
it is seen that while the thrust and torque increase their
pre-manoeuvre levels by between 10 and 50 per cent the
maximum bending amplitudes are amplified by factors
of between four and six times their original free run-
ning ahead values. In the case of zig-zag manoeuvres
carried out under the same operating conditions similar
characteristics are found to occur.

These types of manoeuvring examples, because of
their potential to develop high bearing loadings, suggest
that careful thought be applied to the sea trial manoeu-
vring programmes. Ships driven by podded propulsors
generally exhibit a better manoeuvring performance
when compared to equivalent conventionally driven
ships. The implications of this enhanced performance
are discussed in Reference 11 and, in particular, the
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Figure 15.7 Typical fluctuations in propeller-induced thrust, torque and bending moment

advisability of employing an equivalence principle for
ship manoeuvrability between podded propulsor and
conventionally driven ships is discussed in order to min-
imize the risk of shaft bearing overload in the podded
propulsors. Such a principle essentially suggests that if
the manoeuvring of a conventionally driven ship is sat-
isfactory then it should not be necessary to effectively
demonstrate on sea trials a similar ship fitted with a
podded propulsor has better manoeuvring capabilities
since this is already known. Consequently, the sea trials
programme should be adjusted to define turning rates
and other conditions appropriate to the ship and podded
propulsor configuration.

15.2.3 Crash stop manoeuvres

In the case of linearly executed stopping manoeuvres
(Reference 3) exploratory model tests have indicated
that if a crash stop manoeuvre is executed with the
podded propulsors in a fore and aft orientation the
bending moments generated can be limited to values
consistent with the normal free running service speed.
Notwithstanding this, the thrust and torque loadings
change significantly during the manoeuvre. If, however,
the pods are allowed to take up a toe-out attitude then
the shaft forces and bending moments can be expected
to significantly increase. In the case, for example, of
a 25◦ toe-out manoeuvre at constant shaft speed, the
ratio of induced bending moment during the manoeu-
vre to the free running bending moment at the start of
the manoeuvre could be as high as eleven with similar
ratios being developed in the other in-plane loadings.
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15.2.4 Podded propulsors in waves

The effects of poor weather have also been similarly
explored from which the relative motions between the
propeller and the seaway have been seen to increase the
loadings that have to be reacted by the shaft bearings.
For the model configuration tested (Reference 3) the
shaft bending moments in irregular waves were seen to
increase by up to a factor of 1.8 over the free running
condition when encountering significant wave heights
of 7 m at constant shaft speed. In those tests the sea con-
ditions which gave rise to the greatest increase in shaft
forces and moments were those encountered in head
quartering seas. Clearly, however, in the general case
these loading factors will be ship motion and seaway
dependent.

15.2.5 Harbour manoeuvres

Different loading regimes occur during low-speed har-
bour manoeuvring. It has been known for many years
that if a number of azimuthing thrusters are deployed on
the bottom of a marine structure in a dynamic position-
ing mode, when particular relative azimuthing angles
of the thrusters occur, they will mutually interfere with
each other. In some cases, if this mutual interference
was severe mechanical damage to the thruster shaft line
components could result.

By simulating the underwater stern of a typical cruise
ship with a deployment of propulsors and varying their
relative azimuthing angles (Reference 4) a number of
good and bad operating conditions were identified for a
twin-screw ship. These can be summarized as follows:

i. If the pods are at arbitrary azimuthing angles and
the angle of one of the pods is chosen such that its
efflux passes into the propeller disc of the other then
high fluctuating shaft bending moments and radial
forces can be expected to occur on the latter pod.
The magnitude of these shaft bending moments at
model scale has been measured to be up to 10 times
the normal free running values at low ship speed and
constant rotational speed. In contrast the thrust and
torque forces appear to be relatively unaffected. At
full scale when interference has been encountered
between podded propulsors, vibration levels up to
116 mm/s have been recorded at the tops of the pods
in the vicinity of the slewing ring.

ii. If both pods are positioned such that they are thrust-
ing in approximately the same thwart-ship line, then
the trailing pod will suffer significant fluctuating
loads. The maximum loadings will be experienced
when the trailing pod is slightly off the common
transverse axis: whether this relative azimuthing
angle is forward or aft of the thwart-ship line
will depend upon the direction of rotation of the
propulsors.

iii. It has been found that a benign harbour manoeuv-
ring condition is when both podded propulsors are

in a toe-out condition. At this condition the mutual
interference with respect to shaft loads is minimal.

iv. The control methodology of podded propulsors
when undertaking dynamic positioning manoeu-
vres requires careful consideration if unnecessary
and in some cases harmful azimuthing activity is to
be avoided.

It was also observed that the interference signatures
created in conditions (i) and (ii) exhibited a finely tuned
characteristic with respect to relative azimuthing angle.

In the case of a quadruple-screw ship, a poor oper-
ating condition was found to be when the podded
propulsors on one side of the ship are both operat-
ing and are positioned such that the forward unit is in
the fore and aft direction and the astern one is trans-
verse. In this case the efflux from the forward propeller
is attracted towards the transversely oriented propeller
which then suffers strong fluctuating loads, because it
is operating obliquely in the helical flow field generated
by the fore and aft aligned propulsor. Similarly, when
both propellers on one side of the ship are aligned in
the fore and aft direction the efflux from the forward
propeller, although relatively attenuated, is attracted
towards the propeller in the astern location. Conse-
quently, some benefit in minimizing these slight oblique
flow characteristics can be achieved by azimuthing the
astern propeller towards as the location of the forward
propeller.

15.2.6 Specific podded propulsor
configurations

A number of configurations of podded propulsor have
been developed in recent years and these have included
units with tandem propellers, rim-driven propulsors
and contra-rotating versions. More recently, a pump-jet
variant has been proposed (Reference 12).

In the case of contra-rotating podded propulsors
these tend to be hybrid designs which deploy a con-
ventional propeller and stern bearing arrangement for
the ship with a tractor azimuthing podded propulsor
located immediately astern of the conventional pro-
peller. In this way when moving ahead on a straight
course the efficiency advantages of contra-rotating pro-
peller can be gained without the complexities entailed in
the mechanical shafting arrangements. Moreover, such
an arrangement has added benefit of being able to dis-
tribute the power between the two propellers, either
equally or favouring perhaps the conventional propeller,
and in so doing give a rather better cavitation environ-
ment for the absorption of the total propulsion power.
These types of arrangements are potentially attractive to
relatively fast ships, for example Ro/Pax ships. Under
turning conditions, since the podded propulsor acts
as the rudder, care has to be exercised to ensure that
the rolling element bearings in the podded propulsor
can withstand the level of excitation generated from
the periodic loadings by the leading propeller and the
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additional loads induced by the turning manoeuvre.
Bushkovsky et al. (Reference 13) examined the mutual
propeller interaction: the periodic forces and the crash
stop behaviour of these types of configuration. In the
case of the periodic forces these were shown to be com-
plex because of each propeller’s induced velocities in the
disc of the other and furthermore, the induced velocities
are both spatially and temporally dependent. This places
considerable demands on the computational procedures
by which the induced velocities are calculated and was
overcome in this case by coupling the vortex sheets of
the propeller blades and making an analytical estimate
of the viscous wake behind the propeller. From this anal-
ysis it was shown, perhaps rather unsurprisingly, that the
periodic forces have a wider spectrum of harmonics than
would be the case for a conventional single propeller.
With regard to cavitation, it was considered crucial to
avoid the podded propulsor of the contra-rotating pair
interacting with the conventional propeller’s hub vor-
tex and its blade cavitation when the podded propulsor
turns for steering purposes and this situation needs to
be carefully considered at the design stage.

Rim-driven podded propulsors comprise a multiple
blade row propeller with a permanent magnet, radial
flux motor rotor located on the tips of the propellers
which interacts with the motor stator’s which is sited
within a duct circumscribing the propeller. It is claimed
that this arrangement yields the required thrust with a
smaller pod, when compared to the normal arrange-
ment; it develops a higher efficiency, develops reduced
unsteady hull surface pressures; and has improved cavi-
tation performance. The concept has been model tested
(Reference 14) and a 1.6 MW demonstrator unit was
destined for sea trials during 2006. Such an arrange-
ment is not dissimilar to an electromagnetic tip-driven
propeller designed and tested byAbu Sharkh et al. (Ref-
erence 15). This 250 mm diameter, four-bladed Kaplan
type propeller was tested over a wide range of advance
and rotational speeds, with differing duct geometries
and a limited variation of stator angles. It was also tested
in sea water. The unit was benchmarked against a Ka
4-70 propeller in a No. 37 duct and it was found that
at bollard pull conditions the thrust was about 20 per
cent lower than the Wageningen series propeller and
that the KT values reduced more rapidly as the advance
speed increased. This discrepancy was attributed to the
additional drag of the propeller ring and the thicker duct.
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The concept of waterjet propulsion dates back to 1661
when Toogood and Hays first proposed this form of
propulsion. Its use in the intervening years has been
confined principally to small high-speed pleasure craft
and work boat situations where high manoeuvrability is
required with perhaps a draught limitation. It is only in
recent years that the waterjet has been considered for
large high-speed craft and as a consequence the sizes
of the units increased considerably during the last few
years.

The reason for the comparatively infrequent use of the
waterjet in comparison to the screw propeller was that
the propeller was generally considered to be a simpler,
lighter and more efficient propulsor. However, the intro-
duction of more efficient pumps and the commercial
demand for higher-speed craft are the principal reasons
for their rapid growth.

As shown in Figure 2.12 the waterjet has three main
components: an inlet ducting, a pump and an out-
let or nozzle. This rather simplified diagram can be
enhanced as shown in Figure 16.1 which shows, albeit in
schematic form, a typical waterjet in rather more detail.
From the figure it is seen that the basic system comprises
an inlet duct which is faired into the hull in the most con-
venient way for the vessel concerned. From this inlet
duct the water then passes through the impeller, which
may take a variety of forms. Most usually this is a mixed
or axial flow device comprising a number of blades rang-
ing from four to eight. The next phase in the passage of
the water through the unit is normally to pass through a
stator ring which has the dual function of straightening
the flow and also acting as a support for the hub body.
The stator ring is likely to comprise some 7 to 13 blades
but it should be noted that not all designs exhibit this
feature. In some designs the nozzle is steerable and in
others deflector plates are used to control the direction
of the flow and hence impart steering forces to the ves-
sel through the change in direction of the momentum of
the waterjet. The last feature is the reversing bucket.

The ‘bucket’ is a mechanically or hydraulically actu-
ated device which can be lowered over the waterjet exit
so as to produce a retarding force on the vessel, again
through a change in momentum. In some designs the

Figure 16.1 Typical waterjet general arrangement

bucket is designed so that it can, as well as providing
a total braking capability, ‘spill’ part of the jet so that
a fine control can be exerted over the propulsion force
generated by the unit.

16.1 Basic principle of waterjet
propulsion

As a basis for considering the underlying principles
of waterjet propulsion reference should be made to
Figure 16.2, which shows an idealized waterjet system.
Based on this diagram, suppose that the water enters the
system with the velocity V1 and leaves with a different
velocity V2 by means of a nozzle of area A2. The mass
flow of the water through the waterjet is then given by

ṁ = ̺A2V2

where ̺ is the density of the water.
Hence, the increase in the rate of change of momen-

tum of the water passing through the waterjet is given
by ̺A2V2(V2 − V1). Since force is equal to the rate
of change of momentum, the thrust produced by the
system is

T = ̺A2V2(V2 − V1)

Figure 16.2 Idealized waterjet arrangement
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and the propulsion power PT is given by

PT = TVS = ṁVS(V2 − V1) (16.1)

where VS is the speed of the vessel.
Now in order to derive a useful expression for the

power required to drive the waterjet system it is neces-
sary to appeal to the general energy equation of fluid
mechanics and to apply this between the inlet and outlet
of the unit. Hence we can write for the system,

p1

̺g
+ V 2

1

2g
+ Hp = p2

̺g
+ V 2

2

2g
+ �h + hloss (16.2)

where HP is the head associated with the energy
supplied to the system (i.e. the pump
head);

�h is the difference in static head between
the inlet and outlet of the waterjet (i.e.
�h = h1 + h2);

hloss is the losses associated with the flow
through the system and also the pump
losses.

In the case of the difference in static head between
the inlet and outlet of the waterjet system it should be
noted that this will be a variable between start-up and
sailing conditions. This is particularly true for hydro-
foils which are propelled by waterjets, and of which
Figure 16.2 is particularly representative in the cruising
condition. With regard to the loss term, hloss, this is asso-
ciated with frictional and eddy shedding losses which
occur around bends in the ducting, in way of inlet gril-
lages and the various obstructions through the system
which may impede the flow during its passage through
the unit.

Returning now to equation (16.2) and for practical
purposes assuming that p2 is constant above the water
line since the altitudes involved and their effect on
ambient pressure are small, equation (16.2) can be
rewritten as

Hp = V 2
2 − V 2

1

2g
+ h2 + hloss (16.3)

since p1 = p2 + h1̺g.
Now the power transferred to the water by the pump

can be expressed in terms of energy per unit time
as ṁgHp, which from equation (16.3) leads to the
expression

Ppump = ṁ

[

1

2
(V 2

2 − V 2
1 ) + g(h2 + hloss)

]

(16.4)

Hence the equivalent open water efficiency of a waterjet
unit can be defined from equation (16.1) and (16.4) as
being the ratio of the thrust horsepower to the delivered
horsepower as follows:

ηo = Vs(V2 − V1)
[ 1

2 (V 2
2 − V 2

1 ) + g(h2 + hloss)
] (16.5)

The loss term hloss in equation (16.5) is the sum of two
independent losses; those defined as internal losses hD
and those relating to the pump head loss hp. Hence hloss
can be written as

hloss = hD + hp (16.6)

Now the internal losses are of course primarily depend-
ent on the waterjet configuration and comprise the
intake losses hDI, the diffuser head losses hDD and the
skin friction losses hDSF. Therefore,

hD = hDI + hDD + hDSF (16.7)

The intake losses are in themselves the sum of the losses
arising from the intake guard, the guide vanes and the
various bends. All of these losses are principally a func-
tion of the intake velocity V1 and can consequently be
expressed in the form

hDI = k
V 2

1

2g

The coefficient k , according to Reference 1, is the sum
of two other factors k1 and k2 which represent the losses
due to the guard and guide vanes and the losses due to
the bends respectively. Typically values for k1 and k2
are 0.10 and 0.015 respectively.

The diffuser head loss can be estimated from normal
hydraulic methods, from which an expression for hDD
can be obtained as

hDD = (1 − ηD)(1 − ε2)
V 2

1

2g

in which ηD is the diffuser efficiency of the order of 90
per cent in normal circumstances and ε is ratio of the
entrance and exit areas of the diffuser.

The final term in equation (16.7), hDSF, which defines
the skin friction losses can be estimated from calculating
the wetted surface areas of the intake, ducting, diffusers,
supporting struts and vanes and the nozzle in association
with their respective frictional coefficients.

If then the sum of the internal losses hD, as defined in
equation (16.7), is then represented in terms of a single
loss coefficient as follows:

hD = kD
(VS + �V )2

2g

where �V = (V2 − V1), and van Walree (Reference 1)
suggests that the value of kD would normally lie in the
range 0.04 < kD < 0.10.

The pump head loss term hp of equation (16.6) is
related solely to the pump configuration and its associ-
ated losses. This head loss can be expressed in terms of
the pump head H and the efficiency of the pump ηp as

hp = H

(

1 − ηp

ηp

)

and for a modern well-designed axial or mixed flow
pump the value of ηp should be of the order of 0.90.
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By analogy with propellers the pump efficiency can
be expressed as

ηp = φ

2π

ψ

KQ
(16.8)

where φ and ψ are the flow, energy transfer coefficients
defined by

φ = Q

ND3
ψ = gH

N 2D2

and KQ is the normal torque coefficient of propeller
technology.

Whilst the value of ηp is clearly higher for a water-
jet than a propeller, this is not the basis upon which
the comparison should be made. A proper comparison
can only be made in terms of the corresponding quasi-
propulsive coefficients which for the propeller include
the hull and relative rotative efficiency and for the water-
jet equation (16.5) together with the appropriate hull
coefficient embracing the effect of the waterjet.

In a waterjet propulsion system the hull and water-
jet mutually interfere with each other. The naked
hull resistance is modified due to a distortion of the
flow over the ship’s afterbody which at high speeds
may also introduce a change in trim, thus influenc-
ing the resistance characteristics further. Similarly, the
waterjet’s performance is altered by the distortions in
the hull flow because the vessel’s boundary layer is
ingested into the waterjet intake system and, there-
fore, differs from the normal free stream assumptions
of waterjet theory. To assist in addressing this problem
a parametric model for the description of the overall
powering behaviour of a waterjet–hull configuration
was developed by van Terwisga (Reference 12) which
permits the separate identification of the interaction
terms. Moreover, as part of this work an experimen-
tal procedure to determine these interaction effects was
validated.

Numerical methods, in particular computational fluid
dynamics, have now reached a state of development
where the flow characteristics in waterjet systems can
be determined at least in a qualitative manner but also
in some case quantitatively. Bulten in Reference 13 has
explored the flow through a waterjet using Reynolds
averaged Navier–Stokes codes in which the turbulence
modelling was done with the k–ε two equation model.
This approach was satisfactorily validated experimen-
tally for the flow through the inlet and mixed flow pump
regions. Moreover, within the investigation it was found
that the magnitude of the radial rotor–stator interaction
force depended on the flow rate through the pump under
uniform inflow conditions. However, when operating
with a non-uniform velocity field entering the pump an
additional mean component of radial force was found
to exist whose magnitude and direction are dependent
on both the flow rate and the level of non-uniformity in
the flow. This is considered to be due to the variation

in angle of attack during one revolution causing an
unbalanced torque on the impeller blades.

16.2 Impeller types

When designing a waterjet to perform a given duty, one
of the first problems encountered is to establish the most
appropriate type of pump for the intended duty. The
choice of pumps will lie between a centrifugal, mixed
flow, axial flow or an inducer. Figure 16.3 categorizes
the first three types of turbomachine whilst Figure 16.4
shows an inducer that has been laid out for inspection.

For a given hydraulic turbomachine there is a unique
relationship between the unit’s efficiency and the flow
coefficient assuming that both Reynolds and cavitation
effects are negligible: this is analogous to the propeller
efficiency curves. For a pump unit the efficiency ver-
sus flow coefficient curve will take the form shown in
Figure 16.5.

In addition, other performance coefficients can be
determined from dimensional analysis, and in this con-
text the energy transfer coefficient ψ is particularly
important. From Figure 16.5, it will be seen that as the
flow coefficient is increased, the efficiency tends to rise
and then reach a maximum value after which it will fall
off rapidly. The optimum efficiency point can be used
to identify a unique value of the flow coefficient.

Additionally a corresponding value of ψ can be
uniquely determined. In pump technology, it is
customary to define the specific speed Ns of a machine

Figure 16.3 Pump impeller types

Figure 16.4 Typical inducer design
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Figure 16.5 Typical pump efficiency characteristic

from the values of φ and ψ which correspond to the
maximum efficiency point as being

Ns = φ1/2

ψ3/4

∣

∣

∣

∣

ηmax

which reduces to

Ns = NQ1/2

(gH )3/4

or more typically in its dimensional form

Ns = NQ1/2

H 3/4
(16.9)

Because of the dependence of the specific speed on
the maximum efficiency point on the pump characteris-
tic curve, this parameter is of considerable importance
in selecting the type of turbomachine required for
the given duty. To change the maximum efficiency
point with respect to the flow coefficient, as shown
in Figure 16.5, requires that the pump geometry must
change; as a consequence the maximum efficiency
condition replaces the geometric similarity condition.
Furthermore, each of the different classes of machine
shown in Figures 16.3 and 16.4 have their optimum effi-
ciencies defined within a fairly narrow band of specific
speed. In general, the physical size of the impeller, for a
given duty defined by the flow and head required, varies
with specific speed. Hence the higher the specific speed
the more likely it is that an axial flow machine will be
specified which is smaller physically than its centrifugal
counterpart.

As a consequence, since high specific speed implies
a smaller machine it is desirable to select the highest
specific speed, consistent with good efficiency, for a
particular application.

Table 16.1 Typical specific speed ranges of various
pump types

Pump type Approximate N S (rad)

Centrifugal pump Below 1.2
Mixed flow pump 1.2–3.0
Axial flow pump 3.0–7.0
Inducers Above 7.0

The centrifugal pump exhibits low-flow–high-
pressure characteristics while the converse is generally
true for the axial flow machine. Table 16.1 indicates the
general ranges that the various pump classes suitable
for waterjet design would be expected to operate in.

Whilst the centrifugal and axial flow pumps were
the original types of machine used for waterjets the
mixed flow type, which is a derivative of the centrifugal
machine, rapidly established itself. This was because
it provided a smaller diameter unit than the centrifugal
pump and offered an easier conversion of pump head to
kinetic energy.

The machines shown in Figure 16.3 are well known
and their theoretical background is well defined in many
textbooks, for example References 2 and 3.

The inducer, Figure 16.4, was developed originally
in response to the need for large liquid fuel pumps for
rocket propulsion. From the figure it is seen that the
waterjet inducer in this case comprises four full blades in
the initial stage with a further four partial blades which
allow the suction stage to be shortened to some extent.
These large blades are then followed by a row of short
blades which produce about 60 per cent of the head rise
through the machine.

16.3 Manoeuvring aspects of
waterjets

The waterjet principle lends itself particularly well to
a propulsion system with integral steering capabilities.
The majority of waterjet units are fitted with either a
steerable nozzle or deflectors of one form or another
in order to provide a directional control of the jet. The
steering capability in each of these cases is produced
by the reaction to the change in momentum of the jet
(Figure 16.6(a)). The angle through which the jet can be
directed is of course a variable depending on the manu-
facturer’s particular design; however, it would generally
be expected to be of the order of ±30◦.

With regard to the stopping or retarding force cap-
abilities of waterjets, these are normally achieved with
the aid of a reversing bucket with the stopping force
being produced by change of momentum principles.
The reversing bucket design can be of the simple form
shown in Figure 16.1 or alternatively of a more sophis-
ticated form which allows a ‘spilling’ of the jet flow
in order to give a fine control to the braking forces
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Figure 16.6 (a) Principle of waterjet steering capability and (b) waterjet thrust control mechanism

(Figure 16.6(b)). With this latter type of system the
resultant thrust can also be continuously varied from
zero to maximum at any power setting for the prime
mover.

16.4 Waterjet component design

The literature on the design and analysis of waterjet
propulsion system is extensive. The references at the
end of this chapter give several examples from which
further works can be traced. This section, however, is not
so much concerned with the underlying mathematical
and theoretical engineering principles which were dealt
with in Section 16.1 but with the practical design aspects
of the various components.

In terms of a general design approach to the problem,
the fundamental parameter is the inlet velocity ratio,
IVR. This parameter is defined as

IVR = V1

Vs
(16.10)

where V1 is the water inlet velocity and Vs is the craft
velocity.

Table 16.2 Waterjet design matrix

IVR design/condition 1 2 3 4 5

Off-design condition 1 ∗ ∗ ∗ ∗ ∗
Off-design condition 2 ∗ ∗ ∗ ∗ ∗

.

.

.
.
.
.

.

.

.
.
.
.

.

.

.
.
.
.

Off-design condition N ∗ ∗ ∗ ∗ ∗

This parameter in effect controls the flow rate through
the waterjet together with the velocity ratio, the pump
head, the overall efficiency and in addition the inception
of cavitation at the intake lips.

The basic design procedure is to consider a range
of IVR values at the craft design speed from which a
pump design, delivered power and efficiency can be
calculated. Then for each of these pump designs the
off-design performance can be considered and again a
set of delivered powers, efficiencies and cavitation con-
ditions can be considered. From the resulting matrix of
values, Table 16.2, the designer can then select the most
suitable combination of results to suit the craft condi-
tions; typically the cruise and hump speeds. With this
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Figure 16.7 Outline waterjet calculation procedure

choice the designer can then move on to another iter-
ation of the above procedure if necessary or continue
on to the detailed design of the unit. In this case the
question then arises as to whether the waterjet should
have a variable area water intake in order to allow some
variation in the IVR. Depending on the answer, a further
iteration of Table 16.2 may be necessary. With regard
to the details of the calculation for a given IVR value,
this would take the form shown in Figure 16.7. In prac-
tical terms this outline design procedure can be used
to design a unique waterjet unit or, alternatively, to
select the closest model from a predefined range for a
particular duty.

With respect to the design of the various compon-
ents of the waterjet unit, several aspects, in addition to
strength, need to be taken into consideration. To detail
the most important of these, it is necessary to consider
each component separately.

16.4.1 Tunnel, inlet and supporting
structures

The inlet to the tunnel, in order to protect the various
internal waterjet components, is frequently fitted with
an inlet guard to prevent the ingress of large objects.
Clearly the smaller the mesh of the guard the better it
is at its job of protection; however, the design of the
guard must strike a balance between undue efficiency
loss due to flow restriction and viscous losses, the size
of the object allowed to pass and the guard’s susceptibil-
ity to clog with weed and other flow restricting matter.
Clearly for small tunnels a guard may be unnecessary
or indeed undesirable since a compromise between the
above constraints may prove unviable; for the large tun-
nels, this is not the case. In this latter event the strength
of guard needs careful attention since the flow velocities
can be high.

The profile of the tunnel needs to be designed so that
it will provide a smooth uptake of water over the range
of vessel operating trims, and therefore avoid any sig-
nificant separation of the flow or cavitation at the tunnel
intake.

In some waterjet applications, typically hydrofoil
applications where the water flow has to pass up the foil
legs, it is necessary to introduce guide vanes into the
tunnel in order to assist the water flow around bends in
the tunnel. The strength of these guide vanes needs care-
ful attention, both from steady and fluctuating sources,
and if they form an integral part of the bend by being,
for example, a cast component, then adequate root fillets
should be provided. The guide vanes need to be carefully
aligned to the flow and the leading and trailing edges of
the vanes should be faired so as not to cause undue sep-
aration or cavitation. Guide vanes where fitted also need
to be inspected for fracture or impending failure during
service. Therefore, some suitable means of inspec-
tion needs to be provided; this can be either directly
by visual inspection or indirectly through the use of a
boroscope.

Within the tunnel the dimensions are sometimes such
that the drive shaft for the pump needs support from
the tunnel walls. In such cases the supports, which
should normally number three arranged at 120◦ spa-
cing if there is danger of shaft lateral vibration, need
to be aligned to the flow and have an aerofoil section
to minimize flow disturbance of the incident flow into
the pump and also the probability of cavitation ero-
sion on the strut. The form and character of the wake
field immediately ahead of the impeller is generally
unknown. Some model tests have been undertaken in
the past (References 3 and 4) and an example is shown
in Figure 16.8. However, the aim should be to provide
the pump with as small a variation in the flow field as
possible in order to minimize the fluctuating blade load-
ing. This can be done only by scrupulous attention to
detail in the upstream tunnel design and the capabilities
of RANS codes can be helpful in this overall design
process.
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Figure 16.8 Typical wake survey of a waterjet inlet just
upstream of the pump impeller (Reproduced with
permission from Reference 5)

Integrity of the tunnel wall in intact and failure modes
of operation is essential. If the wall fails this can lead
to extensive flooding of the compartment in which
the waterjet is contained and hence have ship safety
implications. Hence there is a need for considerable
attention to detail, for example in adequately radiusing
any penetrations or flanged connections, and in terms
of producing an adequate stress analysis of the tunnel
both in the global and detailed senses. In addition to
considering the waterjet as an integral component, the
tunnel must be adequately supported, framed and fully
integrated into the hull structure, taking due account
of the different nature, response and interactions of
the various materials used; for example, GRP, steel,
aluminium, etc.

16.4.2 Impeller

The hydrodynamic design of the pump impeller fol-
lows the general line of Figure 16.7 and Table 16.2; the
detailed features and form of the impeller are defined
in this way. The detailed calculation of impeller com-
ponents in terms of their strength and integrity has to
be based on the maximum rated power of the machin-
ery. Hence the mean loads on the blading need to be
predicted on this basis, and from there the stress analy-
sis of the various components can be undertaken. One
method of undertaking this prediction is to use an adap-
tation of the cantilever beam technique described in
Chapter 19. However, it must be remembered that the
impeller blades, certainly for mixed flow pumps, axial
pumps and inducers, have in general a low aspect ratio,
and therefore cantilever beam analysis has an inherent
difficulty in coping with this situation. Due allowance
has therefore to be made for this in the eventual fatigue
analysis of the blades and in determining the appropri-
ate factor of safety. Some guidance can be obtained,
however, by undertaking finite element calculations on
certain classes of blade and from these determining the
likely level of inaccuracy in the cantilever beam result.
Alternatively, given the relative ease of finite element
computations this is a more satisfactory method of cal-
culating the stress distributions in the blades and hub
and should be used if possible.

Computational fluid dynamics RANS codes are cap-
able of estimating the likely flow velocity field in way
of the impeller station, however, in the absence of wake
field data a true estimate of the fluctuating stresses is
difficult to achieve in practice. A realistic estimate is
nevertheless required and this has to be based on a
consideration of the upstream obstructions and their
effect on flow into the impeller. Once this estimate
has been completed it can be used in association with
the mean stress and an estimate for the residual stress
(see Chapter 19) to undertake a fatigue evaluation of
the design using the Soderberg or modified Goodman
approaches.

The blades of the impeller must be provided with
adequate fillets at the root. Such fillets need to be
designed with care in order to provide the required
degree of stress relief; in this context the elliptical or
compound fillet design is to be preferred, although a
single radius will suffice, provided its radius is greater
than the blade thickness, but will not be so effective as
the compound design. In addition if, as in some designs,
the blades are bolted onto the pump hub, then extreme
attention to detail of the bolting arrangements and the
resulting stresses in the palms and hub body is required,
as this is a potential source of failure.

The blade section design of the impeller demands
considerable attention. Pump impellers work at high
rotational speeds, in comparison to the majority of
propellers; consequently, whilst their overall design
is based on acceptable cavitation and the control
of its harmful effects, lack of attention to detail
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can completely destroy this overall concept. As a
consequence in all but centrifugal pumps, the blades
require aerofoil forms to assist in controlling the cav-
itation properties of the pump. The blading can be
either of the cambered or non-cambered type accord-
ing to the head required to be developed by the pump.
Furthermore, adequate control must be exercised over
the manufacture of the blading in order to ensure that
the manufacturing accuracy of the blade profiles are
adequate for their proper cavitation performance.

The blade tip clearances need to be kept to a minimum
for hydrodynamic purposes to prevent undue losses.
However, this need must be balanced by the conflicting
need to provide adequate clearance to cater for any tran-
sient vibrational behaviour of the rotating mechanism,
axial shaft movement or differential thermal expansion
of different parts of the transmission system.

In order to guard against blade failure by vibration,
the natural frequency of the blading should be calculated
by a suitable means (see Chapter 21). The results of this
calculation then require to be shown to lie outside of the
primary operating ranges of the pump unit. In making
this calculation the appropriate allowance needs to be
made for the effects of the water on the blades rather than
simply undertaking a calculation based on the blades
being in air.

Since the pump impellers work at high speed there is
clearly a need for them to be balanced. In many cases,
where the resulting couple is likely to be small, it is
sufficient to limit the balancing operation to a statical
procedure conducted to an appropriate standard; typ-
ically the ISO standard. However, if it is considered that
the ‘out-of-balance’ couple is likely to be significant in
terms of the shafting system, then dynamic balancing
must be implemented.

Because of the nature of the pump impeller and its
inherent susceptibility to damage, provision needs to
be made for this component to be inspected during ser-
vice, preferably without dismantling the whole unit. In
the case of the impeller, it is clearly preferable that the
inspection is visual; however, if this is not practical for
whatever reason, then boroscope inspection will suf-
fice, but this will not be as satisfactory as provision for
a direct visual capability.

A fundamental starting requirement for a pump
impeller is that it should be self-priming. That is, it
should, when the vessel is at rest in the water, have suf-
ficient water to be able to start and effectively develop
the required head. If the self-priming condition can-
not be satisfied, then this is likely to involve a very
expensive priming capability which may have important
safety implications.

16.4.3 Stator blading

Not all waterjet units are designed with a stator blade
stage; however, where they are then the design has to
consider both the maximum continuous power-free run-
ning condition and also stopping manoeuvres, since

these will introduce a back pressure on to the unit. The
effects of steering manoeuvres generally produce less
severe conditions than stopping manoeuvres.

As with the impeller blading then much the same
principles apply to the blade design with regard to their
section form, loading and strength. However, in the case
of the stator blades a root fillet should be introduced at
both ends of the blade and the effects on the tunnel
strength of the reactive forces at the blade–tunnel inter-
action need to be considered. Furthermore, the natural
frequency of the stator blades needs to be shown to lie
outside of the range of anticipated rotor blade passing
and flow frequencies.

16.4.4 Nozzles, steering nozzles and
reversing buckets

The nozzle design and its fixing or actuating arrange-
ments, whether it be a steering nozzle or otherwise, need
to be designed in the full knowledge of the forces act-
ing on it during the various modes of operation of the
waterjet unit. In particular these relate to the pressure
distribution along the nozzle internal surface and also
the reactive forces produced by the rate of change of
momentum of the fluid in the case of a steering nozzle.

The design of the bucket and its supporting and
actuating mechanism have critical implications for the
vessel’s safety, as it is the only means of stopping the
craft quickly. As a consequence it regularly experiences
significant transient loading, and therefore requires a
careful assessment of its mechanical integrity. This,
however, is far from easy from direct calculation at
the present time and therefore a measure of design
experience based on previous installations is required
for a proposed new unit. Model tests can also assist;
however, questions of scaling and representation need
careful attention.

Since the bucket and also the nozzle are normally
exposed at the stern of the vessel the influence on these
components of external loadings must be considered.
These loadings would normally comprise those from the
impact of the sea in various weather conditions, the col-
lision from harbour walls and other vessels, and fouling
with buoys, etc. Consequently, care needs to be taken
either to ensure that the unit can withstand these interfer-
ences or, alternatively, that a suitable level of protection
is provided.
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Model tests and full-scale measurements are two
equally important sources of data for the study of ship
model correlation. Full-scale data, however, derive a
further particular importance in providing both a basis
for the demonstration of a ship’s contractual require-
ments and also in defining an experimental database
from which the solution to an in-service problems can be
developed. As a consequence the accuracy of the trials
data, in both of these cases, is of the utmost import-
ance and calls for precision in measurement, as far as
is realistic under sea trial conditions, and a consistency
of approach.

Full-scale trials on ships which relate specifically to
the propeller fall broadly into three classes. The first
relates to power absorption, the second to the measure-
ment of propeller-induced vibration and noise on the
vessel, while the third relates to the observation of cavi-
tation on the propeller and rudder. In addition, there are
several other specific measurements and trials that can
be conducted, but these normally are dealt with on an
ad hoc basis.

17.1 Power absorption measurements

Measurements to define the power absorption character-
istics of a vessel fall broadly into two categories. These
are a full-ship speed trial as would normally be con-
ducted for the demonstration of contractual conditions
and the less comprehensive power absorbed versus shaft
speed characteristic: this latter trial is, however, merely
a subset of the former. Whilst accepting the second
type of trial is a useful diagnostic tool its limitation
in preparing propeller design remedial action must be
recognized, since it ignores the ship speed component
of the design triumvirate of power, revolutions and ship
speed. As such, the discussion will centre of the former
type of trial.

A full-speed trial can be conducted either on a meas-
ured distance as specified on a maritime chart or by the
use of electronic navigational position of fixing systems.
With the exception of ship speed measurement process,
many of the measurement requirements are common to
both types of trial in order to obtain a valid result. The
basic requirements of these trials are as follows:

1. Measured distance trial area. The area selected for
the trial should not be one where the effects of tide
are large since this will introduce large corrections
into the trial analysis procedure. Furthermore, if the
direction of flow is oblique to the trial course, this
may lead to difficulty in course keeping in strong
tides leading to further errors in the measured speeds.

In addition to the requirement for reasonable tidal
activity, it is necessary to ensure that there is both
sufficient water depth at the intended time of the trial
and adequate space to conduct approach runs both
from geographical and marine traffic density con-
siderations. With regard to water depth a value of

3
√

BT or 2.75 V 2/g, whichever is greater, is recom-
mended by the ITTC (Reference 1). Similarly, the
length of the approach run to the start of the meas-
ured distance must be adequate to allow the vessel
to reach a uniform state of motion after the various
course changes that will occur between one run on
the measured distance and another. It is difficult to
specify these distances precisely, but for guidance
purposes a distance of 25 and 40 ship lengths have
been suggested (Reference 1) for a high-speed cargo
liner and a 65 000 to 100 000 dwt tanker, respectively.

2. Measured distance course. The measured distance
course should be of the standard form shown in
Figure 17.1. Where the measured distance is parallel
to a coastline the direction of the turn after complet-
ing the measured course should normally be away
from the coast in order to take advantage of any deep
water and also enhance navigational safety. Upon
completion of the measured distance, the angle of
turn in preparation for the return run should comprise
gradual rudder movements which should be limited
to around 15◦ in bringing the vessel back on to a
reciprocal course. More abrupt turning procedures,
such as the Williamson Turn which was designed
for life-saving purposes, are unacceptable since
they too greatly disturb the dynamic equilibrium of
the ship.

3. Vessel condition. The condition of the ship should
be checked prior to the trials to ensure that both the
hull and propeller are in a clean state. The inspec-
tion should in all cases be done in a dry dock and
only exceptionally by an in-water survey. The clean-
liness of the underwater surfaces should be checked
in this way as close to the trial date as possible but
not at a greater time interval than two weeks. This is
because considerable biological growth can occur in
a very short period of time given the correct condi-
tions of light, temperature and so on (see Chapter 24).
Where possible at the time of cleaning an observa-
tion and measurement of the topography of the hull
and propeller surfaces should take place.

4. Weather conditions. In order to avoid undue cor-
rections to the trial results the trials should be run
in sea states of preferably less than force 2 to 3
on the Beaufort scale and in low swell conditions.
This clearly cannot always be met in view of the
constraints on time and location.

5. Number of runs on the measured distance. The
number of runs should comprise at least four double
runs; that is, consecutive traverses of the measured
distance in each direction. The nominal power of
each of the double run and their total span is largely
dependent on the purpose for which the trial is being
conducted. However, it is suggested that at least two
double runs at full power should be considered.

6. Trial procedure. The trials should be under the
overall control of a ‘trials master’ on whom the
responsibility of the trial should rest. It is he who
should make certain that all those responsible for the
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Figure 17.1 Typical measured distance course

safe navigation and control of the vessel understand
clearly what is required at all times within the trial
period.

When a new power setting is required this should
be set immediately upon leaving the measured dis-
tance at the previous measurement condition. All
adjustments should then be completed prior to the
vessel turning in order to make a new approach to
the measured distance. Under no circumstances must
the engine or propeller pitch, in the case of a con-
trollable pitch propeller, then be altered until the
full set of double runs at that condition has been
completed. When the vessel is turning the propeller
revolutions will tend to decrease; this is perfectly
normal and these will recover themselves when the
vessel straightens course on the approach to the
measured distance. If the engine or propeller controls

are altered during a double run, for whatever reason,
then the results should be discarded and that part of
the trial recommenced.

The use of rudder adjustments to maintain course
on the measured distance should be kept to the
absolute minimum consistent with the prevailing
conditions. If this is not done it will introduce add-
itional resistance components to the vessel and may
invalidate the trial.

Prior to the trial commencing it is essential that
all instrumentation to be used is properly calibrated
and ‘zero values’ taken. A repeat set of ‘zeros’should
also be undertaken upon completion of the trial and
for some instrumentation it is desirable to take inter-
mediate ‘zero’ readings. If time is not allowed for
collecting this reference data then the value of the
measurement will be degraded; in some cases to the
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extent of calling the accuracy of the whole trial into
question.

7. Measurements required. In order to demonstrate
that the vessel has achieved a certain hydrodynamic
performance, or to provide data from which a solu-
tion to some propulsion problem can be generated, it
is necessary to measure an adequate set of data. This
data should comprise the following:

(a) Draught and trim,
(b) Ambient conditions,
(c) Ship motions,
(d) Machinery measurements,
(e) Ship speed and course.

(a) Draught and static trim. This should ideally be
measured both before and after the trials for all
vessels: in the case of small high-speed craft,
however, a ‘before’ and ‘after’ measurement is
an essential requirement. This measurement for
small vessels should be taken immediately prior
to and after finishing the measured distance runs,
since the fuel weight and, indeed, personnel
weight can often form a significant component of
the total craft weight. In addition, for small craft
not subject to survey during building, or in cases
of doubt, the draught marks should be checked
by a competent person; in a significant number
of cases, in the author’s experience, these marks
are found to be in error. In some cases there is
need to put temporary draught marks on to the
hull where none exist; this can easily be done in
most cases with some form of waterproof tape.

(b) Ambient conditions. These include measure-
ments of the prevailing weather and sea condi-
tions at the time of and during the trial. For the
atmospheric conditions these should include: air
temperature, wind speed and direction, atmos-
pheric pressure and both relative humidity and
visibility in order that the analyst of the trial
result might have a true picture of the trial
conditions. In the case of sea conditions, the
measurements need to include: sea temperature,
sea state, an estimate of the swell height and
direction. It is important to distinguish between
sea state and swell since the sea state largely
defines the local surface conditions, whereas the
swell defines the underlying perturbation which
may originate from a remote sea area. In most
cases, these observations are made by reference
to experienced personnel on board the vessel: for
example, the senior navigational officers. When
more detailed analysis is required, typically for
research purposes or difficult contractual situ-
ations, then wave buoys may be used for these
measurements.

It is the author’s practice, under normal cir-
cumstances, to require that ambient conditions
are recorded on either a half-hourly or hourly
basis, since for protracted trials the weather

in many areas can change significantly in a
comparatively short space of time.

(c) Ship motions. Some record should be kept of
the ship motions in terms of pitch and roll mag-
nitude and period during the trials; this record
should be kept on a ‘run by run’ basis. The nor-
mal ship’s equipment is usually sufficient for
this purpose. In addition, for craft which change
their trim considerably during high-speed runs,
the dynamic running trim should be recorded
by means of a suitable inclinometer placed in
the fore and aft direction on the vessel. The
instrument used for this purpose needs to have
a measure of damping inherent in it otherwise
it will be difficult to read during the trials due
to sea-induced transients occurring during the
trial runs.

(d) Machinery measurements. From the viewpoint
of the ship resistance and propulsion the princi-
pal measurements required are shaft horsepower,
propeller revolutions and propeller pitch in the
case of a controllable pitch propeller. Shaft axial
thrust, measured between the thrust block and
the propeller, is also an extremely useful, and
in some cases essential although notoriously dif-
ficult, measurement to record for trial analysis
purposes.

Naturally during a contractor’s or acceptance
trial many other engine measurements will be
taken that are of value in quantifying the machin-
ery performance. However, as a means of support
to the resistance and propulsion analysis addi-
tional data such as engine exhaust temperatures,
turbo-charger speeds, temperatures and pres-
sures, fuel rack setting, etc. should always be
obtained where possible.

(e) Ship speed and course. Clearly in any propul-
sion trial this is an essential ingredient in the
measurement programme; without this measure-
ment the trilogy of parameters necessary to
define propeller performance cannot be estab-
lished. It can be measured using a variety of
methods such as by the conventional measured
distance or by means of a position fixing naviga-
tion system. Coincident with the speed meas-
urement the course steered, together with any
deviations, should be noted by both magnetic and
gyrocompass instruments; the dates when these
instruments were last ‘swung’ or calibrated also
need to be ascertained.

17.1.1 Techniques of measurement

There are many techniques available for the measure-
ment of the various propulsion parameters; some of the
more common methods are outlined here for guidance
purposes:

(a) Propeller pitch angle. In the case of a controllable
pitch propeller the pitch should be read from the
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Oil Distribution (OD) box scale, or its equivalent,
and this value interpreted via a valid calibration into
blade pitch angle at the propeller. On no account
should a bridge or engine room consul indicator be
taken as any more than an approximate guide, unless
this has a proven calibration attached to it. This is
because zero and other adjustments are often made
to electrical dials during the life of the vessel and
blade pitch angle changes of the order of 1◦ make
significant alterations to the power absorbed. If pos-
sible, before the sea trial and when the ship is in
dry dock it is useful to check the OD box indicator
scale against the manufacturer’s angular markings
between the blade palms and the hub body.

(b) Propeller shaft power. Shaft power measurements
can be measured in one of two ways, these being
classified as either permanent or temporary for the
purposes of the trial. Permanent methods principally
involve the use of a torsion meter fitted to the vessel
in which a value of the torque being transmitted is
read either directly or in terms of a coefficient which
needs scaling by a calibration factor. Whilst such
instruments, in whatever state of calibration, are
frequently sufficient for measurements between one
power setting and the next, if they are intended for a
quantitative scientific measurement then their cali-
bration should be validated immediately prior to the
trial.

Temporary methods of measurement normally
involve strain gauge procedures. The most funda-
mental of these measurements is to place a four
strain gauge bridge as shown in Figure 17.2 (a) onto
the shaft. This bridge is activated by a battery pack or
power induction loop and the strain signals sent via a
radio telemetry transmitter to a stationary receiver.
Variants of this strain gauge bridge system are in
use; for example where the two halves of the Wheat-
stone bridge are placed diametrically on opposite
sides of the shaft. This can be very helpful in cases
where space is limited or the effects of shear in the
shaft are significant. The size of the strain gauges
does not need to be particularly small as beneficial
effects can accrue from the averaging of the strain
signal that takes place over the strain gauge length;
typically the gauge length is of the order of 5 mm
or so. Calibration of the system can be effected by
means of high-quality standard resistances shunted
across the arms of the bridge to simulate the tor-
sional strain in the shaft when under load. The reader
is referred to Reference 4 for a detailed account of
strain measurement techniques.

(c) Propeller revolutions. Most vessels are fitted with
shaft speed instruments and in general these are rea-
sonably accurate. Notwithstanding this generaliza-
tion, the calibration should always be checked prior
to a trial. When more specialized trials requiring
greater accuracy or where independence is needed
then inductive proximity or optical techniques may
be used. In ship vibration studies, Section 17.3, a

separate shaft speed measurement technique of this
type is considered essential for vibration order ref-
erence purposes. This is also true for some forms of
cavitation observation trials.

(d) Propeller thrust measurements. The measurement
of propeller thrust on a long-term basis is noto-
riously difficult to undertake from a measurement
reliability and stability point of view. Several tech-
niques exist for permanent installation; however, for
trial purposes the experimenter is well advised to
check the calibration of these measurements.

If a short-term installation is required, then a
strain gauge technique is probably the most reliable
at the present time and also the easiest to use. In
applying strain gauge techniques to marine propeller
thrust measurement, the problem is that the axial
strain on the vessel’s intermediate shaft is generally
of an order of magnitude less than the torsional shear
strain and this can lead to cross-interference prob-
lems if the measurement installation is not carefully
and accurately completed. A useful experimental
technique for axial strain measurement, and hence
thrust determination, is the Hylarides bridge, Fig-
ure 17.2(b). This bridge system has the benefit,
through its eight strain gauges, four of which have
a compensating function, of alleviating the worst
effects of the strain cross sensitivity. The strain sig-
nal is transmitted from the rotating shaft in much
the same way as for the torsional strain signals. An
alternative procedure to strain gauge methods is to
measure that thrust in terms of the axial deflection
of the intermediate shaft using a ring gauge coupled
with rods fitted parallel to the shaft (Reference 5).

Thrust measurement on trials are relatively infre-
quently recorded; however, the information that
these measurements provide completes the neces-
sary propulsion information required to undertake
a complete and rigorous propulsion factor analysis
of the vessel.

(e) Ship speed measurement. The traditional mea-
surement of ship speed requires the use of at least
three independent observers timing the vessel over
the measured distance with the aid of stop watches.
These stop watches need to be of high quality with
a measurement resolution of the order of one hun-
dredth of a second. On trials the observers should
be left to measure the time that the ship takes to
travel along the measured distance independently
and without any prompting from one of their num-
ber or, alternatively, from an independent observer
as to when the vessel is ‘on’or ‘off’ the mile. Indeed,
the author has found it advisable for observers to
be sufficiently far apart so that they do no hear,
and therefore become subject to influence by, the
activating clicks of each other’s stop watches.

The alternative form of speed measurement is to
use an electronic navigational position fixing system
in which a specified distance can be traversed and the
time recorded. When using this type of equipment,
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Figure 17.2 Measurement of thrust and torque by strain gauge methods: (a) measurement of shaft torque and
(b) Hylarides bridge for thrust measurement

however, it must be first ascertained that the system
is working correctly and is free of any interference
or astronomical aberration at the time of the trial.

The current day accuracy of GPS type systems
is very high and, therefore, the distance between
two way points can be quite accurately determined
and with the time similarly accurately recorded a

good speed estimate can be determined. This speed,
however, is the ship’s speed over the ground and
not that through the water which is the parame-
ter normally required for sea trial purposes. With
this type of trial the greatest source of error is
usually the vagaries of the sea or river currents
which can change significantly in terms of speed



374 Marine propellers and propulsion

and direction over a short distance. Consequently, a
strategy depending on the sea area in which the trial
is to be conducted has to be formulated before the
trial commences. This has to take into account the
length of run, which should not significantly exceed
that of classical measured distances; the direction
of the run with respect to the prevailing sea condi-
tions and the underlying swell; the timing of the trial
with respect to tidal activity; the number of runs
to be undertaken in order to minimize any errors,
including the need for double runs which in the
author’s opinion should always be undertaken to the
procedure previously discussed.

17.1.2 Methods of analysis

The machinery measurements are relatively easy to
analyse and the quantities derived from the measure-
ment are normally readily deduced; for example, KT
and KQ. In the case of the torque coefficient KQ it should
be remembered that it is normal to measure shaft power
and not delivered power. Hence an allowance for the
transmission efficiency needs to be made: typically this
will lie between 0.98 and unity for most vessels assum-
ing the measurement is made aft of any shaft-driven
auxiliaries. If this is not the case, then the appropriate
allowances will need to be made and based on the power
absorption of these auxiliaries.

Ship speed presents perhaps the greatest problem. If
the mean speed is taken between a consecutive pair of
runs on the measured distance this implicitly assumes
the tidal variation is linear. In many instances this is
reasonable provided the time between runs is short com-
pared to the prevailing tidal change. If more than a single
double run is made, then a mean of means can be taken,
as shown in the example illustrated in Table 17.1, where
each run was made at a regular time interval.

Table 17.1 Example of a mean of means analysis.

Time Measured Mean 1 Mean 2 Mean 3
speed (knots)

14:00 25.18
24.70

24.71
14:45 24.22

24.72 24.72
15:30 25.22 24.73

24.74

16:15 24.27
Mean ship speed = 24.72 knots

Table 17.1 shows what may be termed the standard
textbook way of performing the analysis. In practice,
however, regular time intervals between runs seldom,
if ever, occur. Notwithstanding this, it is still valid to
use a mean-value analysis between any two runs form-
ing a consecutive pair on a measured distance provided
that all parties to the trial analysis are happy with the

use of a linear approximation for the tide over the
time interval concerned. However, the trials analyst,
whatever method is used, is well advised to check the
tidal assumptions with the predictions for the sea area
in which the trial was carried out, both in terms of
magnitudes and tidal flows.

If a higher-order tidal model is felt desirable, then
several methods are available. It is most common, how-
ever, to use either a polynomial or sinusoidal approxi-
mation depending on the circumstances prevailing and,
of course, the analyst’s own preferences. In the poly-
nomial expression, the standard technique is to adopt a
quadratic approximation:

speed of tide vt = a0 + a1t + a2t2 (17.1)

where t is the time measured from the initial run on
the measured distances. This tidal speed is then used in
the analysis procedure by assuming the measured ship
speed Vm represents the ship speed Vs in the absence of
the tide plus the speed of the tide vt :

Vm = Vs + vt (17.2)

Hence by taking any set of four consecutive runs on the
measured distance, either at regular or irregular time
intervals, a set of four linear equations is formed from
equations (17.1) and (17.2):
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The difference in signs in equation (17.3) merely indi-
cates that the tide is either with or against the ship. If
equation (17.3) is applied to the example of Table 17.1,
then the resulting mean ship speed is given by the vector
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from which

Vs = 24.721 knots a0 = 0.4587 a1 = 0.08667

a2 = −0.03999

giving the equation of the tide as

Vt = 0.4587 + 0.08667t − 0.03999t2 knots

where t is measured in hours.
Such a tidal model is sufficient provided the meas-

urement is not conducted over a protracted period of
time. A quadratic function, being a second-order poly-
nomial, only has one turning point, and therefore cannot
adequately represent the periodic nature of the tide. Fig-
ure 17.3 illustrates this point, from which it can be seen
that the above tidal model cannot predict accurately the
tidal effect after about two hours from the start of the
trial described in Table 17.1. However, it would not
be the first time that the author has seen such a model,
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Figure 17.3 Comparison of tidal models

based on four such points as those in Table 17.1, used to
predict the tidal effect at a much later time and then use
this prediction to justify a trial speed! Such a second-
order representation will prove inadequate if the trial is
conducted over a period greater than about four or five
hours, even in the absence of extrapolation, due to the
form of the polynomial and the tide characteristics.

As a consequence of these problems one can either
use a higher-order polynomial, requiring rather more
double runs to be conducted on the measured distance,
or use a sinusoidal model of the general form

vt = a sin (ωt + φ) (17.4)

An equation of the form of equation (17.4) can, by
judicious construction of the coefficients, be made to

Figure 17.4 Measured bollard pull time history

approximate the true physics of the tidal motion. Fig-
ure 17.3, however, shows its use in its simplest form of
constant coefficients.

17.2 Bollard pull trials

In general the bollard pull trial is conducted to satisfy
a contractual requirement and, as such, would nor-
mally make use of the vessel’s own instrumentation
with the exception of a calibrated load cell which is
introduced into the vessel’s tethering line system. For
those cases where either the vessel’s instrumentation
fit is insufficient or where an independent certification
is required, temporary instrumentation would be fitted
and the relevant parts of the discussion of the previous
section would normally apply. Some authorities identify
three different definitions of bollard pull for certification
purposes. These are as follows:

1. Maximum bollard pull, which is the maximum aver-
age of the recorded tension in the towing wire over
a period of one minute at a suitable trial loca-
tion. As such this would normally correspond to the
maximum engine output.

2. Steady bollard pull, which is the continuously main-
tained tension in the towing wire which is achievable
over a period of five minutes at a suitable trial
location.

3. Effective bollard pull, which is the bollard pull that
the vessel can achieve in an open seaway. Since this
is not ascertainable in a normal trial location it is
normally characterized as a certain percentage of the
steady bollard pull. This fraction is frequently taken
as 78 per cent after making due allowance for the
weather conditions.

The general bollard pull characteristic of a vessel is
outlined in Figure 17.4. From the figure it is seen that
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there is a general rise in bollard pull in the initial stages
of the trial as the engine speed is increased. The pull
then remains sensibly constant for a period of time,
after which a decay is then frequently observed as water
recirculation through the propeller starts to build up.
A vibratory component of thrust superimposed on the
mean trend of the bollard pull normally occurs, having
cyclic variation which appears to relate to the rudder
movements required to keep the vessel on station. In
addition, higher-frequency thrust components, having
a period of around an order of magnitude less than those
rudder-induced variations, will also be observed which
correspond to the natural period of oscillation of the
vessel on the end of the cable.

17.2.1 Trial location and conditions

Bollard pull trials should be conducted at a location
which provides a sufficient extent of deep and unob-
structed water together with a suitable anchorage point
on the shore. The extent of water required is largely
governed by the recirculation effects into the propeller
and the attempt to try and minimize these as far a prac-
ticable. The reason for this concern is that at the bollard
pull condition the advance coefficient J = 0; however,
if water circulation, in either the vertical or horizontal
planes, becomes significant, then the effective value of
J increases and an inspection of any open water char-
acteristic curve will show that under these conditions
the value of the propeller thrust coefficient will fall off.
Each trial location should clearly be treated on its mer-
its with due regard to the vessel and its installed power.
The trial location should preferably be that shown in
Figure 17.5(a), which has clear water all around the ves-
sel: the alternative location indicated in Figure 17.5(b)
cannot be considered satisfactory since it encourages
recirculation. When undergoing bollard pull trials it is
normal for the vessel to ‘range around’ to a limited
extent: this requires consideration when determining
the trial location as does accommodating the emergency
situation of the vessel breaking free and the conse-
quent need for clear water ahead. For general guidance
purposes the following conditions should be sought in
attempting to achieve the best possible bollard pull trial
location:

1. The stern of the vessel should not be closer than two
ship lengths from the shore and in general the greater
this distance becomes the better.

2. The vessel should have at least one ship length of
water clear of the shore on each beam.

3. The water depth under the keel of the ship should
not be less than twice the draught at the stern with a
minimum depth of 10 m.

4. Current and tidal effects should ideally be zero, and
consequently a dock location is preferable from this
viewpoint. If these effects are unavoidable, then the
trial should be conducted at the ‘top of the tide’ with
an ambient water speed not exceeding 0.5 m/s.

Figure 17.5 Bollard pull trial location: (a) good location
for trial and (b) poor location for trial

5. The wind conditions should not exceed force three
or four and the sea or river should be calm with no
swell or waves.

17.2.2 Measurements required

The required measurement, in addition to the ambient
weather and sea conditions, are the bollard pull, the
engine power, propeller speed and the propeller pitch if
the ship is fitted with a controllable pitch propeller. In
addition, a record of the rudder movements and vessel
position with time should be kept as should the angle
of yaw of the vessel so that these measurements can be
synchronized with the recorded bollard pull signature.

In general the comments of Section 17.1 apply as far
as the measurement methods are concerned. The load
cell which could be either mechanically or electrically
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based must be calibrated and should form Part of the
tow line at the shore end of the tethering system. The
reason for locating the gauge at the shore end is that it is
generally easier to protect the gauge in this location and
it is not influenced by external effects such as friction on
the towing horse of a tug. Ideally, the trial results from
all of the various measurements should be continuously
and simultaneously measured against time which will
then enable them to be fully considered for analysis
purposes.

17.3 Propeller-induced hull surface
pressure measurements

The propeller-induced hull surface pressures are of
interest from the vibration that they induce on the ves-
sel. It is normal for these measurements to use pressure
transducers inserted flush into the hull surface at appro-
priate locations above the propeller. The signal from
these transducers is then recorded together with other
measured ship parameters, as desired, but in all cases in
association with propeller shaft speed and a reference
mark on the shaft; in some instances these are combined.
The pressure recorded by the transducer is the apparent
propeller-induced pressure p′(t), which is given by

p′(t) = pH(t) + pV(t) (17.5)

where pH(t) is the true propeller-induced pressure on
the hull surface and pV(t) is the hull-induced pressure
caused by its own vibration.

In order, therefore, to correct the measured result
for the pressure induced by the vibration of the hull, it
is necessary to measure the vibration of the hull sur-
face in the vicinity of the pressure transducer. From the
recorded vibration signals, the local motion of the hull
can be determined from which a first-order correction,
pV(t), can be determined on the basis of a vibrating
plate in an infinite medium. As such, the propeller-
induced pressures on the hull surface can be derived
from equation (17.5) by rewriting it as

pH(t) = p′(t) − pV(t) (17.5a)

While it is beneficial to have as many pressure trans-
ducers as possible distributed in a matrix over the hull
surface, above and in the vicinity of the propeller, in
order to be able to define the relative phases of the
pressure signature at the various locations and hence
estimate the total force transmitted to the hull, this
is seldom practicable in commercial trials. As a min-
imum requirement for sea trial purposes the number
of pressure transducers and their associated vibration
transducers should not fall below about five to seven.
A suitable distribution of the transducers, based around
a vertical measurement reference plane passing through
the mid-chord positions of the 0.8R blade sections and
in the case of a right-handed propeller when viewed
from above, is shown in Figure 17.6, in the case of
a left-handed propeller then the distribution would be

a mirror image of that shown. Figure 17.6 relates to
a ship with a conventional transom stern, however,
if the ship has a cruiser type stern which protrudes
well beyond the conventional location of a transom,
then it would be prudent to include further transduc-
ers well aft of the propeller station in order to capture
any untoward activity form the behaviour of the tip vor-
tex. Typically, transducers might be placed at distances
up to 2D aft from the propeller plane in-line with the
expected principal activity of the tip vortex. In this con-
text parameter D is the propeller diameter. With regard
to frequency response, for most situations pressure
transducers with a response of up to 5 kHz will be found
adequate.

17.4 Cavitation observations

The traditional approach to full-scale observation of
cavitation on propeller blades has developed from still
cameras and flash units linked to the shaft rotational
position through cine-cameras with stroboscopic light-
ing, high-speed cine-cameras to the present day use
of conventional video camcorders used with natural
daylight and fast shutter speeds. Stroboscopic tech-
niques have usually required the correct positioning of
the camera with respect to the lighting source, gener-
ally as orthogonal as possible, and operation at night
in order to achieve the correct photographic discrim-
ination. Where the water clarity is sufficient, then
sharp pictures can generally be achieved as seen in
Figure 17.7. Stroboscopic sources may also be used
with a trigger, normally placed on the intermediate
shaft, in order for the light source to be kept in phase
with the shaft at positions pre-defined for observa-
tion. This, in turn, implies that relatively long time
frames elapse between successive images, although it is
normally possible to observe the same blade on succes-
sive revolutions. Nevertheless, temporal changes in the
flow velocities do occur between successive revolutions
and this can complicate interpretation of the resulting
images.

Natural daylight is, however, preferable and this can
now be utilized due to improvements in video cam-
era technology, both in frame speed and the ability to
accommodate poorer lighting conditions. This enables
time-series recording of dynamic cavity events, rather
than ensemble averages. Moreover, the fact that the
trials are undertaken under daylight conditions makes
them far simpler to implement. With this type of obser-
vational photography there is a need to place a series
of windows in the ship’s hull in the appropriate pos-
itions to observe the phenomenological behaviour of
the cavitation. Figure 17.8 shows a drawing of such a
window and, clearly, the fitting process demands that
unless the ship can be ballasted sufficiently so as to
expose the area above the propeller, the ship is placed in
dry dock.
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Figure 17.6 A typical distribution of pressure transducers

Figure 17.7 Image taken with conventional observation
techniques

An alternative procedure which does not generally
require the ship to be dry-docked is to use a boroscope
system inserted onto small penetrations in the hull at
locations above the propeller location. This system of
propeller observation, pioneered by Fitzsimmons, only
requires a set of M20 tapped holes to be placed in the
hull and the majority of ships can be adequately bal-
lasted to reduce the static head on the outside of the hull
plating sufficiently to prevent a serious ingress of water
during fitting. Experience with the boroscope system
has been good and although the image reproduction is
not as good as that obtained from using the conventional
window-based system it is frequently sufficient for prac-
tical investigation purposes. Moreover, the system most
frequently uses the same penetrations used for pressure
transducers and swing prism boroscopes have the abil-
ity to be rotated through the full 360◦ which gives a
distinct viewing advantage over the conventional obser-
vation methods. This, therefore, enables good insights
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Figure 17.8 Typical hull window for cavitation observation

into the cavitating behaviour of rudders, A-brackets
and propellers, and gives the ability to discriminate
between the various cavitation types. Figure 17.9 shows
an example of the image quality obtained on a small
warship. The figure shows a view of a blade tip together
with two vortex structures on the suction side of the

Figure 17.9 Propeller and leading edge image from the boroscope system

blade: one emanating from the leading edge. Since their
introduction to cavitation observation trials, the pace
of development of digital video and boroscope optical
technology has been rapid. This has in turn permitted
the enhancement of image capture and the replace-
ment of the original low light cameras with selectable
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shutter speed by more powerful low light, high-speed
digital capabilities. The newer systems, which also uti-
lize lower-energy loss boroscope optics, are now able to
have a capability of between 200 and 1500 frames per
second. Moreover, simultaneously with the increase in
digital video technology has been the development of
software which permits the synchronization of time-
series data with the video images. Consequently, it
becomes possible to display measured hull surface pres-
sure or vibration data correctly phased with the video
recordings.
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The materials from which propellers are made today
can broadly be classed as members of the bronzes or
stainless steels. The once popular material of cast iron
has now virtually disappeared, even for the produc-
tion of spare propellers, in favour of the materials with
better mechanical and cavitation-resistant properties.
Figure 18.1 introduces the better-known materials that
have been in use for the manufacture of all types of pro-
pellers ranging from the large commercial vessels and
warships through to pleasure run-abouts and model test
propellers.

The relative popularity of the two principal materials
has changed over the years (Reference 1) in that in the
early 1960s the use of high-tensile brass accounted for
some 64 per cent of all of the propellers produced with
manganese–aluminium bronze and nickel–aluminium
bronze accounting for comparatively small proportions:
12 per cent and 19 per cent, respectively. However, it can
be seen that by the mid- to late 1980s nickel–aluminum
bronze has gained an almost complete dominance over
the other materials, accounting for some 82 per cent of
the propellers classed by Lloyd’s Register during that
period. This trend has continued to the present time.
High-tensile brass sometimes referred to as manganese
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Figure 18.1 Family of propeller materials

bronze, which in the early 1960s was the major material
of propeller manufacture, now only accounts for less
than 7 per cent of the propellers used, and manganese–
aluminium bronze below 8 per cent. The stainless steels
gained a comparatively popular usage in the period from
the mid-1960s through to the mid-1970s, but then pro-
gressively lost favour to the copper-based materials to
a point where today they appear to account for some 3
per cent of the materials used for propeller manufacture
and are most commonly applied to ice class propellers.

18.1 General properties of propeller
materials

Pure copper, which has a face-centred-cubic structure as
illustrated in Figure 18.2, has a good corrosion resist-
ance and is a particularly ductile material having an
elongation of around 60 per cent in its soft condi-
tion together with a tensile strength of the order of
215 N/mm2. Thus, when considered in terms of its
tensile strength properties it is a relatively weak mate-
rial in its pure form and since plastic deformation of
metallic crystals normally result from the slipping of
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close-packed planes over each other in the close-packed
directions, the high ductility of copper is explained on
the basis of its face-centred-cubic structure.

By combining copper with quantities of other mater-
ials to form a copper-based alloy the properties of the
resulting material can be designed to give an appropri-
ate blend of high ductility, good corrosion resistance
coupled with reasonable strength and stiffness char-
acteristics. One such alloy is the copper–zinc alloy
which contains up to about 45 per cent zinc, frequently
in association with small amounts of other elements.
Such copper–zinc alloys, where zinc has the close-
packed hexagonal structure, are collectively known as
the brasses and the phase diagram for these materials is

Figure 18.2 Face-centred-cubic structure of copper:
(a) cell unit and (b) arrangement of atoms on the (111)
close-packed plane

Figure 18.3 Phase diagram for: (a) copper–zinc and (b) copper–nickel alloy

shown in Figure 18.3(a). In their α phase, containing up
to about 37 per cent zinc, the brasses are noted princi-
pally for their high ductility which reaches a maximum
for a 30 per cent zinc composition. If higher levels of
zinc are used, in the region of 40 to 45 per cent, then
the resulting structure is seen from Figure 18.3(a) to be
of a duplex form. In the β′ phase, which exhibits an
ordered structure, the material is found to be hard and
brittle which is in contrast to the β phase which has a
disordered solid solution and which has a particularly
malleable characteristic. From the figure it is readily
seen that when a brass having a 40 per cent zinc com-
position is heated to around 700◦C, the alloy becomes
completely β in structure. A second important alloy
composition is the copper–nickel system whose phase
diagram is shown in Figure 18.3(b). Nickel, like cop-
per, is a face-centred-cubic structured element and has
similar atomic dimensions and chemical properties to
copper, and so these two elements from a substitutional
solid solution when combined in all proportions. The
resulting material is tough, ductile, reasonably strong
and has good corrosion resistance.

The properties required in a propeller material will
depend to a very large extent on the duty and service
conditions of the vessel to which the propeller is being
fitted. However, the most desirable set of properties
which it should possess are as follows:

1. High corrosion fatigue resistance in sea water.
2. High resistance to cavitation erosion.
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3. Good resistance to general corrosion.
4. High resistance to impingement attack and crevice

corrosion.
5. High strength to weight ratio.
6. Good repair characteristics including weldability and

freedom from subsequent cracking.
7. Good casting characteristics.

The majority of propellers are made by casting; how-
ever, cast metal is not homogeneous throughout and
the larger the casting the more the differences between
various parts of the casting are accentuated. The differ-
ences in properties are due to differences in the rates of
cooling in various parts of the casting; presuming that
the liquid metal is initially of uniform temperature and
composition. Clearly the rate of cooling of the metal
at a blade tip, which may be of the order of 15 mm in
thickness, will be very much faster than that at the boss
which may be 1000 mm thick for the same propeller.

In general, the faster the cooling rate the smaller the
crystal or grain size of the material will be. The slower
the cooling rate, the more nearly equilibrium conditions
will be reached; consequently, at the centre of the boss
of a large propeller the structure of the alloy tends to
approach the conditions defined by the phase diagram.
The difference in the microstructure, therefore, between
the metal in the blade tip and in the boss region can be
considerable depending upon the level of control exer-
cised and the type of alloy being cast. This difference
assumes a considerable importance in propeller tech-
nology because, for conventional low skew propellers,
the maximum stress in service is normally incurred in
thick sections of the casting at the blade root.

Apart from differences from thin to thick parts of
the same casting, there are also differences through
the section thickness. The difference in through-section
properties arises because the metal at the skin of the
casting is the first to freeze, since the metal here is
chilled by contact with the mould. Consequently, the
cooling rate is fast and hence the grain size of the mater-
ial is the smallest here. However, towards the centre of
the section there is a slower cooling rate and the metal at
this location is last to freeze. Therefore, because alloys
solidify over a range of temperatures, the actual com-
position can be expected to vary in the metal between

Figure 18.4 General macrostructure characteristics of a thick propeller section

that which is the first to freeze and that which is last
to freeze. Additionally, any material that is not in solu-
tion in the liquid state, such as slag or other impurities,
is pushed, while still liquid, towards the centre as the
dendrites of the solidifying metal grow from the sides.
Furthermore, in a casting which is not adequately fed by
liquid metal, there may not be sufficient metal to fill the
space in the centre of the casting and unsoundness due
to shrinkage will result. Consequently, the poorest prop-
erties can be expected near the centre of a thick casting.
Figure 18.4 shows the expected variation in grain size
through a propeller root section.

As a consequence of the differences in the through-
thickness and across-blade properties that can take place
in a propeller casting, it is reasonable to expect that the
through-thickness mechanical properties of the material
will also show a considerable variation. This is indeed
the case and care needs to be taken in selecting the loca-
tion, size and test requirements of material specimens in
order to gain representative mechanical properties for
use in design: these aspects are discussed more fully
in Section 18.4. In more general terms, however, the
stress–strain relationship for the bronze materials takes
the form of Figure 18.5(a). Since these materials, like
the stainless steels, do not possess a clearly defined
yield point as in the case of steel and, consequently, the
stress–strain curve is characterized in terms of 0.1 per
cent and 0.2 per cent proof stresses. The more important
mechanical characteristic, the fatigue resistance curve,
is shown in Figure 18.5(b). In the case of propeller
design it is important to consider data at least to 108

cycles, preferable more, if realistic mechanical prop-
erties are to be derived. For example, a ship having a
propeller rotating at 120 rpm and operating for 250 days
per year will accumulate on each blade 8.6 × 108 first-
order stress cycles over a twenty year life. It is, however,
instructive to consider the way in which cyclic fatigue
life builds up on a propeller blade: Table 18.1 demon-
strates this accumulation for the example cited above.

A moment’s consideration of Table 18.1 in relation to
Figure 18.5(b) gives a measure of support to the fatigue
failure ‘rule of thumb’ for propellers which implies that
‘If a propeller lasts more than two or three years, then
it is probably unlikely to suffer a fatigue failure from
normal service loadings causing the loss of a blade.’
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Figure 18.5 Mechanical characteristics of propeller materials: (a) stress–strain relationship and (b) fatigue resistance

Table 18.1 Build-up of first-order fatigue cycles on a blade of propeller

Time Ist hour 1st day 1st month 1st year 2nd year 10th year 20th year

Number of first-order 7.2 × 103 1.7 × 105 3.6 × 106 4.3 × 107 8.6 × 107 4.3 × 108 8.6 × 108

fatigue cycles

When considering the fatigue characteristics of a
material it is important to consider the relationship
shown in Figure 18.5 in relation to the amount of tensile
stress acting on the material in question. The effect of
tensile stress on the fatigue resistance of the bronzes
has been quite extensively investigated; for example
Webb et al. (Reference 2). From these studies it has been
shown that the effect of the tensile stress is considerable,
as shown in Figure 18.6.

The chemical composition of the metal is of import-
ance in determining the mechanical properties of the
material. Langham and Webb (Reference 3) show, for
example, how the effects of changes to the manganese
and aluminium contents of Cu–Mn–Al alloys influence
the mechanical strength of the material (Figure 18.7).

18.2 Specific properties of
propeller materials

The preceding discussion has considered in general
terms both the properties and influences on copper-
based materials starting from the nature of pure copper
and finishing with the basic characteristics of realis-
tic propeller alloys. From this basis, the discussion
now turns to an outline consideration of the specific
properties of the more common propeller materials

shown in Figure 18.1. For a more detailed review of
propeller materials, particularly from the metallurgical
viewpoint, the reader is referred to References 4 and 5
which have acted as a basis of the summary given in the
remainder of Section 18.2.

18.2.1 High-tensile brass

These alloys are frequently referred to as ‘manganese
bronze’; however, this is a misnomer, as they are essen-
tially alloys of copper and zinc, and as such are brasses
rather than bronzes. Furthermore, although a small
amount of manganese is usually present, this is not an
essential constituent of these alloys.

High-tensile brasses have the advantage of being able
to be melted very easily and cast without too much dif-
ficulty. Care, however, has to be exercised in melting
the alloy for the manufacture of very large propellers,
since any contamination with hydrogen gas leads to
an unsoundness in the propeller casting. The compo-
sition of these alloys varies considerably, but they are
essentially based on 60 per cent copper, 40 per cent
zinc brass together with additions of aluminium, tin,
iron, manganese and sometimes nickel. Aluminium is a
strengthening addition which also helps to improve the
corrosion resistance, and is generally present in propor-
tions of between 0.5 and 2 per cent; this component,
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however, is sometimes increased to around 3 per cent in
order to produce a stronger alloy. If tin is omitted from
the material, then the alloys corrode rapidly by the pro-
cess of dezincification so that the surface appearance of
the material remains unchanged except for some degree
of coppering.

The high-tensile brasses basically comprise two sep-
arate phases; however, when dezincification occurs,
the beta phase in the structure is initially replaced by
copper. Whilst dezincification can occur when in fast
flowing sea water, it most readily occurs under stagnant
conditions, particularly where there are crevices in the
material. To give reasonable resistance against this form
of attack a tin content of at least 0.2 per cent has to be
incorporated in the alloy and the higher the tin content
the greater the resistance against this type of corrosion.
High tin contents, however, lead to difficulties in pro-
peller casting and the alloys become more sensitive to
stress corrosion cracking. Tin contents, therefore, sel-
dom exceed 0.8 per cent and never exceed 1.5 per cent.

The properties obtained in castings are very depend-
ent upon the grain size, the maximum strength being
obtained with fine-grained material. Iron is an essential
constituent to produce grain refinement in the alloy and
is present, in the absence of high aluminium or nickel
contents, at levels of the order of 0.7 to 1.2 per cent. In
cases where the aluminium or nickel contents are high,

higher iron contents are necessary in order to achieve
the requisite degree of grain refinement; however, little
benefit is gained by increasing the iron content above
1.2 per cent. Manganese appears to have a generally
beneficial but non-critical influence on the alloy prop-
erties, and about one per cent is usually present in the
material. Nickel is not harmful, but at the same time
does not appear to introduce any worthwhile benefits
which could not be obtained more economically by an
increase in the aluminium content.

The copper and zinc contents are adjusted to
give the best balance of properties: these are obtained
when the microstructure of the alloy contains about 40
per cent of the softer more ductile alpha phase and 60
per cent of the harder, less ductile, beta phase. The
relative proportions of these two phases have a con-
trolling influence on the tensile properties and fatigue
strength of the alloy, as outlined previously. If the zinc
content is raised to too high a level, the alloy will
contain none of the alpha phase (Figure 18.3(a)) and
in that condition it will be very susceptible to stress
corrosion in sea water. Therefore, if a high-tensile
stress is continuously experienced in the material while
it is immersed in sea water, then spontaneous crack-
ing can occur. This susceptibility to stress corrosion
exists even when some of the alpha phase is present
in the alloy; however, sensitivity to stress corrosion
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Figure 18.7 Typical effect of chemical composition
on mechanical properties of a copper–manganese–
aluminium alloy

cracking is believed to decrease as the alpha content
is increased: an alpha content of 25 per cent is gen-
erally regarded as a minimum in a material used for
propeller manufacture. As in the case of the simple
Cu–Zn alloy discussed in Section 18.1 when the two-
phase alloy is heated, the alpha particles gradually
dissolve into the beta phase until, at temperatures of
the order of 550◦C, the alloy consists entirely of the
beta phase. If the metal is allowed to cool slowly to
room temperature, the alpha particles precipitate out
once more, and a structure similar to the original one is
recovered. Alternatively, if the cooling is rapid the alpha
phase does not precipitate fully, and with very fast cool-
ing, a completely beta structure can be retained down
to room temperature. Similar structures are frequently
produced in areas adjacent to welds where residual
internal stresses can be of a very high order, and this
combination of high residual stress and undesirable
microstructure, in terms of low alpha phase, has fre-
quently led to stress corrosion cracking in high-tensile
brass propellers. It is of the utmost importance, there-
fore, that welds in these materials be stress relieved by
heat treatment.

Stress relief can be effected by heating the material at
temperatures in the range of 350 to 550◦C as referenced
in Chapter 26, the higher temperatures allowing full
precipitation of the alpha phase. Residual stresses can

be reduced by localized heating of the surface of a
high-tensile brass propeller, and this should be effected
wherever possible.

High-tensile brass is an easy material to machine,
and can be bent or worked at any temperature. When it
is heated above 600◦C it consists entirely of the beta
phase and is quite soft and ductile, facilitating any
straightening repairs which may be necessary.

18.2.2 Aluminium bronzes

For discussion purposes it is possible to classify alu-
minium bronzes into three types:

1. Those containing more than 4 per cent of nickel and
very little manganese.

2. Those containing in excess of 8 per cent of
manganese.

3. Those containing very little nickel or manganese.

The majority of large aluminium bronze propellers
are manufactured using either the first of second types
of alloy, which are normally known by the names of
nickel–aluminium bronze, and manganese–aluminium
bronze, respectively. The latter of the three alloys has
low impact strength and poor corrosion resistance.

The first of the manganese–aluminium bronzes was
patented around 1950 and had a composition of some
12 per cent manganese, 8 per cent aluminium, 3 per
cent iron and 2 per cent nickel. These manganese and
aluminium contents were selected at that time to give
a phase structure comprising about a 60 to 70 per cent
alpha content. Whilst some alloys containing 6 to 9 per
cent of manganese have been used for propeller manu-
facture it is found that an increase in manganese content
above 10 per cent results in a general improvement in
mechanical properties. The presence of the manganese
at around a 6 to 10 per cent concentration inhibits a
decomposition of the beta phase into a brittle eutectoid
mixture containing a hard gamma phase which would
otherwise occur in heavy cast sections. Indeed some
alloys contain up to about 15 per cent manganese.

All manganese–aluminium alloys have similar
microstructures and, therefore, somewhat similar char-
acteristics. Their structures are similar to those of the
high-tensile brasses; however, the structure tends to be
finer and the proportion of the alpha phase is higher
with the manganese–aluminium bronzes. In keeping
with the high-tensile brasses they have no critical tem-
perature range in which they lose ductility, and are
susceptible, but less sensitive, to stress corrosion in
sea water in the presence of high internal stresses. This
lower sensitivity is probably due to their lower beta con-
tent. The same precautions as recommended for the
high-tensile brasses regarding stress relief after welding
should be applied, although the risk of cracking is less
in manganese–aluminium alloys if these precautions are
not taken.

The nickel–aluminium bronze alloys usually contain
some 9 to 9.5 per cent aluminium with nickel and iron
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contents each in excess of 4 per cent: this level of
nickel is required to obtain the best corrosion resis-
tance. In BS 1400-AB2, lead is normally permitted up
to a level of 0.05 per cent except where welding is to
be carried out, when it should be limited to a maximum
of 0.01 per cent. Manufacturers, however, can experi-
ence difficulty in maintaining the lead as low as 0.01
per cent, owing to its tramp persistence in secondary
metal. Although published work dealing with the effect
of lead on the weldability of nickel–aluminium bronze is
sparse, it is generally considered that its presence should
not be detrimental to weldability if maintained below
0.03 per cent.

The microstructure of nickel–aluminium bronze is
quite different from that of high-tensile brass. It com-
prises a matrix of the alpha phase in which are dis-
tributed small globules and plates of a hard constituent
which is frequently designated a kappa phase. At ambi-
ent temperature the alloy is tough and ductile but as the
temperature is raised it becomes less ductile and tough
with elongation values at about 400◦C that are only
about a quarter of those at room temperature. The duc-
tility is recovered, however, at higher temperatures and
bent propeller blades can be straightened at tempera-
tures in excess of 700◦C. At temperatures above 800◦C
nickel–aluminium bronze becomes quite malleable and
ductile, allowing repairs to be made with relative ease.

The nickel–aluminium bronzes have considerably
higher proof stress than the high-tensile brasses,
together with a somewhat higher impact strength. The
corrosion fatigue resistance in sea water is approxi-
mately double that of high-tensile brasses and this
allows the use of higher design stresses and hence
reduced section thicknesses of the propeller blades.
Nickel–aluminium bronze is also found to be more
resistant to cavitation erosion than high-tensile brass
by a factor of two or three, and it is also much more
resistant to the impingement type of corrosion, often
referred to as wastage, which removes metal from the
leading edges and the tips of propeller blades.

18.2.3 Stainless steels

There are two principal types of stainless steel that
have been used for propeller manufacture. These are
the 13 per cent chromium martensitic and the 18 per
cent chromium, 8 per cent nickel, 3 per cent molybde-
num austenitic stainless steel. The former is perhaps the
more widely used; however, its use has generally been
confined to small propellers and the component parts
of controllable pitch propellers. The main advantages
of austenitic stainless steel lie both in its toughness,
which enables it to withstand impact damage, and its
good repairability.

Both types of stainless steel have a good resistance
to impingement corrosion, but tend to suffer under
crevice corrosion conditions. Their resistance to corro-
sion fatigue in sea water, and also to cavitation erosion,
is generally lower than those of the aluminium bronzes.

In recent years, stainless steels with more than 20
per cent chromium and about 5 per cent nickel with
microstructures containing roughly equal proportions
of austenitic and ferrite phases have been designed
for propeller manufacture. These materials have better
resistance to corrosion fatigue in sea water than either
the martensitic or austenitic types.

Much work has been undertaken, particularly in
Japan, on the development of stainless steels for marine
propellers. In essence the main thrust of this develop-
ment work has been to make stainless steel more com-
petitive to nickel–aluminium bronze in terms of their
relative corrosion fatigue strength. Currently, many
stainless steels have a reduced allowable corrosion
fatigue strength when compared to nickel–aluminium
bronze of around 27 per cent (Reference 6); such a
reduction translates to an increased blade section, thick-
ness requirement of the order of 17 per cent for a
zero-raked propeller. Kawazoe et al. (Reference 7) dis-
cuss the development of a stainless steel and the results
of laboratory and full-scale trials on a number of vessels
of differing types. The chemical composition for this
stainless steel is nominally an 18 per cent chromium,
5 to 6 per cent nickel, 1 to 2 per cent molybdenum with
manganese less than 3 per cent and cobalt and silicon
less than 1.5 per cent. Indications are that this mate-
rial, based on Wöhler rotating beam tests, can develop
a fatigue strength of the order of 255 N/mm2 at 108

reversals.

18.2.4 Cast iron

Ordinary flake graphite cast iron has in the past been
used mainly for spare propellers that are carried on
board a ship for emergency purposes. This material has
a very poor resistance to corrosion, particularly of the
impingement type, and the life of a cast iron propeller
must be regarded as potentially very short. Because the
resistance to corrosion is adversely affected by removal
of the cast skin, it is not normal to grind the blades to
close dimensional control and this, together with the
fact that much heavier section thicknesses are required
for strength purposes, makes the propeller far less effi-
cient. Cast iron is of course brittle, and this renders it
susceptible to breakage on impact with an underwater
object; only very minor repairs can be affected.

The enhanced ductility of spheroidal graphite cast
iron compared with grey iron makes it a more attractive
material for propeller usage. It is, however, subject to
rapid corrosion and erosion and the use of heavy section
thicknesses is still necessary.

Austenitic nodular cast iron has been used for the
manufacture of small propellers. It contains 20 to 22
per cent nickel and 2.5 per cent chromium and the
microstructure has an austenitic matrix with graphite in
spheroidal form. Its resistance to impingement attack
and corrosion approaches that of high-tensile brass, but
its impact strength and resistance to cavitation erosion
are somewhat lower.



390 Marine propellers and propulsion

18.2.5 Cast steel

Low alloy and plain carbon cast steels are occasionally
used for the manufacture of spare propellers. The tensile
properties are reasonable; however, the resistance to
corrosion and erosion in sea water is much inferior to
that of the copper-based alloys. Cathodic protection is
essential when using this material for propellers.x

18.2.6 Carbon-based composites

In recent years carbon-based composites as a propeller
material have made an entry into the commercial craft
and yacht market although they have been used in spe-
cialized naval vehicles for some years. Apart from
useful acoustic properties for such propellers there is
a further advantage in their lightweight when compared
to conventional propeller materials.

There is a distinction between carbon and graphite.
While graphite is composed of the carbon element,
the term graphite should only be applied to those car-
bons with a perfect hexagonal structure. This ideal
is, however, rarely achieved in manufacturing practice
and manufactured graphite tends to be a heterogeneous
agglomeration of near perfect crystallites intermin-
gled with less well-ordered areas. Nevertheless the
term graphite has become reasonably well accepted
as embracing carbons which approach a near perfect
crystal structure. Graphite, however, has one serious
drawback in that it is mechanically weak: typically the
tensile strength of high-grade polycrystalline graphite
at room temperature is of the order of 35 MPa compared
with 670 MPa for nickel–aluminium bronze.

To understand the properties of carbon in a solid form
appeal has to be made to hexagonal crystal structure of
graphite. The atoms are arranged in planar basal layers
and within each of the layers the atoms are hexagonally
close packed with an interatomic distance of 0.14 nm.
They are covalently bonded with sp2 hybridization and
the bond strength is 522 kJ/mol. Between the basal
layers there are van derWaal bonds which have strengths

Table 18.2 Typical comparative material properties

Material Modulus of 0.15% proof Tensile Brinell Specific Elongation
elasticity stress strength hardness gravity (%)

(kgf/cm2) (kgf/mm2) (kgf/mm2) number

Copper-based alloys High-tensile brass 1.05 × 106 19 45–60 120–165 8.25 28
High-manganese alloys 1.20 × 106 30 66–72 160–210 7.45 27
Nickel–aluminium alloys 1.25 × 106 27.5 66–71 160–190 7.6 25

Stainless steels 13% chromium 2.0 × 106 45.5 69.5 220 7.7 20
Austenitic 1.9 × 106 17 50.5 130 7.9 50
Ferritic–austenitic 1.8 × 106 55 80 260 7.9 18

Cast iron Grey cast iron 1.1 × 106 — 23.5 200 7.2 —
Austenitic SG 1.1 × 106 — 44 150 7.3 25

Polymers Nylon 0.008 × 106 1.1 4.7 — — 35
Fibreglass 0.14 × 106 — 20 — — 1.5

of only 17 kJ/mol and these arise from delocalized
electrons. The layers are separated by a distance of
0.3354 nm but due to alternate layers being in the atomic
register the repeat unit distance is double this distance.
Clearly such a structure gives rise to a highly anisotropic
behaviour of the crystal. For example, the modulus of
elasticity in the basal plane is 1050 GPa while that in the
orthogonal plane is 35 GPa. Such behaviour therefore
has a profound influence on the design of the fibre and
matrix composition of the material.

Carbon fibres with diameter of the order of 5 to 10 µm
are not handled singly in the manufacture of propeller
blades. The manufacturers of carbon fibres normally
supply the fibres in bundles, termed tows, and these
might contain somewhere between 1000 and 12 000
individual fibres. In the case of untwisted tows these can
be spread out to generate a unidirectional tape, alterna-
tively in order to maintain the coherence of the tow it
can be twisted. The tows can then be woven into a num-
ber of different weave patterns, some typical of those
seen in the textile industry while others may be linear
tapes or interwoven into chevron patterns.

18.3 Mechanical properties

The form of the general stress–strain curve for the
copper-based alloys and the stainless steels was shown
in Figure 18.5(a). Table 18.2 shows typical compara-
tive properties of the more common materials used for
propeller manufacture as determined by separately cast
test pieces.

These properties are important from the general stress
analysis viewpoint and especially in the cases where
numerical analysis capabilities are used to determine
the stresses in a blade. In determining the allowable
stress, however, it is the fatigue properties that are of
most importance for ahead operation. In Table 18.1 it
was shown that 109 cycles can be attained in a mat-
ter of twenty years or so for, say, a large bulk carrier,
and correspondingly sooner for many smaller vessels.
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However, if fatigue tests on these materials were car-
ried out to this number of cycles and over a sufficiently
large number of specimens for the results to become
meaningful, the necessary design data would take an
inordinately long time to collect. Consequently, it is
more usual to conduct tests up to 108 reversals, and
although it can be argued that this data tends to be sus-
pect when extrapolated to 109 cycles, the criteria of
assessment are normally based on the lower figure for
marine propellers.

Throughout the development of propeller materials
many tests using the Wöhler fatigue testing procedure
have been made for the various materials. However,
these tests have several limitations in this context since
they do not readily permit the superimposition of mean
loads on the specimen and the stress gradients across the
test specimen tend to be large. For these reasons, and
furthermore, since the exposed areas of the test piece
tend to be small, the results from these tests are used
primarily for qualitative analysis purposes. In order to
overcome these difficulties and, thereby, provide quan-
titative fatigue data for use in propeller design, fatigue
testing machines such as the one shown by Figure 18.8
have been designed. Machines of this type are usually
able to test material specimens of the order of 75 mm
in diameter and in addition to applying a fluctuating

Figure 18.8 Corrosion fatigue testing machine for
propeller materials

component of stress, a mean stress can also be super-
imposed by using hollow specimens, thereby permitting
pre-stressing by means of a suitable linkage. In order to
simulate the corrosive environment a 3 per cent sodium
chloride solution is normally sprayed onto the speci-
men in the majority of cases. The use of this solution
to simulate sea water is generally considered preferable
for testing purposes, since the properties of sea water
are found to vary considerably with time, and unless the
sea water is continuously replaced, it decays to such an
extent that it becomes unrepresentative of itself.

Testing machines of the type shown in Figure 18.8
have been used extensively in order to examine the
behaviour of various propeller materials. Figure 18.6,
by way of demonstration of these researches, shows the
comparative behaviour of three copper alloys based on
a fatigue life of 108 cycles as determined by the authors
of Reference 2. From these test results the superior
corrosion fatigue properties of the nickel–aluminium
bronzes become evident. However, in establishing these
results care is necessary in controlling the solidification
and cooling rates of the test specimens after pouring
in order that they can correctly simulate castings of a
significantly greater weight. In the case of Figure 18.6
a simulation of a casting weight of around four tonnes
was attempted.

Casting size has long been known to affect the mater-
ial properties as witnessed by the sometimes significant
differences between test bar results and the mechani-
cal properties of the blade when destructively tested.
For these reasons controllable pitch propeller blades are
generally believed to have superior mechanical proper-
ties to monoblock propellers of an equivalent size. Many
attempts have been made to correlate this effect by using
a variety of parameters. Webb et al. (Reference 2) from
their researches some years ago suggested a relationship
based on blade weight referred to a base casting weight
of ten tonne. The relationship proposed is as follows:

σw = σ10

(

0.70 + 30

w + 90

)

(18.1)

where σw is the estimated fatigue strength at zero mean
stress of a propeller weighing w tonnes in relation to
that for a ten tonne propeller, σ10. Values of σ10 for
high-tensile brass, manganese–aluminium bronze and
nickel–aluminium bronze were proposed as being 6.8,
9.2 and 11.8 kgf/mm2, respectively.

The approach by Meyne and Rauch (Reference 8), in
which tensile strength and proof stress are plotted to a
base of propeller weight divided by the product of blade
number and the area of one blade, gives encouraging
results. This approach, which is effectively defining a
pseudo-blade thickness correlation parameter, takes the
analysis procedure a stage further than simpler methods
using blade weight alone. The correlation of elongation
with casting size is, however, still far from resolved.

Later work by Wenschot (Reference 9) in exam-
ining some hundred or so nickel–aluminium bronze
propellers undertook mechanical and corrosion fatigue
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studies on material taken from the thickest parts of
propeller castings. From the various castings included
in this study, section thicknesses varied from 25 to
450 mm and the analysis resulted in a relationship
between cast section thickness and fluctuating stress
amplitude for zero mean stress of the form

σa = 160.5 − 24.4 log(t) (18.2)

where the cast section thickness (t) is measured in mm
and the corrosion fatigue strength in sea water (σa) is
based on 108 reversals.

18.4 Test procedures

Because of the variations of properties within one cast-
ing it is practically impossible to cast a test bar, or test
bars, which will represent the properties of the material
in all parts of a casting. The best that can be done is
to cast a number of test bars in separate moulds using
the same molten metal as for the casting. The mould
for the test bar should be correctly designed so that the
part from which test pieces are to be cut is properly
fed to obtain sound metal. In other words, the test bar
represents the properties of the metal which is being
cast and not the properties of the test bar casting itself.
Test bars or coupons which are cast in an integral way
with the casting may give an indication of the properties
in the casting near to the position of the test bar pro-
vided the section thickness is the same. However, there
is always the danger with cast-on bars that they are not
properly fed and their properties may be inferior to those
of the adjacent metal. Alternatively, there may be over-
riding requirements, such as the assurance that a test bar
is cast from the same metal it is supposed to represent,
that insist that it should be integral with the casting.

The usual form of test bar of propeller alloys is the
keel bar casting having a circular cross-section of diam-
eter 25 mm and a feeder head along its full length. From
such a bar it is not possible to machine a tensile test
piece with a parallel portion much more than 15 mm in
diameter, and clearly a test piece of this type will not
represent the properties of the thick sections of a large
propeller. It is nevertheless quite satisfactory for sorting
out a poor cast of metal from a number of casts. When
examining the microstructure of high-tensile brass, the
test specimen should be cut from the test bar to ensure
that it has been cooled at a standard rate for comparison
of the amount of alpha and beta phases present.

Most fatigue testing is carried out on rotating beam
Wöhler machines, using a round specimen held in a
chuck with a load applied in bending as a cantilever.
In this way a complete reversal of the stress is applied
to the specimen with each revolution of the test piece.
Other types of fatigue tests employ rectangular spe-
cimens with the load applied in the plane of bending
and others apply the fluctuating stress axially in tension
and compression by a pulsating load. For testing in air
using rotating beam machines, the specimen is usually

about 10 to 15 mm is diameter and good reproducibility
of results is obtained for most wrought materials with
this method. When cast materials are to be tested the
results show more scatter, but still give an indication of
the fatigue limit which can be expected on a comparative
basis. Clearly, the larger the test piece of a cast material
is, the more useful the results will be in representing the
fatigue properties of large castings.

The evaluation of the resistance of a material to a fluc-
tuating stress in a corrosive environment is a much more
difficult proposition: since the conditions involve corro-
sion, short-time tests are of little value. Because there
is no stress, however low, which will not induce fail-
ure if the corrosive conditions are maintained for long
enough, the longer the time of the test the better. Clearly
some time limit must be resolved before testing starts
and for this purpose a year is a good criterion; however,
from the practical consideration of getting results for
design purposes shorter periods must be permitted.

As the corrosion fatigue test relies on the stress and
corrosion acting together, account must be taken of the
fact that the stress acts through the material whereas
corrosion acts on the surface area. The ratio of the area
of the cross-section of the test piece to its diameter is
therefore important, and the smaller the diameter of the
specimen, the greater will be the effect of the corrosion
parameter while maintaining a constant stress on the
specimen.

Since rotating beam fatigue tests in air use a speci-
men of about 10 mm in diameter, this size has frequently
been pursued for corrosion fatigue testing. Work in
Japan has, however, shown a 30 per cent reduction in
corrosion fatigue resistance when the specimen size was
increased from 25 to 250 mm diameter. This work was
carried out over a short-time frame, and is therefore not
a realistic appraisal of corrosion fatigue resistance, but
does show the effect of specimen size on the fatigue
resistance of cast copper alloys.

When large specimens are used, the contact with
the environment becomes difficult to arrange with a
rotating specimen and machines have been devised (Fig-
ure 18.8); to apply reversed bending on a static specimen
by a rotating out-of-balance load through counter-
weights attached to the specimen. Such machines can
test specimens of 76 mm in diameter exposing about
225 cm2 to the corrosive medium. It is also recognized
that a copper alloy propeller as cast contains significant
internal stresses. In corrosion fatigue testing, therefore,
it is useful to be able to apply a mean stress to the test
piece so that a fluctuating stress can be superimposed
on it. The large 76 mm specimens referred to above are
made hollow and a screwed insert within enables a ten-
sile stress of known magnitude to be applied during the
cyclic fatigue test. Failures in these tests have fractures
very similar to those on propellers in service which have
failed.

It will be appreciated that with all the variables con-
tingent on corrosion fatigue testing, the test results on
a particular material can have a great deal of scatter,
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Figure 18.9 Typical scatter of corrosion fatigue tests on a
nickel–aluminium bronze alloy

as shown in Figure 18.9. Each spot on the figure is the
result of the failure of a nickel–aluminium bronze test
bar, all cast to the same specification, and the scatter is
not unusual for such tests on cast material. Apart from
the difficulty of choosing the best curve through the val-
ues plotted, any attempt to extrapolate the curve beyond
2 × 108 reversals in such a case is very unwise.

References and further reading

1. Carlton, J.S. Propeller service experience. 7th Lips
Symposium, 1989.

2. Webb, A.W.O., Eames, C.F.W., Tuffrey, A. Fac-
tors affecting design stresses in marine propellers.
Propellers ’75 Symposium, Trans. SNAME, 1975.

3. Langham, M.A., Webb, A.W.O. The new high
strength copper–manganese–aluminium alloys –
their development, properties and applications.
Proc. Int. Foundry Congress, Detroit, 1962.

4. Webb, A.W.O. High Strength Propeller Alloys.
SMM Technical Paper No. 5, May 1965.

5. Webb, A.W.O., Capper, H. Propellers. Marine
Materials, 1980.

6. Rules and Regulations for the Classification of
Ships. Part 5, Chapter 7. Lloyd’s Register, January
1991.

7. Kawazoe, T., Matsuo, S., Sasajima, T., Daikoku, T.,
Nishikido, S. Development of Mitsubishi corrosion
resistance steel (MCRS) for marine propeller. 4th
Int. Symp. on Mar. Eng., Trans. MESJ, 1990.

8. Meyne, K.J., Rauch, O. Some results of propeller
material investigations. Propellers ’78 Symposium,
Trans. SNAME, 1978.

9. Wenschot, P. The properties of Ni–Al bronze sand
cast ship propellers in relation to section thickness.
JSP, 34, June 1987.



This page intentionally left blank 



19 Propeller blade
strength

Contents

19.1 Cantilever beam method
19.2 Numerical blade stress computational methods
19.3 Detailed strength design considerations
19.4 Propeller backing stresses
19.5 Blade root fillet design
19.6 Residual blade stresses
19.7 Allowable design stresses
19.8 Full-scale blade strain measurement



This page intentionally left blank 



Propeller blade strength 397

The techniques of propeller stressing have remained
in essence unchanged throughout the development of
screw propulsion until the early 1970s. Traditionally
the cantilever beam method has been the instrument of
stress calculation and today forms the cornerstone of
commercial propeller stressing practice. This method
was originally proposed by Admiral Taylor in the early
years of the last century and since that time a steady
development of the method can be traced (References
1 to 7). Currently several expositions of this method
have been made in the technical literature, all of which,
although developing the same basic theme, have dif-
fering degrees of superficial emphasis. The version
published by Sinclair (Reference 8), based on the earlier
work of Burrill (Reference 5), is typical of the methods
in current use today.

19.1 Cantilever beam method

The cantilever beam method relies on being able to
represent the radial distribution of thrust and torque
force loading, as shown in Figure 19.1, by equiva-
lent loads, FT and FQ, at the centre of action of these
distributions. Having accepted this transformation, the
method proceeds to evaluate the stress at the point of
maximum thickness on a reference blade section by
means of estimating each of the components in the
equation

σ = σT + σQ + σCBM + σCF + σ⊥ (19.1)

where σT is the stress component due to thrust
action
σQ is the stress component due to torque
action
σCBM is the stress component due to
centrifugal bending
σCF is the stress component due to direct
centrifugal force
σ⊥ is the stress component due to out of
plane stress components.

Using the definitions of Figure 19.1 the bending
moment due to hydrodynamic action (MH) on a helical
section of radius (r0) is given by

MH = FTa cos θ + FQb sin θ

in which FT and FQ are the integrated means of the
thrust and torque force distributions and a and b define
their respective centres of action.

The mechanical loadings on a particular section of
a propeller blade are a function of the mass of the
blade outboard of the section considered and the rela-
tive position of its centre of gravity with respect to the
neutral axis of the section being stressed. Hence, a sys-
tem of forces and moments is produced, which can be
approximated, for all practical purposes in conventional
non-skewed propeller forms, to a direct centrifugal
loading together with a centrifugal bending moment
acting about the plane of minimum section inertia. In

the case of conventional propeller designs the centrifu-
gal loadings can be readily calculated as indicated by
Figure 19.2, and in general it will be found that they
give rise to much smaller stresses than do their hydro-
dynamic counterparts; the exception to this is the case
of small high-speed propellers.

The total bending moment (M ) acting on the blade
section due to the combined effects of hydrodynamic
and centrifugal action is therefore given by

M = MH + MC (19.2)

the centrifugal component (MC), being the product
of the centrifugal force by that part of the blade beyond
the stress radius at which the stress is being calculated
and the distance perpendicular to the neutral axis of the
line of this force vector.

Hence from equations (19.1) and (19.2) the max-
imum tensile stress exerted by the blade on the section
under consideration is given by

σ = M

Z
+ FC

A
(19.3)

where FC is the centrifugal force exerted by the blade
on the section. The term M /Z embraces the first three
terms of equation (19.1), the term FC/A is the fourth
term of equation (19.1), whilst the final term σ⊥ is
considered negligible for most practical purposes. The
calculation of the section area and modulus are read-
ily undertaken from the information contained on the
propeller drawing. The procedure, in its most funda-
mental form, being basically to plot the helical section
profile according to the information on the propeller
drawing, and then, if undertaking the calculation by
hand, to divide the section chord into ten equally spaced
intervals, see Chapter 11. The appropriate values of the
local section thickness (t) and the pressure face ordinate
(yp) can then be interpolated and integrated numerically
according to the following formulae:

A =
∫ C

0
t dc (19.4)

and for the section tensile modulus

Zm =
2

∫ C

0
[3yp(yp + t) + t2]t dc ·

∫ C

0
t dc

3

∫ C

0
(2yp + t)t dc

− · · ·

− 1

2

∫ C

0
(2yp + t)t dc (19.5)

It will be noted that the final form of the blade stress
equation (19.3) ignores the components of stress result-
ing from bending in planes other than about the plane
of minimum inertia. This simplification has been shown
to be valid for all practical non-highly skewed propeller
blade forms, and therefore is almost universally used by
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Figure 19.1 Basis of the cantilever beam method of blade stressing

the propeller industry for conventional propeller blade
stressing purposes.

Clearly the cantilever beam method provides a simple
and readily applicable method of estimating the max-
imum tensile, or alternatively maximum compressive
stress on any given blade section. In order to illustrate
the details of this method, a worked example appears
in Table 19.1. This example considers the evaluation
of the mean value of the maximum tensile stress at
the 0.25R section of a propeller blade and it can be
seen that the calculation is conveniently divided into
six steps. The first two are devoted principally to the

collection of the necessary data required prior to per-
forming the calculations. Propeller section data is given
at a variety of chordal stations, depending upon the
manufacturer’s preference; consequently, it is usually
necessary to obtain values by interpolation at intermedi-
ate stations in order to satisfy the requirements of the
numerical integration method. It has been found by
experience that for hand calculations a conventional
Simpson’s rule integration procedure over eleven ordi-
nates is perfectly adequate for calculating section areas
and moduli and the appropriate stages for this calcula-
tion are outlined by steps 3 and 4. Having evaluated the
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Figure 19.2 Derivation of mechanical blade loading
components

Table 19.1 Blade stress computation using the cantilever beam method

Calculation of the maximum tensile stress acting on a helical section of a propeller blade by the cantilever beam method

(1) Stress basis (2)

Ps 10 820 kW
rpm 140
VS 18.7 knots
wT 0.26
D 4900 mm
x0 0.25
xc 0.51
p0 5000 mm C = 1000 mm r0 = x0R = 0.25 × (4900/2) = 612.5 mm
AE/AO 0.73
ρm 7600 kg/m3

L 80 mm
x 0 55 110 220 330 497 665 832 1000 mm

Z 4

yp 55.0 39.0 25.0 6.5 0 0 0 0 0 mmηm 0.98

t 30.0 92.5 143.5 211.0 238.5 226.5 187.5 114.0 15.0 mm
ηo 0.55
a 0.7R

b 0.66R

|
|
|
|
|
|
|
|

(3) Interpolated section data

x 0 100 200 300 400 500 600 700 800 900 1000 mm

yp 55.0 26.0 10 1 0 0 0 0 0 0 0 mm

t 30 136 195 232 236 226 205 173 128 73 15 mm

Chordal increment �C = C

10
= 100 mm

|
|
|
|
|
|
|

(Continued)

section properties the calculation proceeds as shown in
the remainder of the Table 19.1.

A method of this type depends for its ease and gener-
ality of application upon being able to substitute values
for the moment arm lengths a and b without recourse
to a detailed analysis of the blade radial loading dis-
tribution. Again, experience has shown that this can
be satisfactorily done providing that the propeller type
is adequately taken into account. Typically, for a con-
ventional, optimally loaded fixed pitch propeller, the
moment arms a and b would be of the order of 0.70R
and 0.66R, respectively, whereas, for the correspond-
ing controllable pitch propeller, these values would be
marginally higher. Similar considerations also apply to
the position of the blade centroid.

Cantilever beam analysis provides a very useful
means of examining the relative importance of the
various blade stress components delineated in equa-
tion (19.1). Table 19.2 shows typical magnitudes of
these components expressed as percentages of the total
stress for a variety of ship types, and although vari-
ations will naturally occur within a given ship group,
several important trends can be noted from such a com-
parison. It becomes apparent from the table that the
thrust component accounts for the greatest part of the
total stress for each class of vessel, and that the direct
centrifugal components, although comparatively small
for the larger propellers, assume a greater significance
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Table 19.1 (Contd)

(4) Evaluation of section properties

Column 1 2 3 4 5 6 7 8 9

Ordinate x yp t Simpson’s t × S.M . (2yp + t)t (2yp + t)t × [3yp (yp + t) [3yp (yp + t) +
mult. S.M . + t2]t t2]t × S.M .

1 0 55 30 1
2 15 4 200 2 100 447 750 223 875

2 100 26 136 2 272 25 568 51 136 4 233 952 8 467 904
3 200 10 195 1 195 41 925 41 925 8 614 125 8 614 125
4 300 1 232 2 464 54 288 108 576 12 649 336 25 298 672

5 400 0 236 1 236 55 696 55 696 13 144 256 13 144 256
6 500 0 226 2 452 51 076 102 152 11 543 176 23 086 352
7 600 0 205 1 205 42 025 42 025 8 615 125 8 615 125
8 700 0 173 2 346 29 929 59 858 5 177 717 10 355 434

9 800 0 128 1 128 16 384 16 384 2 097 152 2 097 152
10 900 0 73 2 146 5 329 10 638 389 017 778 034
11 1000 0 15 1

2 7 225 112 3 375 1 687

Total — — — — 2466 — 490 622 — 100 682 617

A =
∫ C

0
t dc = 2 ×

∑

Col.5 × �C

3
= 2 × 2466 × 100

3
= 164 433 mm2

∫ C

0
(2yp + t)t dc = 2 ×

∑

Col.7 × �C

3
= 2 × 490 622 × 100

3
= 32 708 167 mm3

∫ C

0
[3yp(yp + t) + t2]t dc = 2 ×

∑

Col.9 × �C

3
= 2 × 100 682 617 × 100

3
= 6 712 174 433 mm4

From equation (19.5)

Zm = 2 × 6 712 177 733 × 164 400

3 × 32 708 133
− 1

2
× 32 708 133 = 6 141 934 mm3

(5) Blade centrifugal force

(a) Calculate blade mass by

either

Evaluating Columns (1)–(5) of the previous step for each defined helical section, thereby obtaining the radial
distribution of section area (A). The blade mass (m) is then calculated from

m = ρm

∫ R

r0
A dr

N.B. (The position of the blade centroid (xc) can also be calculated in an analogous way as shown in
Figure 11.1)

or

by use of approximation

m = 0.75 × mean radial thickness above stress section ×
(

total surface area

number of blades

)

× density

viz.

m = 0.75 × 0.110 ×
(

0.73 × π(4.90)2

4 × 4

)

× 7600 kg

m = 2158 kg

(b) Centrifugal force is given by

Fc = 2π2mxcDn2

Fc = 2π2 × 2158 × 0.51 × 4.90 ×
(

140

60

)2

N

that is Fc = 580 kN

(Continued)
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Table 19.1 (Contd)

(6) Calculation of section maximum tensile stress

Section pitch angle θ = tan−1

(

p0

πx0D

)

= tan−1

(

5000

π × 0.25 × 4900

)

= 52.41◦

Propeller speed of advance Va = Vs (1 − wT)

= 18.7 × (1 − 0.26) = 13.8 knots

= 13.8 × 0.515 = 7.10 m/s

(a) Component due to propeller thrust:

σT = Ps × ηm × ηo × (a − r0) × cos θ

Va × Z × Zm

= (10 820 × 103) × 0.98 × 0.55 × (0.7 − 0.25) × 2450 × cos (52.41)

7.10 × 4 × 6 141 934
= 22.40 MPa

(b) Component due to propeller torque:

σQ = Ps × ηm × (b − r0) × sin θ

2π × n × b × Z × Zm

= (10 820 × 103) × 0.98 × (0.66 − 0.25) × sin (52.14) × 103

2π ×
( 140

60

)

× 0.66 × 4 × 6 141 934
= 14.49 MPa

(c) Component due to centrifugal bending moment:

σCBM = Fc × L

Zm
= 580 000 × 80

6 141 934
= 7.55 MPa

(d) Component due to centrifugal force:

σCF = Fc

A
× 580 000

164 433
= 3.52 MPa

TOTAL 47.96 MPa

Maximum tensile stress acting on section (σ) = 47.96 MPa

Table 19.2 Breakdown of the total maximum root tensile stress for a set of four different vessels

Component of stress Ship type

Bulk carrier Fast cargo vessel Twin-screw ferry High-speed craft

5◦ Astern rake 15◦ Forward rake

Thrust 72% 58% 71% 54% 51%
Torque 23% 33% 41% 36% 35%
Centrifugal bending 1% 5% −17% 2% 3%
Centrifugal force 4% 4% 5% 8% 11%

Total 100% 100% 100% 100% 100%
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for the smaller and higher-speed propellers. However,
probably most striking is the effect of propeller rake
as shown by the two propellers designed for the same
fast cargo vessel. These propellers, although designed
for the same powering conditions, clearly demonstrate
a potential advantage of employing a reasonable degree
of forward rake, since this effect leads to a compressive
stress on the blade face. Consequently, this effect can
allow the use of slightly thinner blade sections, which
is advantageous from blade hydrodynamic consider-
ations although, if carried too far, may lead to casting
problems. Nevertheless, although the use of forward
rake is desirable and indeed relatively commonly used,
its magnitude is normally limited by propeller–hull
interaction considerations; typically classification soci-
ety clearance limitations or propeller-induced hull
surface pressure calculations and studies.

In addition to providing a procedure for calculating
the maximum stress at a given reference section, the
cantilever beam method is frequently used to determine
radial maximum stress distributions by successively
applying the procedure described by Table 19.1 at dis-
crete radii over the blade span. If such a procedure
is adopted, then the resulting blade stress distribu-
tions have the form shown by Figure 19.3, where the

Figure 19.3 Comparative relationship between
thickness and radial stress distribution

typical bands of radial stress distribution for both lin-
ear and non-linear thickness distributions can be seen.
The non-linear distributions is the most commonly
employed, since although it encourages higher blade
stresses, it permits a lower blade weight and also the use
of thinner blade sections, which is advantageous from
both the hydrodynamic efficiency and cavitation incep-
tion viewpoints. The linear distribution is frequently
employed in towing and trawling situations in order
to give an added margin against failure. These distri-
butions, however, are frequently adopted in the case
of many smaller propellers for the sake of simplicity
in manufacture. This design philosophy can sometimes
be mistakenly employed, since many small high-speed
patrol craft have presented considerably more difficult
hydrodynamic design problems than the largest bulk
carrier.

Although the cantilever beam method provides the
basis for commercial propeller stressing, it does have
certain disadvantages. These become apparent when
the calculation of the chordal stress distribution is
attempted, since it has been found that the method tends
to give erroneous results away from the maximum thick-
ness location. This is partly due to assumptions made
about the profile of the neutral axis in the helical sections
since the method, as practically applied, assumes a neu-
tral axis approximately parallel to the nose–tail line of
the section. However, the behaviour of propeller blades
tends to indicate that a curved line through the blade sec-
tion would perhaps be more representative of the neutral
axis when used in conjunction with this theory. Com-
plementary reservations are also expressed since the
analysis method is based on helical sections, whereas
observations of blade failures tend to show that pro-
pellers break along ‘straight’ sections as typified by the
failure shown in Figure 19.4.

19.2 Numerical blade stress
computational methods

In order to overcome these fairly fundamental prob-
lems, which manifest themselves when more advanced
studies are attempted, intensive research efforts led in
the first instance to the development of methods based
upon shell theory (References 9 and 10). However, as
computers became capable of handling more exten-
sive computations and data, work concentrated on the
finite element approach using plate elements initially
and then more recently isoparametric and superpara-
metric solid elements. Typical of these latter methods
are the approaches developed by Ma andAtkinson (Ref-
erences 11 to 13). The principal advantage of these
methods over cantilever beam methods is that they eval-
uate the stresses and strains over a much greater region
of the blade than can the simpler methods, assuming of
course, that it is possible to define the hydrodynamic
blade loadings accurately. Furthermore, unlike can-
tilever beam methods, which essentially produce a
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Figure 19.4 Propeller blade failure

criterion of stress, finite element techniques develop
blade stress distributions which can be correlated more
readily with model and full-scale measurement.

In order to evaluate blade stress distributions by finite
element methods of the type referenced, the propeller
blade geometry is discretized into some sixty or seventy
thick-shell finite elements; in some approaches more
elements can be required, depending upon the element
type and their formulation. In each of the approaches
the finite elements naturally require the normal con-
siderations of aspect ratio and of near-orthogonality
at the element corners that are normally associated
with these types of element. Figure 19.5 shows some
discretizations for a range of biased skew propellers:
clearly in the extreme tip regions the conditions of
near-orthogonality are sometimes difficult to satisfy
completely and compromises have to be made.

The finite element method is of particular import-
ance for the stressing of highly skewed propellers, since
the presence of large amounts of skew influence the
distribution of stress over the blades considerably. Fig-
ure 19.6, taken from Carlton (Reference 14) shows the
distributions of blade stress for a range of balanced
and biased skew designs of the same blade in compari-
son to a non-skewed version. In each case the blade
thickness distribution remains unchanged. For ease of

Figure 19.5 Finite element discretizations

comparison, the isostress contour lines in this figure
are drawn at 20 MPa intervals on each of the expanded
blade outlines. It is immediately obvious from this com-
parison that the effect of skew, whether of the balanced
or biased type, is to redistribute the stress field on each
blade so as to increase the stresses near the trailing edge.
In particular, both propellers C and E give trailing edge
stresses of similar magnitudes and also relatively high
stresses, of the order of the root stress for a symmetrical
design, on the leading edge. This is not the case for the
symmetrical or low-skew designs. The highly stressed
region on propeller E is also seen to be rather more
concentrated than that on propeller C. Furthermore, the
tendency for the tip stresses on the blade face, which
are of a low tensile or compressive nature in the sym-
metrical and biased skew designs, does not so clearly
manifest itself in the balanced design. The accuracy of
the tip stress prediction is, however, limited by both the
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Figure 19.6 Distribution of maximum principal stress about a series of blades having different skew designs

finite element representation and the accuracy of the
hydrodynamic load prediction.

An important feature also noted, although not directly
shown in Figure 19.6, is that small changes in the trailing
edge curvature can cause a marked change in the trail-
ing edge stress distribution. For example, if the blade
surface area were reduced by, say, 5 to 10 per cent but
the leading edge profile were kept constant, thus effec-
tively increasing the skew or blade curvature, this would
significantly increase the trailing edge stresses.

The orientation and nature of the stress field which
exists on the propeller blade is an important consider-
ation from many aspects. For the traditional low-skewed
designs of propeller, the orientation of the maximum
principal stresses is generally considered to be approx-
imately in the radial direction for the greater part of the
blade away from the tips and also the leading and trailing
edges at the root. Furthermore, the chordal stress com-
ponents are generally considered to be less than about
25 per cent of the maximum radial stress. Analysis of the
results obtained from propeller studies shows that these
ideas, although requiring modification can to a very
large extent be generalized to highly skewed designs. It

is seen that the orientation of the maximum principal
stresses normally lies within a band 30◦ either side of
the radial direction. With regard to the magnitudes of
the chordal stresses, it is also generally found that these
rise to between 30 and 40 per cent of the maximum
radial stress in the case of the highly skewed designs.
As might be expected in the case of biased skew designs
the magnitude of the chordal component of stress tends
to achieve a maximum nearer to the trailing edge than
for the other propellers at the root section.

Blade deflection, although not of primary importance
for the strength integrity of the blade, is important for
hydrodynamic considerations of the section angle of
attack and camber distribution. For conventional and
balanced skew propellers the deflection characteristics
seem to be predominantly influenced by a linear dis-
placement of the section together with a slight rotation.
In the case of a biased skew propeller, however, the
rotational and translational components of the blade
deflection are considerably magnified. These changes
effectively reduce the section angle of attack, and owing
to the non-linear values of the deflection curve, the
section camber is reduced as a result of the ‘lifting’
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of leading and trailing edges. In the case shown for
propeller C in Figure 19.6, the rotational component
approximated to a reduction in pitch of the section of
the order of 0.5◦ relative to its unloaded condition. The
problem of the hydroelastic response of propeller blades
is an important one, and this has been addressed by
Atkinson and Glover (Reference 15).

When undertaking finite element studies the choice
of element is critical if valid results are to be obtained
from the analysis. It is insufficient to simply use arbi-
trary formulations for the blades; use needs to be made
of elements which can readily accept all of the loadings
conventionally met in blade analysis problems. This
point can be readily illustrated by considering compara-
tive studies: for example, those undertaken by the ITCC
(Reference 16) in which the results derived from finite
element computations from six organizations, using
some seven different finite element formulations of
the problem, were compared to experimental results at
model scale. The propeller chosen for the study was a
254 mm diameter, 72◦ biased skew design – propeller C
of Figure 19.6 taken from Reference 14. The model had
been subjected, experimentally, to point loading at the
0.7R and 50 per cent chordal location, and was instru-
mented with four sets of strain gauge rosettes located
in the root section of the blade on the pressure side at
0.3R. Figure 19.7 shows the results obtained from the
subsequent ITTC exercise and the correlation that was
derived with the experimental results from the various
finite element studies undertaken by the contributing
organizations. Also shown in the figure is the result of a
cantilever beam calculation for the same loading condi-
tion. It can be seen that although the general trend of the
measured result tends to be followed by the various finite
element computations, there is a considerable scatter
in terms of the magnitudes achieved between the vari-
ous methods employed. As a consequence, Figure 19.7
underlines the need for a proper validation of the finite
element methods used for the analysis of highly skewed
propellers. Such validation can only be undertaken by
a correlation between a theoretical method with either
a model or full-scale test, since while the trends may
be predicted by a non-validated procedure as seen by
the figure, it is the actual stress magnitudes which
are important for fatigue assessment purposes. Fur-
thermore, Figure 19.7 amply demonstrates that the
cantilever beam method does not realistically predict
the magnitudes of the loadings experienced in the root
section of highly skewed blade.

The discussion so far has concentrated on the use
of isotropic materials. If anisotropic materials, such
as carbon fibre-based composites, are used then the
finite element modelling process needs to take partic-
ular account of the lay-up of the carbon fibres since as
discussed in Chapter 18 these have directionally depen-
dent properties. The directional properties of these types
of material require that proper consideration is given to
the induced blade deflections, in both the radial and
chordal directions, as load is taken up by the propeller.

Kane and Smith (Reference 32) discuss the design of a
prototype composite propeller for a full-scale trimaran
research ship.

19.3 Detailed strength design
considerations

The detailed design of propeller thickness distributions
tends to be matter of individual choice between the pro-
peller manufacturers, based largely on a compromise
between strength, hydrodynamic and manufacturing
considerations. Additionally, in the case of the majority
of vessels, there is also a requirement for the propeller
blade thickness to meet the requirements of one of the
classification societies. In the case of Lloyd’s Register,
as indeed with most of the other classification societies,
these rules are based upon the cantilever beam method
of analysis and essentially derived from equation (19.3).

The techniques of propeller blade stressing discussed
in Sections 19.1 and 19.2 are applied to all types of pro-
peller and it is, therefore, relevant to consider briefly the
special characteristics of particular types of propeller in
relation to the conventional fixed pitch propeller upon
which the discussion has so far centred:

1. Ducted propellers. As ducted propellers, in com-
mon with transverse propulsion unit propellers, tend
to have rather more heavily loaded blade outer
sections than conventional propellers, the effective
centres of action of the hydrodynamic loading tend
to act at slightly larger radii. However, since a pro-
portion of the total thrust is taken by the duct, the
appropriate adjustment must be made for this in the
stress calculation. Additionally, the duct can also
have an attenuating influence over the wake field,
which to some extent improves the fluctuating load
acting on the blades.

2. Tip unloaded propellers. Noise-reduced or tip-
unloaded propellers, which have largely evolved
from naval practice and modern thinking on reducing
hull pressures in merchant vessels, tend to concen-
trate the blade loading nearer the root sections as
shown by Figure 19.8. This feature, tends to reduce
the effective centres of action of the hydrodynamic
loading coupled with the slightly lower propulsive
efficiency for these propellers.

3. Controllable pitch propellers. Controllable pitch
propellers tend to present a more difficult situa-
tion in contrast to fixed pitch propellers due to the
problems of locating the blade onto the palm. The
designers of hub mechanisms prefer to use the small-
est diameter blade palms in order to maximize the
hub strength, and, conversely, the hydrodynamicist
prefers to use a larger palm in order to give the
greatest flexibility to the blade root design. These
conflicting requirements inevitably lead to a compro-
mise, which frequently results in the root sections
of the blade being allowed to ‘overhang’ the palm.



406 Marine propellers and propulsion

Figure 19.7 Correlation of different finite element calculation methods with experiment (Reproduced with
permission from Reference 16)
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Figure 19.8 Comparison between tip unloaded and
optimum efficiency radial loadings

This feature, although introducing certain disconti-
nuities into the design, is not altogether undesirable,
since it allows both the root section modulus and area
to be increased, as shown for a typical controllable
pitch propeller root section profile by Figure 19.9.
Additionally, in many designs of controllable pitch
propeller the blade bolting arrangements are such as
to place a further limitation on the maximum section
thickness. It therefore becomes necessary on occa-
sions, although undesirable, for the blade bolt holes
to significantly penetrate the root fillets in order tot
fit the blade onto the palm.

The modes of operation of a controllable pitch pro-
peller are very varied, as discussed in Reference 17.
Generally, however, from the stressing point of view
these off-design operating conditions remain uncon-
sidered unless prolonged working in any given mode
is indicated.

Ice class requirements can also present additional
problems for controllable pitch propellers. Since
the blades have restricted root chord lengths, the
additional ice class thickness requirements in some
instances result in root section thickness to chord
ratios in excess of 0.35, which from the hydro-
dynamic viewpoint gives both poor efficiency and
greater susceptibility to cavitation erosion.

Figure 19.9 Typical variations in root section properties
for controllable pitch propeller

4. High-speed propellers. High-speed propellers gen-
erally have better in-flow conditions than their larger
and slower-running counterparts, although poorly
designed shafting support brackets are sometimes
troublesome. Consequently, high wake-induced
cyclic loads are not usually a problem unless and
shafting is highly inclined. Centrifugal stresses, as
shown by Table 19.2, tend to take on a greater sig-
nificance due to the higher rotational speeds, and
therefore greater attention needs to be paid to the
calculation of the mechanical loading components.

Naturally these propellers, if in either a ducted or
controllable pitch form, can take on some of the char-
acteristics of the previously discussed classes. One
feature, however, which may be introduced occasion-
ally in attempts to control root cavitation erosion, is
a system of holes bored through the blade along the
root section as sketched in Figure 19.10. Whilst the
purpose of these holes is to relieve the pressure distri-
butions over the blade section and to modify the flow
behind the fixed cavitation at the point of its break-
up, their presence necessitates a careful review of the
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Figure 19.10 A method of root cavitation relief

root section thicknesses. In addition, large blending
radii need to be specified so as to merge the holes
into the blade surface in as fair a way as possible.

19.4 Propeller backing stresses

When a propeller undergoes a transient manoeuvre con-
siderable changes occur in blade stress levels and their
distribution. Figure 19.11 shows typical changes in the
stress measured on the blades of a single-screw coaster
undergoing a stopping manoeuvre. This vessel was fit-
ted with a conventional non-highly skewed fixed pitch
propeller.

Experience with fixed pitch highly skewed propellers
when undertaking emergency stopping manoeuvres has
led to the bending of the blade tips in certain cases (Ref-
erence 18). This bending which frequently occurs in the
vicinity of a line drawn between about 0.8R on the lead-
ing edge to a point at about 0.60R on the trailing edge
in thought to be due to two principal causes, see Fig-
ure 23.10. The first is due to simple mechanical overload
of the blade tips from the quasi-steady hydrodynamic
loads causing stresses leading to plastic deformation of
the material; the second is from the transient vibratory
stresses, of the type shown in Figure 19.11, which occur
during the manoeuvre. These latter stresses are not
wholly predictable within the current state of theoretical
technology but need to be estimated.

As part of the design process a fixed pitch, highly
skewed propeller should always be checked for over-
load against the material proof stress capability based
on the quasi-steady mean hydrodynamic stresses using a
suitable hydrodynamic criterion. Most commonly this
criterion is the bollard pull astern condition since at

present this is thought to be most representative of the
worst condition a propeller is likely to see in a transient
manoeuvre. Clearly these backing stress predictions
need to be based on a lifting surface hydrodynamic
model together with a finite element analysis. How-
ever, it must be recognized that hydrodynamic codes,
when used for backing stress calculations, are operating
far from their originally intended purpose: as a conse-
quence, the analysis must be viewed in this context.

In contrast to fixed pitch propellers, controllable pitch
propellers do not suffer with the same tendency towards
blade tip bending when operating astern. This is because
in the case of a controllable pitch propeller the leading
edge normally remains the leading edge during these
types of manoeuvre and, therefore, the trailing edge is
protected from high loading. Consequently, for control-
lable pitch propellers it is normal to consider them only
in the ahead operating condition for the strength analysis
which is based on the normal fatigue considerations.

19.5 Blade root fillet design

In this chapter consideration has centred only upon the
blade stresses, without any account being made for the
root fillets where the blade meets either the propeller
boss or blade palm. The root fillet geometry is com-
plex, since it is required to change, for conventional
propellers, in a continuous manner from a maximum
cross-sectional area in the mid-chord regions of the
blade to comparatively small values at the leading and
trailing edges. Notwithstanding the complexities of the
geometry, the choice of root fillet radius is of extreme
importance. For conventional propeller types, if a single
radius configuration is to be deployed, it is considered
that the fillet radius should not be less than the thickness
of 0.25R.

The use of a single radius at the root of the blade
always introduces a stress concentration; however, the
introduction of a compound radiused fillet reduces
these concentrations considerably. Therefore the use
of fillet profiles of the type described by Baud and
Tum and Bautz is desirable which, for most marine
propeller applications, can be approximated to two sin-
gle radii having common tangents. Typically, such a
representation may be achieved by using radii of mag-
nitudes 3t and t/3, having common tangents with each
other and with the blade and boss, respectively.

The results of the blade surface stress distribution for
symmetrical and balanced skew designs imply that the
full size of the fillet should be maintained at least over
the middle 50 per cent of the root chord. In the case
of extreme biased skew designs, there is a sound case
for continuing the full-fillet configuration to the trailing
edge of the blade in order to minimize the influence
of the stress concentration factor in the highly stressed
trailing edge regions.
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Figure 19.11 Crash stop manoeuvres measured on a single-screw coaster

19.6 Residual blade stresses

The steady and fluctuating design stresses as produced
by the propeller absorbing power in a variable wake
field represent only one aspect of the total blade stress
distribution. Residual stresses, which are introduced
during manufacture or during repair, represent the
complementary considerations.

Full-scale experience relating to residual stresses is
limited to a comparatively few studies. Work by Webb
et al. (Reference 19) is typical of these studies in
which measurements have been made for propellers
subjected to local heating. These measurements relate
to high-tensile brass and manganese–aluminium bronze

propellers which have been subjected to heating subse-
quent to manufacture. In these cases, residual stresses
of the order of 155 and 185 MPa were measured by
the trepanning technique for residual stress measure-
ment. Little published information exists, however, for
the level or nature of residual stress in new or unre-
paired castings. Clearly this must, in some measure, be
due to the semi-destructive nature of the measurement
procedure involved in determining the residual stress
field.

Investigations by Lloyd’s Register (Reference 14)
into propeller failures, from causes other than by poor
repair or local heating of the boss, have shown that
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residual surface stresses measured in blades adjacent to
the failed blade can attain significant magnitudes. The
technique used for these latter measurements is that of
bonding purpose-designed strain gauge rosettes to the
surface of the blade and then incrementally milling a
carefully aligned hole through the centre of the three
rosette configuration. At each increment of hole depth,
a measurement of the relaxed strain recorded by each
gauge of the rosette is made. This method, used in
association with a correctly designed milling guide, is
relatively easy to apply and also has been proved to give
reliable results in the laboratory on specially designed
calibration test specimens. An example of the results
gained using this procedure is given in Figure 19.12
for a five-blade, nickel–aluminium bronze, forward-
raked propeller having an approximate finished weight
of 14 tonnes. From the figure it is seen that the measured
residual stresses in this case are of a significant magni-
tude and also tensile in nature over much of the blade.
Indeed, the magnitudes in this case reach tensile values
of between two and three times the normally accepted
design stress levels. Furthermore, it can also be seen
that the principal stresses at a given measurement point
are of similar magnitudes. This, therefore, implies the
introduction of a strong biaxiality into the stress field
on the blade surface, which from pure design consid-
erations would be expected to be of a predominantly

Figure 19.12 Measured residual stresses on a propeller blade

radial nature. Analysis of the through-thickness char-
acteristics of the relieved strain for the same propeller
blade suggest that the residual stresses posses a strong
through-thickness variation with high stresses on the
blade surface, which then decay fairly rapidly within
the first 1 to 2 mm below the surface.

To extrapolate the results of a particular residual
stress measurement to other propellers would clearly
be unwise. Nevertheless, since these stresses play a part
in the fatigue assessment of the propeller, the designer
should be aware that they can obtain high magnitudes,
although full-scale experience in terms of the num-
ber of propeller failures would suggest that residual
stresses are not normally this high. The magnitudes of
residual stress, although unclear in their precise ori-
gins, are strongly influenced by the thermal history of
the casting, material of manufacture and the type or
nature of the finishing operation. Furthermore, it is
also known from measurements that large variations
can exist between measurements made at equivalent
positions on consecutive blades of the same propeller.

19.7 Allowable design stresses

The strength design of a propeller in the ahead condition
must be based on a fatigue analysis, it is insufficient and
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inaccurate to base designs on simple tensile strength or
yield stress criteria. In order to relate the blade stresses,
both steady state and fluctuating, to a design criteria
some form of fatigue analysis is essential. Clearly,
the most obvious choices are the modified Goodman
and Soderberg approaches of classical fatigue analy-
sis. In these approaches the mean stress is plotted on
the abscissa and the fluctuating stress on the ordinate
(Figure 19.13). To evaluate the acceptability of the par-
ticular design a linear relationship is plotted between
the fatigue life at zero mean load and some point on the
abscissa. The fatigue life should always relate to 108

cycles or greater as discussed in Chapter 18; however,
the point on the abscissa at which the linear relationship
should be drawn is less certain. In general engineering
practice the ultimate tensile strength is the basis of the
modified Goodman approach, which is generally con-
sidered a satisfactory basis for analysis; however, there
is a body of experimental material data (Reference19)
which suggests the point of intersection may well be in
the region of the 0.15 per cent proof stress. If this is the
case then the more conservative Soderberg approach is
probably the more correct for marine propellers.

As is seen in Figure 19.13, the magnitude of the
alternating stress σa is a single component dependent
on the fluctuations in the wake field in which the pro-
peller blade is working. The steady-state component is
the sum of two components σMD and σR , where these
relate respectively, to the mean design component, as
determined from either cantilever beam or finite elem-
ent studies, and the level of residual stress considered
appropriate.

The comparison of the design stresses with fatigue
characteristics of the propeller material is a complex

Figure 19.13 Propeller fatigue analysis

procedure. Figure 19.14 demonstrates this procedure
in outline form as part of the overall propeller design
process, which is discussed more fully in Chapter 22.
From Figure 19.14 it is apparent that the design mean
σMD and alternating σa stresses derive directly from
the hydrodynamic analyses of the blade working in the
wake field. Hence these parameters are directly related
to the blade design and the environment in which the
propeller is operating. The residual stress allowance
σR is a function of the casting size, propeller mater-
ial and manufacturing technique. The magnitude of this
stress allowance is therefore very largely indeterminate
in the general sense; however, in the absence of any
other information or indications to the contrary, it would
be prudent to allow a value of between 15 and 25 per
cent of the 0.15 per cent proof stress for σR . The pro-
peller fatigue characteristics are clearly dependent on
the choice of material (see Figure 18.6); however, these
basic characteristics need to be modified to account for
casting size and other environmental factors, as dis-
cussed in Chapter 18. Having, therefore, defined the
various parameters in Figure 19.13, a judgement based
on normal engineering principles can be made as to
whether the apparent factor of safety is appropriate. In
propeller technology it is unlikely that a factor of safety
of less than 1.5 would be considered acceptable for the
ahead operating condition.

Casting quality has a profound influence on the life
of a propeller in service. The defects found in copper
alloy propellers are generally attributable to porosity in
the form of small holes resulting from either the releas-
ing of excess gases or shrinkage due to solidification.
Alternatively, the defects can be oxide inclusions in the
form of films of alumina, formed during the pouring
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stage of propeller manufacture, which have a tendency
to collect near the skin of the casting. The location of a
defect is obviously critical. For conventional, low-skew
propellers, defects in the centre of the blade section
and on the suction face are of less concern than those
located on or near the pressure face in the mid-chord
region just above the run-out of the fillet radii. Alterna-
tively, in the case of highly skewed propellers casting
defects in the trailing edge region of the blade are of
critical importance in view of the location of the stress
concentrations within the blade. Considerations of this
type lead to the concept of acceptable defect criteria for
marine propellers, which in turn introduces the subject
of fracture mechanics.

The visual characteristics, as shown by Figures 19.15
and 23.9, of a propeller blade which has failed by fatigue
action, are generally similar for all propellers, although
in some cases the beach marks are more clearly visible
than in others. Attempts at correlating the relative geo-
metric form of these markings during the crack growth
have been made from observations of failed propellers.
The advantages of obtaining such a relationship are that
the aspect ratio of the crack can be directly related to the
stress intensity factor, which may then be used in con-
junction with fracture toughness information to assess
acceptable defects and crack propagation rates. Work
by Roren (Reference 20) and Tokuda (Reference 21)
has given coefficients for the Stage II Paris Law crack
propagation equation:

dac

dN
= c(�k)m (19.6)

as delineated in Table 19.3, these results being derived
from samples cut from failed propeller blades. The tests

Figure 19.15 Visual characteristics of fatigue failure

Table 19.3 Material constants for crack propagation equation

Material c m Mean stress Condition

(kgf/mm2)

{

Mn–A1 bronze 6.6 × 10−11 3.7 7.0 Sea water at 4 Hz
Ni–A1bronze 4.97 × 10−13 4.7 0 Simulated sea water at 2.5 Hz

3.37 × 10−14 5.2 0 Simulated sea water at 5 Hz
(Threshold value = 25 kgf/mm3/2)

for the manganese–aluminium alloy used the centre
slotted type specimen, whilst those for the nickel–
aluminium alloy were defined as being of the wedge
opening load type.

Notwithstanding the encouraging work that has been
done in the field of acceptable defects and on stage II
crack propagation, for example References 22 and 23, in
which the crack moves from its initiation phase, stage I,
through to eventual rapid failure in stage III, much work
remains to be done in understanding fully the mecha-
nisms of the stage I crack growth for propeller materials.

19.8 Full-scale blade strain
measurement

By comparison with the amount of theoretical work
undertaken on the subject of propeller stresses, there
have been few full-scale measurement exercises. The
reason for this comparative dearth of full-scale data
has undoubtedly been due to the difficulties hitherto
encountered in instrumenting the chosen ship. Trad-
itionally if propeller strain measurements were contem-
plated it has always been necessary to hollow bore the
tail shaft of the vessel in order to conduct the signal
wires from the strain gauges located on the propeller
blades through to a system of slip rings inside the vessel.
Figure 19.16(a) shows in schematic form this arrange-
ment. Despite the obvious disadvantages of this method
some notable full-scale studies have been conducted
(References 24 to 31) and these, together with others,
have formed the nucleus of full-scale data in the publicly
available literature.

In recent years the use of underwater telemetry tech-
niques have been explored as an alternative form of
measurement (Reference 14). The use of telemetry
methods has obvious advantages in that the signal can be
transmitted at radio frequencies across a suitable water
gap and thus avoid the need to bore the tail shaft. The
most usual procedure is to fix the transmitter to the for-
ward face of the propeller boss, under the rope guard,
and transmit the signals to a receiver located on the stern
seal carrier, as seen in Figure 19.16(b). Having bridged
the rotating to static interface in this way the signal leads
can be conducted over the hull surface, protected by
conduit tacked to the hull skin, to a convenient location
for the recording instruments.
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Figure 19.16 Full-scale blade strain measurement
techniques: (a) hollow bored shaft method and
(b) underwater telemetry method

With regard to the conduct of blade strain measure-
ment trials, the general principles of ship speed trials
discussed in Chapter 17 should be adhered to, including
the requirements for the measurement of ship speed.
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Propeller manufacture is an extensive subject, embra-
cing not only many engineering machine shop skills, but
also foundry techniques related to the casting of quan-
tities of metal, sometimes of the order of 200 tonnes,
into a precise geometric form. Furthermore, the skill
of propeller manufacture lies both in interpreting the
hydrodynamic design into physical reality and in ensur-
ing that the manufacturing process does not give rise to
defects which could bring about the premature failure
of the propeller.

Propeller manufacture relies on two basic techniques:
the use of full patterns for multiple use or the con-
struction of a unique mould which after casting will
be broken up. Which technique is used as a techno-
economic question depending on the type of propeller,
the number to be produced, the finishing technique and
the size of the propeller. However, in order to gain an
understanding of the manufacturing process in general-
ized terms, the traditional method of manufacture will
be described before outlining the range of variants to
this process.

20.1 Traditional manufacturing
method

Originally propellers were of simple shape and made
in either cast iron or steel. These early propellers were
usually cast in the engine builder’s own foundry and
were fitted to the vessel in a largely ‘as-cast’ condition,
except for some necessary fettling and machining of
the bore. Today the materials, as discussed in Chapter
18, have largely changed to the bronzes and propellers
are manufactured to a high standard of surface finish
and dimensional accuracy in foundries and workshops
devoted solely to the manufacture of propellers.

Each propeller is nominally of a different design, and
as a consequence it is quite rare for a propeller manu-
facturer to receive a significant run of propellers to the
same design – particularly for large propellers. The trad-
itional method of manufacture, therefore, reflects this
situation and is based on the production of a mould for
each propeller which is to be manufactured.

In some propeller foundries the propeller will be cast
in large pits sunk into the floor, whilst in others the
mould will be built onto the actual floor of the foundry.
There is no general procedure for this and each manu-
facturer works out an individual technique which takes
into account safety, versatility, space available and costs
of production. Hence the manufacturing process will
be found to vary from one manufacturer to another in
matters of detail, but the general theme of manufacture
follows the same pattern and it is the underlying theme
which will be outlined here.

The mould for each propeller is constructed in two
halves: the bed, the upper surface of which defines
the pressure side or pitch face of the blade, and the
top, the lower surface of which defines the suction sur-
face or back of the propeller blades. As a consequence,

propellers are generally cast ‘face downwards’ in the
mould.

The traditional mould material is a pure washed
silica sand, having an average grading of between
twenty and fifty mesh, and is mixed with controlled
amounts of ordinary Portland cement and water using
the Randupson process (Reference 1).

A typical Randupson sand mixing and reclamation
plant is shown in Figure 20.1. From this figure it can be
seen that previous moulds, once they have been broken
into manageable proportions and the reinforcing rods
have been broken out, are passed through a crusher and
then mechanically transported to a series of vibrating
sieving screens, the first of which is sufficient to reject
lumps and foreign matter such as nails, and so on, whilst
the latter stages pass only grains and dust. From the
vibrating screens the reconditioned sand passes into a
hopper which is adjacent to two other hoppers, one con-
taining new sand and the other cement. The mixing mill
is then fed in the required amounts from each of these
hoppers and after dry mixing for a period of time, of the
order of 2 to 5 minutes, water is then added in carefully
controlled amounts which depends upon the moisture
content of the new sand and also the shop humidity.
The wet mixing is then continued for a period of time,
whereupon the contents are discharged into a portable
skip for transport to the moulding site elsewhere in the
foundry. In many cases, for economy reasons, previous
mould material is used to construct those parts of the
mould which are not directly in contact with the molten
metal of the new propeller; however, a new sand mix-
ture should be used for those parts which are in contact
with the molten metal.

Prior to the Randupson process being introduced,
loam was almost universally used; however, extensive
artificial drying is necessary with this mould material,
and therefore this represents a disadvantage in addition
to its lower strength properties.

The first stage in the manufacture is to construct the
bed of the mould around the shaft centre line, which is
defined to be vertical relative to the shop floor. Using
this line as the basic reference datum, the angular spa-
cing of the directrices of each of the blades is carefully
marked out on the floor and the approximate shape of
each blade defined about the blade directrices. Based
on this approximate shape, a wooden shuttering is then
erected to form a box into which the mould material is
rammed together with suitable reinforcing rods. Having
formed the body of the bed of the mould in this way the
pitch face of the propeller is formed by a technique know
as ‘strickling’. This process uses a striking board fixed
to a long arm at one end and has a roller at the other. The
arm is free to rotate about and slide vertically up and
down a spindle which has been erected vertically on the
shaft centre line of the propeller: the roller, at the other
end of the striking board, runs on a pitch rail. Figure 20.2
shows this arrangement in schematic form. The pitch
rail defines a portion of a helix which is constructed on
a suitable radius, centred on the shaft centre line, which
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Figure 20.1 Randupson sand plant

is greater in magnitude than the propeller tip radius.
The slope or pitch angle of the helical rail is appropriate
to the required pitch and radius of the propeller under
construction. The striking board is then pushed up the
rail to generate a true helicoidal surface. To cater for
a non-uniform pitch distribution the maximum pitch is
either first swept and the surface corrected for other
radii by rubbing down to templates, or in some cases it
is possible to use articulated striking boards and multi-
ple pitch rails. Whichever method is used, the resulting

Figure 20.2 Sweeping the mould bed

surface is then sleeked by hand. To cater for propeller
rake the striking board is set to the appropriate angle
relative to the rotating arm.

To form the outside profile of the propeller boss,
assuming it is a fixed pitch propeller, another strik-
ing board, seen schematically in Figure 20.3, is rotated
about the shaft centre line.

The next stage in the construction is to construct
the blade form on the mould bed by means of pat-
terns. These patterns are accurately cut form either

Figure 20.3 Sweeping the propeller boss
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thin wooden sheet or metal, most usually the for-
mer material, and represent the designed cylindrical
section profiles together with appropriate contraction
and machining allowances When the bed of the mould
has dried and is hard these patterns, defining the hel-
ical sections of the blade, are carefully positioned at
the appropriate radii and fixed vertically such that they
lie along circumferential paths (Figure 20.4). The space
between these patterns is then packed with a sand and
cement mixture, whereupon the resulting surface is
again carefully sleeked to form an upper surface and
edge contour of the blade.

Figure 20.4 Location of section patterns

When this second sand–cement mixture forming the
blade has dried a reinforcing iron grillage is placed over
the blade at a height of some 50 to 70 mm above it and
wooden shuttering is positioned to form a box for the
construction of the top half of the mould. The sand–
cement mixture is then rammed into the box against the
blade pattern to form the top of the mould in a simi-
lar way to the procedure that was adopted for the bed.
At a convenient height above the blade pattern the top
of the mould is levelled off and allowed to dry. When
thoroughly dry the top of the mould is parted and the
top is lifted off by means of lifting hooks which are
attached to the reinforcing frame. In this open state of
the mould the sand and wood patterns are completely
removed and the formation of the root fillets generally
takes place next by rubbing down the sharp edges of
both the bed and top of the mould o the designed fillet
form with the aid of templates.

This method of construction is then applied to each
blade in turn and when complete the mould surfaces
are then cleaned and dressed to a high state of finish.
The mould tops are then fitted back onto their beds and
secured by means of mechanical ties and braces to pre-
vent relative slippage or bursting during the pouring
process.

Prior to pouring the metal, the mould is heated for
several hours by blowing hot air through the boss aper-
ture and out through vents near the blade tips. When
a predetermined temperature is reached, typically of
around 110 to 120◦C, at the outlet vents it is then
fairly certain that the surfaces of the mould are free
from moisture and sufficient pre-heat of the mould has
been achieved. A uniformity of pre-heat throughout the
mould is essential and this is achieved by means of
suitable ducts.

The final stage in the propeller mould construction, as
distinct form the casting feeder system, is the securing
of the head ring on top of the mould such that it is
concentric with the shaft axis. At this time the core is
also inserted, and will form the shaft hole and lightning
chamber if one is needed. This core is of course fitted
to be concentric with the shaft centre line and has been
frequently constructed of alternate layers of foam and
straw rope on a former which may be, for example, a
perforated iron cylinder. This construction gives a meas-
ure of flexibility to the core so that it does not offer
serious resistance when the casting cools and contracts
around it.

During the construction of the mould a runner sys-
tem is also built into it to enable the molten metal to
be fed into the mould in a controlled and proper way.
Figure 20.5 shows a typical runner system. From this
figure it can be seen that the molten metal is poured
into a runner box, which is fitted with a simple control
valve to govern the flow of metal into the mould. For
large castings there may well be two or more of these
runner systems fed from different ladles simultaneously
and providing metal to different points at the base of the
casting. From the runner box the metal passes down a
vertical down-gate which was built into the mould at
the time of construction. These runners are made of
pre-cast sand pipe sections and it is found that the exact
shape and dimensions of the runners are very important
in order to get an efficient flow into the casting which
minimizes turbulence and oxide formation. From the
down-gate an in-gate is constructed so as to have either a
cylindrical or rectangular section. The in-gate is built to
run up an inclined line from just above the dirt trap at the
bottom of the down-gate to the bottom of the boss. The
entry into the bottom boss is normally flared and made
tangentially to avoid a direct impact of the meal flow
onto the core. It has been found that the construction of
a chamber below the box enhances the pouring of the
casting by eliminating much of the initial turbulence and
allows the molten metal to rise gently into the casting.

Transport of the metal from the furnaces is by one
or more ladles, depending on the size of the cast. The
metal is poured into the ladles at a slightly higher tem-
perature than is required for casting in order to allow for
cooling during the transportation process. Accordingly,
upon arrival at the mould the temperature of the molten
metal is checked using optical pyrometers and the cast-
ing operation is delayed until the correct temperature is
reached.
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Figure 20.5 Runner system for a typical mould

Notwithstanding the primary need to minimize tur-
bulence during casting operations, the propeller mould
needs to be filled through the runner system as quickly
as possible. Langham (Reference 2) quotes rates of up
to 8 tonnes/min although this is a variable depending on
the size of the propeller. Throughout the pouring oper-
ation the rising surface of the metal that is accessible
within the mould is skimmed in order to prevent oxide
being trapped in the blades or in the core. In general a
large feeding head in the form of an extension to the
boss at the forward end is needed for two reasons: the
first is to allow for the construction of the metal during
cooling and the second is to provide a reservoir of heat to
help provide uniform cooling and directional solidifica-
tion. Hence the mould is filled to a predetermined head
during the initial casting and after casting the surface
is skimmed and covered with an insulating compound.
During the cooling process the casting is ‘topped up’
with small additions of molten metal at certain inter-
vals. Exothermic materials are regularly used to assist
in the feeding process. These applications are usually
in the form of direct applications of powder to the sur-
face: the amount of powder and the interval between
applications are dependent upon the size of the cast.

The cooling of the mould takes place over a number
of days, depending on the size of the casting. When
ready, the mould is dismantled and the cast propeller
lifted. The first process after lifting the casting is fet-
tling, which involves the removal of all extraneous riser
and venting appendages. The general dimensions are

checked next and various datum lines are established
by means of measurement, whereupon the propeller is
bolted with its shaft axis horizontal to a large horizontal
boring machine. Subsequent to this, the first process is
to remove the riser head. The taper bore of the propeller
is then machined to suit the appropriate plug gauge or
template by means of an concentric boring bar through
the cored hole of the casting. After this the forward and
aft faces of the boss are machined by means of facing
arms attached to the boring bar; during this process the
various features found on these faces are also finished.

The next stage in production is the lining out of the
blades in order to determine the amount of material to be
removed. In former times this amount was considerable
and required considerable amounts of pneumatic chis-
elling to be undertaken, and this process made parts
of propeller foundries extremely, noisy and unpleas-
ant places in which to work. Today, with the greater
use of precision casting techniques, less metal needs
to be removed In the case of the traditional manufac-
turing method datum grooves or spot drillings are cut
into the blade and pneumatic chisels are used to remove
excess metal. In certain areas templates are deployed.
Eventually the whole propeller is ground and polished
using high-speed portable grinders, after which the
blade edges, leading and trailing, are contoured to the
designed shape. The whole propeller is then statically
balanced as the final stage of manufacture.

The traditional manufacturing method described is
based on the use of a sand–cement pattern constructed
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around thin wooden or metal section patterns and
both Langham (Reference 2) and Tector (Reference 3)
described this process more fully. A good photographic
record of the traditional manufacturing technique is
seen in Reference 4. The alternative to the traditional
procedure is to use solid patterns. In the case of large
fixed pitched propellers this technique is rarely used on
account of costs; however, for controllable pitch pro-
pellers, or the once popular built-up propeller, their use
is more common, since the extra cost of building a solid
pattern is justified when an increased number of blades
to the same design is required. In these cases the manu-
facturing process is analogous to that described, but
making use of the solid pattern often in conjunction
with separate casting boxes.

20.2 Changes to the traditional
technique of manufacture

Modern foundry techniques permit the use of finer cast-
ing allowances through the use of precision casting
methods. This gives the benefit of requiring consider-
ably less material to be removed during the manufac-
turing process and hence enables production costs to be
potentially reduced. Such techniques, however, need to
be used in controlled environments, so that an increased
incidence of surface imperfections is not encountered.

When considering casting tolerances it is tempting,
in order to reduce manufacturing costs, to reduce these
tolerances to the smallest possible value. This, however,
may lead to unwelcome imperfections remaining on the
finished blade surfaces which are directly attributable
to the manufacturing process. These may then show
up as defects in the subsequent non-destructive
examination processes and will need to be removed,
hopefully without strength integrity questions being
raised.

The choice of charge stock for the furnace is also
an important consideration. Traditionally, this has been
done from prismatic bars of the different charge mater-
ials being placed into the furnace. However, for eco-
nomic reasons the use of small scrap materials from
other industries to charge the furnace is sometimes used.
If these scrap materials have a surface area to volume
ratio which is relatively large then there will be an
increased probability of oxide formation taking place
within the melting process which, in turn, may lead to
an increased incidence in casting defects.

The machining or mechanical working process of
propeller blades subsequent to casting has undergone
major changes in many manufacturers’ works since
the advent of numerically controlled machine tools.
Early usage of automated machinery required the use
of a solid pattern which acted as a master blade from
which the machine could work a new casting. However,

the advances in geometry handling using computer
techniques, together with interfaces to multi-axis
machines, enable such computer-assisted manufacture
machines to be used for propeller manufacture. Several
of the major manufacturers have introduced these meth-
ods and since about 1970 machines ranging from three
axis numerically controlled gentry units to nine-axis
and fully automated flexible manufacturing propeller
blade machining cells have been supplied to many
manufacturers.

Many manufacturers are today using an integrated
design, manufacturing and inspection concept (Refer-
ence 5). Such methods start with the preliminary design
of the blade based on polynomial representations of
methodical propeller series data and cavitation criteria
to which pitch and thickness distributions are added in
order to define the overall power absorption character-
istics. Once these are approved the design proceeds by
means of lifting surface and finite element methods to
produce a fully detailed propeller design tailored to the
particular ship. When the design is completed, the blade
geometry is filed within a computer and carried forward
into the NC blade milling process and final geometric
inspection.

Whilst NC machines coupled to CAD/CAM facilities
clearly provide a means of enhancing the manufac-
turing process from both a machining and inspection
viewpoint, many propellers are manufactured using
approximations to the traditional methods. In either case
a highly satisfactory propeller is likely to result pro-
vided the appropriate tolerance specification procedures
are deployed. The decision as to which manufactur-
ing process to use in a particular case to satisfy the
required design tolerance requirements is largely one
of production economics.
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The modes of vibration of a propeller blade, beyond
the fundamental and first torsional and flexural modes,
are extremely complex. This complexity arises from the
non-symmetrical outline of the blade, the variable thick-
ness distribution both chordally and radially and the
twist of the blade caused by changes in the radial distri-
bution of pitch angle. In addition, the effect of the water
in which the propeller is immersed causes a reduction
in modal frequency and a modified mode shape com-
pared with the corresponding characteristics in air. To
introduce the problem of blade vibration, it is easiest to
consider the vibration of a symmetrical flat blade from
in air; in this way many of the practical complexities
are eliminated for a first consideration of the problem.

21.1 Flat-plate blade vibration in air

Some experiments with a flat-plate propeller form by
Grinstead are cited by Burrill (Reference 1) as a basis
for understanding the basic composition of the modal
form of vibrating blades. These tests were conducted
on a symmetrical blade having an elliptical form and a
constant thickness in the chordal and radial direction.
The blade was cantilevered at one end of its major axis
and the various modes of vibration in air were excited
by bowing with the aid of a rotating disc. In these exper-
iments the nodes in the various modes of vibration were
traced by means of sand patterns. The blade used for this
work was small in propeller terms since it had a span
of 131.32 mm and at maximum chord length the minor
axis of the ellipse was 86.11 mm; the thickness of the
plate was 13.59 mm. As a consequence, the frequen-
cies of the various modal forms are considerably higher
than would be expected from a full-size propeller blade.
The modal forms established by Grinstead are shown in
Figure 21.1 for the first ten modes beyond the funda-
mental, which is a simple flexural cantilevered mode

Figure 21.1 Mode shapes for an elliptical, flat-plate blade

with its node coincident with the blade root. The vari-
ous modal forms are identified in Table 21.1 together
with the measured frequencies.

Table 21.1 Modes of vibration of blade shown in Figure
21.1 (compiled from Reference 1)

Mode Mode form Frequency
number (Hz)

0 Fundamental mode 73
i One-node torsional mode 249
ii One-node flexural mode 415
iii One-node torsional and one-node 889

flexural mode
iv Two-node flexural mode 1135
v Two-node torsional or ‘hoop’ mode 1365
vi Two-node flexural and one-node 1819

torsional mode
vii First cross-coupled mode 2155
viii Three-node flexural mode 2202
ix Second cross-coupled 2418
x Cross-coupled, three-node flexural 3009

and one-node torsional

The results of the frequencies can be plotted as shown
in Figure 21.2, from which it can be seen that the pure
flexural frequencies have the lowest frequencies with the
one- and two-node torsional based frequencies having
progressively higher frequencies. In the case of the two-
node torsional, one-node flexural, the experiment could
not distinguish the pure mode owing to its proximity
to the three-node flexural. The results of these model
tests show that in addition to the pure modes, cross
and diaphragm modes arise if the frequencies for the
secondary lateral modes are close to the natural flexural
modes.

Figure 21.2 Modal frequencies of flat-plate blade
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21.2 Vibration of propeller blades in air

Having identified the major vibration characteristics
associated with a flat plate approximation to a propeller
blade, the actual vibratory characteristics of a propeller
blade can now be considered more easily. Burrill (Refer-
ences 1 and 2) conducted a series of model and full-scale
experiments on propellers and Figure 21.3 shows the
results of one set of vibratory tests on a propeller in
air. The propeller chosen was a four-bladed, 1320 mm
diameter propeller having a mean pitch ratio of 0.65

Figure 21.3 Modal form of propeller blade vibration in air

and a blade area ratio of 0.524. The propeller was of a
conventional design for the period. The tests were per-
formed in a 6.4 m square tank and the blades vibrated by
means of a vibrator, acting through a universal ball-joint
clip, capable of a range from around 20 to 2000 Hz. The
similarities in modal forms between Figures 21.1 and
21.3 are immediately apparent, although the torsional
modes are noticed to undergo some changes. The funda-
mental frequency of the propeller shown in Figure 21.3
was 160 Hz.
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The effect of blade area can to some extent be seen
by comparing the results shown by Figure 21.3 with the
work of Hughes (Reference 3). Hughes examined the
response of a series of blades but for these purposes a
four-bladed propeller having a blade area ratio of 0.85
is of interest. Figure 21.4 shows the comparison from
which a far more complex pattern of modal forms is
observed. In particular, the importance of the blade
‘edge nodes’ is apparent for this type of propeller.

Figure 21.4 Vibratory characteristics of a wide-bladed
propeller in air

This particular propeller had circular back sections, and
therefore possessed symmetry about the directrix.

Blade form clearly has an important influence on the
modal form of the vibrating blade. Some years ago
Carlton and Filcek, in unpublished work, examined the
effects of blade form on the vibration characteristics
of controllable pitch propellers. Figure 21.5 shows the
differences in vibration patterns derived from this work
for two different blade forms, one highly skewed and
the other of conventional form, both propellers having
diameters in the region 3.0 to 3.5 m. The symmetrical
blade outline clearly shows analogous modes to those
derived by Hughes with the smaller and simpler design
(see Figure 21.4). In the case of the highly skewed blade
the pattern is somewhat more complex, although the

Figure 21.5 Vibration characteristics of two controllable
pitch propeller blades
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presence of distinct flexural modes is clearly apparent.
In both cases the presence of edge modes is apparent –
more so with the symmetrical design. Both propellers
shown in Figure 21.5 had aerofoil sections.

21.3 The effect of immersion in water

The principal effect of immersing the propeller in water
is to cause a reduction in the frequency at which a par-
ticular mode of vibration occurs. This reduction is not a
constant value for all modes of vibration and appears to
be larger for the lower modes than for the higher modes.
In order to investigate this effect in global terms one can
define a frequency reduction ratio � as

� = frequency of mode in water

frequency of mode in air
(21.1)

Burrill (Reference 1) investigated this relationship for
the propeller whose vibratory characteristics in air are
shown by Figure 21.3. The results of his investigation
are shown in Table 21.2 for both the flexural and tor-
sional modes of vibration. From the table it is seen that
for this particular propeller the value of � increases
with the modal number in each of the flexural and
torsional modes. With regard to the higher blade area
ratio propeller results of Hughes shown in Figure 21.4,
Table 21.3 shows the corresponding trends. Again from
this table the general trend of increasing values of �
with increasing complexity of the modal form is clearly
seen. Hughes, in his study, also investigated the effect
of pitch on frequency by comparing the characteristics
of pitched and flat-plate blades, and found that for most
modes, with the exception of the first torsional mode,
the pitched blade had a frequency of around 10 per cent
higher than the flat-plate blade; in the case of the first
torsional mode the increase in frequency was of the
order of 60 per cent. The influence of water immersion
on these variations was negligible. In this study it was
also shown that for a set of other blade forms, having
broadly similar dimensions except for blade area and

Table 21.2 The effect on modal frequency of immersion
in water for a four-bladed propeller with a BAR of 0.524
and P/D = 0.65 (compiled from Reference 1)

Flexural vibration modes Frequency (Hz) �

In air In water

Fundamental 160 100 0.625
One-node mode 230 161 0.700
Two-node mode 460 375 0.815
Three-node mode 710 625 0.880
Four-node mode 1020 1000 0.980

Torsional vibration modes
One-node mode 400 265 0.662
Two-node mode 670 490 0.731
Three-node mode 840 – –

Table 21.3 The effect of modal frequency of immersion
for a four-bladed propeller with a BAR of 0.85 and a
P/D = 1.0 (complied from Reference 1)

Mode shape Frequency (Hz) �

In air In water

i 310 200 0.645
ii 395 280 0.709
iii 550 395 0.718
iv 805 605 0.751
v 808 650 0.804
vi 1055 810 0.768
vii 1180 910 0.771
viii 1345 1055 0.784
ix 1690 1330 0.786
x 1805 1435 0.795

outline, a reasonable correlation existed between the
value of � and the frequency of vibration in air. It is
likely, however, that such a correlation would not be
generally applicable.

The influence of immersing a blade in water is chiefly
to introduce an added mass term due to the inertia of the
water which is set in motion by the blade. If the blade is
considered as a single degree of freedom system at each
of the critical frequencies, then the following relation
holds from simple mathematical analysis for undamped
motion;

f = 1

2π

√

k

m
(21.2)

Now by assuming that the stiffness remains unchanged,
then by combining equations (21.1) and (21.2) we have

� =
√

√

√

√

√

equivalent mass of the blade

equivalent mass of the blade + added
mass due to water

The effect of the modal frequency on the value of �
can be explained by considering the decrease in virtual
inertia due to the increased cross-flow induced by the
motion of adjacent blade areas which are vibrating out
of phase with each other: the greater the number of
modal lines, the greater is this effect.

With respect to the effect of immersing the propeller
blades on the mode shapes, Figure 21.6 shows that this
is generally small in the examples taken from Burrill’s
and Hughes’ work, in so far as whilst the basic mode
shape is preserved there is sometimes a shift in position
of the modal line on the blade.

21.4 Simple estimation methods

The estimation of the modal forms and their associated
frequencies is clearly a complex matter and one that lies
outside the scope of simple estimation methods. As a
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Figure 21.6 Mode shapes in air and water for the two
different propeller forms

consequence, estimation techniques are normally con-
fined to the determination of the fundamental flexural
mode of vibration in air and a correction �, as identified
in equation (21.1), applied to account for the immersion
of the blade in water.

In the case of the associated problem of turbine
and compressor blading, several solution procedures
have been produced over the years. These methods,
which rely in varying degrees on the mathematical
formulation of the elasticity problem, are designed gen-
erally for comparatively high aspect ratio blades, and
so are not always suitable for direct application to the
propeller problem. In the case of the propeller blade,
the method proposed by Baker (Reference 4) still finds
fairly widespread use as an initial estimation technique
for non-highly skewed propellers. The method, whilst
giving a reasonable approximation to the fundamental
frequency, also has the advantage of being simple to use
and does not require the application of advanced compu-
tational facilities. According to Baker the fundamental

frequency of a propeller blade in air approximates in
inch-pound-second units, to

fair = 0.305

(R − rh)2

[(

gE

̺m

)(

t̄

c̄

)

chth

]1/2

(21.3)

where c̄ is the blade mean chord length,
ch is the blade chord at the root section,
t̄ is the blade mean thickness,
th is the blade thickness at the root section,
R is the tip radius,
rh is the root radius,
E is Young’s modulus of elasticity,
̺m is the material density,
g is the acceleration due to gravity.

Equation (21.3) is based on classical analysis proced-
ures used in association with the results of experimental
work conducted on flat-plate blades. This series of pro-
pellers, numbering seven in total, had a diameter of
305 mm and two blades; each propeller had differences
in section form and blade outline ranging from circu-
lar back to aerofoil sections and from symmetrical to
moderate skew forms of the day.

In order to estimate the fundamental frequency in
water, equations (21.1) and (21.3) are combined as
follows:

fwater = 0.305�

(R − rh)2

[

gE

̺m

(

t̄

c̄

)

chtn

]1/2

(21.4)

where the value of � would normally take a value in the
range 0.62 to 0.64.

Baker also attempted an estimation formula for the
primary torsional frequency of vibration which he esti-
mated to have an accuracy of ±5% based on the tests
and model forms used. His formula is

ft air = 0.92

(R − rh)

(

t0.5

c0.5

)

(cn

c̄

)

√

gG

̺m
(21.5)

in which c0.5 and t0.5 are the chord length and thickness
at 0.5 R respectively and G is the modulus of rigid-
ity of the material. To estimate the torsional frequency
ft in water, it is necessary to introduce the appropri-
ate value of � into equation (21.5) as was the case in
equation (21.4).

In general terms, equations of the type (21.4) and
(21.5) are very useful for estimating purposes at the
design stage or in trouble-shooting exercises. They pro-
vide an approximation to the basic vibration character-
istics of the propeller blade; however for more detailed
examinations, it is necessary to employ finite element
based studies which enable the further exploration of
the blade vibration problem.

21.5 Finite element analysis

The finite element technique offers a solution technique
which can define the blade natural frequencies and mode
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shapes with a potentially greater accuracy than by the
use of the estimation formulae discussed in the previ-
ous section. The finite element method, however, when
applied to propeller calculations of this type, relies on
both the satisfactory modelling the blade in terms of
the type and geometric form of the elements and also
the adequate representation of the effect of the water in
which the propeller is immersed.

In the first instance, the choice of element type is gov-
erned by the nature of the problem and reasonable cor-
relation has been derived from the use of quadrilateral
plate or isoparametric elements. The latter is particu-
larly useful when blade rotation is included. With regard
to the geometric form of the elements, the requirements
of the particular elements with regard to aspect ratio and
included angle at the element corners must clearly be
adhered to if erroneous results are to be avoided.

Figure 21.7 shows an example of a blade descretiza-
tion taken from Holden (Reference 5). The conditions
at the blade root require some consideration in order
to achieve realistic conditions, since some authorities
suggest that a fully built-in condition at the root is unrep-
resentative and that some relaxation of that condition
should be made. Clearly the amount that can be done to
meet this criticism depends upon the flexibility of the
finite element capability being used.

Figure 21.7 Finite element mesh for blade vibration
analysis (Reproduced with permission from Reference 5)

With regard to the fluid effect on the blade, appeal
can first be made to the two-dimensional analysis for
laminae, since the effect of blade thickness is likely to
be small. For the case of a lamina, three motions can
be identified which are of interest: translation motion of
the lamina, rotational motion about the lamina axis and
transverse or chordwise flexure. In the case of trans-
lational motion, if this is normal to the plane of the
lamina, then the added mass of water per unit length
π̺b2 for a chord length c = 2b. Hence in the case of
oblique motion at an angle θ to the plane of the lamina,
then the added mass per unit length is given by

mat = π̺b2 sin2 θ (21.6)

For rotational motion about the blade axis the effective
added moment of inertia of the blade section per unit
length of the section is

Iar = π

8
̺b4 (21.7)

In the case of a segmental section Lockwood Taylor
(Reference 6) suggests that for transverse or chord-
wise flexure the ratio of fluid to blade inertia can be
approximated by

Iaf

If
= 1.2

(

̺

̺m

)(

b

t

)

(21.8)

where ̺m and t are the blade material density and
thickness, respectively.

Lockwood Taylor suggests that equations (21.6) and
(21.8) can be used directly for a propeller blade provided
the blade is of sufficiently large aspect ratio. For wider
blades of more common interest to propeller design-
ers, three-dimensional corrections must be applied, for
example as outlined by Lindholm et al. (Reference 7).

In the various pseudo-empirical approaches to the
prediction of blade vibratory characteristics the blade is
assumed to be stationary, and so the effect of centrifugal
stiffening is not considered. This situation is, however,
partially redressed in numerical approaches to the prob-
lem. For conventional propeller designs the centrifugal
stiffening effect is not thought to be significant; how-
ever, this may not necessarily be the case for very high
rotational speed applications.

21.6 Propeller blade damping

As with all mechanical structures the propeller blade
material exerts a degree of damping to the vibration
characteristics exhibited on the blades. Holden (Refer-
ence 5) investigated this relationship for a series of three
propellers, one model and two full scale. The results
obtained are shown in Table 21.4 for free oscillations at
natural frequency.

In Table 21.4 the damping factor is defined by

ζ = 1

2πn
ln

(

a1

an

)

(21.9)
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Table 21.4 Damping factors for three propeller blades measured experimentally (compiled from Reference 1)

Propeller dimensions Material Natural frequency Damping factor ζ

in air (Hz)
In air In water

Model propeller: Diameter = 1770 mm; Z = 6; Al 118.5 0.0044 0.0405
AE/Ao = 0.595

Full-scale propeller: Diameter = 8850 mm; Z = 6; Cu–Al–Ni 20.8 – 0.0073
AE/Ao = 0.595

Full-scale propeller: Diameter = 2050 mm; Z = 3; Cu–Al–Ni 95.0 0.0044 0.0060
AE/Ao = 0.40

Figure 21.8 Comparison of propeller alloy damping properties: (a) free vibration signature of three-bladed propeller in
Table 21.4 and (b) example of a high damping alloy for propeller manufacture

and was calculated from the variation in amplitude a of
strain gauge measurements at 0.6R over 20 oscillations;
that is, n = 20 in equation (21.9).

Under forced oscillations the damping factors were
found to increase slightly to 0.0100 and 0.0328 for air
and water, respectively.

Whilst propeller materials in general exhibit low
damping for most commercial applications, it is pos-
sible to use material with a very high damping if the
blade design demands a high level of suppression of the
vibration characteristics. Such materials, an example of
which is given in Reference 8, have a damping charac-
teristic as shown in Figure 21.8(b) and can be compared
to that for the three-bladed propeller of Table 21.4
shown in Figure 21.8(a).

21.7 Propeller singing

Singing is a troublesome phenomenon that affects some
propellers, and its incidence on a particular design is
unpredictable within the bounds of present analysis
capabilities. It is quite likely that, and indeed known,
that two propellers can be manufactured to the same
design and one propeller will sing whilst the other
will not.

Singing can take many forms ranging from a deep
sounding grunting noise through to a high-pitched
warbling noise such as might be expected from an

incorrectly set turning operation on a lathe. The deeper
‘grunting’ noise is most commonly associated with the
larger vessels such as bulk carriers, and in general the
faster and smaller the propeller the higher the frequency
will be. The noise may be intermittent or may have
an apparent period of about once per revolution, most
frequently the latter. Furthermore, it is unlikely that
singing will occur throughout the whole range of pro-
peller loading but will occur only within certain specific
revolution ranges. There is the classic example in this
respect of some controllable pitch propellers which,
when working at slightly reduced pitch settings, will
sing for a short period of time.

The phenomenon of propeller singing has inspired
many researchers to investigate the problem, much of
this work being done in the 1930s and 1940s for example
References 9 to 15. Today singing is generally believed
to be caused by a vortex shedding mechanism in the
turbulent and separated part of the boundary layer on
the blade surface exciting the higher-mode frequencies
of the blade and particularly those associated with blade
edge modes. As a consequence, it is not possible at this
time to predict the conditions for the onset of singing
in a propeller design procedure or indeed whether a
particular design will be susceptible to the singing phe-
nomenon. In addition to the theoretical complexity of
the problem, the practical evidence from propellers
manufactured to the same design and specification, one
of which sings whilst the others do not, leads to the
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conclusion that small changes in dimensional tolerances
are sufficient, given the appropriate circumstances, to
induce singing.

Although prediction of singing inception is not pos-
sible, the cure of the phenomenon is normally not dif-
ficult; indeed some manufacturers incorporate the cure
as a standard feature of their design whilst others prefer
not to take this measure so as not to weaken the edges of
the blade. The cure is to introduce a chamfer to the trail-
ing edge of the blade and to ensure that the knuckle of
the chamfer and trailing edge wedge, points a, b and c in
Figure 21.9, are sharp. The purpose of this edge form is
to deliberately disrupt the boundary layer growth in the
trailing edge region and hence alleviate the effects of
the vortex shedding mechanism. Van Lammeren, in the
discussion to Reference 1, suggests that the dimensions
of an anti-singing edge can be calculated from

x = [20 + 5(D − 2)]|max=30 mm (21.10)

y = 0.1x mm

Figure 21.9 Anti-singing edge design

where D is the propeller diameter in metres and where
the parameters are defined in Figure 21.9. The anti-
singing edge is normally defined between the geometric
tip of the propeller and a radial location of around 0.4R
on the trailing edge, where it is then faired into the
normal edge detail. The anti-singing edge is applied

to the suction surface of the blade; there are, however,
some anti-singing edge forms which are applied to both
sides of the blade at the trailing edge. These latter forms
are less frequently used since the flow on the suction
face of the blade, because it separates earlier, is the most
likely cause of the singing problem. Edge forms of the
type shown in Figure 21.9 do not cause any particular
power absorption problems since, although modifying
the trailing edge after the manner shown in Chapter
23, the anti-singing edge operates wholly within the
separated flow in the wake of the blade section.

It has been found that on occasions with highly
skewed propellers it is necessary to extend the anti-
singing edge forward by a small amount from the
geometric tip onto the leading edge of the blade in
order to cure a singing problem. This extension, how-
ever, should be done with caution so as not to introduce
unwanted cavitation problems due to the sharpened
leading edge which results. When this extension of the
anti-singing edge has been found necessary the cure of
the singing problem has been completely satisfactory.

References and further reading

1. Burrill, L.C. Underwater propeller vibration tests.
Trans. NECIES, 65, 1949.

2. Burrill, L.C. Marine propeller blade vibrations: full
scale tests. Trans. NECIES, 62, 1946.

3. Hughes, W.L. Propeller blade vibrations. Trans.
NECIES, 65, 1949.

4. Baker, G.S. Vibration patterns of propeller blades.
Trans. NECIES, 57, 1940.

5. Holden, K. Vibrations of marine propeller blades.
Norwegian Mar. Res., 3, 1974.

6. Lockwood Taylor, J. Propeller blade vibrations.
Trans. RINA, 1945.

7. Lindholm, Kana, Chu, Abramson. Elastic vibration
characteristics of cantilever plates in water. J. Ship.
Res., June 1965.

8. Sonoston High Damping Capacity Alloy. SMM
Technical Brief No. 7.

9. Report of the ‘singing’ propeller committee. Trans.
RINA, 1936.

10. Conn, J.F.C. Marine propeller blade vibration.
Trans. IESS, 1939.

11. Shannon, J.F., Arnold, R.N. Statistical and experi-
mental investigations on the singing propeller prob-
lem. Trans. IESS, Paper No. 996, 1939.

12. Davis, A.W. Characteristics of silent propellers.
Trans. IESS, Paper No. 1005, 1939.

13. Kerr, W., Shannon, J.F., Arnold, R.N. The problem
of the singing propeller. Trans. I. Mech. E., 143,
1940.

14. Hughes, G. Influence of the shape of blade section
on singing of propellers. Trans. IESS, 85, 1941.

15. Hughes, G. On singing propellers. Trans. RINA. 87,
1945.



22 Propeller
design

Contents

22.1 The design and analysis loop
22.2 Design constraints
22.3 The choice of propeller type
22.4 The propeller design basis
22.5 The use of standard series data in design
22.6 Design considerations
22.7 The design process



This page intentionally left blank 



Propeller design 437

Each of the chapters in this book has considered dif-
ferent aspects of the propeller in detail. This chapter
attempts to provide a basis for drawing together the vari-
ous threads of the subject, so that the propeller and its
design process can be considered as an integrated entity.
The completed propeller depends for its success on the
satisfactory integration of several scientific disciplines.
These disciplines are principally hydrodynamics, stress
analysis, metallurgy and manufacturing technology
with supportive inputs from mathematics, dynamics and
thermodynamics. It is not uncommon to find that several
of the requirements of the principal disciplines for a par-
ticular design are in partial conflict, to a greater or lesser
extent, in their aim to satisfy a particular set of require-
ments and constraints. The test of the designer is in how
satisfactorily he resolves these conflicts to produce an
optimal design: optimal in the sense of satisfying the
various constraints. It may therefore be inferred that
in propeller technology, as in all other forms of engi-
neering design, there is no single correct solution to a
particular propulsion problem.

22.1 The design and analysis loop

The phases of the design process, given that there is a
requirement for a particular ship to be propelled, can be
summarized in the somewhat abstract terms of design
textbooks as shown in Figure 22.1. From the figure,
it is seen that the creation of the artefact commences
with the definition of the problem, which requires the
complete specification for the design. This specification
must include a complete definition of the inputs and the
required outputs together with the limitations on these
quantities and the constraints on the design. Following
the design definition phase, the process passes on to the
synthesis phase, in which the basic design is formulated
from the various ‘building blocks’ that the designer has
at his disposal. In order to provide the optimal solution,
the synthesis phase cannot exist in isolation and has to

Figure 22.1 Phases of engineering design

be conducted with the analysis and optimization phase
in an interactive loop in order to refine the design to that
required – that is, a design that complies with the origi-
nal specification and also has the optimal property. The
design loop must be flexible enough, should an unre-
solvable conflict arise with the original definition of the
problem, to allow an appeal for change to the definition
of the design problem from either of the synthesis or
analysis and optimization phases. Indeed it is also likely
that either of these phases of design will lead to the iden-
tification of areas for longer-term research to aid future
design problems. As was noted, design is an interactive
process in which one passes through several steps, eval-
uates the results, and then returns to an earlier phase of
the procedure. Consequently, we may synthesize many
components of the design, analyse and optimize them,
and return to the synthesis to see what effect this has
on the remaining parts of the system. Analysis may also
include model testing in either a towing tank or cavita-
tion tunnel. When the design loop of synthesis, analysis
and optimization is complete, the process then passes
on the evaluation phase. This phase is the final proof of
the design, from which its success is determined, since
it usually involves the testing of a prototype. In pro-
peller design, the luxury of a prototype is rare, since the
propeller is a unit volume item under normal circum-
stances. Hence, the evaluation stage is normally the sea
trial phase of the ship-building programme. Neverthe-
less, when design does not perform as expected, then it
is normal, as in the generalized design process, to return
to an earlier phase to explore the reasons for failure and
propose modification.

Theses general design ideas, although abstract, are
nevertheless useful and directly applicable to the pro-
peller design process. How then are they applied? In the
first instance it must be remembered that in general a
propeller can only be designed for a single design point
which involves a unique specification of a power, rota-
tional speed, ship speed and a mean radial wake field.
The controllable pitch propeller is the partial exception
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to this rule when it would be normal to consider two or
more design points. Although there is a unique design
point in general the propeller operates in a variable cir-
cumferential wake field and may be required to work at
off-design points: in some instances the sea trial condi-
tion is an off-design point. Therefore, there is in addition
to the synthesis phase of Figure 22.1 also an analysis
and optimization phase, as also shown in the figure.

In the case of propeller design, the conceptual design
approach shown in Figure 22.1 can be translated in the
following way. The definition of the problem is prin-
cipally the specification of the design point, or points
in the case of controllable pitch propellers, for the pro-
peller together with the constraints which are applicable
to that particular design or the vessel to which it is
to be fitted. In both of these activities the resulting
specification should be a jointly agreed document into
which the owner, shipbuilder, engine builder and pro-
peller designer have contributed: to do otherwise can
lead to a grossly inadequate or unreasonable specifica-
tion being developed. Following the production of the
design specification the synthesis of the design can com-
mence. This design will be for the propeller type agreed
during the specification stage, because it is very likely
that some preliminary propeller design studies will have
been conducted during the design specification phase.
At that time propeller type, blade number and so on
are most likely to have been chosen. As a consequence,
during the synthesis phase the basic design concept will
be worked up into a detailed design proposal typically
using, for advanced designs, a wake adapted lifting line
with lifting surface correction capability. The choice of
method, however, will depend on the designer’s own
capability and the data available, and may, for small
vessels, be an adaptation of a standard series propeller
which may work in a perfectly satisfactory manner from
the cost-effectiveness point of view.

The design that results from the synthesis phase,
assuming the former of the two synthesis approaches

Figure 22.2 The phases of propeller design

have been adopted, will then pass into the analysis
and optimization phase. This phase may contain ele-
ments of both theoretical analysis and model testing.
The theoretical analysis will vary, depending upon the
designer’s capabilities and the perceived cost benefit of
this stage, from adaptations of Burrill’s vortex analysis
procedure through to unsteady lifting surface, vortex
lattice or boundary element capabilities (Chapter 8).
With regard to model testing in this phase, this can
embrace a range of towing tank studies for resistance
and propulsion purposes through to cavitational tunnel
studies for determination of cavitation characteristics
and noise prediction. The important lesson in propeller
technology is to appreciate that each of the analysis tech-
niques, theoretical and model testing, gives a partial
answer, since although today our understanding of the
various phenomena has progressed considerably from
that of say twenty or thirty years ago, there are still
many areas where our understanding is far from com-
plete. As a consequence, the secret of undertaking a
good analysis and optimization phase is not simply to
take the results of the various analysis at face value, but
to examine them in the light of previous experience and
a knowledge of their various strengths and weaknesses
to form a balanced view of the likely performance of
the proposed propellers; this is only the essence of good
engineering practice.

Figure 22.2 translates the more abstract concept of
the phases of engineering design, shown in the previous
figure, into a propeller related design concept in the light
of the foregoing discussion.

22.2 Design constraints

The constraints on propeller design may take many
forms: each places a restriction on the designer and in
most cases if more than one constraint is placed then this
places a restriction on the upper bound of performance
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that can be achieved in any one area. For example, if a
single constraint is imposed, requiring the most efficient
propeller for a given rotational speed, then the designer
will most likely choose the optimum propeller with the
smallest blade area ratio, consistent with any blade cav-
itation erosion criteria, in order to maximize efficiency.
If then a second constraint is imposed, requiring the
radiated pressures on the hull surface not to exceed a
certain value, then the designer will start to increase
the blade chord lengths and adjust other design param-
eters in order to control the cavitation. Therefore, since
the blade area is no longer minimized, this will cause
a reduction in efficiency but enhance the hull pressure
situation.

Although this is a somewhat simplified example, it
adequately illustrates the point and as a consequence,
it is important that all concerned with the ship design
consider the various constraints in the full knowledge
of their implications and the realization that the set-
ting of unnecessary or over-strict constraints will most
likely lead to a degradation in the propeller’s overall
performance.

22.3 The choice of propeller type

The choice of propeller type for a particular propul-
sion application can be a result of the consideration of
any number of factors. These factors may, for example,
be the pursuit of maximum efficiency, noise reduction,
ease of manoeuvrability cost of installation and so on.
Each vessel and its application has to be considered on
its application has to be considered on its own merits
taking into account the items listed in Table 22.1.

Table 22.1 Factors affecting choice of propulsor

Role of vessel
Special requirements
Initial installation costs
Running costs
Maintenance requirements
Service availability
Legislative requirements

In terms of optimum open water efficiency van
Manen (Reference 1) developed a comparison for a
variety of propeller forms based on the results of sys-
tematic series data. In addition to the propeller data from
experiments at MARIN he also included data relating to
fully cavitating and vertical axis propellers (References
2 and 3) and the resulting comparison is shown in Fig-
ure 22.3. The figure shows the highest obtainable open
water efficiency for the different types of propeller as
a function of the power coefficient Bp. As can be seen
from the legend at the top of the figure the lightly loaded
propellers of fast ships lie to the left-hand side whilst

the more heavily loaded propellers of the large tankers
and bulk carriers and also the towing vessels lie to the
right-hand side of the figure. Such a diagram is able to
give a quick indication of the type of propeller that will
give the best efficiency for a given type of ship. As is
seen from the diagram the accelerating duct becomes a
more attractive proposition at high values of Bp whereas
the contra-rotating and conventional propellers are most
efficient at the lower values of Bp.

In cases where cavitation is a dominant factor in the
propeller design such as in high-speed craft, Tachmindji
et al. (Reference 4) developed a useful basic design
diagram to determine the applicability of different pro-
peller types with respect to cavitating conditions of
these types of craft. This diagram is reproduced in
Figure 22.4. From the figure it is seen that it comprises
a series of regions which define the applicability of dif-
ferent types of propeller. In the top right-hand region
are to be found the conventional propellers fitted to
most merchant vessels, whilst in the bottom right-hand
region are the conditions where supercavitating pro-
pellers will give the best efficiencies. Propellers that fall
towards the left-hand side of the diagram are seen to give
low efficiency for any type of propeller and since low
advance coefficient implies high Bp the correspondence
between these Figures 22.4 and 22.3 can be seen by
comparison.

The choice between fixed pitch propellers and con-
trollable pitch propellers has been a long contested
debate between the proponents of the various systems.
In Chapter 2 it was shown that the controllable pitch
propellers have gained a significant share of the Ro/Ro,
ferry, fishing, offshore and tug markets with vessels of
over 2000 BHP.This is clearly because there is a demand
for either high levels of manoeuvrability or a duality
of operation that can best be satisfied with a control-
lable pitch propeller rather than a two-speed reduction
gearbox for these types of vessel. For the classes of ves-
sel which do not have these specialized requirements,
then the simpler fixed pitch propeller appears to pro-
vide a satisfactory propulsion solution. With regard to
reliability of operation, as might be expected the con-
trollable pitch propeller has a higher failure rate due to
its increased mechanical complexity. Table 22.2 details
the failure rates for both fixed pitch propellers and con-
trollable pitch propellers over a period of about a quarter
of a century (Reference 5). In either case, however, it is
seen that the propeller has achieved the status of being
a very reliable marine component.

The controllable pitch propeller does have the advan-
tage of permitting constant shaft speed operation of
the propeller. Although this generally establishes a
more onerous set of cavitation conditions, it does read-
ily allow the use of shaft-driven generators should
the economics of the ship operation dictate that this
is advantageous. In addition, in this present age of
environmental concern, there is some evidence to sug-
gest (Reference 6) that the NOx exhaust emissions
can be reduced on a volumetric basis at intermediate
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Figure 22.3 Typical optimum open water efficiencies for different propeller types (Reproduced with permission
from Reference 1)

Figure 22.4 The effect of cavitation number on propeller type for high-speed propellers
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Table 22.2 Change in the propeller defect incidence
with time for propellers in the range 5000 < BHP <
10 000 (1960–1989)

1960– 1965– 1970– 1975– 1980– 1985–
64 69 74 79 84 89

Fixed pitch 0.018 0.044 0.067 0.066 0.065 0.044
propeller

Controllable 0.080 0.161 0.128 0.157 0.106 0.079
pitch
propellers

Defects recorded in defect incidence per year per unit.

engine powers when working at constant shaft speed.
Figure 22.5 shows this trend from which a reduction
in the NO emissions, these forming about 90 per cent
of the total NOx component, can be seen at constant

Figure 22.5 Influence of engine operating conditions and
fuel CCAI number

speed operation for a range of fuel qualities. Such data,
however, needs to be interpreted in the context of mass
emission for particular ship applications.

In cases where manoeuvrability or directional control
is important, the controllable pitch propeller, steerable
duct, azimuthing propeller and the cycloidal propeller
can offer various solutions to the problem, depending
on the specific requirements.

By way of summary, Table 22.3 lists some of the
important features of the principal propeller types.

Table 22.3 Some important characteristics of propeller
types

Propeller type Characteristics

Fixed pitch Ease of manufacture
propellers Design for a single condition (i.e.

design point)
Blade root dictates boss length
No restriction on blade area or shape
Rotational speed varies with power
absorbed

Relatively small hub size

Controllable Can accommodate multiple operating
pitch conditions
propellers Constant or variable shaft speed operation

Restriction on blade area to maintain
blade reversibility

Blade root is restricted by palm
dimensions

Increased mechanical complexity
Larger hub size, governed by spindle
torque requirements

Ducted Can accommodate fixed and
propellers controllable pitch propellers

Duct form should be simple to
facilitate manufacture

Enhanced thrust at low ship speed
Duct form can be either accelerating
or decelerating

Accelerating ducts tend to distribute
thrust equally between duct and
propeller at bollard pull

Ducts can be made steerable

Azimuthing Good directional control of thrust
units Increased mechanical complexity

Can employ either ducted or
non-ducted propellers of either
fixed or controllable pitch type

Cycloidal Good directional control of thrust
propellers Avoids need for rudder on vessel

Increased mechanical complexity

Contra-rotating Provides ability to cancel torque
propellers reaction

Enhanced propulsive efficiency in
appropriate conditions

Increased mechanical complexity
Can be used with fixed shaft lines or
azimuthing units
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22.4 The propeller design basis

The term ‘propeller design basis’ refers to the power,
rotational speed and ship speed that are chosen to act
as the basis for the design of the principal propeller
geometric features. This is an extremely important mat-
ter even for the controllable pitch propellers, since in
this latter case the design helical sections will only
be absolutely correct for one pitch setting. This dis-
cussion, however, will largely concentrate on the fixed
pitch propeller since for this type of propeller the cor-
rect choice of the design basis is absolutely critical to
the performance of ship.

The selection of the design basis starts with a con-
sideration of the mission profile for the vessel. Each
vessel has a characteristic mission profile which is deter-
mined by the owner to meet the commercial needs of
the particular service under the economic conditions
prevailing. It must be recognized that the mission pro-
file of a particular ship may change throughout its life,
depending on a variety of circumstances. When this
occurs it may then be necessary to change the propeller
design, as witnessed by the slow steaming of the large
tankers after the oil crisis of the early 1970s and the con-
sequent change of propellers by many owners in order
to enhance the ship’s efficiency at the new operating
conditions. The mission profile is determined by sev-
eral factors, but is governed chiefly by the vessel type
and its intended trade pattern; Figure 22.6 shows three
examples relating to a container ship, a Ro/Ro ferry and
a warship. The wide divergence in the form of these
curves amply illustrates that the design basis for a par-
ticular vessel must be chosen with care such that the
propeller will give the best overall performance in the
areas of operation required. This may well require sev-
eral preliminary design studies in order to establish the
best combination of diameter, pitch ratio and blade area
to satisfy the operational constraints of the ships.

In addition to satisfying the mission profile require-
ments it is also necessary that the propeller and engine
characteristics match, not only when the vessel is new
but also after the vessel has been in service for some
years. Since the diesel engine at the present time is used
for the greater majority of propulsion pants, we will
use this as the primary basis for the discussion. The
diesel engine has a general characteristic of the type
shown in Figure 22.7 with a propeller demand curve
superimposed on it which is shown in this instance to
pass through the Maximum Continuous Rating (MCR)
of the engine. It should not, however, be assumed
that in the general case the propeller demand curve
must pass through the MCR point of the engine. The
propeller demand curve is frequently represented by
the so-called ‘propeller law’, which is a cubic curve.
This, however, is an approximation, since the propeller
demand is dependent on all of the various hull resistance
and propulsion components, and therefore has a more
complex functional relationship. In practice, however,
the cubic approximation is generally valid over limited

Figure 22.6 Examples of ship mission profiles:
(a) container ship; (b) Ro/Ro passenger ferry and
(c) warship

power ranges. If the pitch of the propeller has been
selected incorrectly, then the propeller will be either
over-pitched (stiff), curve A, or underpitched (easy),
curve B. In either case, the maximum power of the
engine will not be realized, since in the case of over-
pitching the maximum power attainable will be X at a
reduced rpm, this being governed by the engine torque
limit. In the alternative under-pitching case, the max-
imum power attainable will be Y at 100 per cent rpm,
since the engine speed limit will be the governing factor.

In addition to purely geometric propeller features,
a number of other factors influence the power absorp-
tion characteristics. Typical of these factors are sea
conditions, wind strength, hull condition in terms of
roughness and fouling, and, of course, displacement. It
is generally true that increased severity of any of these
conditions requires an increase in power to drive the
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Figure 22.7 Engine characteristic curve

ship at the same speed. This has the effect of moving
the power demand curve of the propeller (Figure 22.7)
to the left in the direction of curve A. As a conse-
quence, if the propeller is designed to operate at the
MCR condition when the ship is clean and in a light
displacement with favourable weather, such as might
be found on a trial condition, then the ship will not be
able to develop full power in subsequent service when
the draughts are deeper and the hull fouls or when the
weather deteriorates. Under these conditions the engine
torque limit will restrict the brake horsepower developed
by the engine.

Clearly this is not a desirable situation and a method
of overcoming this needs to be sought. This is most com-
monly achieved by designing the propeller to operate at
a few revolutions fast when the vessel is new, so that by
mid-docking cycle the revolutions will have fallen to
the desired value. In addition, when significant changes
of draught occur between the trial and the operating
conditions, appropriate allowances need to be made for
this effect. Figure 22.8 illustrates one such scenario, in
which the propeller has been selected so that in the most
favourable circumstances, such as the trial condition,
the engine is effectively working at a derated condition
and hence the ship will not attain its maximum speed
this is because the engine will reach its maximum speed
before reaching its maximum power. As a consequence
in poorer weather or when the vessel fouls or works at
a deeper draught, the propeller characteristic moves to

the left so that the maximum power becomes available.
Should it be required on trials to demonstrate the ves-
sel’s full-speed capability, then engine manufacturers
often allow an overspeed margin with a restriction on
the time the engine can operate at this condition. This
concept of the difference in performance of the vessel
on trial and in service introduces the term of a ‘sea mar-
gin’, which is imposed by the prudent owner in order
to ensure the vessel has sufficient power available in
service and throughout the docking cycle.

In practice the propeller designer will use a der-
ated engine power as the basis for the propeller design.
This is to prevent excessive maintenance costs in keep-
ing the engine at peak performance throughout its life.
Hence the propeller is normally based on a Normal
Continuous Rating (NCR) of between 85 per cent and
90 per cent of the MCR conditions; Figure 22.9 shows
a typical propeller design point for a vessel working
with a shaft generator. For this ship an NCR of 85
per cent of the MCR was chosen and the power of
the shaft generator PG deducted from the NCR. This
formed the propeller design power. The rotational speed
for the propeller design power. The rotational speed for
the propeller design was then fixed such that the power
absorbed by the propeller in service, together with the
generator power when in operation, could absorb the
MCR of the engine at 100 per cent rpm. This was done
by deducting the power required by the generator form
the combined service propeller and generator demand
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Figure 22.8 Change in propeller demand due to weather, draught changes and fouling

curve to arrive at the service propulsion only curve and
then applying the sea margin which enables the pro-
peller to run fast on trial. In this way the design power
and revolutions basis became fixed.

In the particular case of a propeller intended for a tow-
ing duty, the superimposition of the propeller and engine
characteristics presents an extreme example of the rela-
tionship between curve A and the propeller demand
curve shown in Figure 22.7. In this case, however, curve
A is moved far to the left because of the added resistance
to the vessel caused by the tow. Such situations normally
require correction by the use of a two-speed gearbox in
the case of the fixed pitch propeller, or by the use of a
controllable pitch propeller.

The controllable pitch propeller presents an inter-
esting extension to the fixed pitch performance maps
shown in Figures 22.7 to 22.9. A typical example is
shown in Figure 22.10, in which the controllable pitch
propeller characteristic is superimposed on an engine
characteristic. The propeller demand curve through the
design point clearly does not pass through the mini-
mum specific fuel consumption region of the engine
maps: this is much the same as for the fixed pitch pro-
peller. However, with the controllable pitch propeller
it is possible to adjust the pitch at partial load condi-
tion to move towards this region. In doing so it can
be seen that the propeller mapping may come very
close to the engine surge limit which is not a desirable
feature. Nevertheless, the controllable pitch propeller
pitch–rpm relationship, frequently termed the ‘combi-
nator diagram’ can be programmed to give an optimal
overall efficiency for the vessel.

In general, in any shaft line three power definitions
are assumed to exist, these being the brake horsepower,
the shaft horsepower and the delivered horsepower. The
following definitions generally apply:

Brake power (PB) The power delivered at the
engine coupling or flywheel.

Shaft power (PS) The power available at the
output coupling of the
gearbox, if fitted. If no
gearbox is fitted then
PS = PB. Also, if a
shaft-driven generator is
fitted on the line shaft, then
two shaft powers exist; one
before the generator PSI and
the one aft of the generator
PSA = PSI – PG. In this latter
case some bearing losses may
also be taken into account.

Delivered power (PD) The power available at the
propeller after the bearing
losses have been deducted.

In design terms, where no shaft generators exist to
absorb power it is normally assumed that PD is between
98 and 99 per cent of the value of PS depending on
the length of the line shafting and the number of bear-
ings. When a gearbox is installed, then PS usually
lies between 96 and 98 per cent of the value of PB,
depending on the gearbox type.
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Figure 22.9 Typical propeller design point

22.5 The use of standard series data
in design

Standard series data is one of the most valuable tools the
designer has at his disposal for preliminary design and
feasibility study purposes. Design charts, or in many
cases today regression formulae, based on standard
series data can be used to explore the principal dimen-
sions of a propeller and their effect on performance
and cavitation prior to the employment of more detailed
design or analysis techniques. In many cases, however,
propellers are designed solely on the basis of standard
series data, the only modification being to the section
thickness distribution for strength purposes. This prac-
tice not only commonly occurs for small propellers but
is also seen to a limited extent on the larger merchant
propellers.

When using design charts, however, the user should
be careful of the unfairness that exists between some of
the early charts, and therefore should always, where
possible, use a cross-plotting technique with these
earlier charts between the charts for different blade area
ratios. These unfairnesses arose in earlier times when
scale effects were less well understood than they are
today, and in several of the series this has now been
eradicated by recalculating the measured results to a
common Reynolds number base.

Some examples of the use of standard series data are
given below. In each of these cases, which are aimed
to illustrate the use of the various design charts, the
hand calculation procedure has been adopted. This is
quite deliberate, since if the basis of the procedure is
understood, then the computer-based calculations will
be more readily accepted and be able to be critically
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Figure 22.10 Controllable pitch propeller characteristic curve superimposed on a typical engine mapping

reviewed. The examples shown are clearly not exhaus-
tive, but serve to demonstrate the underlying use of
standard series data.

22.5.1 The determination of diameter

To determine the propeller diameter D for a propeller
when absorbing a certain delivered power PD and a rota-
tional speed N and in association with a ship speed Vs,
it is first necessary to determine a mean design Taylor
wake fraction (wT) from either experience, published
data or model test results. From this the mean speed
of advance Va can be determined as Va = (1 − wT)Vs.
This then enables the power coefficient Bp to be

determined as follows:

Bp = P
1/2
D N

V 2.5
a

which is then entered into the appropriate design chart
as seen in Figure 22.11(a). The value of δopt is then read
off from the appropriate ‘constant δ line’ at the point of
intersection of this line and the maximum efficiency line
for required Bp value. From this the optimum diameter
Dopt can be calculated from the equation

Dopt = δopt Va

N
(22.1)

If undertaking this process manually this should be
repeated for a range of blade area ratios in order to



Propeller design 447

Figure 22.11 Examples of use of standard series data in
the Bp ∼ δ from: (a) diameter determination; (b) pitch ratio
and open water efficiency determination and (c) power
absorption analysis of a propeller

interpolate for the required blade area ratio in general
optimum diameter will decrease for increasing blade
area ratio, see insert to Figure 22.11(a).

Several designers have produced regression equa-
tions for calculating the optimum diameter. One such
example produced by van Gunsteren (Reference 7) and,
based on the Wageningen B series, is particularly useful
and is given here as

δopt = 100

[

B3
p

(155.3 + 75.11B0.5
p + 36.76Bp)

]0.2

×
[

0.9365 + 1.49

Z
−
(

2.101

Z
− 0.1478

)2

× AE

AO

]

(22.2)

where Bp is calculated in British units of British horse-
power, rpm and knots; Z is the number of blades and
AE/AO is the expanded area ratio.

Having calculated the optimum diameter in either of
these ways, it then needs to be translated to a behind
hull diameter Db in order to establish the diameter for
the propeller when working under the influence of the
ship rather than in open water. Section 22.6 discusses
this aspect of design.

22.5.2 Determination of mean pitch ratio

Assuming that the propeller Bp value together with its
constituent quantities and the behind hull diameter Db
are known, then to evaluate the mean pitch ratio of the
standard series equivalent propeller is an easy matter.
First the behind hull δ value is calculated as

δb = ND b

Va
(22.3)

from which this value together with the power coeffi-
cient Bp is entered onto the Bp − δ chart, as shown in
Figure 22.11(b). From this chart the equivalent pitch
ratio (P/D) can be read off directly. As in the case of
propeller diameter this process should be repeated for a
range of blade area ratios in order to interpolate for the
required blade area ratio. It will be found, however, that
P/D is relatively insensitive to blade area ratio under
normal circumstances.

In the case of the Wageningen B series all of the
propellers have constant pitch with the exception of the
four-blade series, where there is a reduction of pitch
towards the root (see Chapter 6). In this latter case, the
P/D value derived from the chart needs to be reduced
by 1.5 per cent in order to arrive at the mean pitch.

22.5.3 Determination of open water efficiency

This is derived at the time of the mean pitch determi-
nation when the appropriate value of ηo can be read
off from the appropriate constant efficiency curve cor-
responding to the value of Bp and δb derived from
equation (22.3).

22.5.4 To find the rpm of a propeller to give
the required PD or PE

In this case, which is valuable in power absorption stud-
ies, a propeller would be defined in terms of its diameter,
pitch ratio and blade area ratio and the problem is to
define the rpm to give a particular delivered power PD
or, by implication, PE. In addition it is necessary to
specify the speed of advance Va either as a known value
or as an initial value to converge in an iterative loop.

The procedure is to form a series of rpm values, Nj

(where j = 1, . . . , k) from which a corresponding set of
δj can be produced. Then by using the Bp − δ chart in
association with the P/D values, a set of Bpj values can
be produced, as seen in Figure 22.11(c). From these
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Figure 22.12 Calculation algorithm for power absorption calculations by hand calculation
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values the delivered powers PDj can be calculated, cor-
responding to the initial set of Nj , and the required rpm
can be deduced by interpolation to correspond to the
particular value of PD required. The value of PD is, how-
ever, associated with the blade area ratio of the chart,
and consequently this procedure needs to be repeated for
a range of AE/AO values to allow the unique value of PD
to be determined for the actual AE/AO of the propeller.

By implication this can be extended to the production
of the effective power to correlate with the initial value
of Va chosen. To accomplish this the open water effi-
ciency needs to be read off at the same time as the range
of Bpj values to form a set of ηoj values. Then the effi-
ciency ηo can be calculated to correspond with the
required value of PD in order to calculate the effective
power PE as

PE = ηoηHηrPD

Figure 22.12 demonstrates the algorithm for this cal-
culation, which is typical of many similar procedures
that can be based on standard series analysis to solve
particular problems.

22.5.5 Determination of propeller thrust at
given conditions

The estimation of propeller thrust for a general free run-
ning condition is a trivial matter once the open water
efficiency ηo has been determined from a Bp − δ dia-
gram and the delivered power and speed of advance are
known. In this case the thrust becomes

T = PDηo

Va
(22.4)

However, at many operating conditions such as towing
or the extreme example of zero ship speed, the deter-
mination of ηo is difficult or impossible since, when Va
is small, then Bp → ∞ and, therefore, the Bp − δ chart
cannot be used. In the case when Va = 0 the open water
efficiency ηo loses significance because it is the ratio of
thrust power to the delivered power and the thrust power
is zero because Va = 0; in addition, equation (22.4) is
meaningless since Va is zero. As a consequence, a new
method has to be sought.

Use can be made either of the standard KT − J
propeller characteristics or alternatively of the μ − σ
diagram. In the case of the KT − J curve, if the pitch
ratio and the rpm and Va are known, then the advance
coefficient J can be determined and the appropriate
value of KT read off directly, and from this the thrust
can be determined. Alternatively, the μ − σ approach
can be adopted as shown in Figure 22.13.

22.5.6 Exploration of the effects of cavitation

In all propellers the effects of cavitation are important.
In the case of general merchant propellers some stand-
ard series give guidance on cavitation in the global
sense; see for example, the KCD series of propellers
where generalized face and back cavitation limits are

Figure 22.13 The use of the μ−σ chart in thrust prediction

given. The problem of cavitation for merchant ship pro-
pellers, whilst addressed early in the design process, is
nevertheless generally given more detail assessment, in
terms of pressure distribution, etc., in later stages of the
design. In the case of high-speed propellers, however,
the effects of cavitation need particular consideration
at the earliest stage in the design process along with
pitch ratio, diameter and, by implications, the choice of
propeller rpm.

Many of the high-speed propeller series include the
effects of cavitation by effectively repeating the model
tests at a range of free stream cavitation numbers based
on advance velocity. Typical in this respect is the KCA
series. From propeller series of this kind the influence
of cavitation on the propeller design can be explored,
for example, by taking a series of charts for different
blade area ratios and plotting for a given advance coef-
ficient KQ against the values of σ tested to show the
effect of blade area against thrust or torque breakdown
for a given value of cavitation number. Figure 22.14
demonstrates this approach. In the design process for
high-speed propellers several analogous design studies
need to be undertaken to explore the effects different
diameters, pitch ratios and blade areas on the cavitation
properties of the propeller.

22.6 Design considerations

The design process of a propeller should not simply be
a mechanical process of going through a series of steps
such as those defined in the previous section. Like any
design it is a creative process of resolving the various
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Figure 22.14 The use of high-speed standard series data to explore the effects of cavitation

constraints to produce an optimal solution. An eminent
propeller designer once said ‘It is very difficult to pro-
duce a bad propeller design but it is equally difficult to
produce a first class design.’ These words are very true
and should be engraved on any designer’s heart.

22.6.1 Direction of rotation

The direction of rotation of the propeller has important
consequences for manoeuvring and also for cavitation
and efficiency considerations with twin-screw vessels.
In terms of manoeuvring, for a single-screw vessel the
influence on manoeuvring is entirely determined by the
‘paddle wheel effect’. When the vessel is stationary and
the propeller started, the propeller will move the after-
body of the ship in the direction of rotation: that is in the
sense of a paddle or road wheel moving relative to the
ground. Thus with a fixed pitch propeller, this direction
of initial movement will change with the direction of
rotation, that is ahead or astern thrust, whilst in the case
of a controllable pitch propeller the movement will tend
to be unidirectional. In the case of twin-screw vessels,
certain differences become apparent. In addition to the
paddle wheel effect other forces due to the pressure dif-
ferential on the hull and shaft eccentricity come into
effect. The pressure differential, due to reverse thrusts
of the propellers, on either side of the hull gives a lateral
force and turning moment, Figure 22.15, which remains
largely unchanged for fixed and controllable pitch pro-
pellers and direction of rotation. The magnitude of

this thrust is of course a variable depending on the
underwater hull form: in the case of some gondola
hull forms, it is practically non-existent. However, in
the general case of manoeuvring van Gunsteren (Refer-
ence 7) undertook an analysis between rotation direction
and fixed and controllable pitch propellers to produce
a ranking of the magnitude of the turning moment pro-
duced. This analysis took into account shaft eccentricity,
the axial pressure field and the paddle wheel effect (Fig-
ure 22.16) based on full-scale measurements (Reference
8) for frigates. The results of his analysis are shown in
Table 22.4 for manoeuvring with two propellers giving
equal thrusts and in Table 22.5 for manoeuvring on a
single propeller.

Whilst the magnitudes in Table 22.4 and 22.5 relate
to particular trials, they do give guidance on the effect
of propeller rotation on manoeuvrability. The negative
signs were introduced to indicate a turning moment con-
trary to nautical intuition. From the manoeuvrability
point of view it can be deduced that fixed pitch pro-
pellers are best when outward turning; however, no such
clear-cut conclusion exists for the controllable pitch
propeller.

From the propeller efficiency point of view, it has
been found that the rotation present in the wake field,
due to the flow around the ship, at the propeller disc can
lead to a gain in propeller efficiency when the direction
of rotation of the propeller is opposite to the direction of
rotation in the wake field. However, if concern over cavi-
tation extent is present, then this can to some extent be
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Figure 22.15 Side force developed by reversing thrusts of propellers on a twin-screw vessel due to pressure field in hull

Figure 22.16 Induced turning moment components

helped by considering the propeller rotation in relation
to the wake rotation. If the problem exists for a twin-
screw ship at the tip, then the blades should turn in the
opposite sense to the rotation in the wake, whilst if the
concern is at root then the propellers should rotate in
the same sense as the wake rotation. As a consequence
the dangers of blade tip and tip vortex cavitation need

to be carefully considered against the possibility of root
cavitation.

22.6.2 Blade number

The number of blades is primarily determined by the
need to avoid harmful resonant frequencies of the ship
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Table 22.4 Turning moment ranking of two propellers
producing equal thrusts (complied from Reference 7)

Twin-screw installation (reverse thrusts) Turning moment
ranking

F.p.p.; inward turning −2.1
F.p.p.; outward turning 10.1
C.p.p.; inward turning 3.3
C.p.p.; outward turning 4.6

C.p.p.: controllable pitch propeller.
F.p.p.: fixed pitch propeller.

Table 22.5 Turning moment ranking of one propeller
operating on a twin-screw installation (complied from
Reference 7)

Twin-screw installation Direction Turning
(single propeller operation) of thrust moment

ranking

F.p.p.; inward turning Forward −1.2
F.p.p.; inward turning Astern −1.1
F.p.p.; outward turning Forward 5.6
F.p.p.; outward turning Astern 4.5
C.p.p.; inward turning Forward −1.2
C.p.p.; inward turning Astern 4.5
C.p.p.; outward turning Forward 5.6
C.p.p.; outward turning Astern −1.1

structure and the machinery. However, as blade number
increases for a given design the extent of the suction side
sheet cavity generally tends to decrease. At the root, the
cavitation problems can be enhanced by choosing a high
blade number, since the blade clearances become less
in this case.

In addition to resonant excitation and cavitation con-
siderations, it is also found that both propeller efficiency
and optimum propeller diameter increase as blade num-
ber reduces. As a consequence of this latter effect, it
will be found, in cases where a limiting propeller diam-
eter is selected, that propeller rotational speed will be
dependent on blade number to some extent.

The cyclical variations in thrust and torque forces
generated by the propeller are also dependent on
blade number and this dependence was discussed in
Table 11.13.

22.6.3 Diameter, pitch–diameter ratio and
rotational speed

The choice of these parameters is generally made on
the basis of optimum efficiency. However, efficiency
is only moderately influenced by small deviations in
the diameter, P/D and revolutions when the delivered
horsepower is held constant. The effect of these param-
eters on the cavitation behaviour of the propeller is
extremely important, and so needs careful exploration
at the preliminary design stage. For example, it is likely
the propellers of high-powered or fast ships should have

an effective pitch diameter ratio larger than the optimum
value determined on the basis of optimum efficiency.
Furthermore, it is generally true that a low rotational
speed of the propeller is a particularly effective means of
retarding the development of cavitation over the suction
faces of the blades.

In Section 22.5.1 the optimum diameter calculation
was discussed. For an actual propeller working behind
a ship the diameter needs to be reduced from the opti-
mum value predicted from the standard series data, and
traditionally this was done by reducing the optimum
diameter by 5 per cent and 3 per cent, for single- and
twin-screw vessels, respectively. This correction is nec-
essary because the resultant propulsion efficiency of the
vessel is a function of both the open water propeller
efficiency, to which the chart optimum diameter refers,
and the propeller–hull interaction effects. Hawdon et al.
(Reference 9) conducted a study into the effect of the
character of the wake field on the optimum diameter.
From this study they derived a relationship of the form
shown in Figure 22.17; however, the authors note that,
in addition to the mean effective wake, it is necessary to
take into account the radial wake distribution as implied
by the distinction between different hull forms.

Figure 22.17 Correction to optimum open water
diameter (Reference 9)

22.6.4 Blade area ratio

In general, the required expanded area ratio when the
propeller is operating in a wake field is larger than
that required to simply avoid cavitation at shock-free
angles of attack. Furthermore, a larger variation in the
section angle of attack can to some extent be supported
by increasing the expanded area ratio of the propeller.
Nevertheless, in the case of a controllable pitch pro-
peller there is a limit to the extent of the blade area
due to the requirement of blade–blade passing in order
to obtain reversibility of the blades. Notwithstanding
the advantages of increasing blade area, it must be
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remembered that this leads to an increase section drag
and hence a loss in efficiency of the propeller (see
Figure 22.11(b)).

22.6.5 Section form

In terms of section form, the most desirable thickness
distribution from the cavitation viewpoint is an elliptic
form. This, however, is not very practical in section drag
terms and in practice the National Advisory Commit-
tee for Aeronautics (NACA), 16, 65 and 66 (modified)
forms are the most utilized. With regard to mean lines,
the NACA a = 1.0 is not generally considered a good
form since the effect of viscosity on life for this cam-
ber line is large and there is doubt as to whether the
load distribution can be achieved in practice. The most
favoured form would seem to be the NACA a = 0.8 or
0.8 (modified) although a number of organisations use
proprietory section forms.

22.6.6 Cavitation

Sheet cavitation is generally caused by the suction peaks
in the way of the leading edge being too high whilst bub-
ble cavitation tends to be induced by too high cambers
being used in the mid-chord region of the blade.

The choice of section pitch and the associated camber
line should aim to minimize or eradicate the possibility
of face cavitation. Hence the section form and its asso-
ciated angle of attack requires to be designed so that it
can accommodate the full range of negative incidence.

There are few propellers in service today which do
not cavitate at some point around the propeller disc. The
secret of design is to accept that cavitation will occur
but to minimize its effects, both in terms of the erosive
and pressure impulse effects.

The initial blade design can be undertaken using one
of the basic estimation procedures, notably the Burrill
cavitation chart or the Keller formula (see Chapter 9).
These methods usually give a reasonable first approxi-
mation to the blade area ratio required for a particular
application. The full propeller design process needs to
incorporate within it procedures to design the radial
distribution of chord length and camber in association
with cavitation criteria rather than through the use of
standard outlines.

If the blade area, or more specifically the section
chord length, is unduly restricted, then in order to gen-
erate the same lift from section, this being a function
of the product cc1, the lift coefficient must increase.
This generally implies a larger angle of attack or cam-
ber, which in turn leads to higher suction pressures,
and hence greater susceptibility to cavitation. Hence,
in order to minimize the extent of cavitation, the vari-
ations in the angle of attack around the propeller disc
should only give rise to life coefficients in the region of
shock-free flow entry for the section if this is possible.

In general terms the extent of sheet cavitation, par-
ticularly with high-powered fast ships, tends to be

minimized when the blade section thickness is chosen
to be sufficiently high to fall just below the inception
of bubble cavitation on the blades. With respect to the
other section parameters, the selection of the blade cam-
ber and pitch should normally be such that the attitude
of the resultant section can accommodate the negative
incidence range that the section has to meet in practice
whilst the radial distribution of chord length needs to
be selected in association with the variations in in-flow
angle.

Tip vortex cavitation is best controlled by adjustment
of the radial distribution of blade loading near the tip.
The radial distribution of bound circulation at the blade
tip lies within the range:

0 ≤ dŴ

dr
< ∞ (22.5)

Hence, the closer dŴ/dr is to zero, the greater will be
the control of the tip vortex strength. In addition to the
control exerted by equation (22.5) further control can
be exerted by choosing the highest number of propeller
blades, since this means that the total load is distributed
over a greater number of blades.

22.6.7 Skew

The use of skew has been shown to be effective in
reducing both shaft vibratory forces and hull pressure-
induced vibration (see Figure 23.6). The effectiveness of
a blade skew distribution for retarding cavitation devel-
opment depends to a very large extent on the matching
of the propeller skew with the skew of the maximum or
minimum in-flow angles in the radial sense.

22.6.8 Hub form

It is clearly advantageous for the propeller hub to be
as small as possible consistent with its strength and the
flexibility it gives to the blade root section design.

In addition to the hub diameter consideration, the
form of the hub is of considerable importance. A con-
vergent hub form is normally quite satisfactory for slow
merchant vessels; however, for higher-speed ships and
fast patrol vessels or warships experience indicates that
a slightly divergent hub form is best from the point of
view of avoiding root erosion problems. In the case of a
fast patrol craft van Gunsteren and Pronk (Reference 10)
experimented with different hub profiles, and the results
are shown in Figure 22.18. The convergent hub enlarges
the flow disc area between the hub and the edge of the
slipstream, which has only minimal contraction, from
forward to aft, and therefore decelerates the flow which
results in positive pressure gradient. This may introduce
flow separation that promotes cavitation. The strongly
divergent hub accelerates the flow, and therefore
reduced the pressure, which again promotes cavitation.

In addition to the use of a slightly divergent hub form,
where appropriate, the use of a parallel or divergent
cone (Figure 22.19) can assist greatly in reducing the
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Figure 22.18 Observed blade root cavitation erosion on
a fast patrol craft propeller

Figure 22.19 Truncated fairwater cone fitted to a
high-speed patrol vessel

strength of the root vortices and their erosive effects on
the rudder.

22.6.9 Shaft inclination

If the propeller shafts are inclined in any significant way,
this gives rise to a cyclic variation in the advance angle
of the flow entering the propeller. The amplitude of this
variation is given by

�β = sin φ

1 +
(

πx
J

) (22.6)

where φ is the inclination of the shaft relative to the
flow and β is the advance angle at the particular radius.
It should be noted that φ varies between a static and
dynamic trim condition, and this can in some cases
be quite significant. In addition to the consequences
for cavitation at the root sections, since equation (22.6)
gives a larger value for �β at the root than at the tip,
shaft inclination can give rise to significant lateral and
shaft eccentricity forces and moments as discussed in
Chatper 6.

22.6.10 Duct form

When a ducted propeller is selected a choice of duct
form is required. In choosing a duct from for nor-
mal commercial purposes it is necessary to ensure
that the form is both hydrodynamically reasonable
and also practical and easy to manufacture. For many
commercial purposes a duct form of the Wageningen
19a type will suffice when a predominately unidirec-
tional accelerating duct form is required. When an
improved astern performance is required, then a duct
based on the Wageningen No. 37 form usually provides
an acceptable compromise between ahead and astern
operation.

The use of decelerating duct forms are compara-
tively rare outside of naval practice and generally
operate at rather higher Bp values than the conventional
accelerating duct form.

22.6.11 The balance between propulsion
efficiency and cavitation effects

The importance of attaining a balance between the
achievements of maximum propulsion efficiency and
attaining an acceptable cavitation performance has been
noted on a number of occasions during this chapter.
These references have mostly been in the context of
the design point for the propeller and, by implication,
for ships with a relatively narrow operational spec-
trum. Important as this is, for ships which operate
under very variable conditions this balance has then
to be maintained across a wide spectrum of operating
conditions.

A typical example of such a situation might, for
example, be a cruise ship and Figure 22.20 illustrates the
problems that can occur if this balance is not maintained
and the design specification is incorrectly developed. In
this case a high maximum ship speed was required and
the builder offered a premium for achieving a maximum
speed above the contract speed with the given power
installation. As a consequence the ship was designed
to achieve as high a speed as possible since no men-
tion in the contract had been made of the importance of
acceptable vibratory performance at lower ship speeds.
The result was a most pleasing performance from the
controllable pitch propellers at the ship’s maximum
contract speed from both an efficiency and cavitation
viewpoint. However, when the ship operated on legs
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Figure 22.20 Vibratory behaviour of cruise ship whose propellers had not been designed for use across the operating
spectrum.

of the cruise schedule which called for lower speeds
complex cavitating tip vortex structures were developed
by the propeller which gave rise to broadband excitation
of the hull structure at these lower operational speeds. In
Figure 22.20 it can be seen that the resulting excitation
levels in the restaurant, when evaluated in accordance
with the ISO 6954 (2000) Code, were rather higher at
eight knots than was the case the higher design speed
of 27 knots.

The example, therefore, underlines the importance
of attaining the correct balance of performance charac-
teristics across the operating spectrum of the ship and,
moreover, of defining the design specification having
due regard of the way that it is intended to operate the
ship.

22.6.12 Propeller tip considerations

There are many factors which can be deployed in the
design of the propeller tip in order to influence the
behavioural characteristics of the propeller, particularly
in relation to noise and cavitation. Apart from increasing
the strength of the blade tips for ships such as dredgers
or which regularly take the ground, one of the primary
aims in designing the blade tip is to influence the path
and diffusivity of the tip vortex as well as minimizing
any unwelcome interactions between supercavitating tip
sheet cavities and the tip vortex. Moreover, in some
designs there is the desire to increase the tip loading by
the use of end-plates. However, among the more impor-
tant influencing parameters are the chordal and radial
profile of thickness, camber and section length, the use
of tip plates or winglets and tip skew and rake.

Vonk et al. examined the influence on tip rake on
propeller efficiency and cavitation behaviour through
a series of computational fluid dynamic studies
(Reference 27). They suggested that the cavitation

characteristics in the mid-chord areas, where bub-
ble cavitation can arise, and in the tip region can be
enhanced by the use of aft tip rake. Conversely, they
concluded that forward tip rake, although not gen-
erally helpful to the cavitation characteristics, has a
greater potential for improving the propeller efficiency.
Notwithstanding this by utilizing the cavitation benefits
of aft tip rake, then for the same set of cavitation criteria
the design can be adjusted to yield a greater efficiency
in the design balancing process. Dang (Reference 28)
examined the behaviour of a forward raked propeller.
In these types of propeller there is a tendency to gen-
erate a pre-swirl which is in the opposite direction to
the rotation of the tip vortex and this tends to disperse
the vortices from the tip region. Indeed, there is a large
measure of similarity between the conclusions derived
from this work and that of Vonk et al. Friesch described
a series of model- and full-scale trial measurements on a
Kappel propeller (Reference 29). The Kappel propeller
being one where the tip end-plate is integrated into the
blade providing a smooth curved transition towards the
suction side of the blade (References 30 and 31). In the
research programme described by Friesch it was demon-
strated that for a product tanker the propulsive efficiency
was higher in the case of the Kappel propeller than for
a conventional propeller. Moreover, it was shown that
the frictional component and scale effect of the Kappel
propeller were larger than for the conventional propeller
and a new surface strip method was produced in order
to scale the frictional forces over the blade.

22.6.13 Propellers operating in partial
hull tunnels

Where a ship’s draught may be restricted for operational
reasons there is sometimes benefit in designing the hull



456 Marine propellers and propulsion

Figure 22.21 Examples of partial tunnels

form so as to have partial tunnels. Figure 22.21 shows
typical configurations for both a single- and twin-screw
ship.

As has been previously discussed, in general, the
slowest turning, largest diameter propeller is likely to
return the highest propulsive efficiency: moreover, slow
rotational speed can also have cavitation benefits. How-
ever, where operating draughts are restricted propeller
immersion can be a dominating factor in the propeller
design, not only from a reduced cavitation number per-
spective but also from the ever attendant possibility
of air-drawing into the propeller disc. To counteract
these effects the designing of partial ducts into the hull-
form permits the largest propeller diameter, slowest
turning propeller to be installed in a flow field which
also frequently can have attenuated ship boundary layer
influences and minimal risk of air-drawing taking place.
Such arrangements have been fitted to single- and multi-
screw ships and if correctly designed may enhance not
only the propeller efficiency but also the hull efficiency
to a limited extent.

An alternative reason for the employment of partial
tunnels is to be found in the case of lifeboats where for
reasons of giving a measure of a protection to people
in the water, the propeller is located within a tunnel.
However, in these cases the tunnel is normally rather
more encasing than that shown in Figure 22.21.

22.6.14 Composite propeller blades

Although all propellers are subject to hydroelastic
effects the isotropic behaviour of the conventional
propeller metals tends generally to reduce these effects
to negligible proportions except for highly biased skew
or particularly specialized designs. The anisotropic
behaviour of carbon fibre composites allows the
designer extra degrees of freedom in exploiting the
potential advantages of hydroelasticity.

Because the carbon fibre material is normally sup-
plied in tapes with the fibre having specific orientations,
typically 0◦, ±45◦, 0 to 90◦, etc., the primary strength

of the fibres also corresponds to these directions. Con-
sequently, the lay-up of the fibres and the way they are
combined in the matrix will give different deflection
properties in each of the radial and chordal directions
of the blade. Therefore, the blade can be designed
to deflect in ways which are beneficial from a power
absorption or cavitation inception and control perspec-
tive as the rotational speed is increased. This implies
that the design process must be fully hydroelastic in
the sense that a finite element procedure, capable of
accommodating composite material lay-up mechanics,
and a hydrodynamic analysis code are integrated into a
convergent solution capability.

Currently, with certain naval exceptions, composite
propellers have only been produced in relatively small
sizes, amongst the biggest to date probably being for
the experimental trimaran Triton. Nevertheless, in addi-
tion to their potential hydrodynamic advantages there
is also a weight advantage since composite blades are
much lighter than those made from conventional materi-
als. In this context, composite propellers, in their larger
sizes, commonly have a metallic boss with the com-
posite blades keyed into the boss using a number of
proprietary configurations. An additional feature with
composite propellers is that it is likely that radiated noise
emissions can be reduced significantly, perhaps up to
around 5 dB in certain cases.

22.6.15 The propeller basic design process

In order to outline the overall basic design process
for a propeller an example has been chosen, in this
case for the design of a small coastal ferry, and the
resulting EXCEL spreadsheet for one operating con-
dition is shown in Table 22.6. Within the overall
design process many such spreadsheets are developed
and cross-plotted in order to arrive at the final basic
design. Moreover, such processes are integrated into
other similar capabilities relating to hull resistance and
propulsion analysis in order to achieve an integrated
design.
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Table 22.6 Typical basic propeller design calculation

PROPELLER BASIC DESIGN

Program E/BD1

Twin Screw Passenger Ferry

T = 2.88 m

10th July 2005

Ship speed (Vs) 15.5 kts
Delivered power 836 kW

1137 hp(m)
Revolutions 300 rpm
Wake fraction 0.112

Speed of Advance 13.764 kts
Diameter 1.980 m
Blade number 4

Wmax − Wmin 0.3

Wmax 0.35

Tip clearance 1.0 m
Ship displacement 1118 m∧3

Immersion to CL 2.2 m
Height of stern wave 1.2 m
Total immersion 3.4 m

Static head (p0-e) 19.47 lbf/in∧2
Dynamic head (qt) 38.82 lbf/in∧2
Cavitation number 0.501
Tc (Burrill) 0.183

d/R 1.110
Non-cavitating po 1.3 kPa (N.B. for (d/r) ≤ 2
Cavitating pc 2.5 kPa (d/r) ≤ 1 1.0 kPa (d/r) > 1
Blade rate hull pressure 2.8 kPa (d/r) ≤ 1 1.6 kPa (d/r) > 1

Wageningen B4 analysis
BAR 0.40 0.55 0.70 0.85
P/D 0.841 0.859 0.869 0.875

η0 0.679 0.693 0.694 0.683

Thrust 8.15 8.32 8.33 8.20 tonnes
Ap 1.7 1.7 1.7 1.7 mˆ2

Ad 1.9 1.9 2.0 1.9 mˆ2

Ae/A0 0.616 0.632 0.634 0.625

Basic propeller
Propeller Ae/A0 0.627 Kq 0.0192

P/D mean 0.869 Kt 0.123

η0 0.675 J 0.678

Thrust 4.9 tonnes

Expanded blade area (0.1667R) 1.93 m∧2

r/R wc Chord (mm) pc Pitch (mm) tc Thick (mm) Ca Area (mm∧2) t/c
1.0000 0.000 0 1.026 1765 0.055 4.0 1.000 0
0.9375 0.702 410 1.037 1784 0.107 7.7 0.769 2432 0.019
0.8750 0.920 538 1.043 1795 0.167 12.0 0.732 4735 0.022
0.7500 1.143 668 1.040 1789 0.293 21.1 0.714 10067 0.032
0.6250 1.206 705 1.030 1772 0.433 31.2 0.712 15653 0.044
0.5000 1.176 688 1.008 1734 0.588 42.3 0.709 20640 0.062
0.3750 1.072 627 0.971 1671 0.770 55.4 0.704 24464 0.088
0.2500 0.886 518 0.909 1564 1.000 72.0 0.695 25923 0.139
0.1667 0.712 416 0.832 1432 1.190 85.7 0.688 24541 0.206

CSR/MCR powering ratio 0.850

Developed power (stressing) 984 kW
Revolutions (stressing) 316.7 rpm
Ship speed (stressing) 16.4 kts
Density of material 0.271 lb/in∧3 Area coefficient 0.690

Blade thickness @ 0.25R 72 mm
<

Modulus coefficient 0.110

Mean blade thickness 31 mm Section area 25737 mm∧2
Mass of blade 83 kg Section modulus 295412.517 mm∧3
Position of blade centre of gravity 0.51 R
Centrifugal force 46 kN Pitch angle @ 0.25R 45.16◦

Centrifugal lever 100 mm
Position of centre of thrust 0.7 R
Position of centre of torque 0.66 R
Blade number 4
Bending stress due to thrust 23.6 MPa
Bending stress due to torque 11.1 MPa
Centrifugal bending stress 15.5 MPa
Direct centrifugal stress 1.8 MPa
Tensile stress @ 0.25R 51.9 MPa

Allowable tensile stress 49 MPa
New thickness @ 0.25R 74.1 mm
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Table 22.6 cont.

r/R Area SM Area × SM Lever A.SM.L Lever A.SM.L∧2
1.0000 0 0.5 0 0 0 0 0
0.8750 4735 2 9469 1 9469 1 9469
0.7500 10067 1 10067 2 20133 2 40266
0.6250 15653 2 31305 3 93915 3 281746
0.5000 20640 1 20640 4 82558 4 330233
0.3750 24464 2 48928 5 244640 5 1223202
0.2500 25923 0.5 12962 6 77770 6 466617

Crown of boss radius 0.23 R
Volume of blade to 0.25R 0.0110 m∧3
Volume 0.25R to cob 0.0006 m∧3
Volume of fillets 0.0003 m∧3

Blade volume 0.0119 m∧3
Blade weight 90 kgf
Weight of blade to 0.25R 83 kgf

Propeller weight 1062 kgf

1.1 tonnes

Centroid of blade beyond 0.25R 0.505 R
MI blade beyond 0.25R about tip 0.0030 m∧5
MI blade to cob about tip 0.0035 m∧5

MI of blade about tip 0.0035 m∧5
MI of blade about shaft centre-line 27 kg.m ∧2 (Wk∧2)
Radius of gyration of blade 0.557 R

Shaft power basis 1004 kW
Shaft RPM basis 300 rpm
Blade chord @ cob 494 mm
Blade pitch @ cob 1532 mm
Boss length 368 mm
Shaft tensile strength 600 N/mm∧2
Fitting factor (k) 1.22

Tail shaft diameter 198 mm
cob diameter 455.4 mm
Shaft taper ratio 1 in 30

Boss posn Fwd Cob Aft
r/R 0.24 0.23 0.19
Ext. radius 239.1 227.7 191.3 mm
Int. radius 98.9 92.7 86.6 mm
cob/tailshaft dia. ratio 2.30
Fwd boss dia/tail shaft dia 2.42
Volume of boss 0.094 m∧2
MI of boss 11 kg.m∧2 (Wk∧2)

Dry moment of inertia of propeller about shaft CL 120 kg.m∧2 (Wk2)

0.1 tonne.m∧2 (Wk2)

Radius of gyration of propeller 0.340 R

22.7 The design process

The level of detail to which a propeller design pro-
cess is taken is almost as variable as the number of
propeller designers in existence. The principal manu-
facturers all have detailed design capabilities, albeit
based on different methods. Whilst computational cap-
ability of the designer plays a large part in the detail
of the design process, the information available upon
which to base the design is also an important factor:
there is little value in using advanced and high-level
computational techniques requiring detailed input when
gross assumptions have to be made concerning the basis
of the design. Figure 22.22 and 22.23 show two extreme
examples of the design processes used in propeller
technology.

Leaving to one side the design of propellers which are
standard ‘off the shelf’ designs such as may be found
on outboard motor boats, the design process shown in
Figure 22.22 represents the most basic form of pro-
peller design that could be considered acceptable by
any competent designer. Such a design process might
be expected to be applied to, say, a small fishing boat
or large workboat, where little is known of the in-flow
into the propeller. It is not unknown, however, to see
standard series propellers applied to much larger ves-
sels of a 100 000 tonnes deadweight and above; such

occurrences are, however, comparatively rare and more
advanced design processes normally need to be used for
these vessels. The design of high-speed propellers can
also present a complex design problem. In the calcula-
tion of such propellers the second box, which identifies
the calculation of the blade dimensions, may involve a
considerable amount of chart work with standard series
data: this is particularly true if unfavourable cavitation
conditions are encountered.

Blade stresses should always, in the author’s view, be
calculated as a separate entity by the designer, using
as a minimum the cantilever beam technique followed
by a fatigue estimate based on the material’s properties.
The use of classification society minimum thicknesses
should always be used as a check to see that the design
satisfies these conditions, since they are generalized
minimum standards of strength.

Since many standard series propellers are of the flat
face type an increase in thickness gives an implied
increase in camber which will increase the propeller
blade effective pitch. After the propeller has been
adjusted for strength the design needs to be analysed
for power absorption using the methods of Chapters
3 and 6 in order to derive the appropriate blade pitch
distribution. During the design process the question
of design tolerances need to be addressed whatever
level of design is used, otherwise significant departures
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Figure 22.22 Example of a simplified design procedure
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Figure 22.23
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Figure 22.23 (Continued from previous page) Example of a fully integrated synthesis and analysis procedure

between design and practice will occur; Chapter 25
discusses the issue further.

Whilst Figure 22.22 shows the simplest form of
design method and such processes and used to design
perfectly satisfactory propellers for many vessels, more
complex design procedures become necessary when
increasing constraints are placed on the design and
increasing amounts of basic information are available
upon which to base the design. Variants of the design
process shown in Figure 22.22 normally increase in
complexity when a mean circumferential wake distribu-
tion is substituted for the mean wake fraction. This then
enables the propeller to become wake adapted through
the use of lifting line or higher-order design methods
and the analysis phase may then embody a blade ele-
ment, lifting line, lifting surface or boundary element
based analysis procedure for different angular positions
in the propeller disc: this presupposes that model wake
data is available rather than the mean radial wake distri-
bution being estimated from the procedures discussed
in Chapter 5. As the complexity of the design proce-
dure increases, the process outlined in Figure 22.23
is approached, which embodies most of the advanced

design and analysis techniques available today. Each
designer, however, will use different theoretical meth-
ods and his correlation with full-scale experience will
be dependent on the methods used. This underlines the
reason why it may be dangerous and unjust to criticize
a designer for not using the most up-to-date theoretical
methods, since the extent of his theoretical to full-
scale correlation database may outweigh the advantages
given by use of more up-to-date methods.

Theoretical design methods, and analysis methods
too for that matter, will only take the designer so far.
Current knowledge is lacking in many detailed aspects
of propeller design; nowhere this is more true than in
defining the flow at the blade–boss interface of all pro-
pellers. In such case careful assumptions regarding the
assumed blade loading at the root have to be made in
the context of the anticipated severity of the in-flow
conditions – this may dictate that a zero circulation or
some other condition, determined from experience, is
an appropriate assumption. In either case the actual cir-
culation which occurs on the blade will not be known
due to the nature of the complex three-dimensional
flow regime in this region of the blade. Another classic
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example is the definition of the geometric and flow con-
ditions that cause singing, although in this case the
remedy is well known from normal propeller types.

It will, however, be noted that each of the design
processes shown in Figure 22.22 and 22.23 contain
the elements of synthesis and analysis phase shown in
Figure 22.2. Much has seen written on the subject of
propeller design and analysis by many practitioners of
the subject. The references in this book contain a consid-
erable amount of this information, however, Reference
11 to 26 in his chapter contain work specifically related
to design and analysis which is not referred to elsewhere
in this book.

The traditional approach to the detailed design of pro-
peller blades has been that the propeller blade sections
are designed for the mean inflow conditions around
the circumference at a set of specific radii in the pro-
peller disc. During this process the design is then
balanced against the various constraints and velocity
excursions relating to that particular design. Kinnas
et al. in References 32 and 33 have explored an alter-
native approach of optimizing the design for the actual
flow conditions without the necessity of employing cir-
cumferential flow averaging processes. Their method
uses a B-spline representation of the blade and deter-
mines the blade performance characteristics via second
order Taylor expansions of the thrust, torque, cavita-
tion extent and volume in the region of the solution
using the MPUF-3A code. However, to converge to an
optimum solution using this procedure a considerable
amount of computer time is required which tends to
limit the method’s general applicability. To overcome
these problems they developed an approach in which
the optimum blade geometry that was being sought
is found from a set of geometries which have been
scaled from a basic geometry. In this alternative pro-
cedure the blade performance is computed from the
MPUF-3A code for selected geometries within the set
of geometries derived from the basic propeller and then
interpolation curves are used to establish continuous
analytical functions of performance. These functions
are then used within an optimization procedure to estab-
lish the required final optimum blade geometry. Deng
(Reference 34) presents the detail of the optimization
method used in this procedure.
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When a propeller enters service, despite the best
endeavours of the designers and manufacturers, prob-
lems in performance can, from time to time, arise.
Equally, during the service life of the ship a wide range
of problems may also be encountered. Figure 23.1 out-
lines some of the more common problems that can be
encountered during the lifetime of the propeller.

Figure 23.1 essentially draws the distinction between
accidental damage, due to impact or grounding of the
blades, and the other class of problem which relate to
the performance and integrity of the propeller in the
‘as designed’ condition. Each of these classes of prob-
lem needs a different treatment, and as a consequence,
requires separate consideration.

Figure 23.1 Common operational problems

23.1 Performance related problems

Problems related to propeller performance can in a great
many cases be traced to a lack of knowledge during
the design process of the wake field in which the pro-
peller is operating. When a ship has had the benefit of
model testing prior to construction, a model nominal
wake field is very likely to have been measured. This
then allows the designer to understand in a qualitative
sense the characteristics of the wake field in which the
propeller is to operate. As discussed in Chapters 5 and
22, the designer needs to transform the model nomi-
nal wake field into a ship effective velocity distribution
before it can be used for quantitative design purposes.
Although computational fluid dynamics is beginning to
address this problem, this transformation is far from
clearly defined within the current state of knowledge,
and so errors may develop in the definition of the effec-
tive wake field. In the case where the ship has not been
model tested, the designer has less information to work
with, and in these cases must rely on his knowledge
of other similar ships and the way they performed as
well as making empirically based estimates of the type
discussed in Chapter 5.

Clearly not all performance problems are traceable to
lack of knowledge about the wake field. Other causes,
such as poor tolerance specification, poor specification
of design criteria, incorrect design and manufacture

and so on are also causes of poor performance of the
propeller. Figure 23.1 identified three principal head-
ings under performance related problems, and these are
now considered individually.

23.1.1 Power absorption problems

Such problems are normally identified by observing that
the engine will not produce the required power at either
the NCR or MCR conditions. In such conditions the
engine attains the required power at either too low or too
high an engine speed, and this condition is reflected in
the engine exhaust temperatures. Indeed, if the engine
speed rises too much the engine may not be able to
develop the necessary rated power. Alternatively, in ves-
sels where a torsion meter is fitted and assuming it has
been calibrated properly and also that it has maintained
its calibration, the condition becomes obvious. Another
class of power absorption problem is seen in twin-screw
vessels, where a power imbalance can sometimes be
noted between the port and starboard shaft systems.

Consider these two cases separately. In the first case,
and assuming the vessel is new and in a clean state, it
is quite likely that the cause will be found in the choice
of pitch for the propeller. Notwithstanding this, before
attempting to change the effective pitch of the propeller,
the blade manufacturing tolerances should be checked
against specification and also a check should be made to
ensure that the level of tolerances specified for the ves-
sel were adequate (see Chapter 25). The effective pitch
of the propeller can be changed in one of two ways:
either by reducing the diameter of the propeller, fre-
quently termed ‘cropping’ the blades, or by modifying
the blade section form to change the pitch of the blades.
If the change required is small, then one or either of
these methods will be found to be satisfactory; however,
for situations requiring larger changes a combination of
the two methods should be undertaken in order to pre-
serve the efficiency of the propeller to its highest level;
References 1 to 3 discuss these effects and shows the
type of modification that can be achieved. Figure 23.2,
taken from Reference 2, shows the effects of modifying
the blades by ‘cropping’ and pitch reduction.

In the case where the vessel is not new and a ‘stiff-
ening’ of the propeller is seen to take place, assuming
the original propeller is still in place and is clean and
undamaged, then the most likely cause of the problem
is the roughening or fouling of the hull. Clearly in such
cases the hull should be cleaned, but if the problem still
persists and the engine cannot, over a docking cycle,
work within the original design rpm band, then an ‘eas-
ing’ of the propeller pitch may prove desirable since,
despite shot blasting and repainting of the hull, and old
ship tends to roughen and increase in resistance.

When an imbalance between shaft powers in a twin-
screw installation occurs this may be due either to one
or both propellers being out of specification or to the
chosen manufacturing tolerance being too relaxed and
allowing a significant change of effective pitch to occur
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Figure 23.2 The effect of changes in propeller diameter
and pitch on performance (Reproduced with permission
from Reference 2)

between the propellers. Although in general there are
always differences between the propellers of twin-screw
ships this is normally too small to cause concern; how-
ever, there are cases where one propeller tends to be at
one end of the tolerance band whilst the other is at the
opposite end. If this difference in power absorption is
too large, then the tolerance specification needs to be
tightened and the appropriate geometric changes made.

Two further examples of power absorption problems
are to be found in deficiencies in the bollard pull char-
acteristics of tugs, etc., and in thrust breakdown on
propellers. In the first case, that of a lack of bollard
pull, and assuming that the propeller design is satisfac-
tory, the most common cause of a deficiency is that
insufficient clear water has been allowed around the
propeller at the trial location. If the water around the
propeller is restricted in both width and depth, water cir-
culation tends to take place, which effectively increases
the propeller advance coefficient, sometimes quite con-
siderably, and causes a reduction in thrust generated
by the propeller. Chapter 17 discusses the conditions
desirable for conducting bollard pull trials to ensure
a realistic propulsor performance. Furthermore, when
considering bollard pull conditions, it is important not
to confuse the terms ‘propeller thrust’and ‘bollard pull’.

Thrust breakdown of propellers due to cavitation is a
condition rarely seen today, since it is normally caused

by a grossly inadequate blade area being specified for
the propeller. Figure 6.4 shows this effect in terms of a
KT versus J diagram in which at low J the KT charac-
teristic can be seen to fall off rapidly due to the effects
of extensive cavitation. For conventional propeller
types, that is not supercavitating or surface piercing
designs, this occurs when significant back sheet cavita-
tion occurs; of the order of 30 to 40 per cent and above
of the total area of the backs of the blades. In machinery
terms this condition manifests itself as the shaft revo-
lutions building up very quickly at the higher rpm of
the speed spectrum without a corresponding increase
in vessel speed. The cure normally involves a redesign
of the propeller; however, it is important to ensure that
the cause is thrust breakdown due to cavitation and not
air-drawing due to high thrusts, and hence high suc-
tion pressures, at the propeller in association with low
immersions relative to the free surface: the symptoms
described above apply to both conditions. Air can be
drawn into propellers by a variety of routes; for example,
down an ‘A’ or ‘P’ bracket. To differentiate between the
two causes can sometimes be difficult and requires con-
sideration of the propeller design in terms of whether it
is likely to cavitate sufficiently to cause thrust break-
down, together with observing the noise emanating
from the propeller. In addition, air-drawing often leads
to a snatching characteristic in small boats and vessels.

23.1.2 Blade erosion

The avoidance of the harmful effects of cavitation on
the marine propeller blade again hinges on being able to
predict accurately the effective wake field of the vessel,
since it is this wake field that forms the basis of the
incident flow into the propeller and, hence, affects the
distribution of loading over the propeller blade surfaces.

The gross effects of cavitation caused by the lack
of provision of sufficient blade surface area are now
comparatively infrequently seen, since designers can
generally predict, in global terms, the amount of blade
surface required for a given propulsion application.
More common, however, are the localized effects of
cavitation due either to variation in the local angles of
attack encountered by the propeller at some point dur-
ing its passage around the propeller disc or to the use of
too high cambers for a particular application. Localized
cavitation caused by deviations in incidence angles from
those anticipated in design can frequently be alleviated
by the traditional method of either ‘lifting’ or ‘drop-
ping’ the leading edge (Figure 23.3) or by reprofiling
the leading edge in terms of its radius and blending this
change into the rest of the section to make the blade
section more tolerant to the changes in angle of attack
that it experiences. The effects of the use of too high a
camber in a particular situation are more difficult to deal
with, since this frequently involves attempting to both
generate a new section profile from the existing section
form and preserve the strength integrity of that par-
ticular blade section. In such a process this inevitably
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Figure 23.3 Traditional LE modifications to alleviate local
cavitation problems

leads to the loss of some blade chord length and the
consequent effect on blade strength.

The incidence of root cavitation and its associated
erosive effect is due largely to the difficulty of calculat-
ing the flow regime in this area and often an insufficient
control of dimensional accuracy in this region of the
propeller. Such problems when encountered can be dif-
ficult to solve. Whilst a certain amount can be done
to alleviate a root cavitation erosion problem by sec-
tion modification, the interference with the mechanical
strength of the propeller blade in this region is always
of concern, and is therefore uppermost in determining
the extent of the modification that can be conducted.
Notwithstanding this, the intractability of certain root
cavitation problems has led designers, on occasions, to
the somewhat aggressive measure of drilling compara-
tively large holes in the blade root, from the pressure
surface through to the suction face of the blade, in an
attempt to alleviate the problem (Figure 19.10). Such
measures, however, are not to be recommended except
as a very last resort.

Much can be done at the design stage to alleviate
potential cavitation problems in the blade root area by
making the correct choice of hub profile since compara-
tively small changes from mildly convergent hub forms
to a divergent hub form will have a significant effect
on the resulting root cavitation inception properties of
the blade in this region. Van Gunsteren and Pronk (Ref-
erence 4) outlined this effect some years ago, but it is
one that is often, in the author’s experience, found to
be ignored and is the source of many root cavitation
problems. Figure 22.18 shows the changes caused by
the use of convergent, divergent and parallel forms. In
cases where a strongly convergent hull form is used, this
can on occasions lead to a very strong root vortex being
formed which collapses on the rudder. This often leads
to erosion on the rudder and this effect has been noted
on vessels as diverse in size and duty as container ships
and pilot cutters. The cure for this is often to change the
form of the cone on the propeller to either a divergent
or parallel form as shows in Figure 22.18.

An effective treatment of root cavitation problems
can sometimes be achieved by means of injecting air
into the root sections of the propeller blade at a sta-
tion just immediately ahead of the propeller. Figure
23.4 illustrates, in generalized terms, how the effect
of air content in the water influences the cavitation ero-
sion rate. The form of the curve can be explained on
the basis that when no dissolved air is present in the

water or boundary crevices the tensile strength of the
fluid is very great and therefore inhibits the inception
of cavitation. However, as air is introduced, this pro-
vides a basis for nuclei to form which in turn will lead
to greater levels of cavitation being experienced until an
air content is reached in which further nuclei seeding
does not materially increase the cavitation development.
Beyond this point, which lies somewhere in the range
0.1 < αk < 0.8, if the amount of air introduced into the
system is increased, then the presence of this excess air
will essentially have a cushioning effect on the isen-
tropic collapse of the cavitation bubbles which would
otherwise lead to the erosion mechanism, both with
respect to the formation of pressure waves during the
rapid bubble collapse and microjets from the collapsing
bubbles directed at the blade surface. If the air content
is increased significantly beyond saturation, as shown
in Figure 23.4, then the erosion rate has been observed
by various experimenters to reduce significantly. In the
context of cavitation erosion in the propeller blade root,
the author has used this technique with considerable
effect on a number of high-speed vessels. However,
care needs to be exercised, particularly with the smaller
propellers, in choosing the amount of air for the partic-
ular application in order to prevent a fall-off in thrust
performance of the propeller by effectively reducing
the density of the fluid. Notwithstanding this, by the
correct choice of air mass flow and injecting in the cor-
rect place a significant erosion problem, for example of
the order of 4 to 5 mm incurred over a period of some
twelve hours, has been reduced to zero over a similar
trial period by deploying the air injection technique.

Figure 23.4 Effect of air content on cavitation erosion
rate

Another technique which is frequently debated as a
means to protect a blade from erosion is the use of pro-
tective epoxy type coatings. Opinion is divided as to
the usefulness of this approach; however, several new
and improved materials are coming on to the market.
In order that a coating has a fair chance of survival
in the hostile environment on the propeller surface it
should be applied to the propeller under strict con-
ditions of cleanliness and environmental control: this
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implies at the very least enclosing it within an ‘envi-
ronmentally controlled’ tent in a dock bottom, but most
preferably in a workshop. When undertaking this type
of coating practice care should be exercised in preserv-
ing the coating intact during the operational life so as
to avoid the possibility of an electrical cell developing
with the consequent effects of propeller blade corrosion
occurring.

23.1.3 Noise and vibration

The vibratory behaviour of a ship can in general take
two forms; it may be either resonant or forced in char-
acter. In the case of a resonant behaviour of some part
of the ship structure this can manifest itself as either
a single component, such as the vibration of a bridge
wing or an appendage, or a major structure such as
the entire deckhouse or the superstructure. As a con-
sequence, for resonant vibration problems one is left
with two principal alternatives. First, the resonant fre-
quency of the offending component can be changed by
structural modification and this is generally easier and
less costly in the case of smaller components. Alter-
natively, the propeller blade number can be changed to
alter the blade rate frequency or some multiple of it. This
latter approach is usually the most convenient option
where resonances at frequencies of nZ (n = 1, 2, 3, . . .)
of large structural components are encountered, or in
certain classes of torsional vibration problems. Never-
theless, when changing blade number in an attempt to
solve resonant vibration problems, whilst the effects
of blade rate excitation are predictable by calculation
for the natural frequency characteristics of the particu-
lar structural member, and are normally of over-riding
concern, it must not be forgotten that the magnitude of
the propeller-induced excitation at blade rate harmonics
will also change – not always downwards. Care, there-
fore, needs to be taken to ensure that this will not cause
further problems of either forced or a resonant nature.

In the case of forced vibration, this is often caused
by the harmonic pressures generated by the variations
in the cavitation dynamics on the propeller blades as
the blades rotate through the propeller disc. In Chapter
11 (equation (11.22)), it was shown that the pressure
(pc) induced at some distance from a fluctuating cavity
volume is related by the following function:

pc ∝
(

∂2V

∂t2

)

where V is the cavity volume and t is time.
As a consequence, if a forced vibration problem of

this type is to be attacked at source, then a method
must be found to reduce the cavity volume and the
rate of its structural variation. In practical terms this
means a change either to the blade geometry, which
in turn frequently implies a change to the skew and
radial load distributions along the blade, or to the in-flow
conditions into the propeller.

In the latter case this implies the fitting of some
appendages to the hull, which can take a variety of
forms, in order to control a known of anticipated
undesirable feature of the wake field. Examples of these
appendage were shown in Figure 13.2. The particular
device used depends on the type of wake feature which
needs attention: for example in Figure 23.5, device (a) is
normally used to control bilge vortex formation whilst
that of (b) attempts to modify wake peak of a highly ‘V’
formed hull. The fitting of such devices as these needs
considerable skill and should not be attempted on a
ad hoc basis unless one is prepared to accept a high
risk of failure. As a consequence, their choice and fit-
ting needs a considerable reliance on past experience
coupled with the results of model tests and computa-
tional studies if at all possible. The model test results
are, however, only guide to the designer because the
model is run at Froude identity and hence considerable
Reynolds dissimilarity exists in this region where the
particular device is being located. Whilst recognizing
these problems, there are many cases where devices of
the types shown in Figure 23.5 have been used with
success without incurring significant speed penalties,
device fractures and so on.

Figure 23.5 Fin arrangements commonly used in flow
correction problems: (a) type of fin normally associated
with ‘U’ form hulls and (b) type of fin normally associated
with ‘V’ form hulls

The alternative approach to a forced vibration prob-
lem of this type is to modify the propeller blade in such
a way to relieve the particular condition which is being
experienced by the vessel. The designer’s choices in this
case are many; for example, he can vary the radial load
distribution along the blade, change the skew of the
blades, increase the blade chord lengths or adjust the
relationship governing the proportion of the section lift
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generated from angle of attack and section camber. Gen-
erally, the use of increasing amounts of skew alleviates a
hull pressure problem, but in the case of bearing forces,
the skew distribution should be matched to the harmonic
content of the wake field if undesirable results are to be
avoided. The particular technique, or more frequently
combination of techniques used depends on which of
the many types of cavitation related vibration or noise
problem requires solution.

The radial distribution of loading near the blade tip
has an important influence on the strength of the tip
vortex, as discussed in Chapter 9. Consequently, it is
frequently desirable to limit the rate of change of load in
the tip region of the propeller as shown in Figure 19.8;
the penalty for doing this, however, can be a loss in
propulsive efficiency, because the design has then devi-
ated from the optimum radial loading. The strength of
the tip vortex needs to be carefully controlled since the
collapse of this vortex can, if the correct circumstances
prevail, give rise to excessive noise and, in some cir-
cumstances, high levels of vibration in the aftbody of
the ship due to the pressure waves of the cavitation col-
lapse mechanism being transmitted through the water
and onto the hull surface. The control of the strength of
this vortex can most realistically be achieved by atten-
tion to the radial distribution of blade loading near the
tip. However, should the phenomenon of vortex – sheet
cavitations interaction occur, as discussed in Chapter
9, then this can be a source of significant excitation
on the hull. With highly skewed propellers, particularly
at off-design operating conditions, vortex interactions
can take place. Typically, these can occur between the
tip and leading edge vortices and may lead to signifi-
cant broadband excitation of the ship’s structure. The
discussion in Chapter 9 should also be considered in
this context. Furthermore, the presence of a strong tip
vortex which impinges on the rudder has been known
in many cases to cause significant cavitation erosion on
either the rudder or the rudder horn. Much yet needs to
be learnt about the behaviour of the tip vortex in terms
of its prediction from theoretical methods to that of its
scaling from model tests.

The highly skewed propeller has been particularly
successful in overcoming certain classes of vibration
and noise problem in both its ‘biased’ and ‘balanced’
forms, although the balanced blade form has become
pre-eminent. Bjorheden (Reference 5) discusses their
use, particularly with reference to controllable pitch
propeller applications, and Figure 23.6(a) shows one
example of the reduction in first-and second-order hull
pressure induced vibration on a Ro/Ro vessel result-
ing from the change to a highly skewed form from a
conventional design. Also from this figure it can be
seen that in this particular case the third and fourth
harmonics increased slightly and this underlines the
importance of acknowledging, whilst not being able
to predict theoretically, that changes to the higher har-
monics will inevitable occur by changing the propeller
form. The alternative figure, Figure 23.6(b), taken from

Figure 23.6 Some effects of changing from conventional
to highly skewed propeller designs: (a) propeller-induced
hull pressures recorded on a Ro/Ro vessel and (b) influence
of highly skewed propeller on axial shaft vibration

Carlton and Bantham (Reference 6) shows the use of
a highly skewed propeller in reducing the axial vibra-
tory characteristics on a fishing trawler. In the context
it must be recalled, from Chapter 11, that propeller–
ship interactions manifest themselves in terms of both
hull surface pressures and mechanical excitations of
the line shafting and its supports. The highly skewed
propeller form is particularly useful in solving prob-
lems where the cavitation growth and collapse rate and
cavity structure are considered to be the cause of the
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problem. Set against these advantages are a tendency
towards increased manufacturing costs and the advis-
ability of undertaking wake field tests if the design is to
be properly optimized: this latter aspect is, of course,
a general point, but is particularly true of the highly
skewed propeller.

Detailed blade geometry changes, other than the skew
or radial load distribution, are normally used where
cavity structural changes or extent are required to be
made. These can be particularly effective in many cases
and they can frequently be carried out on an exist-
ing propeller or, alternatively, be incorporated into
a new propeller of similar generic form. The use of
analysis procedures based on unsteady lifty surface or
boundary element methods is of considerable assistance
in determining the effect of changes in blade geometry
and in-flow on first and second blade order excitation
frequencies. At higher orders reliance has to be made on
the results of experimental cavitation studies, although
here questions of the adequacy of the flow field simula-
tion, cavitation scaling and model geometry need to be
carefully considered. It is insufficient to model only the
axial flow field.

A particular form of cavitation which can, on
occasions, be troublesome in ship vibration terms is
Propeller–Hull Vortex (PHV) cavitation. The formation
of this type of cavitation was discussed in Chapter 9, as
were the conditions favourable to its formation. In those
cases where PHV cavitation occurs a small amount of
erosion can often, but not always, be observed on the
hull plating in the region above the propeller and the
vibration signature will be intermittent in character, as
seen in Figure 23.7. The noise generated, again of an
intermittent nature, sounds much like a series of single
sharp blows with a scaling hammer on the hull surface
above the propeller. The cure for this type of cavitation
is simple and effective for a non-ducted propeller: it
comprises the fitting of a single vertical fin above the
propeller as shown in Figure 23.8(a). This fin prevents
the formation of the vortex motion necessary to the for-
mation of the cavity discussed in Chapter 9. By way of
example, the effects of fitting such a fin on a coaster are
shown in Figure 23.8(b) from which it can be seen that
a marked reduction in vibration level can be observed.

Figure 23.7 Typical hull pressure fluctuation indicating
possible presence of PHV cavitation

In the case of a ducted propulsion system it is
suggested (Reference 7) that the formation of PHV cavi-
tation can be prevented by fitting an appendage between

Figure 23.8 PHV cavitation problems and their solution

the hull and the duct which is aimed at accelerating the
flow into the upper part of the duct.

Propeller noise for the greater majority of mer-
chant ships is intimately connected with the cavitation
behaviour of the propellers and as such the noise control
problem, to some extent, reduces to a cavitation control
problem. In dealing with these problems it is impor-
tant, however, to differentiate between the sympathetic
‘chattering’ of loose fittings to vibration and the true
level of noise originating from the propeller or other
machinery components. In the case of research vessels,
for example, or in many naval applications where noise
emissions interfere with the operation of the ship then
it is necessary to consider in great detail the structure of
the flow around the propeller blade sections, see Chap-
ter 10, notwithstanding the unknowns concerning the
nature of the inflow to the propeller at full scale.

Propeller singing and its cure was discussed in Chap-
ter 21. In practical terms it manifests itself as a periodic
noise which ranges from a low-frequency ‘grunt’ to a
high-pitch ‘worble’. The low-frequency ‘grunt’ tends to
be associated with larger vessels whilst the high notes
arise from smaller high-speed propellers.

23.2 Propeller integrity related
problems

In Figure 23.1 three areas of propeller integrity prob-
lems were identified, although in reality these often
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Figure 23.9 Typical fatigue failure of a propeller blade

interact. Nevertheless, within this section we will
consider each individually for the convenience of dis-
cussion.

23.2.1 Blade failure

The over-stressing of blades in relation to the generally
expected properties of materials at the design stage is
an extremely rare occurrence in merchant vessels which
have been designed under classification society require-
ments. These rules govern the strength requirements of
marine propellers in relation to the absorption of the full
machinery power and any special operational regimes
that the vessel is required to undertake.

Depending upon the integrity of the casting and the
size and distribution of defects within the casting, the
material properties vary continuously over the surface
and throughout the blade. The factors of safety incorp-
orated in the design procedure attempt to take this into
account; however, the defect geometry, location and
proximity to other defects cause stress raisers which
can induce a propagating fatigue crack in the blade. In
the majority of cases a propeller blade fails by fatigue
action, as shown in Figure 23.9. In the great majority
of these cases the ‘beach marks’ seen in Figure 23.9 are
clearly visible and represent points of crack arrest dur-
ing the fatigue crack growth. When looking at a failure
the stage I area around the defect is normally visible with

the stage II area containing the beach marks forming the
major part of the failure surface. The final rupture area,
state III, caused by mechanical overload of the mater-
ial forms a band around the edge of the failure. By
undertaking simple fracture mechanics calculations in
relation to a failed propeller’s lifetime, it can be deduced
that the crack spends about 90 per cent of its life in stage
I growing to a size where stage II propagation accord-
ing to the Paris law can take place. Hence, unless one
is extremely lucky it is unlikely that a crack will be
observed by inspection other than when it is in its stage
I phase and is very small. Stage III is effectively an
instantaneous failure. When a blade fails in this way,
since the failure is normally between 0.6R and the root
then the propeller, or blade in the case of a controllable
pitch propeller, is unsuitable for repair. In these cases
the spare propeller should be fitted as soon as possible,
and in the meantime the vessel should be run at reduced
speed. The reduction in speed can be determined prac-
tically on the vessel at the time of failure but should be
checked by calculation of the out-of-balance forces in
relation to the hydrodynamic loading of the stern bear-
ing. If, as is sometimes the case, the spare propeller is
in another part of the world, then it may be necessary
to run for some time in this failed condition. When this
situation occurs and a significant portion of the blade
is lost, then the opposite blade, in the case of an even-
bladed propeller, should be suitable cropped, and for
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odd-bladed propeller the opposite pair of blades par-
tially cropped. This action, although altering the power–
rpm relationship of the propeller and increasing the
thrust loading per blade and hence the tendency towards
cavitation, helps to protect the stern tube bearing from
damage from the out-of-balance force generated by the
failure. If a spare propeller does not exist, then the pro-
peller should be approximately balanced in the manner
described above until a new propeller can be produced.
For lesser damage, in which smaller parts of the blade
are lost, drastic cropping action is normally unneces-
sary since the propeller may be able to be repaired;
nevertheless, the effect of the damage should always
be considered in relation to its effect on the lubrication
film in the stern tube bearing.

If a propeller fails in fatigue, the underlying cause
should always be sought, since this will have an influ-
ence on whether redesign is necessary or whether a
repeat propeller can be ordered to the same design.

In Chapter 19, the effect of backing on highly skewed,
fixed pitch propellers was discussed. In a limited num-
ber of cases this leads to bending, which is normally
in the region shown by Figure 23.10. Whilst in many
cases this could be straightened, the plastic behaviour
would recur the next time the offending astern manoeu-
vre was undertaken. As a consequence blade redesign is
necessary to either thicken the blade or adjust the blade
shape, perhaps a combination of both.

Figure 23.10 Typical location of bending following an
astern manoeuvre with a highly skewed, fixed pitch
propeller

23.2.2 Previous repair failures

As discussed in Chapter 26 propeller repairs need to
be conducted strictly in accordance with the manu-
facturer’s recommendations and classification society
requirements. Otherwise failure of the repair will very
likely result and other undesirable features such as stress
corrosion cracking may occur. In these circumstances
the failure of a local repair can act as the origin of a

blade fatigue failure and actually cause failure in a very
short space of time.

23.2.3 Casting integrity

It is practically impossible to produce a propeller casting
without defects and as a consequence potential sites for
fatigue cracking initiation. In the majority of cases the
defects are of no consequence to the long-term integrity
of the propeller. The question of defining an acceptable
defect size has occupied several research workers in
recent years, but as yet no generally accepted criteria
has evolved.

In several cases it is possible and perfectly valid to
repair a casting by welding; however, as in the case
of service repairs the manufacturer’s recommendations
and the rules of the various classification societies must
be rigidly adhered to when undertaking this type of
repair.

With castings it is unlikely that their inherent defect
state will deteriorate in service, except in the case of the
joining up of defect sites under the action of a tensile
stress field. Hence the casting integrity is defined at the
time of manufacture.

Where a number of relatively small defect sites occur
in close proximity and it is considered inadvisable to
leave them in the casting, then given due consideration
to the cavitation and strength constraints of the pro-
peller, it may be possible to gently fair them out by
grinding the blade surface. Such action, however, has
to be carried out advisedly and with great care. In Chap-
ter 20 some discussion is offered on reasons why such
situations might occur.

23.3 Impact or grounding

Propellers by virtue of their position and mode of oper-
ation are likely to suffer impact or grounding damage
during their life. This sometimes results in a complete
or partial blade failure due to overload or, more likely,
in blade bending or the tearing of small pieces from the
blade edges. In by far the majority of cases these dam-
ages can be rectified by repair, again with the caveat of
the use of repair specialists and under the jurisdictions
of the appropriate classification society.
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In general the performance of a ship in service is
different from that obtained on trial. Apart from any
differences due to loading conditions, and for which
due correction should be made, these differences arise
principally from the weather, fouling and surface deteri-
oration of the hull and propeller.

The subject of service performance quite naturally,
therefore, can be divided into four component parts for
discussion purposes as follows:

1. Effects of weather – both sea and wind.
2. Hull roughness and fouling.
3. Propeller roughness and fouling.
4. The monitoring of ship performance.

As such the discussion in this chapter will essentially
fall into these four categories.

24.1 Effects of weather

The influence of the weather, both in terms of wind
and sea conditions, is an extremely important factor
in ship performance analysis. The analytical aspects of
the prediction of the effects of wind and sea state was
discussed in Chapter 12, and therefore need not be reit-
erated here. In the case of the service data returned from
the ship for analysis purposes it is insufficient to simply
record wind speed and sea state according to the Beau-
fort scale. In the case of wind, it is important to record
both its speed and direction, since both of these parame-
ters clearly influence the drag forces experienced by the
vessel. With regard to sea conditions, this is somewhat
more complex since in many instances the actual sea
state will contain both a swell component and a local
surface disturbance which are not related. For example,
if a sea is not fully developed, then the apparent Beau-
fort number will not be representative of the conditions
actually prevailing at the time. Consequently, both the
swell and surface disturbance effects and their direc-
tion relative to the ship’s heading need to be taken into
account if a realistic evaluation is to be made of the
weather effects in the analysis procedures. In making
these comments it is fully recognized, in the absence of
instrumented data as opposed to subjective judgment,
that the resulting data will contain an observational error
bound on the part of the deck officer. Nevertheless, an
experienced estimate of the conditions is essential to
good analysis practice.

24.2 Hull roughness and fouling

The surface texture or hull roughness of a vessel is a
continuously changing parameter which has a compara-
tively significant effect on the ship performance. This
effect derives from the way in which the roughness of
the hull surface influences the boundary layer and its
growth over the hull. Hence, the effect of hull roughness

Table 24.1 Typical proportions of frictional to total
resistance for a range of ship types

Ship type CF/CT

ULCC – 516 893 dwt (loaded) 0.85
Crude carrier – 140 803 dwt (loaded) 0.78

(ballast) 0.63
Product tanker – 50 801 dwt (loaded) 0.67
Refrigerated cargo ship – 8500 dwt 0.53
Container ship – 37 000 dwt 0.62
Ro/Ro ferry 0.55
Cruise liner 0.66
Offshore tug supply vessel 0.38

can be considered as an addition to the frictional compo-
nent of resistance of the hull. Table 24.1 shows typical
comparative proportions of frictional resistance (CF) to
total resistance (CT) at design speed for a series of ship
types.

From this table it is clearly seen that the frictional
components play a large role for almost all types of
vessel. Naturally the larger full-form vessels have the
largest frictional components.

The roughness of a hull can be considered to be the
sum of two separate components as follows:

hull surface roughness = permanent roughness
+ temporary roughness

in which the permanent roughness refers to the amount
of unevenness in the steel plates and the temporary
roughness is that caused by the amount and composition
of marine fouling.

Permanent roughness derives from the initial condi-
tion of the hull plates and the condition of the painted
surface directly due to either the application or the dry-
ing of the paint on the hull. The condition of the hull
plates embraces the bowing of the ships plates, weld
seams and the condition of the steel surface. The bow-
ing of the plates or ‘hungry horse’ appearance has a
comparatively small effect on resistance, generally not
greater than about one per cent. Similarly, the welded
seams also have a small contribution: for example, a
VLCC or container ships might incur a penalty of the
order 3

4 per cent and so it may be cost effective to remove
these by grinding the surface of the weld. By far the
greatest influence on resistance is to be found in the local
surface topography of the steel plates. This topography
is governed by a wide range of variables: corrosion,
mechanical damage, deterioration of the paint film, a
build-up of old coatings, rough coating caused by poor
application, cold flow resulting from too short a dry-
ing time prior to immersion, scoring of the paint film
resulting from scrubbing to remove fouling, poor clean-
ing prior to repainting, etc. Consequently, it can be seen
that the permanent roughness, which is permanent in
the sense of providing the base surface after building
or dry-docking during service, cannot be eliminated by
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subsequent coating, and therefore, to improve it in terms
of local surface topography, complete removal of the old
coatings is necessary to restore the hull surface.

In contrast, temporary roughness can be removed or
reduced by the removal of the fouling organisms or sub-
sequent coating treatment. It is caused in a variety of
different ways: for example, the porosity of leached-out
anti-fouling, the flaking of the current coating caused by
internal stresses, and corrosion caused by the complete
breakdown of the coating system and by marine foul-
ing. Whilst permanent roughness can be responsible for
an annual increment of, say, 30 to 60 µm in roughness
perhaps, the effects of marine fouling can be consider-
ably more dramatic and can be responsible, given the
right circumstances, for 30 to 40 per cent increases in
fuel consumption in a relatively short time.

The sequence of marine fouling commences with
slime, comprising bacteria and diatoms, which then
progresses to algae and in turn on to animal foulers
such as barnacles, culminating in the climax commu-
nity. Within this cycle Christie (Reference 1) describes
the colonization by marine bacteria of a non-toxic sur-
face as being immediate, their numbers reaching several
hundreds in a few minutes, several thousands within a
few hours and several millions within two to three days.
Diatoms tend to appear within the first two or three
days and grow rapidly, reaching peak numbers within
the first fortnight. Depending on local conditions this
early diatom growth may be overtaken by fouling algae.

The mixture of bacteria, diatoms and algae in this
early stage of surface colonization is recognized as the
primary slime film. The particular fouling community
which will eventually establish itself on the surface is
known as the climax community and is particularly
dependent on the localized environment. In conditions
of good illumination this community may be domi-
nated by green algae, or by barnacles or mussels, as is
often observed on static structures such as pier piles or
drilling rigs.

The vast numbers and diversity of organism com-
prising the primary slime film results in the inevitable
formation of ‘slime’ on every submerged marine sur-
face, whether it is ‘toxic’ or ‘non-toxic’. The adapt-
ability of the bacteria is such that these organisms are
found in nature colonizing habitats varying in tempera-
ture from below 0 to 75◦C. The adaptability of diatoms
is similarly impressive; they can be found in all aquatic
environments from fresh water to hyper-saline condi-
tions and are even found growing on the undersides of
ice floes. These life cycles and the adaptability of the
various organisms combine to produce a particularly
difficult control problem.

Severe difficulty of fouling control is not, however,
restricted to microfouling; recent years have seen the
emergence of oceanic, stalked barnacles as a serious
problem fouling VLCCs working between the Persian
Gulf and Northern Europe. This group of barnacles is
distinguished from the more familiar ‘acorn’ barnacles
in both habitat and structure.

Whereas acorn barnacles are found in coastal waters,
characteristically attached directly to fixed objects such
as rocks, buoys, ships, pilings and sometimes to other
organisms, such as crabs, lobsters and shellfish; stalked
barnacles are usually found far from land attached to
flotsam or to larger animals such as whales, turtles and
sea snakes by means of a long, fleshy stalk. The species,
the most important of which is the Conchoderma, is
recognized as a problem for large slow-moving ves-
sels, and much research dealing with their life cycle
and habits has been undertaken. The conclusions of this
work indicate that VLCCs become fouled with Con-
choderma while under way in open ocean. The results
of the shipboard studies suggest that vessels travelling
between the Gulf and Northern Europe are most likely
to become fouled in the Atlantic Ocean between the
Canary Islands and South Africa and particularly in an
area between 17◦S and 34◦S.Adult Conchoderma, how-
ever, have been reported to be in every ocean in the
world, and so there are no areas of warm ocean where
vessels can be considered immune from attack.

The fouling of underwater surfaces is clearly depend-
ent on a variety of parameters such as ship type, speed,
trading pattern, fouling pattern, dry-dock interval, basic
roughness and so on. To assist in quantifying some of
these characteristics Evans and Svensen (Reference 2)
produced a general classification of ports with respect
to their fouling or cleaning characteristics; Table 24.2
reproduces this classification.

Paint systems have developed from traditional anti-
fouling coatings to self-polishing anti-fouling (SPA)
and reactivatable anti-foulings (RA) in order to provide
greater protection against fouling problems. SPAs are
based on components which dissolve slowly in sea water
and due to the friction of the sea water passing over the
hull, toxins are continuously released. Thus, this over-
comes the weakness of traditional anti-fouling where
only part of the anti-fouling is water soluble, and where
an inactive layer slowly develops through which the
toxins have to migrate. Reactivatable coatings depend
on a mechanical polishing with special brushes in order
to remove the inactive layer formed at the surface of the
anti-fouling. Both SPA and RA systems depend upon
high-quality anti-corrosive systems to act as a basis,
and the service life is proportional to the thickness of
the film at application. Figure 24.1 shows in schematic
form the action of an SPA type of coating.

The life of an SPA coating, which if correctly applied
can extend hull protection considerably beyond that
afforded by traditional anti-foulings. Typically in the
order of five years, dependent on the ship speed,
hull permanent roughness, distance travelled and the
thickness and polishing rate of the coats applied. The
wear-off rate or polishing rate of anti-foulings is not
always completely uniform, since it depends on both
the turbulence structure of the flow and the local friction
coefficient. The flow structure and turbulence intensi-
ties and distribution within the boundary layer change
with increasing ship speed, which gives a thinner lamina
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Table 24.2 Port classification according to Reference 2

Clean ports Fouling ports Cleaning ports

Light Heavy Non-scouring Scouring

Most UK ports Alexandria Freetown Bremen Calcutta
Auckland Bombay Macassar Bribane Shanghai
Cape Town Colombo Mauritius Buenos Aires Yangtze Ports
Chittagong Madras Rio de Janeiro E. London
Halifax Mombasa Scurabaya Hamburg
Melbourne Negapatam Lagos Hudson Ports
Valparaiso Karadii La Plata
Wellington Pernambuco St Lawrence Ports
Sydney* Santos Manchester

Singapore
Suez
Tuticorin
Yokohama

* Variable conditions.

Figure 24.1 Principle of self-polishing process

sublayer, and consequently a hydrodynamically rougher
surface, since more of the roughness peaks penetrate
the sublayer at higher ship speeds. A further conse-
quence of the reduced lamina sublayer at high speed
is that the diffusion length for the chemically active
ingredients is shorter, which leads to a faster chemical
reaction, and therefore faster renewal, at the surface.
In addition to the ship speed considerations, the hull
permanent roughness is also of considerable impor-
tance. Whilst this will not in general affect the polishing
rate of the coating, one will find that in the region of the
peaks the anti-fouling will polish through more quickly
since the coating surface will be worked harder by the
increased shear stresses and turbulent vortices. Fig-
ure 24.2 shows this effect in schematic form. Whilst the
average polishing rate for the coating will be the same
for a rough or smooth hull, the standard deviation on
the distribution curve for polishing rate will give a much
bigger spread for rough hulls. Figure 24.3 demonstrates

this effect by showing the results of model experiments
(Reference 3) for both a smooth and rough surface, 50
and 500 µm, respectively; similar effects are noted on
vessels at sea. Consequently, it will be seen that the paint
coating needs to be matched carefully to the operating
and general conditions of the vessel.

Although particularly successful in minimizing the
hull resistance over a docking cycle, hull coatings con-
taining toxins have been the subject of a progressive
banning regime by the International Maritime Organ-
ization. This occurred first with pleasure craft based in
coastal and estuarial marinas where it was noted that
mutations in marine life were occurring and then lat-
terly the ban was extended to large commercial ships.
This led to intensive research efforts into maintaining
hull performance during the service life of ships and has
represented a significant challenge given that the fouling
sequence normally commences with slime which then
progresses to algae, following which the animal foulers



482 Marine propellers and propulsion

Figure 24.2 Influence of surface roughness on polishing anti-fouling paints

Figure 24.3 Influence of roughness on polishing rate
(Reference 3)

tend to take up residence and finally culminate in a
climax community. Prior to the introduction of bioac-
tive compounds hull fouling led, in ship performance
terms, to regular and frequent increases in hull resis-
tance over a docking cycle. With the introduction of
anti-fouling paints this sawtooth characteristic largely
disappeared and the necessity to dry-dock for fouling
reasons reduced as discussed in Section 24.5.

A number of coating solutions are being evolved
for use in the post biocide era with various benefits
claimed. In the case of the silicone-based elastomeric

coatings, which have no known toxic effects, these pre-
vent marine life from adhering to the hull surface by
virtue of the coating’s properties provided that the ship
speed is maintained above a critical value, typically in
the region of 17 to 18 knots and does not spend long
periods stationary in port. Moreover, some advantage
in terms of a reduced turbulent flow wall shear stress is
also likely and a number of sea trials are currently in
progress to demonstrate whether this is the case.

The standard measure of hull roughness that has
been adopted within the marine industry is Rt(50). This
is a measure of the maximum peak-to-valley height
over 50 mm lengths of the hull surface, as shown in
Figure 24.4. When undertaking a survey of a hull, sev-
eral values of Rt(50) will be determined at a particular
location on the hull and these are combined to give a
mean hull roughness (MHR) at that location defined by

MHR = 1

n

n
∑

i=1

hi (24.1)

where hi are the individual Rt(50) values measured at
that location.

The Average Hull Roughness (AHR) is an attempt
to combine the individual MHR values into a single
parameter defining the hull conditions at a particular
time. Typically the vessel may have been divided up
into a number of equal areas, perhaps 100, and a value
of MHR determined for each area. These MHR values

Figure 24.4 Definition of Rt(50) roughness measure
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are then combined in the same way as equation (24.1)
to give the AHR for the vessel:

AHR for vessel =

m
∑

j=1
wj(MHR)j

m
∑

j=1
wj

(24.2)

where wj is a weight function depending on the loca-
tion of the patch on the hull surface. For many purposes
wj is put equal to unity for all j values; however, by
defining the relation in the general way some flexibility
is given to providing a means for weighting impor-
tant areas of the hull with respect to hull roughness.
Most notable here are the regions in the fore part of the
vessel.

Townsin et al. (Reference 4) suggest that if a full
hull roughness survey is made, the AHR will be statis-
tically correct using wj = 1 in equation (24.2). However,
should some stations be left out for reasons of access,
etc., then theAHR can be obtained in the following way:

AHR for vessel = (MHR of sides)
× fraction of the sides covered
+ (MHR of flats)
× fraction of the flats covered
+ (MHR of boot topping)
× fraction of the boot topping

covered (24.3)

Much debate has centred on the use of a simple param-
eter such as Rt(50) in representing non-homogenous
surfaces. The arguments against this parameter suggest
that the lack of data defining the surface in terms of
its texture is serious and has led to the development of
replica-based criteria for predicting power loss resulting
from hull roughness (Reference 5). With this method,
the surface of the actual ship is compared to those repro-
duced on replica cards, which themselves have been cast
from other ships in service and the surfaces tested in a
water tunnel to determine their drag. When a particular
card has been chosen as being representative of a par-
ticular hull surface, a calculation of power penalty is
made by use of diagrams relating the principal ship par-
ticulars; these diagrams having been constructed from
a theoretical analysis procedure.

There is unfortunately limited data to be found that
gives a statistical analysis and correlation with meas-
ured roughness functions for typical hull surfaces.
Amongst the tests carried out, Musker (Reference 12),
Johannson (Reference 13) and Walderhaug (Reference
14), feature as well-known examples. In the case of
Musker, for example, he found that the measured rough-
ness function for a set of five surfaces did not show a
good correlation with Rt(50) and used a combination of
statistical parameters to improve the correlation.

The parameters used in his study were:

1. the standard deviation (σr);
2. the average slope (Sp);
3. the skewness of the height distribution (Sk);
4. the Kurtosis of the distribution (Ku);

and he combined them into an ‘equivalent height’ (h′)
which correlated with the measured roughness function
using a filtered profile with a 2 mm long wavelength cut
off. The relationship used was

h′ = σr(1 + aSp)(1 + bSkKu) (24.4)

With regard to Rt(50) as a parameter, Townsin (Reference
6) concludes that for rough surfaces, including surface-
damaged and deteriorated anti-fouling coatings – in
excess of around 250 µm AHR, it is an unreliable
parameter to correlate with added drag. However, for
new and relatively smooth hulls it appears to correlate
well with other available measures of roughness func-
tion, and so can form a basis to assess power penalties
for ships.

It is found that the majority of new vessels have AHR
of the order of 90 to 130 µm provided that they have
been finished in a careful and proper manner. McK-
elvie (Reference 7) notes, however, that values for new
vessels of 200 to 250 µm have not been uncommon in
the period preceding 1981. The way in which this value
increases with time is a variable depending on the type
of coating used. To illustrate this Figure 24.5 shows a
typical scenario (Reference 8) for a vessel in the first
eight years of its life. In the figure it will be seen that
the initial roughness AHR increased after four years to
a value of around 250 µm using traditional anti-fouling
coatings (Point A on the diagram). If the vessel is shot
blasted, it can be assumed that the initial hull roughness
could be reinstated since an insignificant amount of cor-
rosion should have taken place. If, after cleaning, the
vessel is treated with a reactivatable or SPA, after a fur-
ther period of four years in service the increase in rough-
ness would be small.Alternatively, if the vessel had been
treated with traditional anti-fouling, as in the previous
four-year period, then a similar increase in roughness

Figure 24.5 Effect of different coatings on hull
roughness (Reproduced from Reference 8)
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would be noted. As illustrated in the diagram, the rate
of increasing roughness depends on the coating system
employed and the figures shown in Table 24.3 will give
some general indication of the probable increases.

Table 24.3 Typical annual hull roughness increments

Coating type Annual increase in roughness
(µm/year)

Self-polishing paints 10–30
Traditional coating 40–60

Clearly, significant deviations can occur in these
roughening rates in individual circumstances for a wide
variety of reasons. Figure 24.6, which is taken from
Townsin (Reference 9) shows the scatter that can be
obtained over a sample of some 86 surveys conducted
over the two-year period 1984/85.

Assuming that the AHR can be evaluated, this value
then has to be converted into a power penalty if it
is to be of any practical significance beyond being
purely an arbitrary measure of paint quality. Lack-
enby (Reference 10) proposed an early approximation
that for every 25 µm increase in roughness an increase
in fuel consumption of around 2.5 per cent could be
anticipated.

More recently Bowden and Davison (Reference 11)
proposed the relationship

�P1 − �P2

P
× 100% = 5.8[(k1)1/3 − (k2)1/3] (24.5)

Figure 24.6 Survey of hull roughness conducted during period 1984–85 (Reproduced with permission from Reference 9)

where k1 and k2 are the AHR for the rough and smooth
ship, respectively, and �P1 and �P2 are the power
increments associated with these conditions, P is the
maximum continuous power rating of the vessel.

The relationship was adopted by the 1978 Inter-
national Towing Tank Conference (ITTC) as the basis
for the formulation of power penalties and appeared in
those proceedings in the form:

�CF × 103 = 105

(

ks

L

)1/3

− 0.64 (24.6)

in which ks is the mean apparent amplitude of the sur-
face roughness over a 50 mm wavelength and L is the
ship length. With equation (24.6) a restriction in length
of 400 m was applied, and it is suitable for resistance
extrapolation using a form factor method and the 1957
ITTC friction line. It assumes a standard roughness of
150 µm.

Townsin (Reference 6) has recently produced a modi-
fied expression for the calculation of �CF based on the
AHR parameter and applicable to new and relatively
smooth vessels:

�CF × 103 = 44

[

(

AHR

L

)1/3

− 10(Rn)−1/3

]

+ 0.125

(24.7)

The effects of the distribution of roughness on the skin
friction of ships have been explored by Kauczynski
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and Walderhaug (Reference 15). They showed the most
important part of the hull with respect to the increase
in resistance due to roughness is the bow region. How-
ever, the length of the significant part of this portion of
the hull decreases as the block coefficient increases. In
the case of vessels with higher block coefficients, of the
order of 0.7 to 0.8, the afterbody also plays a significant
role. Figure 24.7, based on Reference 15, illustrates
this point by considering two smoothing regimes for a
vessel. In case A, a smooth strip equal to 25 per cent
of LWL was fixed to the bow, whereas in case B the
smooth area was divided into two equal portions, both
with a length equal to 12.5 per cent LWL. In both cases
the smoothed areas were equal. Calculations showed
that the reduction in CF compared to the whole rough
surface were 0.105 × 10−3 and 0.119 × 10−3 for cases
A and B, respectively, thus showing an advantage for
the smoothing regimes of case B. In order to com-
pute the value of CF corresponding to paint roughness,
Kauczynski and Walderhaug based their calculations on
a conformal mapping technique for describing the hull
form and used a momentum integral method for the cal-
culation of the three-dimensional turbulent boundary
layer characteristics. The results of these calculations
for five hull forms of the Series 60 models with block
coefficients between 0.60 and 0.80 have shown that the

Figure 24.7 Hull smoothing regimes considered by Kauczynski and Walderhaug (Reproduced from Reference 15)

increase of frictional resistance due to roughness �CF
is a function of block coefficient, Reynolds number,
Rt(50) and Rt(1). A regression procedure was applied by
the authors to these results in order to give a readily
applicable approximation of the form

�CF = a0 + ai k̄
1/i
B + bj�C

∗j
B

k̄∗
B

LWL
k̄∗

1 R∗
n (24.8)

where i, j = 1, 2, 3 and

k̄∗
B = k̄B/LWL

3.32 × 109
; R∗

n
Rn

2.7 × 106
; k̄∗

1 = k1

105

with

�C∗
B = CB − 0.6

0.2

In order to derive the coefficients a0 and ai in equation
(24.8) a further polynomial expression has been derived
as follows:

ai =
4
∑

n=1

5
∑

m=1

fi,p(k̄∗
1 )n−1(R∗

n)m−1

where i = 0, 1, 2, 3
p = m + 5(n − 1)
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The coefficients fi,p are given byTable 24.4 for all values
of p = 1, 2, 3, . . . , 20. The coefficients bj are given by
Table 24.5.

Table 24.4 Values of coefficient f i,p (taken from
Reference 15)

p f0,p × 103 f1,p × 103 f2,p × 103 f3,p × 103

1 −0.05695 −0.08235 −0.48093 0.43460
2 −0.25473 −0.73105 1.01946 −1.37640
3 −0.18337 −2.01563 1.31724 −0.11176
4 0.38401 0.79786 2.02432 −2.30461
5 −0.27985 0.27460 −2.56908 2.26801
6 0.12397 0.47117 1.30053 −1.43575
7 1.95506 −10.87320 35.18020 −24.04790
8 −4.89111 17.57430 −63.66010 49.25690
9 1.70315 −5.44915 19.77400 −15.92990

10 0.72533 −2.50564 9.33041 −7.31122
11 −0.07676 −0.74104 0.62533 −0.06440
12 −2.93232 9.38549 −36.49980 29.61980
13 1.88597 −0.39504 6.04098 −11.67790
14 6.04607 −23.66800 88.78930 −64.38880
15 −5.02286 17.10700 −64.93670 49.93150
16 0.07829 0.00438 0.56607 −0.56425
17 0.04596 0.25232 −0.09525 −0.39173
18 3.04651 −10.75950 42.36420 −31.51610
19 −7.47250 23.29540 −93.06020 72.79150
20 4.26166 −13.00580 51.38600 −40.80970

Table 24.5 Coefficients bj (taken from
Reference 15)

j bj × 103

1 −0.09440
2 0.01126
3 0.13756

The calculation procedure is subject to the constraints
imposed by the model series and the conditions exam-
ined. Thus k̄1max , (k̄B/LWL)max, Rnmax and CBmin are
defined as 105 µm, 3.32 × 109, 2.7 × 106 and 0.6,
respectively. The method described has been examined
in comparison with others, notably those by Hohansson,
Townsin and Bowden, for a 16 knot, 350 m tanker, and
the results are shown in Figure 24.8. The range of values
predicted for (k̄B/k̄1) in the range 4 to 8, typical values
for painted surfaces, embrace the result from Bowden’s
formula. Nevertheless, Bowden’s formula does not con-
sider the effects of Rn and CB, and consequently in
other examples differences may occur. With regard to
Townsin and Johansson’s formula, close agreement is
also seen in the region where K̄1 is of the order of 30 µm.

Walderhaug (Reference 14) suggests an approxima-
tion to the procedure outlined above, which has the form

�CF × 103 ≃ 0.5

(

kE × 106

L

)0.2

×
[

1 +
(

CB − 0.75

0.7

)2
]

×
[

ln

(

1 + uτkE

v

)]0.7

(24.9)

where the effective roughness kE is given by

kE =
(

k̄

λ

)

1

(Rt(50) − KA)

with the roughness to wavelength ratio (k̄/λ)1
at = 1 mm and the admissible roughness kA given by

kA = f v

V
(ln Rn)1.2

with f = 2.5 for painted surfaces and the friction
velocity

uτ = V

(ln Rn)1.2

24.3 Hull drag reduction

Methods involving the injection of small quantities of
long-chain polymers into the turbulent boundary layer
surrounding a hull form, such as polyethylene oxide,
were shown in the 1960s to significantly reduce resist-
ance, provided the molecular weight and concentration
were chosen correctly. Experiments conducted at that
time suggested that the reduction in drag was linked to
changes in the structure of the turbulence by the addition
of the long-chain polymers. Frenkiel et al. (Reference
23) and Berman (Reference 24) discuss these effects in
detail.

These methods which rely on the injection of such
substances into the sea, however, are unlikely to be
environmentally acceptable today. Nevertheless, cur-
rent research is focusing on a range of methods involv-
ing boundary layer fluid injection and manipulation.
These methods embrace the injection of low-pressure
air, either in the formation of air bubble interfaces
between the hull and the sea water or through the provi-
sion of an air cushion trapped by an especially developed
hull form. Some attention is also devoted to the injec-
tion of non-toxic or environmentally friendly fluids into
the hull boundary layer.

24.4 Propeller roughness and fouling

Propeller roughness is a complementary problem to that
of hull roughness and one which is no less important.
As in the hull roughness case, propeller roughness arises
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Figure 24.8 Comparison of roughness �CF values (Reproduced with permission from Reference 15)

from a variety of causes, chief of which are marine
growth, impingement attack, corrosion, cavitation ero-
sion, poor maintenance and contact damage.

The marine growth found on propellers is similar
to that observed on hulls except that the longer weed
strands tend to get worn off. Notwithstanding this, weed
having a length of the order of 10 to 20 mm is not
uncommon on the minor regions of the blade, as indeed
are stalked barnacles which are frequently found alive
on the blades after a vessel has docked subsequent to
a considerable journey. Marine fouling of these types
increase the power absorption of the propeller consid-
erably, which for a fixed pitch propeller will result in a
reduction of service rotational speed.

Impingement attack resulting from the passage of the
water and the abrasive particles held in suspension over
the blade surfaces normally affects the blades in the
leading edge region and particularly in the outer radii of
the blade where the velocities are highest. This results
in a comparatively widespread area of fairly shallow
depth surfaces roughness. Similarly with corrosion of
either the chemical or electrochemical kind. Further-
more, with both corrosive and impingement roughness
the severity of the attack tends to be increased with the
turbulence levels in the boundary layer of the section.
Consequently, subsequent to an initial attack, increased
rates of surface degradation could be expected with
time.

Cavitation erosion is normally, but not always, con-
fined to localized areas of the blade. It can vary from a

comparatively slight and relatively stable surface dete-
rioration of a few millimetres in depth to a very rapid
deterioration of the surface reaching depths of the order
of the section thickness in a few days. Fortunately, the
later scenario is comparatively rare. Cavitation dam-
age, however, presents a highly irregular surface, as
seen in Figures 24.9 and 26.1, which will have an
influence on the drag characteristics of the blade sec-
tions. Blade-to-blade differences are likely to occur in
the erosion patterns caused by cavitation, and also to
some extent with the forms of roughness. This will of
course influence the individual drag characteristics of
the sections.

Finally, poor maintenance and contact damage influ-
ence the surface roughness; in the former case perhaps
by the use of too coarse grinding discs and incorrect
attention to the edge forms of the blade, and in the latter
case, by gross deformation leading both to a propeller
drag increase and also to other secondary problems;
for example, cavitation damage. With regard to the
frequency of propeller polishing there is a consensus
of opinion between many authorities that it should be
undertaken in accordance with the saying ‘little and
often’ by experienced and specialized personnel. Fur-
thermore, the pursuit of super-fine finishes to blades
is generally not worth the expenditure, since these
high polishes are often degraded significantly during
transport or in contact with ambient conditions.

The effects of surface roughness on aerofoil charac-
teristics have been known for a considerable period of
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Figure 24.9 Typical cavitation damage profile

time. These effects are principally confined to the drag
coefficient and a typical example taken from Reference
16 is seen in Figure 24.10 for an National Advisory
Committee for Aeronautics (NACA) 65-209 profile.

Figure 24.10 Effect of roughness on NACA 65-209 profile

The effect on section lift is small since the lift coef-
ficient is some 20 to 30 times greater than the drag
coefficient and studies conducted by the ITTC showed
that the influence of roughness on the lift coefficient can
be characterized by the relationship

�CL = −1.1�CD (24.10)

Results such as those shown in Figure 24.10 are
based on a uniform distribution of sand grain roughness

over the section surface. In practice, however, this
is far from the case, and this implies that a multi-
parameter statistical representation of the propeller sur-
face embracing both profile and texture might be more
appropriate than a single parameter such as the max-
imum peak-to-valley height. Grigson (Reference 17)
shows two surfaces to illustrate this point (Figure 24.11)
which have approximately the same roughness ampli-
tudes but quite different textures. In general propeller
surface roughness is of the Colebrook–White type and
can be characterized in terms of the mean apparent
amplitude and a surface texture parameter.

Figure 24.11 Example of two different textures having
approximately the same roughness amplitude
(Reproduced with permission from Reference 17)
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Figure 24.12 Reduction of surface profile into
components

The topography of a surface can be reduced into
three component terms: roughness, waviness and form
errors as shown in Figure 24.12. Clearly, the definition
of which category any particular characteristic lies is
related to the wavelength of the characteristic. The Inter-
national Standards Organization (ISO) has used two
standards in the past; these are the peak-to-valley aver-
age (PVA) and the centre-line average (CLA or Ra) and,
the definition of these terms are as follows:

Peak-to-valley
average (PVA)

This is the sum of the average height
of the peaks and the average depth
of the valleys. It does not equate to
the Rt parameter, since this latter
term implies the maximum rather
than the average value.

Centre-line
average (CLA
or Ra)

This is the average deviation of the
profile about the mean line and is
given by the relation

Ra = 1

l

∫ l

x=0
|y(x)|dx (24.11)

where l is the length of the line over
which the roughness distribution
y(x) is measured.

There is unfortunately very little correspondence
between the values derived from a PVA or CLA analy-
sis. Some idea of the range of correspondence can be
deduced from Figure 24.13, taken from Reference 18,
for mathematically defined forms. The authors of Ref-
erence 18 suggest a value of the order of 3.5 when
converting from CLA to PVA for propeller surfaces.
The difference between these two measurement param-
eters is important when comparing the 1966 and 1981
ISO surface finish requirements for propellers, since the
former was expressed in terms of PVA whilst the lat-
ter was in CLA. Sherrington and Smith (Reference 19)
discuss the wider aspects of characterizing the surface
topography of engineering surfaces.

Table 24.6 itemizes these requirements for Class ‘S’
and Class ‘1’ propellers.

Several methods of surface roughness assessment
exist and these range from stylus-based instruments
through to the ‘Rubert’ comparator gauge. For the

stylus-based instruments it has been generally found
that a wavelength cut-off value of the order of 2.5 mm
gives satisfactory values for the whole range of pro-
pellers. The stylus-based instrument will give a direct
measure of the surface profile, which is in contrast to
the comparator gauge method in which the surface of
the blades at particular points are ‘matched’ to the near-
est surface on the reference gauge. The ‘Rubert’ gauge
which is perhaps the most commonly used comprises
six individual surfaces tabulated A through to F as seen
in Figure 24.14. These surfaces have been the subject of
extensive measurement exercises by a number of author-
ities. Townsin et al. (Reference 20) undertook a series
of studies to determine the value of Muskers’ appar-
ent height h′ from both his original definition and a
series of approximations. The values derived for the
apparent roughness together with the maximum peak-
to-valley amplitude Rt(2.5) quoted by the manufacturers
of the Rubert gauge is given in Table 24.7. Also in this
table is shown the approximation to h′ derived from the
relation

h′ ≃ 0.0147R2
a(2.5)Pc (24.12)

where Pc is the peak count per unit length and is used
as a texture parameter.

When measuring the roughness of a propeller sur-
face it is not sufficient to take a single measurement or
observation on a blade. This is because the roughness
will vary over a blade and different parts of the blade will
be more significant than others, chiefly the outer sec-
tions since the flow velocities are higher. Furthermore,
differences will exist from blade to blade. To overcome
this problem a matrix of elements should be superim-
posed on the suction and pressure surfaces, as shown in
Figure 24.15. In each of the twelve regions defined by
the matrix on each surface of the blade several rough-
ness measurements should be taken in the direction
of the flow and widely spaced apart. A minimum of
three measurements is recommended in each patch from
which a mean value can be taken (Reference 20).

24.5 Generalized equations for the
roughness-induced power penalties
in ship operation

Townsin et al. (Reference 20) established a valuable
and practical basis upon which to analyse the effects of
roughness on the hull and propeller of a ship. In this
analysis they established a set of generalized equations,
the derivations of which form the basis of this section.
The starting point for their analysis is to consider the
power delivered to the propeller in order to propel a
ship at a given speed Vs through the water:

PD = RVs

QPC
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Figure 24.13 Comparison between CLA and PVA measurements of roughness for constant CLA value of 2.5 µm Ra

(Reproduced with permission from Reference 18)

Table 24.6 ISO surface finish requirements

Specification Class ‘S’ Class ‘I’ Units

ISO R484 1966 3 9 µm (PVA)
ISO R484/1
ISO R484/2

}

1981 3 6 µm (Ra)

where R is the resistance of the ship at the speed Vs and
the QPC is the quasi-propulsive coefficient given by

QPC = ηHηrη0

= ηHηr
KT

KQ

J

2π

Consequently, the basic relationship for the delivered
power PD can be re-expressed as follows:

PD = π̺SV 3
s CTKQ

KTJηHηr
(24.13)

by writing the ship resistance R as 1
2 SV 2

s CT. Equa-
tion (24.13) can be linearized by taking logarithms and
differentiating the resulting equation to give

dPD

PD
= d̺

̺
+ dS

S
+ 3dVs

Vs
+ dCT

CT
+ dKQ

KQ
− dKT

KT

−dJ

J
− dηH

ηH

− dηr

ηr
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Figure 24.14 The Rubert gauge

Table 24.7 Rubert gauge surface parameters

Rubert h′equation h′(approximation) Rt (2.5) Ra (2.5)
surface (23.4) equation (23.12) (µm) (µm)

(µm) (µm)

A 1.32 1.1 6.7 0.65
B 3.4 5.4 14.2 1.92
C 14.8 17.3 31.7 4.70
D 49.2 61 50.8 8.24
E 160 133 97.2 16.6
F 252 311 153.6 29.9

Note: a and b in equation (24.4) taken as 0.5 and 0.2,
respectively.

In this equation it can be assumed for all practical pur-
poses that the density (̺), the wetted surface area (S)
and the relative rotative efficiency (ηr) are unaffected by
increases in roughness of the order normally expected
in ships in service. As consequence these terms can be
neglected in the above equation to give

dPD

PD
= 3dVs

Vs
+ dCT

CT
+ dKQ

KQ
− dKT

KT
− dJ

J
− dηH

ηH

In addition, since roughness, as distinct from biological
fouling, is likely to cause only relatively small changes

in the power curve, these can then be approximated to
linear functions. Consequently, the differentials can be
considered in terms of finite differences:

�PD

PD
= 3�Vs

Vs
+ �CT

CT
+ �KQ

KQ
− �KT

KT
− �J

J

−�ηH

ηH

(24.14)

This equation clearly has elements relating to both the
propeller and the hull, and can be used to determine the
power penalty for propulsion at constant ship speed Vs:

�PD

PD
= �CT

CT
+ �KQ

KQ
− �J

J
− �KT

KT
− �ηH

ηH

(24.15)

Clearly, it will simplify matters considerably if equation
(24.15) can be decoupled into hull and propeller compo-
nents, and therefore treated separately. This can be done
subject to certain simplifications in the following way.

The terms �KT/KT and �KQ/KQ can be divided into
two components; one due to propeller roughness and
one due to the change in operating point assuming the
propeller remained smooth:

�KQ

KQ
=
(

�KQ

KQ

)

R

+
(

�KQ

KQ

)

J

�KT

KT
=
(

�KT

KT

)

R
+
(

�KT

KT

)

J

⎫

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎭

(24.16)

where the suffixes R and J denote propeller rough-
ness and operating point, respectively. This distinction
is shown in Figure 24.16 for the torque coefficient
characteristics. The relative changes to the propeller
characteristic due to roughness alone can be estimated
from Lerb’s theory of equivalent profiles.

Considering the second term in each of equations
(24.16), since for a smooth propeller

�KQ = dKQ

dJ
�J

and similarly for �KT, we write for the change in
operating point terms in equations (24.16):
(

�KQ

KQ

)

J

= J

KQ

(

dKQ

dJ

)(

�J

J

)

(

�KT

KT

)

J
= J

KT

(

dKT

dJ

)(

�J

J

)

⎫

⎪

⎪

⎪

⎬

⎪

⎪

⎪

⎭

(24.17)

Now the term �J is the difference between the rough
and smooth or original operating points, as seen in
Figure 24.16:

�J = JR − J

that is,

�J = Vs

D

[

(1 − wTR)

NR
− (1 − wT)

N

]



492 Marine propellers and propulsion

Figure 24.15 Definition of patches for recording propeller roughness

Figure 24.16 Effect of change of operating advance on
propeller torque characteristics with rough and smooth
blades

since Vs is assumed constant from equation (24.15).
Hence by referring to the original operating point

�J

J
=
(

1 − wTR

1 − wT

)

N

NR
− 1 (24.18)

Furthermore, since �KT = (KTR − KT),

�KT

KT
=
(

KTR

KT
− 1

)

that is,

�KT

KT
= TR

T

(

N

NR

)2

− 1 (24.19)

and by assuming an identity of thrust deduction between
the rough and original smooth condition for a given ship
speed, this implies

TR

T
= RR

R
= CTR

CT
= CT + �CT

CT
=
[

1 + �CT

CT

]

Hence, substituting this relationship into equation
(24.19), eliminating propeller revolutions between
equations (24.18) and (24.19) and noting that CT is
wholly viscous so that �CT = �CV, we obtain

�J

J
=
(

1 − wTR

1 − wT

)[

1 + (�KT /KT)

1 + (�CV /CT)

]1/2

− 1 (24.20)

By applying the binomial theorem to equation (24.20)
and since �KT/KT and �CV/CT are small,

�J

J
=
(

1 − wTR

1 − wT

)[

1 + 1

2

(

�KT

KT

)

−
(

�CV

CT

)]

Hence from equations (24.16) and (24.17) and substi-
tuting these into the above an explicit relationship can
be found for the term �J /J as follows:

�J

J
=

(

1 − wTR

1 − wT

)[

1 + 1

2

(

�KT

KT

)

R
− �CV

CT

]

− 1

1 − 1

2

(

1 − wTR

1 − wT

)

J

KT

(

dKT

dJ

)

In this equation the terms CV and wT relate to the
hull roughness, excluding any propeller-induced wake
considerations, and the term (�KT/KT)R relates to
the propeller roughness. Separating these terms out,
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we have

�J

J
=

(

1 − wTR

1 − wT

)[

1 − �CV

CT

]

− 1

1 − 1

2

(

1 − wTR

1 − wT

)

J

KT

dKT

dJ

+

1

2

(

�KT

KT

)

R
(

1 − wT

1 − wTR

)

− 1

2

J

KT

dKT

dJ

(24.21)

The first term in equation (24.21) is a function of hull
roughness only and is the relative change in advance
coefficient due to hull roughness only (�J /J )H. The
second term is a function of both propeller and hull
roughness; this can, however, be reduced to a propeller
roughness function by assuming that
(

1 − wT

1 − wTR

)

≃ 1

when the change in propeller roughness can be approxi-
mated by the function

(

�J

J

)

R
≃

1

2

(

�KT

KT

)

R

1 − 1

2

(

J

KT

)(

dKT

dJ

)

Consequently, the total change in advance coefficient,
equation (24.21), can be decoupled into the sum of
independent changes in hull and propeller roughness:

�J

J
≃
(

�J

J

)

Hull rough
+
(

�J

J

)

Prop. rough

This immediately allows the power penalty �PD/PD,
expressed by equation (24.15), to be decoupled into the
following:
(

�PD

PD

)

Prop. rough
=
(

�KQ

KQ

)

Prop. rough

−
(

�J

J

)

Prop. rough

−
(

�KT

KT

)

Prop. rough
(24.22)

and

(

�PD

PD

)

Hull rough

= �CV

CT
− �ηH

ηH

+
(

�KQ

KQ

)

Hull rough

−
(

�J

J

)

Hull rough

but since propellers generally work in a region of the
propeller curve, where the ratio, over small changes,
of KT/KQ is relatively constant, this latter equation

reduces to

(

�PD

PD

)

Hull rough
= �CV

CT

− �ηH

ηH

−
(

�J

J

)

Hull rough

(24.23)

Equations (24.15), (24.22) and (24.23) form the gen-
eralized equations of roughness-induced power penal-
ties in ship operation. These latter two equations can,
however, be expanded to give more explicit relationship
for the hull and propeller penalties.

In the case of equation (24.22) for the propeller
penalty, the propeller roughness effects (�KQ/KQ) and
(�KT/KT) can be estimated from Lerb’s equivalent pro-
file method, from which the following relationship can
be derived in association with Burrill’s analysis:
(

�PD

PD

)

Prop. rough
=
[

2.2

(P/D)
− 1.1 +

{

3.3(P/D) − 2J

2.2(P/D) − J

}

× (0.45(P/D) + 1.1)

](

�cD

cL

)

0.7

(24.24)

For the hull roughness contribution, Townsin et al. (Ref-
erence 20) shows that by assuming a constant thrust
deduction factor and employing the ITTC 1978 formula
for wake scaling such that

wTR = t + (wT − t)

[

�CFS − �CFT

(1 + k)CFS + �CFT
+ 1

]

Then the full roughness power penalty becomes
(

�PD

PD

)

Hull rough

=
[

1 −
(

wT − t

1 − wTR

)

CT

(1 + k)CFS + �CFT

]

×
(

�CF

CT

)

−
(

�J

J

)

Hull rough

(24.25)

where PD is the delivered power at the propeller,
CT is the ship thrust coefficient,
CF is the ship frictional coefficient,
CFS is the smooth ship frictional coefficient,
J is the advance coefficient,
P is the propeller pitch,
D is the propeller diameter,
�cd is the change in reference section drag,

coefficient,
c1 is the reference section lift coefficient,
�CFT is the increment in ship skin friction,

coefficient in trial condition.

24.6 Monitoring of ship performance

The role of the ship service analysis is summarized
in Figure 24.17. Without for the moment considering
the means of transmitting the data from the vessel, this
information should have two primary roles for the ship
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Figure 24.17 Role of ship service analysis

operator. The first is to develop a data bank of infor-
mation from which standards of performance under
varying operational and environmental conditions can
be derived. The resulting standards of performance,
derived from this data, then become the basis of oper-
ational and chartering decision by providing a reference
for a vessel’s performance in various weather conditions
and a reliable comparator against which the perfor-
mance of sister or similar vessels can be measured. The
role for the data records is to enable the analysis of trends
of either the hull or machinery to be undertaken, from
which the identification of potential failure scenarios
and maintenance decisions can be derived.

Table 24.8 identifies the most common set of param-
eters that are traditionally recorded to a greater or lesser
extent by seagoing personnel in the ship’s engine and
bridge logbooks. It is this information which currently
forms the database from which analysis can proceed.
In the table the measurement of shaft power has been
noted with an asterisk, this is to draw attention to the fact
that this extremely important parameter is only recorded
in relatively few cases, due to the lack of a torsion
meter having been fitted, and, as such this cannot be
considered to be a commonly available parameter.

Traditionally, Admiralty coefficient (Ac) based
methods have formed the basis of many practical service
performance analysis procedures used by shipowners
and managers. Current practice with some ship oper-
ators today is to simply plot a curve of Admiralty
coefficient against time. Figure 24.18(a) shows a typ-
ical example of such a plot for a 140 000 tonnes dwt
bulk carrier, from which it can be seen that it is difficult
to interpret in any meaningful way due to the inher-
ent scatter in this type of plot. One can, nevertheless,

Table 24.8 Traditionally recorded parameters in ship
log books

Deck log
Ship draughts (fore and aft)
Time and distance travelled (over the ground)
Subjective description of the weather (wind, see state, etc.)
Ambient air and sea water temperature
Ambient air pressure
General passage information

Engine log
Cooling sea water temperature at inlet and outlet
Circulating fresh water cooling temperature and pressures

for all engine components
Lubricating oil temperature and pressures
Fuel lever, load indicator and fuel pump settings
Engine/shaft revolution count
Turbocharger speed
Scavenge and injection pressures
Exhaust gas temperatures (before and after turbocharger)
Main engine fuel and lubricating oil temperatures
Bunker data
Generator and boiler performance data
Evaporator and boiler performance data
Torsion meter reading*

∗ denotes if fitted

move a stage further with this type of study by analysing
the relationship between the Admiralty coefficient and
the apparent slip (Sa) as seen in Figure 24.18(b) which
shows a convergence in the data and invites the draw-
ing of a trend line through the data. The form of these
coefficients is given by the well-known relationships

Ac = �2/3V 3
s

Ps
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Figure 24.18 Common ship service procedures in use by the shipping community: (a) Admiralty coefficient versus time
and (b) Admiralty coefficient versus apparent slip

and

Sa = 1 − 30.86

(

Vs

PN

)

metric

The data for this type of analysis is extracted from the
ship’s deck and engine room log abstracts and the result-
ing curves of Ac plotted against Sa would normally be
approximated by a linear relationship over the range of
interest. Furthermore, apparent slip can be correlated
to the weather encountered by the vessel by convert-
ing the description of the sea state, as recorded by the
ship’s navigating officers, to wave height according to
an approved scale for that purpose. The wave heights
derived in this way can be modified to take account of
their direction relative to the ship and, having estab-
lished the wave height versus apparent slip lines for
the propeller, the Admiralty coefficient or other similar
variable can be plotted against the appropriate line using
the recorded apparent slip from the log book. Meth-
ods such as these, whilst providing a basis for analysis,
can lead in some circumstances to misinterpretation.
Furthermore, the Admiralty coefficient, although a use-
ful criterion, is a somewhat ‘blunt instrument’ when
used as a performance criterion since it fails to effec-
tively distinguish between the engine and hull-related
parameters. The same is also true for the alternative
version of this equation, termed the fuel coefficient,
in which the shaft horsepower (Ps) is replaced with the
fuel consumption. This latter derivative of theAdmiralty

coefficient serves where the vessel is not fitted with a
torsion meter.

Several coefficients of performance have been pro-
posed based on various combinations of the parameters
listed in Table 24.8. Whipps (Reference 21), for exam-
ple, attempts to split the overall performance of the
vessel into two components – the responsibility of the
engine room and the responsibility of the bridge watch-
keepers. Accordingly, three coefficients of performance
are proposed:

1. K1 – nautical miles/tonne of fuel (overall
performance).

2. K2 – metres travelled/shp/h (navigational
performance).

3. K3 – grams of fuel/shp/h (engine performance).

Clearly, these coefficients require the continuous or fre-
quent monitoring of the parameters concerned and the
presentation of the coefficients of performance to the
ship’s staff on a continuous or regular basis. Experi-
ence with these and other similar monitoring techniques
suggests that they do aid the ship’s staff to enhance the
performance of the vessel by making them aware of
the economic consequences of their decisions at the time
of their actions in terms that are readily understandable,
this latter aspect being particularly important.

More recently Bazari (Reference 25) has considered
the application of energy auditing to ship operation and
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Data collection

Data quality check Selection of KPIs

Estimation of KPIs Setting KPIs targets

Comparisons (actual versus target)

Deviations from targets Allocation of rating

Figure 24.19 Outline of the benchmarking or rating process

design. This process is designed to undertake energy
audits during a ship’s operation either singly or across a
fleet, particularly where there are a number of ships of
the same design. From the results of these audits it then
becomes possible to assess the potential for improve-
ment in propulsion efficiency. This procedure involves
three principal activities in the benchmarking or rating
process shown in Figure 24.19. The three main activities
include:

1. Selection of Key Performance Indicators (KPIs) and
specifying their reference target values.

2. Data collection and assuring the data quality.
3. Estimating the KPIs, comparing these to the refer-

ence targets, estimating deviations and allocating a
rating to the ship.

This analysis procedure is applicable to many ship
types; for example, passenger ships, tankers and
container ships. However, to carry out the process
effectively it is essential to give consideration of all
aspects of ship design, machinery procurement, ship
operation, alternative technologies and fuels within the
analysis process and to take a holistic view of the ship
operation.

In the case of new ships significant reductions in the
ship’s overall fuel consumption are considered feasible
using these auditing processes to make improvements
to the ship design and use of energy-efficient machin-
ery. While procuring a more energy-efficient ship may
be slightly more expensive in the first instance, when
fuel prices are high or show a general upward trend,
the extra initial investment may well be recovered in the
ship’s operational account. Indeed it has been found that
the majority of the effort within the auditing process,
given that the hydrodynamic design process has been
satisfactorily undertaken, is concentrated on the engi-
neering systems; the use of energy-efficient machinery;

optimization of hotel, HVAC and refrigeration systems
and the wider use of shore services. These consider-
ations need to be input at the conceptual design phase
of the ship and reviewed at a pre-contract specification
stage to ensure that energy efficiency is fully considered
as part of the ship design process.

When applied to ships that are in service the pri-
mary focus of the auditing processes should be on the
reduction of fuel consumption. This can be achieved
as outlined in Figure 24.19 using a combination of
benchmarking, energy audits and performance moni-
toring. Within this process a systematic and holistic
investigation needs to be undertaken which considers
both technical and non-technical aspects of the oper-
ation. Furthermore, to obtain optimum results from the
process it is often better if this is done by both an inde-
pendent auditing practitioner and the ship’s operator so
that at least the two viewpoints are fully considered and
agreed in the auditing process by which joint ownership
of the result can then be achieved. This position has to be
attained from a comprehensive level of data gathering
and analysis combined with a shipboard energy sur-
vey. Moreover, in addition to the technical systems, the
process should also take into account the operational
profile of the ship and its main machinery together with
any reference data from other similar ships.

In order to progress beyond the basic stages of
performance monitoring it is necessary to attempt to
address the steady-state ship powering equations:

Ps = RVs

η0ηrηm

[

1 − wT

1 − t

]

R = (1 − t)T

These equations clearly require a knowledge of the
measured shaft power and thrust together with the ship
and shaft speeds in association with the appropriate
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Figure 24.20 Service analysis algorithm

weather data. All of these parameters are potentially
available, with the possible exception of shaft axial
thrust. Thrust measurement has, in the past, proved
notoriously difficult. In many instances this is due to
the relative order of the magnitudes of the axial and tor-
sional strain in the shaft, and has generally only been
attempted for specific measurement exercises under
carefully controlled circumstances, using techniques
such as the eight gauge Hylarides bridge (Chapter 17).
When this measurement has been attempted on a con-
tinuous service basis the long-term stability of the
measurement has frequently been a problem.

Consequently, it is generally possible to attempt only
a partial solution to the steady-state powering equations
defined above. To undertake this partial solution, the
first essential is to construct a propeller analysis model
so as to determine the thrust, torque and hence effi-
ciency characteristics with advanced coefficient. The
method of constructing these characteristics can vary

depending on the circumstances and the data available
and, as such, can range from standard series open water
curves to more detailed lifting line, vortex lattice, tech-
niques or boundary element. The resulting model of
propeller action should, however, have the capability to
accommodate allowances for propeller roughness and
fouling, since this can, and does, influence the power
absorption and efficiency characteristics to a marked
extent. For analysis purposes it is clearly desirable to
have as accurate a representation of the propeller char-
acteristics as possible, especially if quantitative cost
penalties are the required outcome of the exercise. How-
ever, if it is only performance trends that are required,
then the absolute accuracy requirements can be relaxed
somewhat since the rates of change of thrust and torque
coefficients, dKq/dJ and dKt/dJ , are generally similar
for similar types of propeller.

Figure 24.20 demonstrates an analysis algorithm. It
can be seen that the initial objective, prior to developing
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Figure 24.21 Service analysis for a bulk carrier (mid-1960s)

standards of actual performance, is to develop two time
series – one expressing the variation of effective wake
fraction and the other expressing the specific fuel con-
sumption with time. In the case of the effective wake
fraction analysis this is a measure, over a period of time,
of the change in the condition of the underwater surfaces
of the vessel, since if either the hull or propeller surfaces
deteriorate, the effective analysis wake fraction can be
expected to reflect this change in particular ways. The
second series, relating the specific fuel consumption to
time, provides a global measure of engine performance.
Should this latter parameter tend to deteriorate, and it is
shown by analysis that it is not a false trend, for example
an instrument failure, then the search for the cause of the
fault can be carried on using the other parameters listed
in Table 24.8. Typically, these other parameters might
be exhaust temperatures, turbocharger performance,
bearing temperatures and so on.

The capabilities of this type of analysis can be seen in
Figure 24.21, which relates to the voyage performance
of a bulk carrier of some thirty years ago. The upper
time series relates to the specific fuel consumption,
from which it is apparent that, apart from the usual scat-
ter, little deterioration takes place in this global engine
characteristic over the time interval shown. The second
series is that of the analysis effective wake fraction, from
which it can be seen that a marked increase in the wake
fraction occurs during each docking cycle and coinci-
dent with the dry-docking periods, when cleaning and
repainting takes place, the wake fraction falls to a lower
level. It is of interest to note that after each dry-docking
the wake fraction never actually regains its former value,
and consequently underlines the fact that hull deterio-
ration has at least two principal components. The first
is an irreversible increase with age of the vessel and is
the general deterioration of the hull condition with time,
while the second is on a shorter-time cycle and related

to repairable hull deterioration and biological fouling
(see Section 24.2).

Comparison of this analysis with that of a recent
140 000 dwt crude oil carrier (Figure 24.22) shows
how the deterioration between docking cycles has been
reduced despite the docking cycle having increased
from the order of a year in Figure 24.21 to around three
and a half years in this latter example. As might be
expected, in Figure 24.22 there is still an upward trend
in the wake fraction with time, but nothing so dramatic
as in the earlier case. The improvement in this case is
almost entirely due to the use of modern paints and good
propeller maintenance. Indeed, modern paint technol-
ogy has advanced to such an extent that providing good
application practice is adhered to then it can be expected
that the hull condition will deteriorate relatively slowly.

Instrumentation errors are always a potential source
of concern in performance analysis methods. Such
errors are generally in the form of instrument drift, lead-
ing to a progressive distortion of the reading and, these
can generally be detected by the use of trend analysis
techniques. Alternatively, they are in the form of a gross
distortion of the reading in which case the principles of
deductive logic can be applied.

On many ships today a complete record in the ship’s
logs of all of the engine measured parameters and ship’s
operational entries are made relatively few times a day.
Typically, one entry per day for the comprehensive set
of data on many deep sea vessels assuming an auto-
matic data logging system is not installed. Provided
that the vessel is working on deep sea passages last-
ing a number of days, then this single entry practice,
although not ideal from the analysis viewpoint, will
probably be satisfactory for the building up of a profile
of the vessel’s operating characteristics over a period
of time. Data logging by automatic or semi-automatic
means clearly enhances this situation and leads to a
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Figure 24.22 Service analysis for a 140 000 tonnes dwt crude carrier

much more accurate profile of the ship operation in a
much shorter-time frame. This is to some extent only
an extension of the present procedures for alarm moni-
toring. In the alternative case, of a short sea route ferry
for example, this once or twice per day level of record-
ing is not appropriate since the vessel may make many
passages in a day lasting of the order of one or two
hours.

Over a suitable period of time a data bank of informa-
tion can be accumulated for a particular ship or group
of vessels. This data bank enables the average criterion
of performance for the ship to be derived. A typical
example of such a criterion is shown in Figure 24.23 for
a medium-sized container ship. This diagram, which is
based on the actual ship measurements and corrected
for trim, draught and fouling, relates the principal oper-
ational parameters of power, ship and shaft speed, and
weather. Consequently, such data, when complied for
different trim draught and hull conditions can provide
a reliable guide to performance for chartering purposes
on any particular class of trade route.

Trim and draught have important influences on the
performance of the vessel. Draught is clearly a variable
determined by the cargo that is being carried. Trim,
however, is a variable over which, for a great many
vessels, some control can be exercised by the ship’s

crew. If this is done effectively and with due regard to
weather conditions, then this can result in considerable
savings in the transport efficiency of the vessel.

The traditional method of data collection is via the
deck and engine room log, and this is the most com-
monly used method today. In terms of current data
processing, capabilities, which involve both significant
statistical trend analysis and detailed hydrodynamic
analysis components, this method of data collection
is far from ideal since, of necessary, it involves the
translation of the data from one medium to another.

The immediate solution to this problem is to be found
in the use of the desktop or personal computers working
in either the on-line or off-line mode. Such computers
are ideal for many shipboard applications since, in add-
ition to having large amounts of memory, they are small
and user friendly, can readily be provided with custom-
built software and are easily obtainable in most parts of
the world. When used in the off-line mode, they are to
some extent an extension of the traditional method of
log entries, where instead of being written by hand in
the book the data is typed directly into the computer for
both storage on disc media and also for the production
of the normal log sheet. This permits both easy transfer
of the data to shore-based establishments for analysis
and the undertaking of simple trend analysis studies
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Figure 24.23 Typical power diagram for a container ship

on board. Such ‘on board’ analyses methods produce
tangible benefits if conducted advisedly.

When the small computer is used in the ‘on-line’
mode the measured parameters are input directly from
the transducers via a data acquisition system to the
computer and its disc storage. In this way, a continu-
ous or periodic scanning of the transducers can take
place and the data, or representative samples of it, can
be stored on disc as well as providing data for a con-
tinuous statistical analysis. Such methods readily raise
alarms when a data parameter moves outside a prede-
termined bound in a similar way to conventional alarm
handling.

This clearly has advantage in terms of man hours but
does tend to add to the degree of remoteness between
operator and machine unless considerable attention has
been paid to the ‘user-friendliness’ of the system. This
ergonomic aspect of data presentation is particularly

important if the system is to be accepted and used to
its full potential by the ship’s operating personnel. All
too often poorly designed computer-based monitoring
equipment is seen lying largely discarded in the engine
control room or on the bridge either because it has been
insufficiently ruggedly designed for marine use and is,
thus, prone to failure and regular breakdown or, more
frequently, because the engineering design has been
adequately undertaken, but the data and information
it presents is not in an easily assimilative form for the
crew and the manuals describing its operation contain
too much specialized jargon which is unfamiliar to the
operator. This underlines the importance of choosing a
monitoring system which satisfies the company’s com-
mercial objectives as well as being compatible with the
operator’s actual and perceived requirements.

These small on-line systems are the first step towards
an integrated ship management system embracing the
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Figure 24.24 Computer-based integrated ship management structure

activities of the deck, engine room and catering depart-
ments. Such systems are beginning to make their
appearance. With these systems, the vessel’s operat-
ing staff and shore-based managers are still required
to assimilate this data, albeit presented in a much
more generally comprehensible form than has previ-
ously been the case, and use it in the context of the
commercial constraints, classification society require-
ments and statutory regulations. The next generation
of computer-based systems is likely to involve the use
of expert systems and neural network technologies. By
introducing this type of technology, the ship operator is
provided with an interpretive back-up of accumulated
knowledge and expertise which has been introduced
into the computer-based system and will be available in
the form of supplementary information and suggested
courses of action at the time the particular problem
occurs. Such capabilities will, if carefully constructed,
introduce a level of consistency of decision making,
hitherto unprecedented, and also prevent knowledge and
experience being lost when staff members leave or retire
from a company. In the specific case of diagnostic infor-
mation, such as might occur from the data transmitted
from a diesel engine, the artificial intelligence aspects
and neural network will encompass pattern recognition
techniques or determine the probability of a particular
fault or failure scenario. Reference 22 considers some
machinery and ship management-based approaches in
this area.

Figure 24.24 schematically illustrates a system where
a shipboard-based monitoring system provides a level
of intelligent support to the ship operators for local
operational and maintenance decision making. The data
collected by the various sensory systems can then be
transmitted as data streams via narrow and broad band
communication links to a shore-based station at some
convenient location which undertakes more detailed
and long-term analysis of the data and also supports
a database for the vessel. Such a shore-based analy-
sis facility is then in a position to provide data for the
various interested communities, since the analysis will
contain not only commercial data but also technical data
on both ambient conditions and any impending short-
and long-term failures.

By way of example of the advanced models available
or in the process of development, for a given trade route
or operating pattern, the operational economics look to
establish the most efficient routing and voyage planning
for a ship so as to avoid the penalties of added resistance
when encountering poor weather.

The assessment of the added resistance of a ship can
be conveniently made from model tests or, alternatively,
estimated from non-linear computational methods,
Chapter 12, and such an assessment is made for a
variety of sea conditions. Given, therefore, the knowl-
edge of the ship’s powering behaviour in a variety of
sea conditions and where the propeller design point
was fixed with respect to the slow-speed diesel engine
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operating diagram, use can be made of weather fore-
cast information to optimize the voyage plan. Such
planing processes have been put to good use in pas-
senger liner trades for voyage time-keeping purposes,
but can also be used to minimize voyage costs in the
sense of optimizing the voyage plan with respect to
any number of voyage attributes. These attributes might
be the ship performance characteristics, engine perfor-
mance parameters, ship loading and so on which can
then be relaxed with respect to the constraints acting on
the voyage, for example anticipated poor weather, port
slots and the wider issues surrounding the transport
chain of which the container ship voyage is but one
part. As such, it is possible formulate a mathematical
problem:

MinVc = f (A1, A2, A3, . . . ; C1, C2, C3)

to minimize the voyage overall cost Vc against a set
of voyage attributes An and constraints Cn. If the voy-
age attributes and constraints can be linearized then the
solution to this exercise is relatively trivial in mathe-
matical terms, however, for most practical situations
the solution will exhibit at least some non-linear char-
acteristics which then makes the cost minimization
function more complex problem to solve but, neverthe-
less, soluble in many cases using available numerical
methods.
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Although part of the manufacturing process, the related
subject of propeller tolerances and inspection deserves
particular attention. This is because it is only by the
correct specification of the tolerances and by checking
that these have been adhered to that the intentions of the
designer can be properly realized. Without proper atten-
tion to blade manufacturing tolerances many serious
problems can be encountered in the service life of the
propeller: for example, cavitation, power absorption,
noise, fatigue failure, and so on.

25.1 Propeller tolerances

For general propeller design work the ISO specifications
(References 1 and 2), for propellers greater than 2.5 m
and between 0.80 and 2.5 m respectively, usually serve
as the criteria for assessment. In certain cases, such as
naval applications, the purchasers of the propeller may
impose their own particular tolerance specifications and
methods: for example, the US Navy standard drawing
method.

In general tolerances are normally specified on the set
of dimensions shown in Table 25.1, since they affect the

Table 25.1 Normal propeller tolerances specification
parameters

Diameter
Mean pitch
Local section pitch
Section thickness
General section form (camber)
Section chord length
Blade form and relative location
Leading edge form
Rake and axial position
Surface finish
Static balance

Table 25.2 Principal effects of the various propeller geometric variations

Parameter Primary effect Secondary effect

Diameter Power absorption –
Mean pitch Power absorption Cavitation extent
Local section pitch Cavitation inception and extent Power absorption
Section thickness Cavitation inception, blade strength Power absorption
General section form (camber) Power absorption, cavitation inception Blade strength
Section chord length Cavitation inception Blade strength power absorption
Blade form and relative location Generally small effects on cavitation –

(excluding leading edge) inception and shaft vibratory forces at
frequencies dependent on wake harmonics
and blade irregularities

Leading edge form Critical to cavitation inception –
Rake and axial position Minor mechanical vibratory forms –
Surface finish Blade section drag and hence power –

absorption
Static balance Shaft vibratory loads –

performance of the propeller or adjacent components in
some particular way.

Table 25.1 deals only with geometric parameters,
but a propeller should also be shown to meet both
the required chemical composition tolerances for the
material and the minimum mechanical properties. The
latter are of course classification society requirements
for those vessels built under survey. For all vessels,
however, attention needs to be given to the actual
characteristic of the material for strength and repair
purposes.

Of the geometric properties quoted in Table 25.1,
each has some bearing on performance, and it is essen-
tial to understand the ways in which they influence
the various propeller operational characteristics if the
correct tolerance is to be specified. Unfortunately, the
importance of each characteristic requires particular
consideration in each case; notwithstanding this, certain
general conclusions can be drawn and these are shown in
Table 25.2. In this table an attempt is made to distinguish
between the primary and secondary effects of the vari-
ous parameters specified earlier, but not necessarily in
relation to the ISO requirements.

As a consequence of the various effects detailed in
Table 25.2, the designer and purchaser of the propeller
need to determine what level of tolerance is required
such that the propeller will be fit for the purpose for
which it is intended. Indeed, one could specify the
most stringent tolerance for every propeller; this, how-
ever, would be extremely wasteful in terms of additional
costs of manufacture. The ISO specification defines four
levels of tolerance: Classes S, 1, 2 and 3, these being
in descending order of stringency. Again there is some
latitude in deciding the correct tolerance level for a par-
ticular ship, but as a rough guide Table 25.3 has been
prepared.

Table 25.3 is generally self-explanatory and other
ship types and the appropriate tolerance classes can be
deduced from those given in the table. Of particular
concern, however, are the small high-speed vessels such
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Table 25.3 Typical tolerances for certain ship types

ISO Typical ships where tolerance might apply
tolerance

S Naval vessels* (e.g. frigates, destroyers,
submarines, etc.). High-speed craft with
a speed greater than 25 knots; research
vessels; certain special purpose merchant
vessels where nose or vibration is of
paramount importance (e.g. cruise
vessels, high-grade ferries).

1 General merchant vessels; deep sea
trawlers; tugs, ferries, naval auxiliaries.

2 Low-power, low-speed craft, typically
inshore fishing vessels, work boats, etc.

3 As for Class 2.

* Naval vessels are often specified on an ‘ISO S Class Plus’
basis.

as patrol or chase boats. All too often, in the author’s
experience, the subject of blade tolerances is completely
neglected with these vessels leading to a host of cavi-
tation problems. Such vessels, by virtue of their speed,
both in terms of ship and shaft rotational speeds, in
association with a low static pressure head, should gen-
erally qualify the propeller for a Class S or 1 tolerance
notation – sometimes more.

25.2 Propeller inspection

The inspection of propellers requires to be undertaken
both during the manufacture of the propeller and also
during its service life. In general the former is under-
taken in the relatively controlled conditions of the
manufacturer’s works whilst the latter frequently, but
not always, takes place in a dock bottom. Both types of
inspection are important; the former to ensure design
compliance and the latter to examine the propeller
condition in service.

25.2.1 Inspection during manufacture and
initial fitting

In the case of the fixed pitch propeller the inspection
procedure is carried out with the aid of purpose-built
machines. Such machines, whether they be manually
operated or part of a CAM system, are in general a
variant of the drop height measurement system. With
this system the measurements are either made on the
cylindrical sections or, alternatively, at various points
defining a matrix over the blade surface. In the former
case direct comparison with the cylindrical design sec-
tions can be made, whereas the latter, as this frequently
requires an interpolation procedure to be invoked, raises
questions of the validity of the mathematical model of
the blade surface.

In its most fundamental form the classical cylindrical
measurement requires that the propeller be mounted
in a gravitational or other known plane with a verti-
cal pole, relative to the plane of mounting, erected on
the shaft centre line. To this pole is fixed a rotating arm
which is free to rotate in a plane parallel to the plane on
which the propeller is mounted (Figure 25.1). From this
arm the various radii can be marked on the blade sur-
face and drop heights to the blade surface measured at
known intervals along the chord length. By undertaking
this exercise on both surfaces of the propeller the blade
section shape can be compared to the original design
section. Whilst this is the basis of the measurement sys-
tem, many refinements aimed at improving accuracy
have been incorporated by manufacturers, each having
their own version of the system.

Figure 25.1 Principle of mechanical pitch measurement

The area which causes most concern is the detail of
the leading edge. In a great many cases this is checked
with the aid of a template (References 1 and 2). How-
ever, there is also a considerable use of optical methods
for leading and trailing edge inspection: this is particu-
larly true in the case of model propeller manufacture
for model testing purposes.

The current trend in manufacturing tolerance check-
ing is to progress towards the introduction of electronic
techniques. These developments embrace electronic
pitchometers, numerically controlled geometric inspec-
tion through to fully integrated design, manufacturing
and inspection capabilities outlined in Chapter 20. In
all cases, however, it is of fundamental importance to
define a sufficient set of inspection points in order to
define the actual blade surface adequately to act as a
basis of comparison.

In addition to the blade profile tolerances, in the case
of fixed pitch propellers, rigorous inspection needs to be
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given to the bore of the boss. The fitting of the propeller
to the shaft requires considerable attention, and is a con-
cern governed by classification society requirements.
For keyed propellers a satisfactory fit between the pro-
peller and the shaft should show a light, overall marking
of the cone surface of the shaft taper with a tendency
towards heavier marking in way of the larger diameter
of the cone face. When conducting these inspections
the final fit to the cone should be made with the key in
place. In some cases the propeller is offered up to a shaft
mandrel in the manufacturer’s works so that the proper
degree of face contact can be developed as required by
the classification society rules. In cases where hand fit-
ting is required this must be done by scraping the bore
of the propeller; it should never be done by filing of the
shaft cone.

With regard to the axial push-up required, Table 25.4
gives some guidance values for a shaft having a cone
taper of 1 in 12.

Table 25.4 Typical axial push-up values for copper alloy
propellers

Propeller material Axial push-ups

Aluminium bronage 0.006Ds
High-tensile brass 0.005Ds

In Table 25.4, Ds in the diameter of the shaft at the
top of the cone and the axial push-up is measured from
a reliable and stable zero mark obtained from the initial
bedding of the propeller to the shaft. In cases where
hydraulic nuts are used, great care needs to be exer-
cised to ensure that the hub is not overstressed in way
of the key way and that the appropriate classification
rule requirements are adhered to.

In the case of the keyed propeller it is of the utmost
importance to prevent the ingress of sea water to the
cone; as a consequence inspection needs to be particu-
larly rigorous in this area. When the sealing arrange-
ment comprises a rubber ring completely enclosed in a
recess in the propeller boss, ample provision must be
made for the rubber to displace itself properly to form
a good seal. Alternatively, if an oil gland is fitted the
following points should be carefully considered:

1. To ensure that rubber rings for forming the seal
between the flange of the oil gland sleeve and the
propeller boss are of the correct size and properly
supported in way of the propeller keyway.

2. The fair water cones protecting propeller nuts and the
flanges of sleeves of oil glands should be machined
smooth and fitted with efficient joints at their con-
nection to propellers.

3. Drilling holes through the propeller boss should be
discouraged but, when these are essential to the
design, special attention needs to be paid to the
efficient plugging of the holes.

4. The arrangement for locking all screwed components
should be verified.

5. The propeller boss should be provided with adequate
radius at the large end of the bore.

6. When the design of the oil gland attachment to the
propeller is similar to that shown in Figure 25.2, it
is good practice to subject the propeller boss to a
low-pressure air test, checking all possible sources
of leakage with a soapy water solution in order to
prove tightness.

Figure 25.2 Propeller shaft assembly

When a keyless propeller is fitted to the shaft the
inspector should pay particular attention to ensuring that
the design and approved interference fit is attained. As
a prerequisite for this procedure the inspector needs to
know the start point load to be applied and the axial
‘push-up’ required. These should normally be supplied
at two temperatures, typically 0◦C and 35◦C, to allow
interpolation between the two values to take place to
cater for the actual fitting conditions. The inspector
should carefully examine the final marking of the screw
shaft cone fit, which should show a generally mottled
pattern over the entire surface with harder marking at
the large end of the cone.

Two basic techniques are employed to fit keyless pro-
pellers: the dry press-fit or the oil injection method.
With both methods the propeller is pushed up the shaft
cone by means of a hydraulic nut, but the fitting pro-
cedure differs somewhat between the two methods;
however, the manufacturer’s fitting procedure must be
rigidly adhered to in all cases. As a final stage in the
inspection it is essential that the propeller, both work-
ing and spare, be hard-stamped with information of the
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form detailed below on the outside of the boss away
from any stress raisers or fillets:

1. Oil injection type of fitting
Start point load (tonnes)
Axial push-up at 0◦C (mm)
Axial push-up at 35◦C (mm)
Identification mark on associated screw shaft

2. Press fit type of fitting (dry)
Start point load (tonnes)
Push-up load 0◦C (tonnes)
Push-up load 35◦C (tonnes)
Axial push load 0◦C (mm)
Axial push load 35◦C (mm)
Identification mark on associated screw shaft

With regard to the process of fitting the propeller to the
shaft a good review of methods is given by Eames and
Sinclair (Reference 3).

Casting defects always occur in propeller. On occa-
sions those outcropping on the surface of the propeller
are concealed by the use of unauthorized local welding.
When subsequently polished and on a newly manufac-
tured propeller which has been kept in a workshop the
existence of small amounts of surface welding can be
very difficult to spot with the naked eye. Since this
type of welding process, when not fully authorized, is
a dangerous practice from the propeller integrity point
of view, if any doubt exists about the processes that
have been undertaken then the propeller surfaces should
be lightly etched with an appropriate solution. This,
depending upon the etching solution used, will reveal
the presence of any such actions in a longer or shorter
time. However, if the propeller has been left out in man-
ufacturer’s compound and subjected to rain over a period
of a week or so, the acids in the rain will naturally etch
the propeller surfaces and reveal any weld processes that
have taken place. Similarly with propellers that have
been in service, the action of the sea water has much
the same effect and the welding history will be seen in
dry dock.

25.2.2 Inspection during service

In-service inspections are normally carried out for one
of two reasons: to examine the propeller after suspected
damage or to check for fouling, or to form part of a
survey of the vessel. In the former case this may be car-
ried out in the water by a diver if a superficial check is
required, or in a dry dock for a more detailed survey. As
a general comment on in-water and out-of-water inspec-
tions it should be remembered that a commercial diver is
usually a very highly trained person but not normally a
propeller technologist, and so can give only generalized
engineering reports. Furthermore, in many instances,
typically in the North Sea area, whilst looking at one
part of the propeller the diver cannot see the rest of the
propeller due to the clarity of the water. Irrespective of
water clarity, the in-water survey is greatly enhanced
if the diver can talk, preferably with the aid of video

techniques, to a propeller specialist while undertaking
the survey so that important details will not be missed
and other less important features given undue weight.

When a propeller is operating any small cracks or
defects tend to collect salt deposits. As a consequence,
before conducting a blade surface inspection in a dry
dock aimed at identifying cracks the surface should
be lightly cleaned to remove marine growth and then
washed with a 10 per cent concentration of a sulphuric
acid in water to dissolve the salts. If the propeller is
removed from the shaft for this examination, then this is
extremely helpful to the inspector and increases consid-
erably his chance of finding small defects. Furthermore,
if the propeller is removed from the shaft and placed on
the forward face of the boss, then it is also useful to place
weights on the blade tips in order to help open up any
cracks present. It is completely pointless to attempt an
examination designed to look for small cracks in water.

To undertake a general propeller inspection it is a
prerequisite to have an outline of the propeller which,
although not needing to be absolutely correct in every
geometric detail, must represent the main propeller fea-
tures adequately. Without this diagram, of both the face
and back of the blades, with suitable cylindrical lines
marked on it at say 0.9R, 0.8R, 0.6R, 0.4R, serious mis-
representations of information can occur. In the author’s
experience the best blade outline to use for damage
recording is the developed blade outline, since this tends
to represent the blade most closely to the way an ins-
pector studies it. In addition to a blade outline there
should also be a consistent way of recording information
to signify, for example, cavitation damage, bending,
missing portions, marine growth, and so on. Figure 25.3
shows a typical diagram for inspection purposes and
in addition to showing the location of the damages on
the blade typical dimensions of length, width and depth
need to be recorded. Such records need to be taken indi-
vidually for each blade, on both the back and face of the
propeller, so as to answer questions of the similarities
of blade damage since a propeller may exhibit damage
from different sources simultaneously.

In the case of a classification society inspection the
propeller is normally required to be removed from the
tail shaft at each screw shaft survey. On these occasions
particular attention should be paid to the roots of the
blades for signs of cracking.

If a new propeller is to be installed, the accuracy of
fit on the shaft cone should be tested with and without
the key in place. Identification marks stamped on the
propeller should be reported for record purposes, and if
the new propeller is substantially different from the old
one, it should be recalled that the existing approval of
torsional vibration characteristics may be affected.

It is particularly important to ensure that rubber rings
between propeller bosses and aft ends of liners are the
correct size and so fitted that the shaft is protected from
sea water. Failure in this respect is often found at the
ends of keyways due to the fact that the top part of the
key itself is not extended to provide a local bedding
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Figure 25.3 Typical blade inspection diagram
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for the ring in way of the recess in the boss. In such
cases it may be found practicable to weld an exten-
sion to the forward end of the key. It should also be
recollected that water may enter the propeller boss at
the aft end and attention should therefore be paid to
this part of the assembly. Filling the recess between the
aft end of the liner and the forward part of the pro-
peller boss with grease, red lead or similar substance is
not in itself a satisfactory method of obtaining water-
tightness. Sealing rings in connection with approved
type oil glands should be similarly checked.

If an oil gland is fitted, the various parts should be
examined at each inspection and particular attention
should be paid to the arrangement for preventing ingress
of water to the shaft cone. All oil glands, on reassem-
bling, should be examined under pressure and shown to
be tight.

If the ship has a controllable pitch propeller, the
working parts and control gear should be opened up

sufficiently to enable the inspector to satisfy himself
of their condition. In the case of directional propellers
at each docking the propeller and fastenings should be
examined as far as practicable and the manoeuvring of
the propeller blades should be tested.
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The repair and maintenance of a propeller is of the
utmost importance if a propeller is to give a reliable and
high-performance service throughout its life. Damage
can arise from a number of causes and the propellers
should be regularly examined for signs of this.

26.1 Causes of propeller damage

In general terms, propeller damage can be classified
into four distinct types: cavitation erosion damage,
maltreatment, mechanical service damage and wastage.

26.1.1 Cavitation erosion damage

Cavitation damage will occur in situations where the
propeller is either working in a particularly onerous
environment in terms of immersion or inflow condi-
tions that cannot be accommodated by good design,
or when a propeller is poorly designed. In either of
these cases the cavitation is a primary source of dam-
age. Conversely, cavitation damage can result in the
wake of some mechanical damage such as a leading
edge tear or bend, in which case the cavitation erosion
is a secondary damage source. Figure 26.1 shows a typ-
ical example of cavitation erosion on a propeller blade

Figure 26.1 Typical cavitation erosion damage

and the mechanism by which this damage occurs is dis-
cussed in Chapter 9. A further example of cavitation
damage is the phenomenon of trailing edge curl, which
is also discussed in Chapter 9 and shown in Figure 9.34.

Cavitation erosion damage may either stabilize or
continue to progress. If it progresses this can be at either
a relatively slow or an extremely fast rate. As a conse-
quence when cavitation damage is first noticed a check
should be made to determine the rate at which the ero-
sion attack is progressing, so that effective repair and
remedial action can be planned and implemented.

26.1.2 Maltreatment damage

Maltreatment damage can result from many causes; for
example, incorrect handling, surface deterioration or
severe heating of the boss or blades of a propeller.

Incorrect handling most commonly leads to edge or
tip damage on the blades during transport. This dam-
age should be avoided by the proper use of soft edge
protectors, typically copper, rubber or lead, to prevent
the propeller coming into direct contact with craneage
slings. Additionally these edge protectors should be
combined with the use of timbers or heavy tyres in
the appropriate fulcrum positions. If lifting eyebolts are
fitted these should always be used.

Surface deterioration is most commonly the result
of a loss of protective coating, paint splashes or
other markings. Although the protective coating, which
is normally a colourless varnish or a self-hardening
dewatering oil, should be completely removed before
the vessel enters service after fitting out. Its purpose
is to prevent fouling and other light damage such as
paint splashing and light impact damage. During paint-
ing operations the propeller should be covered at all
stages in its life to prevent splashes adhering to, the sur-
face, as these can lead to cavitation, erosion or severe
local pitting.

If heating is applied in an arbitrary manner to a pro-
peller, this can create internal stresses in the material.
These internal stresses occur when a local region of
metal is heated and tries to expand, but is prevented
from doing so by the surrounding cooler metal. As a
consequence compressive stresses build up until they
are relieved eventually by the onset of plasticity, which
occurs until red heat is reached, when internal stresses
in the heated member can no longer exist. On cool-
ing the heated area contracts and the incipient tensile
stresses are relieved by plastic flow, but as the cooling
progresses the plastic flow becomes slow, and at about
250◦C ceases, and this allows a tensile stress field to
build up in the cooling metal. Typical causes of this
local heating abuse are incorrect heating of the boss of
aid removal and the repair of the blade by inappropriate
methods. In the first instance stress corrosion cracks
are frequently initiated by concentrated heat sources
such as oxy-acetylene and oxy-propane being applied
to the boss, producing high tensile residual stresses in
the manner described above, and although giving the
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appearance of a satisfactory removal and replacement
operation, will lead to cracking some weeks or months
after re-immersion in the sea water. Figure 26.2 shows a
typical cracking pattern caused by local heating abuse.
When heat is applied to the boss this should be done
with great care using either steam or low-temperature
electric blankets all over the boss surface. Alternatively,
the use of a soft flame can be acceptable provided it is
applied to each section of the boss and kept moving to
prevent hot spots from occurring.

Figure 26.2 Boss cracking due to local heating abuse

26.1.3 Mechanical service damage

This is perhaps the most common form of damage to
a propeller blade and is normally caused through con-
tact with floating debris, cables or chains. Figure 26.3
shows a propeller after having fouled the chains of a
mooring buoy.

In most cases impact damage involves only minor
damage to the blade, typically in the edge region. Whilst
such damage does not normally impair the strength
integrity of the blade, advice should be sought as to
whether there is the likelihood of secondary cavitation
damage occurring, and if so a temporary grinding repair
may prove advantageous and save further damage if the
full repair cannot be effected immediately.

Figure 26.3 Propeller damage due to impact
damage with mooring chains

When a large piece of the propeller is damaged and
perhaps missing, or if the blade suffers a fatigue failure,
then immediate attention is required. It may be, how-
ever, that a dry dock or the replacement propeller is
some considerable distance away; in such cases a cal-
culation of the out-of-balance forces should be made
to establish the rotational speed at which the lubricant
film can just be maintained in the stern bearing and
a suitably de-rated shaft speed determined. Moreover,
as discussed in Chapter 23, when blade failure occurs
cropping of other blades may be considered to reduce
out-of-balance forces.

26.1.4 Wastage damage

All propellers will exhibit damage throughout their life,
due to wastage, when compared to their new state: this
is a quite normal process of corrosion.

For example, in the case of a high-tensile brass pro-
peller it would be reasonable to expect a loss of the
order of 0.05 mm per annum, assuming that the com-
position of the material was such that dezincification
did not occur and that the propeller was lying at rest in
still or slowly moving water. If, however, the propeller
were operating normally with tip speeds in the region of
30 m/s, then this wastage may well rise to around 0.15
or 0.20 mm per annum and perhaps more in the case
of suction dredgers or trawlers. This effect leads to a
general roughening of the propeller when compared to
its new state.

Wastage is principally a process of corrosion, and it
is well known that when small anodic areas are adja-
cent to large cathodic surfaces a severe electrochemical
attack can take place; this attack is accelerated when the
surfaces are exposed to high-velocity turbulent flows.
When abnormal wastage occurs on a propeller it is gen-
erally due to a corrosion process taking place. A typical
example of such corrosion taking place is often found
during the fitting out stage of the vessel. At this time the
propeller becomes a cathode in the propeller–hull elec-
trolytic cell, and a hard and strongly adherent coating
of magnesium and calcium carbonate appears on the
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surfaces. When the vessel enters service this coating
of cathodic chalk film becomes worn away in a patchy
manner in the outer region of the blade. These areas
and others where the establishment of the film has been
delayed allow corrosion to proceed at an abnormally
high rate, leading to localized depressions and pitting of
the surface; this also increases the turbulence level and
hence promotes the conditions to enhance the corrosion
rates.

26.2 Propeller repair

Propeller repair is an extremely complex and extensive
subject and the details of repair methods should be left
to specialists in this field.

The owner who, for whatever reason, allows non-
experienced personnel or companies to repair a dam-
aged propeller may well find that the action will even-
tually result in the premature loss of the propeller. The
propeller is an extremely complex engineering artefact,
manufactured from complex and advanced materials
and operating in a hostile and corrosive environment. Its
maintenance and repair therefore deserve considerable
care and respect.

As a consequence of these remarks, this section will
set out some of the underlying principles of repair
but leave the detail which relates to each material
specification to the specialist repairer.

26.2.1 Blade cracks

Experience has shown that all cracks in propeller blades
are potentially dangerous and this is particularly true
of cracks close to the leading edge. Cracks normally
grow by fatigue action, but in cases where the propeller
fouls some substantial object they can act as a notch and
initiate rapid failure.

In cases where the crack is found on the leading edge
the crack should be ground out after any straightening
has been carried out. In the grinding process care must
be taken to ensure that the crack tip has been eradi-
cated, otherwise this can introduce a further initiation
point for another crack. If the crack is very small, then it
is generally best to just fair the ground-out portion into
the existing blade form; however, if this is not possible,
then recourse has to be made to a weld repair. In the
case of highly skewed propellers, if cracks are found in
the vicinity of the trailing edges of the blades, then this
is a potentially very serious situation. As discussed in
Chapter 19 and shown in Figure 19.6, the highly skewed
propeller can exhibit high stress concentrations along
the trailing edge. Therefore, if cracks occur in these
regions, this is akin to finding cracks in the root region
of a conventionally skewed propeller. Hence, immediate
advice should be sought on how to tackle the problem
should cracks be observed in the trailing edge regions
of highly skewed blades. Simply grinding the cracks
out may not solve the problem, since if significant sub-
surface defects are found in this region these may only

accentuate the additional stress field induced by the
re-profiling operation of grinding and may act as fur-
ther crack initiation sites. When cracks are noticed in
this region of the blades of a controllable pitch propeller,
the affected blades should be replaced with spares.

If the crack is in the body of the blade then it should
first be ground out to a significant depth into the sec-
tion, typically rather more than half the thickness of
the section at that point, to give a ‘V’ form with an
included angle of the order of 90◦. The repair must
then be effected with a suitable welding technique. After
completion of the weld repair the surface of the weld
must be ground down to conform with the designed
blade surface profile, and the repair examined for lack of
penetration and other similar defects prior to initiating
the stress-relieving operation.

If cracks are found close to the boss, inboard of about
0.45R, then welding processes leave high residual stress
fields which in general can only be relieved by anneal-
ing the whole propeller. If the crack is small in this inner
region, then consideration should be given to just grind-
ing the crack out and fairing the resulting depression
into the blade form; the determinant in this situation is
the strength of the blade.

26.2.2 Boss cracks

Cracks in the propeller boss or hub of a controllable
pitch propeller are always serious. They are, however,
not normally found until they are too deep to repair.
If they are sufficiently shallow to permit their com-
plete removal by grinding, then this should be done,
and before returning the propeller to service a strength
evaluation should be made. When the boss is capable of
repair in this way it would clearly be beneficial to apply
some low-temperature stress relief.

26.2.3 Repair of defective castings

The propeller casting which is free from defect has yet
to be made; however, most propellers are cast with an
acceptable level of defects present. When a defect needs
repair, caution needs to be exercised to ensure that this
is done properly.

In general small surface defects such as pores of
the order of 1 mm in diameter do not need rectifica-
tion except where they occur in close-packed groups
in highly stressed regions of the blade. However, when
an unacceptable defect is found in a blade the defect
should be ground out and faired into the surrounding
blade and a check made on the effect of this action on
the blade strength. The integrity of the blade should then
be demonstrated by a dye penetrant examination.

The repair of defects by welding should not be the
first response after noticing a defect, since welding
can potentially introduce a greater problem than the
original defect if it is not properly carried out. Classifi-
cation societies in general impose limits on the extent
of weld repairs to propeller castings, as discussed in
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Section 26.3. In addition welds having an area of less
than 5 cm2 are not to be encouraged.

26.2.4 Edge damage to blade

Edge damage generally takes the form of local bending
or tearing of the metal; sometimes cracking also occurs,
in which case the previous comments apply.

If the tearing is of a minor nature, then the affected
edges should be dressed back to shape, which may result
in some slight loss of blade area. If this loss is confined
to around 10 mm, then there should be no undue effect
on the propeller’s performance, provided that proper
attention has been paid to reprofiling the blade edge.
Should the tearing be greater than that identified above,
then consideration should be given to replacement of
that section of the blade by cutting the blade back and
inserting a new piece. As discussed in Section 26.2.1,
care needs to be exercised in the case of the trailing edge
of highly skewed propellers.

Small distortions of the blade along the edge can
normally be corrected by cold working with the use
of clamps; for greater distortions, hot straightening
techniques need to be deployed.

After repair of edge damage the edges need to be
examined closely for signs of any remaining cracks
that may give trouble in the future. The extent of these
cracks may be very small and difficult to see with the
unaided eye, and therefore a dye pennant inspection
should be made.

26.2.5 Erosion damage

Erosion damage is generally repaired by welding, and
therefore the propeller normally needs to be transferred
to a protected area, where good environmental control
can be exercised. The area subjected to attack needs to
be cut or ground out cleanly and then filled by weld-
ing. After welding the repaired surface must be ground
to the blade profile and the repair examined for its
integrity. Stress relieving should then be carried out to
the manufacturer’s recommendations.

In all cases where cavitation erosion damage is seen,
the modifications necessary to the blade form to prevent
recurrence, assuming the erosion is not secondary to
some other damage, should be determined and if feas-
ible implemented. If this is not done, then erosion repair
will become a regular feature of the docking cycle.

26.2.6 Maintenance of the blade in service

During the life of a propeller it should be regularly
checked to see that it remains in a clean and unfouled
state. The implications of fouling on the propeller were
discussed in Chapter 24.

If when inspected the blade surfaces are smooth,
showing no roughness, chalking, fouling or wastage,
then they should not be touched, but left to the next
inspection. If, however, any of these attributes are seen,

then the blade should be lightly ground and polished by
a competent organization: to allow this work to be done
by others can lead to the abuse of the propeller and a
consequent set of other in-service problems. To allow
a propeller to continue in operation with local pits or
more widespread roughness can in time give rise to the
need for repair rather than simple and straightforward
polishing.

Even when a propeller has been neglected, provided
the local pits and depressions are not more than 1 mm or
so deep, this can generally be rectified by light grinding
and polishing. If the neglect has resulted in a worse state
than this, then more serious attention is necessary and
this is best left to a manufacturer, since heavy grinding
of the surface can lead to surface changes sufficient to
affect efficiency and cavitation performance.

26.2.7 Replacement of missing blade sections

If a section of a blade is partially torn off, or lost by
impact damage, or cut away to remove a severely bent
or damaged area, then this can often be replaced. The
affected area is trimmed and dressed and a new blade
piece, which has been especially cast for the purpose,
is either welded or burnt on.

Before considering this action the extent of the repair
has to be carefully considered. Such action is possible
for a blade tip or parts of the edge, but it is not suitable
for a complete blade replacement. The replacement of
part of a blade is a major undertaking, and therefore
requires expert craftmanship and advice.

26.2.8 Straightening of distorted blades

Apart from cold straightening methods for small areas
of damage, as mentioned earlier when discussing edge
damage, the method for straightening large bending
damage is through the use of hot working techniques.

With these techniques, after having carefully assessed
the extent of the damage, the back of the blade should be
heated slowly in the area of damage and for a significant
area around it. The ideal method for this is to use a
coke brazier which can be blown up to the appropriate
temperature by forced draught fans; an alternative to the
coke brazier would be a soft flame such as paraffin, coal
gas or propane air burners. On no account should a hard
flame be used, for example oxy-gas burners, because of
the risk of local melting of the blade. During the heating
process the top surface of the blade should be lagged to
prevent heat loss.

When the blade has been heated to a suitable tempera-
ture for working, about 150 to 250◦C below the material
melting point, depending on the material, the straighten-
ing process is best carried out using weights and levers.
This process should not be hurried, but carried out very
slowly avoiding the use of hammers as far as practicable.
When the straightening process has been completed the
propeller should be allowed to cool very slowly with the
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blade lagging in place. With this process stress relief
should not normally be necessary, but if doubt exists,
then a full heat treatment should be applied.

Clearly after such a process has been carried out the
blade geometry must be checked, and this normally
requires that the propeller is removed from the shaft.
As a consequence this type of blade straightening exer-
cise would normally be carried out off the shaft; this
is especially true if major straightening is required and
needs the use of a hydraulic press.

In addition to the repair of damage, these methods
have been deployed to adjust the pitch of a propeller
which has not given the correct power absorption char-
acteristics. In this case the blade needs to be carefully
instrumented with thermocouples and the process is
preferably done with a number of flexible electrical
heating mats which are easily controlled to give the
correct temperature distribution: in these applications
the leading and trailing edges heat up more quickly
than the central body of the blade. When the blade has
been heated to the hot forming temperature, it is twisted
using a hydraulic ram placed near the tip of the blade.
The forces involved are generally small and the twisting
process takes only a short time.

26.3 Welding and the extent of
weld repairs

As a general rule all welding on a propeller should be
done with metal arc processes using approved elec-
trodes or wire filler. In certain circumstances gas
welding can be done on high-tensile brass but not on
the other materials, and most classification societies do
not approve of this latter technique.

The area to be welded needs to be both clean and dry,
and so it is preferable to conduct these operations under
cover and in places relatively free from dust, moisture or
draughts. If flux-coated electrodes are used they should

Table 26.1 Permissible areas of welding as defined by LR rules 2006

Severity zone or region Maximum individual area of repair Maximum total area of repairs

Zone A Weld repair not generally permitted

Zones B, C 60 cm2 or 0.6% × S, whichever is the 200 cm2 or 2% × S, whichever is the greater in
greater combined Zones B and C, but not more than

100 cm2 or 0.8% × S, whichever is the
greater, in Zone B on the pressure side.

Other regions 17 cm2 or 1.5% × area of the region, 50 cm2 or 5% × area of the region, whichever
whichever is the greater is the greater

S: area of one side of a blade = 0.79 D2AD/Z .
D: finished diameter of propeller.
AD: developed area ratio.
Z : number of blades.
Note: When separately cast blades have integral journals, weld repairs are not generally permitted in the fillet radii or within
12 mm of the ends of the radii. When repairs are proposed in these locations, full particulars are to be submitted for special
consideration.

be preheated for about 1 hour at a temperature of about
120◦C, and where required by the material specification
the area to be repaired should be preheated to the desired
temperature and the preheat maintained until the weld-
ing is complete: welding should always be conducted
in the downhand position and all slag must be chipped
away from any undercuts or pockets between consecu-
tive weld runs. Upon completion of the weld repair the
area should be stress relieved, with the exception in
some cases of nickel–aluminium bronzes. With these
materials classification societies (see, for example, Ref-
erence 1) require that stress relief be implemented where
the weld has been carried out to the blade edge between
0.7R and the hub. Stress relief for the nickel–aluminium
bronzes is also required where welding has been car-
ried out between the bolt holes on controllable pitch
propeller blades.

When the weld repair is complete then the weld
should be ground smooth for visual examination and
dye penetrant testing. If stress relief is to be employed,
then a visual examination should be carried out prior to
the stress relief and both a visual and a dye penetration
examination carried out afterwards.

The extent of welding is governed by the require-
ments of the various classification societies. These
requirements are based on the likely stress fields and
the consequences of welding in the various parts of the
propeller. For example, the permitted areas are given in
Table 26.1 and the ZonesA, B and C are defined for con-
ventional, highly skewed and vane wheel blade forms.
The Zones A, B, C are defined for illustration purposes
in Figure 26.4 taken from Reference 1: in practice the
current rules of the appropriate classification society
must be used. In addition to the blade requirements the
boss of the fixed pitch propellers is divided into three
individual regions whilst the palms of controllable pitch
propeller blades are similarly divided into two other
regions. These regions are given in Table 26.2 for the
current edition of these regulations (Reference 1) and
relate to the other regions defined in Table 26.1.
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Figure 26.4 Blade welding severity zones

Table 26.3 Stress relief soaking times taken from LR rules 2006

Stress Manganese bronze and nickel– Nickel–aluminium bronze Manganese–aluminium bronze
relief manganese bronze
temperature

( ◦C) Hours per Maximum Time per Maximum Time per Maximum
25 mm of recommended 25 mm of recommended 25 mm of recommended
thickness total time thickness times (hours) thickness time (hours)

(hours) (hours) (hours)

350 5.0 15.0 – – – –
400 1.0 5.0 – – – –
450 0.5 2.0 5.0 15.0 5.0 15.0
500 0.25 1.0 1.0 5.0 1.0 5.0
550 0.25 0.5 0.5 2.0 0.5 2.0
600 – – 0.25 1.0 0.25 1.0

Table 26.2 Other regions of the propeller as defined by
LR rules

Fixed pitch propeller bosses Controllable pitch propeller
and built-up propeller
blades

The bore The surfaces of the flange
to the start of the fillet
radius

The outer surfaces of the The integrally cast journals
boss to the start of the
fillet radius

The forward and aft faces
of the boss

26.4 Stress relief

The stress relief of a propeller blade after a repair involv-
ing heat, particularly welding, is a most important
matter. The residual stresses induced by these heat-
ing operations are sufficient to lead to stress corrosion
cracking in high-tensile brass and the manganese–
aluminium bronzes. The operations of chief concern
in this respect are welding, straightening and burning
on the sections of blade. In the case of hot straightening
of the blade it is normally sufficient to lag the heated
area with asbestos blankets so that it cools slowly: if
the method of heating has been via a coke brazier, then
it is helpful to let the fire die down naturally under the
blade.

In the case of the high-tensile brasses and
manganese–aluminium bronzes a large area of the blade
which embodies the repair should be heated to a pre-
determined temperature, around 550◦C in the case of
high-tensile brass and 650◦C in the case of manganese–
aluminium bronze. The heat should be applied slowly
and uniformly such that the isothermals are generally
straight across the blade. The blade should then be
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allowed to cool as slowly as possible by lagging the
blade and protecting the area from draughts. During the
stress relief process control of the temperature needs to
be carefully monitored. When the stress relief process
is complete it is desirable to grind a portion of the blade
surface and polish and etch it in order to demonstrate
that a satisfactory microstructure has been produced.

For the nickel–aluminium bronzes the production of
residual stresses can be minimized by ensuring that a
large enough area of the blade is heated during the repair
process, and to allow this to cool as slowly as possible so
as to allow a slow plastic flow and relief of stress at the
lower temperatures. During this process and particularly
in the region of 300 to 400◦C, the isothermals should
be maintained as straight as possible across the blade.

Classification societies have strict procedures for
stress relief and require that for all materials, except in
certain cases for the nickel–aluminium bronzes, stress
relief be carried out for weld repairs. Reference 1 gives

the exception for nickel–aluminium bronze, as where
the weld repair has not been carried out to the blade
edge inboard of the 0.7R and where repairs have not
been made between the bolt holes or flange of a sep-
arately cast blade. Table 26.3 illustrates soaking times
for the various propeller materials, again taken from
Reference 1.
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cantiliver beam method, 397–402
design considerations, 405–408, 412
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numerical blade stress computational methods,

402–405
propeller backing stresses, 408
residual blade stresses, 409–410

Blade vibration, 428–430
blade damping, 432–433
finite element analysis, 431–432
flat-plate blade vibration, in air, 427
propeller singing, 433–434
simple estimation methods, 430–431
water immersion effect, 430

Blade weight, 265, 267, 391
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Bollard pull, 15, 91, 94, 375–377
required measurements, 376–377
trial location and conditions, 376

Boss cracks, 515
Boss weight, 267
Boundary element methods, 197–198, 472
Boundary layer theory, 155
Brake horsepower, 444
Bubble cavitation, 213, 230
Bubble collapse, 210, 212, 233
Built-up propeller, 13
Bulbous bow, 292–294, 303
Burrill’s analysis procedure, 174–177

Calm water resistance, components, 289–298
appendage skin friction, 296
bulbous bow, contribution, 292–294
naked hull skin friction resistance, 295–296
transom immersion resistance, 294
viscous form resistance, 294–295
viscous resistance, 296–298
wave making resistance, 290–292

Cantilever beam method, 363, 397–402, 405, 458
Carbon-based composites, 390
Cast iron, 389
Cast steel, 390
Casting integrity, 474
Cavitating blade, 258, 279–280
Cavitation, 207–212

cavitation inception, 228–233
damage induced by, 233–235
design considerations, 219–228
observations, 377–380
pressure data analysis, 239–240
propeller–rudder interaction, 240–244
testing, 235–239
types, 212–219

Cavitation bucket diagram, 223, 225

Cavitation effects, 279
on open water characteristics, 94–95
and propulsion efficiency, 454–455

Cavitation erosion, 233, 234, 407, 469, 487, 513, 516
Cavitation inception, 228–233

flat pressure distribution, 230–232
peaked pressure distribution, 230, 231

shock-free entry pressure distribution, 230, 231

Cavitation noise, 255–256
Cavitation number, 89, 219, 220

Centre-line average (CLA), 489
Centrifugal pump, 360
Chimera technique, 201
Chord length, 42, 182, 328
Chord line, 42

Classification societies, 515, 517, 519
Cloud cavitation, 213
Common Screw propeller, 8
Computational fluid dynamics (CFD), 228, 308–310

methods, 200–201
Conchoderma, 480
Cone fins, 327
Contra-rotating propellers, 4, 18–19, 199, 200,

352, 441

MARIN series, 112
SSPA series, 112

Controllable pitch propellers, 20–22, 98–100, 117–118,
198, 391, 405, 407, 439, 441, 444

advantages, 20–21
blade interference limits, 48
design, 21
Gutsche and Schroeder propeller series, 115
off-design section geometry, 48–49
specialist types, 22

Conventional propeller geometry, 50
Copper–nickel alloy, 384
Crash stop manoeuvres, 351
Cycloidal propellers, 23–24, 441

Decelerating duct form, 17, 101, 454
Defective castings, repair of, 515–516
Delivered horsepower, 444
Design, 458

and analysis loop, 437–438
blade area ratio, 452–453
blade number, 451–452
of blade strength, 405–408, 412

cavitation, 453
composite propeller blades, 456
constraints, 438–439
diameter, 452
direction of rotation, 450–451
duct form, 454
hub form, 453–454
partial hull tunnels, 455–456
pitch–diameter ratio, 452
propeller design basis, 442–445
propeller tip, 455
propeller type, choice of, 439–441
propulsion efficiency and cavitation effects,

454–455
rotational speed, 452
section form, 453
shaft inclination, 454
skew, 453
standard series data, 445–449

Differential Doppler, 82, 84
Directrix, 33
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Dissolved gases
in sea water, 56

Double integral approach, 240
Downwash, 159
Dry propeller inertia, 267–268
Dry weight, of propeller, 265, 267
Ducted propellers, 15–17, 100–101, 405, 441

accelerating duct, 16
decelerating duct, 17
Hannan slotted duct, 16–17
pull–push duct, 16
pump jet, 17
steerable ducted propeller, 17

Eckhardt and Morgan’s design method, 182–186
Edge damage, to blade, 516
Effective pitch, 36, 467
Effective velocity, 71
Effective weight, of propeller, 265
Energy-saving devices, see Thrust augmentation

devices
Entrained nuclei model, 209
Erosion damage, 516
Extrapolation, 297, 298

Face cavitation, 232
Face pitch, 35
Fatigue failure, 385, 413
Fatigue testing machine, 391
Feathering float paddle, 25
Field point velocities, 144–146
Finite aspect ratio wing, 159
Finite element analysis, 431–432
Fixed cavity, 212
Fixed pitch propellers, 13–15, 98, 441, 439

built-up propeller, 13
mono-block propeller, 13
supercavitating propellers, 15
surface piercing propellers, 15

Flat-plate blades, 336
vibration in air, 427

Flow spoilers, 243
Flow visualization tests

of ship model, 304
Fourier analysis, of wake field, 67–68
Froude’s analysis procedure, 287–289
Full-scale blade strain measurement, 413–414
Full-scale trials

bollard pull trials, 375–377
cavitation observations, 377–380
power absorption measurements, 369–375
propeller-induced hull surface pressure

measurements, 377

Gaps, 244
Gawn series, 105–108
Generator line, 33–34
Generator line rake, 37
Geometry, of propeller, 31

blade thickness distribution, 47–48
blade thickness fraction, 47, 48
controllable pitch propellers, 48–49
conventional propeller geometry, 50
drawing methods, 42
frames of reference, 33
outlines and area, 39–42
pitch, 34–37
propeller reference lines, 33–34
rake, 37–39
section geometry, 42–47
skew, 37–39

Grand tunnel hydrodynamique, 236
Grim vane wheel, 325–326
Grothues spoilers, 323
Guide vane, 362
Gutsche and Schroeder propeller series, 115

Hannan slotted duct, 16–17
Harbour manoeuvres, 352
Harvald method, 301
Helmholtz’ vortex theorems, 142
High-speed hull form resistance, 314–316

model test data, 315–316
standard series data, 315

High-speed propellers, 101, 407–408
High-tensile brass, 386–388
Highly skewed propeller, 471
Hitachi Zosen nozzle, 324
Hot-film anemometry, 81
Hot-wire anemometry, 81
Hub vortex cavitation, 213
Hub weight, 267
Hull drag reduction, 486
Hull efficiency, 311
Hull roughness

and fouling, 479–486
Hull surface, 280–281
Hull surface pressures

predicting methods, 281–283
Hydrodynamic interaction, 278–283

cavitating blade contribution, 279–280
hull surface influence, 280–281
hull surface pressures, predicting methods, 281–283
non-cavitating blade contribution, 279

Hydrodynamic pitch, 36
Hydrogen bubble technique, 229
Hydrophones, 260
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HYKAT, 237
Hylarides bridge, 372

Impact/grounding damage, 474
Impeller, 338, 359–360, 363–364
Inducers, 360
Inlet velocity ratio (IVR), 361
Inspection, of propellers

during manufacture and initial fitting, 506–508
during service, 508–510

Integrity related problems, 472–474
blade failure, 473–474
casting integrity, 474
previous repair failures, 474

International Towing Tank Conference (ITTC), 33, 296,
484

Japanese AU-series, 105
JD–CPP series, 115–117

KCA series, 108
KCD series, 111–112
Kelvin’s circulation theorem, 146
Keyed propeller, 507
Keyless propeller, 507

dry press-fit method, 507–508
oil injection method, 507–508

Kirsten–Boeing design, 23
Kort nozzles, see Ducted propellers
Kutta condition, 146
Kutta–Joukowski theorem, 139

Large Cavitation Channel (LCC), 237
Laser-Doppler methods, 81–82

differential Doppler, 84
multi-colour differential Doppler, 84
reference beam method, 82

Leading edges
of aerofoil, 42, 43
transitions, 243

Left-handed propeller, 50
Lerbs analysis method, 177–182

axial induced velocities, 179
tangential induced velocities, 179

Lifting surface correction factors, 186–189
Lifting surface models, 189–192

basic components, 194

Lifting-line–lifting-surface hybrid models, 1
Lindgren series, see Ma-series
Line vortex, 142
Lorentz force, 26
Low rpm propellers, 324–325

Ma-series, 108–109
Magnetohydrodynamic propulsion, 26–28

Main hump, 291
Maltreatment damage

incorrect handling, 513
severe heating, 513–514
surface deterioration, 513

Manufacture
modern techniques, 423
traditional method, 419–423

MARIN series, 112
Marine organisms

and silt, 61
Materials

family, 383

general properties, 383–386
mechanical properties, 390–392
specific properties, 386–390
test procedures, 392–393

Maximum Continuous Rating (MCR), 442
Mean hull roughness (MHR), 482
Mechanical pitch measurement, 506
Mechanical service damage, 514
Meridian series, 112
Mitsui Integrated Ducted Propulsion unit (MIDP), 324
Mixed flow pump, 360
Model testing, in ship resistance evaluation

facilities, 307
flow visualization tests, 306
open water tests, 304–305
propulsion tests, 306
resistance tests, 304
three-dimensional extrapolation method, 308
two-dimensional extrapolation method, 307

Models, of propeller action
blade element theory, 171–172
boundary element methods, 197–198
computational fluid dynamic methods, 200–201
lifting line models, 163, 192
lifting surface models, 163–164, 189–192
momentum theory, 169–171
surface vorticity model, 164
vortex lattice models, 164, 192–197

Modern techniques, of manufacture, 423
Molecular attraction, 56
Momentum theory, 169–171

axial momentum theory, 169
Mono-block propeller, 13
MPUF-3A, 196
Multi-colour differential Doppler, 84
Multi-hull resistance, 315–316
Multi-quadrant series data, 118–123

NACA series section forms, 44, 45
Naked hull skin friction resistance, 295–296
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National Advisory Committee for Aeronautics (NACA),
42, 140, 182, 224, 337, 453, 488

Newton–Rader series, 109–111
Newtonian fluids, 55
No-lift pitch, 35, 36
Noise

nature of, 253–256
prediction and control, 258–259
radiated noise, measurement of, 260–261
scaling relationships, 256–258
transverse propulsion unit noise, 259–260
underwater sound, 249–253

Noise signature, 251, 253
Nominal equality of thrust, 336, 346
Nominal wake field, 68–69

frictional wake field, 69
potential wake field, 68
wave-induced wake, 69

Non-cavitating blade, 279
Non-cavitating noise, 253–255
Non-Newtonian fluids, 55
Normal Continuous Rating (NCR), 443
Nose–tail pitch, 35
Nozzles, 364
Nucleation models, 209
Numerical blade stress computational methods,

402–405

Octave filter, 250
Off-design section geometry, 48–49
Oil gland, 507, 510
Open water characteristics, 89–94

cavitation effects on, 94–95
controllable pitch propellers, 98–100
ducted propellers, 100–101
fixed pitch propellers, 98
high-speed propellers, 101

Open water efficiency, of propeller, 91
determination, 447

Open water tests
of ship model, 304–305

Operational problems
impact/grounding damage, 474
integrity related problems, 472–474
performance related problems, 467–472

Out-of-balance forces, 278, 514
Out-of-balance forces and moments, 278
Outlines, of propeller, 39–42

developed outline, 39, 40
expanded outline, 39, 40
projected outline, 39
swept outline, 39, 41

Overlapping propellers, 19

Paddle wheels, 24–26
Partial ducts, 323
Peak-to-valley average (PVA), 489
Performance characteristics

behind-hull propeller characteristics, 131–132
multi-quadrant series data, 118–123
open water characteristics, 89–95, 98–101
propeller scale effects, 95–98
propeller ventilation, 132–134
slipstream contraction and flow velocities, 123
standard series data, 101

Performance related problems
blade erosion, 468–470
noise and vibration, 470–472
power absorption problems, 467–468

Permanent roughness, 479
Pinnate propellers, 22
Pirouette effect, 215
Pitch, 34–37

effective pitch, 36
face pitch, 35
hydrodynamic pitch, 36
nose–tail pitch, 35

Pitch angle, 371–372
Podded propulsors, 17–18, 345, 346–353

configurations, 352–353
crash stop manoeuvres, 351
harbour manoeuvres, 352
steady-state running, 348–350
turning manoeuvres, 350–351
in waves, 352

Portable buoy method, 261
Power absorption measurements, 369
Power absorption problems, 467–468
Power penalties, 489–493
Practical salinity, 54
Prandtl–von Karman theory, 295
Pressure distribution

calculation, 151–155
flat pressure distribution, 230–232
peaked pressure distribution, 230, 231

shock-free entry pressure distribution, 230, 231

Pressure transducers, 377, 378
Prismatic hump, 291
Propeller damage, 513

cavitation erosion damage, 513
maltreatment damage, 513–514
mechanical service damage, 514
wastage damage, 514–515

Propeller environment, 53
dissolved gases, 56
salinity, 53–54
silt and marine organisms, 61



530 Index

Propeller environment (Continued)
surface tension, 56–58
vapour pressure, 55–56
viscosity, 55
water density, 53
water temperature, 54–55
weather, 58–61

Propeller–hull interaction, 217
Propeller–Hull Vortex (PHV), 472
Propeller-induced hull surface pressure

measurements, 377
Propeller reference lines, 33–34
Propeller roughness

and fouling, 486–489
Propeller–rudder interaction

full-scale remedial measures, 243–244
model testing, 243
single-phase approach, 240–241
two-phase approaches, 241–243

Propeller–ship interaction
bearing forces, 265
hydrodynamic interaction, 278–283

Propeller singing, 433–434
Propeller tolerances, 505–506
Propeller ventilation, 132–134
Propeller weight, 265–267
Propellers with end-plates, 326–327
Propulsion systems

azimuthing propulsors, 17–18
contra-rotating propellers, 18–19
controllable pitch propellers, 20–22
cycloidal propellers, 23–24
ducted propellers, 15–17
fixed pitch propellers, 13–15
magnetohydrodynamic propulsion, 26–28
overlapping propellers, 19
paddle wheels, 24–26
podded propulsors, 17–18
superconducting motors, for marine propulsion, 28
tandem propellers, 19–20
waterjet propulsion, 23

Propulsion tests
of ship model, 306

Propulsive coefficients, 310–312
hull efficiency, 311
quasi-propulsive coefficient, 311–312
relative rotative efficiency, 310–311
thrust deduction factor, 311

Propulsor–Hull Vortex (PHV) cavitation,
214–215

Pump jet, 17

Quasi-propulsive coefficient, 311–312

Radiated noise, 251
measurement, 260–261

Rake, 37–39
Randupson process, 419
Rankine–Froude momentum theory, see Momentum

theory
Rayleigh model, of bubble collapse, 210
Reaction fins, 323–324
Reactivatable anti-fouling (RA), 480
Re-entrant jet medel, 212
Reference beam method, 82
Reference frames, 33
Regression-based methods

in ship resistance evaluation, 302–304
Relative rotative efficiency, 310–311
Repair, of propeller

blade cracks, 515
blade maintenance, in service, 516
boss cracks, 515
defective castings, 515–516
distorted blades, straightening of, 516–517
edge damage, to blade, 516
erosion damage, 516
missing blade sections, replacement, 516

Residual blade stresses, 409–410
Resistance tests

of ship model, 304
Restricted water effects, 314
Reversing bucket, 357, 364
Reynolds Averaged Navier–Stokes (RANS) method,

200, 201, 349
Riabouchinsky cavity termination model, 226–227
Right-handed propeller, 50
Rim-driven podded propulsors, 353
Root cavitation, 219

treatment, 469
Rotating beam fatigue test, 392
Rough water, 312–313
Roughness-induced power penalties

generalized equation, 489–493
Rubert gauge, 489
Rudder-bulb fins systems, 327

Salinity, 53–54
Scale effects, 95–98
Schoenherr line, 295
Scissor plates, 243
Screw propeller

early development, 3–10
Sea margin, 443
Sea trials

ambient conditions, 371
draught and static trim, 371
machinery measurements, 371
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measured distance course, 369
measured distance trial area, 369
methods of analysis, 374–375
number of runs, 369
ship motions, 371
ship speed and course, 371
techniques, 371–374
trial procedure, 369–371
vessel condition, 369
weather condition, 369

Section geometry, 42–47
Section washback, 47
Self-noise, 251
Self-pitching propellers, 22
Self-polishing anti-fouling (SPA), 480
Semi-ducts, 323
Sequential solution technique, 227
Service analysis algorithm, 497

Service performance and analysis
hull drag reduction, 486
hull roughness and fouling, 479–486
propeller roughness and fouling, 486–489
roughness-induced power penalties, generalized

equation, 489–493
ship performance monitoring, 493–502
weather effects, 479

Shaft horsepower, 372, 444
Shaft speed measurements, 372
Sheet cavitation, 213
Ship performance monitoring, 493–502

benchmarking/rating process, 496
service analysis algorithm, 497

Ship resistance and propulsion
air resistance, 316
calm water resistance, components,

289–298
components, 289

Froude’s analysis procedure, 287–289
high-speed hull form resistance, 314–316
propulsive coefficients, 310–312
resistance evaluation methods, 298–310
restricted water effects, 314
rough water influence, 312–313

Ship resistance evaluation methods, 298–310
Auf’m Keller method, 300–301
Ayre’s method, 299–300
computational fluid dynamics, 308–310
direct model test, 304–308
Harvald method, 301
regression-based methods, 302–304
standard series data, 301
Taylor’s method, 299

Ship speed measurement, 372–374

Silt, 61
Skew, 37–39, 112
Skew induced rake, 37
Slipstream contraction

and flow velocities, 123
Slipstream model, 195
Solid boundary factor (SBF), 280
Specialist propulsors

contra-rotating propellers, 199–200
controllable pitch propellers, 198
ducted propellers, 198–199
supercavitating propellers, 200

Spindle axis, 33
SSPA series, 112
Stainless steel cladding, 243
Stainless steels, 389
Standard series data, 101, 301, 445–449

diameter determination, 446–447
effects of cavitation, 449
Gawn series, 105–108
Gutsche and Schroeder series, 115
in high-speed hull form resistance, 315
Japanese AU-series, 105
JD–CPP series, 115–117
KCA series, 108
KCD series, 111–112
Ma-series, 108–109
MARIN series, 112
mean pitch ratio determination, 447
Meridian series, 112
Newton–Rader series, 109–111
open water efficiency determination, 447
power absorption calculation, 447–449
propeller thrust determination, 449
shaft incidence, test with propellers, , 113
skewed propellers, 112
SSPA series, 112
Wageningen B-screw series, 103–105
Wageningen ducted propeller series, 113–115

Starting vortex, 146–147
Stationary crevice model, 209
Stator blading, 364
Steerable ducted propeller, 17
Steerable internal duct thrusters, 340–342
Steering nozzles, 364
Stern tunnels, 323
Strain gauge technique, 372
Streak cavitation, 214
Stress relief, 518–519
Strickling, 419
Stylus-based instruments, 489
Supercavitating propellers, 15, 200
Superconducting effect, 27
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Superconducting motors
for marine propulsion, 28

Surface piercing propellers, 15
Surface roughness, 487
Surface tension, 56–58

Tandem propellers, 19–20
Taylor wake fraction, 67, 308
Taylor’s method, 299
Temporary roughness, 480
Theodorsen method, 151–152
Theoretical methods, 139

aerofoil section characteristics, 140–142
blade element theory, 171–172
boundary element methods, 197–198
boundary layer growth, 155–159
Burrill’s analysis procedure, 174–177
computational fluid dynamics methods, 200–201
development of, 172–174
Eckhardt and Morgan’s design method, 182–186
field point velocities, 144–146
finite wing, 159–162
Kutta condition, 146
Lerbs analysis method, 177–182
lifting-line–lifting-surface hybrid models, 192
lifting surface correction factors, 186–189
lifting surface models, 189–192
models, 162–164
momentum theory, 169–171
pressure distribution calculations, 151–155
source and vortex panel methods, 164
specialist propulsor types, methods for, 198–200
starting vortex, 146–147
thin aerofoil theory, 147–151
vortex filaments and sheets, 142–144
vortex lattice methods, 192–197

Thin aerofoil theory, 147–151
Third-octave filter, 250
Thrust augmentation devices

combination of systems, 328–329
zone I devices, 321–324
zone II devices, 324–327
zone III devices, 327–328

Thrust breakdown, 468
Thrust coefficient, 89
Thrust deduction factor, 311
Thrust measurements, 372
Tidal models, 374
Tip unloaded propellers, 405
Tip vortex cavitation, 214, 215, 232
Torque coefficient, 89
Traditional manufacturing method, 419–423
Trailing edge curl, 234

Trailing edges
of aerofoil, 42, 43

Trailing vortex, 159, 192, 194, 197
Transom immersion resistance, 294
Transverse propulsion unit, 259–260, 337, 338

noise prediction method, 260
Transverse thrusters, 333–340

performance characterization, 336
unit design, 336–340

Travelling cavity, 212
Tunnel, 362
Turning manoeuvres, 350–351
Twisted rudders, 243

Underwater sound, 249–253

Vaporization, 208
Vapour pressure, 55–56
Velocity distribution, 153
Velocity ratio method, 67
Venturi effect, 314
Vertical axis propellers, see Cycloidal propellers
Viscosity, 55
Viscous form resistance, 294–295
Viscous–inviscid interactive method, 228
Viscous resistance, 296–298
Voith–Schneider design, 23
Vortex filaments, 142–144
Vortex interaction, 217
Vortex lattice methods, 192–197

slip stream model, 195
Vortex sheets, 142–144
Vortex types of cavitation

hub vortex, 213
Propulsor–Hull Vortex (PHV), 214–215
tip vortex, 214, 215

Wageningen 19A duct form, 16, 454
Wageningen B-screw series, 103–105
Wageningen ducted propeller series, 113–115
Wageningen No. 37 form, 16, 454
Wake equalizing duct, 322–323
Wake field, 65

characteristics, 65
effective wake field, 71–74
estimation of, 69–71
Fourier analysis of wake field, 67–68
Froude method, 67
measurement, 79–84
nominal wake field, 68–69
quality assessment, 77–79
scaling, 74–77
Taylor’s method, 67
velocity ratio method, 67
wake fraction, 67
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Wake quality assessment
analytical method, 77
heuristic method, 77
Huse’s criteria, 78

Wastage damage, 514–515
Water density, 53
Water immersion effect, 430
Water temperature, 54–55
Waterjet propulsion, 23, 357

basic principle, 357–359
calculation procedure, 362

component design, 361–364
impeller types, 359–360
manoeuvring aspects, 360–361

Wave making resistance, 290–292
Wavelet technique, 240
Weather, 58–61

in power absorption measurements, 369
in service performance and analysis, 479

Welding, 517–518
Wind speed, 58


